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1—System 


By PHILIP SPORN,* NEW YORK, N. Y. 


The paper discusses the fundamentals considered in the 
development of an optimum power supply for the Ameri- 
can Gas and Electric Company System. The recent rapid 
growth in electric-power demand on this system has re- 


_ quired the construction of five new generating plants in 


less than seven years; emphasis in this paper is on the two 
most recent additions, Kanawha River Plant of Appala- 
chian Electric Power Company and Muskingum River 
Plant of The Ohio Power Company. The paper describes 
the American Gas and Electric Company System, a review 
of the plant sites and the reasons for selecting these sites, 
as well as considerations involved in selecting equipment 
of very large unit size, all of which have been projected in 
terms of mass production of electric power, with strong 
emphasis glaced on plant location, transmission, and fuel 
supply to provide a reliable system power supply at the 
lowest possible cost. 


INTRODUCTION 


ATE in August, 1950, Appalachian Electric Power Com- 
pany and American Gas and Electric Company announced 
plans to extend the generating capacity of Applachian and 

of the entire American Gas and Electric Company System with 
the construction by Appalachian of a new steam-electric power 
plant at Glasgow, West Virginia, on the Kanawha River about 22 
miles upstream from Charleston, West Virginia. This develop- 
ment is now known as Kanawha River Plant. Then, in Febru- 
ary, 1951, a similar announcement was made by The Ohio Power 
_ Company of the construction of a new plant near Beverly, Ohio, 


on the Muskingum River, about 46 miles downstream from Zanes- 


ville. This latter development was subsequently named Muskin- 
gum River Plant. 

Each of these plants is being developed at a new site. In each 
case development of the site and the ultimate decision to build a 
new plant were preceded by long periods of exploration, includ- 
ing above all else exploration of the fundamentals requisite to an 
economical continuing fuel supply. Furthermore, these two de- 
velopments are part of a long-range program looking toward a 
continuation of expansion of system generation facilities to a 


1 Part 1 of three companion papers. The others are: Part 2— 
“Fuel Supply,” by Philip Sporn and H. A. Kammer; and Part 3— 
*200,000-Kw, 2000-Psi, 1050 F-1050 F—An Advance in the Rconom- 
jes of Integrated Power-System Generation,” by Philip Sporn and 
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American Gas and Electric Service Corporation. 


point considerably more than double present levels. The Kana- 
wha and Muskingum Plants represent the fourth and fifth new 
major power-plant developments undertaken within a period of 
seven years on the American Gas and Electric Company System, 
the previous developments being Tidd, undertaken in 1944 (1),* 
Philip Sporn, begun in 1947 (2), and Tanners Creek, undertaken 
in 1948, This appears to be an appropriate time, therefore, to 
review system fundamentals behind and involved in these new 
developments. 


American Gas ano Execrric Company System 


A transmission map of the American Gas and Electric Com- 
pany System, indicating principal transmission lines and prin- 
cipal power plants, including the two new plants, is presented in 
Fig. 1. This system serves smaller communities primarily. 
Not a single community on the system, for example, has a popu- 
lation as high as 150,000. Altogether, some 2165 communities 
are served with a total population of close to 4,250,000. The 
area served is, however, highly indust-ialized, with an abundance 
of both natural and human resources. Large, basic industrial 
operations including coal, steel, chemicals, and manufactur- 
ing operations are distributed over the entire territory. The 
growth of these industries is continuing at a rapid rate not only 
because of the basic industrial expansion that is going on through- 
out the country, but by virtue of a continued trend toward decen- 
tralization of industrial operations and the movement of industry 
toward smaller centers of population. This trend, coupled with 
an intensive area development program carried out on the AG&E 
System, has resulted in a very rapid growth of system load. The 
rapid increase in load can be clearly seen from an examination of 
Fig. 2 showing actual growth in system peak demand for the 
two-decade period 1930-1950, and a projection of peak demand 
through 1954. With a projected demand of 3,400,000 kw and an 
annual system input of 20.2 billion kwhr for 1954, it does not take 
an exaggerated optimism to realize not only the desirability, but 
the sheer necessity of planning now for future system demands 
up to as high as 6,000,000 kw. 

The planning for such loads makes mandatory, however, not 
only the development of new concepts of mass or large-scale 
energy generation, but the devotion of much closer attention 
than in the past to the fuel component of total costs. Certainly 
where a difference in production costs of as little as '/;9 of a mill per 
kwhr involves differences in annual operating costs of $2,000,000 
—which is the case with a system input of 20 billion kwhr— 
both thermal efficiency and ability to procure lowest cost fuel 
and, even more important, lowest unit fuel costs are indispensable 
to sound planning of the energy supply. Hence, on the American 
Gas and Electric Company System a great deal of effort has been 
directed toward the problem of fuel supply. Moreover, the 
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3,500 i problem was materially facilitated by several major considera- 

tions: The fact that the Ohio River and a number of its very 
3,000 important and major tributaries flow through the very center of 
the AGKE System; the existence of major coal-producing areas 
along or immediately contiguous to these rivers; and the fact 
that the American Gas and Electric Company System is com- 
pletely integrated. The system thus is capable of taking full 
advantage of all economies inherent in the most modern of steam 
power cycles, in large-size generating units, and in the maximum 
development of favorable sites to give an over-all optimum econ- 
omy in system energy supply. 


Estimated +f 
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Discussion OF Sites DeveLorep 


As stated previously, Kanawha River and Muskingum River 
represent the fourth and fifth new major power plants under- 
taken for development on the American Gas and Electric Com- 
pany System within the past seven years. Each of these sites 

YEAR combines to an unusual degree all the fundamental requirements 

Fic. 2. in American Gas anp Exvectric Company Sys- for a sound and economical generating center serving an inte- 
rem Actuat Peak Demanp (One-Hour InrecraTep), 1930 tro tated powersystem. Briefly, these requirements are: 

1950, anv Estimareo Peak Demanp Turover 1954 Adequacy of Site. In each case ample acreage could be and was 
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assembled to provide not only all the area needed for plant, step- 
up substation, coa] handling and coal storage, ash-handling and 
ash-disposa! facilities, but in several cases, such as Sporn and 
Muskingum, additional land for prospective industrial develop- 
ments which might find particularly attractive the ability to 
locate in close contiguity to a highly economical center of genera- 
tion. 

All the sites, moreover, are well located with regard to flood 
plain so that no expensive flood-protection structures would be in- 
volved. 

Adequacy of Condensing Water Supply. Three of the plant sites 
are on the Ohio River, one on the lower reaches of the Mus- 
kingum, and one on the Kanawha River. On the Ohio River there 
was no question as to availability of sufficient condensing water 
for a capacity of 1,000,000 kw at each site when and if further 
plant expansion is necessary. In the case of the plants on the two 
Ohio River tributaries some auxiliary condensing water-cooling 
facilities might be involved if either development went beyond the 
600-megawatt stage. 

Adequacy of Coal Supply. Each of the sites is not only well 
located with regard to contiguity to major coal-producing areas 
but is especially well set up from the standpoint of being able to 
receive coal with minimum transportation and handling expense. 
This phase wil] be discussed fully in a companion paper (3). 

Location With Regard to System. The sites are all particularly 
well placed from the standpoint of location in respect to System 
load centers and ability to integrate the new plant into the exist- 
ing transmission network, as well as to make any necessary ex- 
tensions to the network on a most economical basis. This, as a 
matter of fact, was one of the most important elements that in- 
fluenced the final choice of any particular site when the other req- 
uisite factors were found to be satisfactory. 

It is interesting, too, that the total initial development of these 
five sites, that is, the capacity installed in the initial phase of con- 
struction, will amount to close to 2,000,000 kw, being highest 
600,000 kw in the case of Sporn, and lowest—220,000 kw in 
the case of Tidd. These sites, however, have a combined poten- 
tial development of over 4,700,000 kw, and it is quite possible that 
if system requirements made it mandatory, they could be ex- 
panded further to a total of 5,000,000 kw. At 6000 hr annual use, 
full development of these sites would thus make possible a de- 
livery to the system as high as 30 billion kwhr. This is further 
confirmation of the judgment that this setup justifies major ef- 
fort and attention to improve the economics of mass production 
of electric energy. 


- 
Basic Fearures OF KANAWHA RIVER AND veal 
MuskincuM River PLants—ContTinvity IN THE 


Ipgeas Beninp DEVELOPMENT 


General. These two new plants are part of a much longer series 
of plant developments, each of which represented a progressive 
contribution to the art of electric-energy generation, with Kana- 
wha River and Muskingum River merely marking another mile- 
stone in that forward march of progress. Many new features 
were incorporated in the designs of the three earlier plants. The 
design of the two latest plants is but a rational consolidation of the 
features introduced at various times in the earlier designs, with 
the addition of some novel elements which will result in an im- 
proved plant design, utilizing, however, all features proved in the 
older designs. It is confidently expected that the result will be a 
plant which will carry every proved idea or device to its present 
logical limit, and will give the most reliable and economical gener- 
ating unit attainable for the mass production of electric energy, 
with a minimum of risk attendant upon experimentation. 

All the foregoing applies equally to both Kanawha River and 
Muskingum River Plants. The principal differences in the two 


plants are in the basic setup for fuel supply. In view of these 
factors, and because construction of Kanawha River was ini- 
tiated somewhat earlier, the discussions that follow, where they 
are not otherwise indicated, are directed to the Kanawha River 
Plant. 

The new plant will serve the Appalachian Electric Power Com- 
pany and the southern part of the American Gas and Electric 
Company System, as can be seen from the map in Fig. 1. This 
project calls for the immediate installation of two 200,000-kw 
units and an ultimate installation of five such units. Capacity 


ratings as used here refer to the net effective salable capability on.’ 


the high-tension bus bars of the station after deduction of all 
losses and station uses. The first unit is scheduled to be brought 
into service early in 1953. 

Briefly, the principal features of Kanawha River embrace a 
series of single cross-compound 217,260-kw (gross) turbine-genera- 
tor sets, each supplied with steam from its own reheat boiler. 
These boilers require an unprecedented heat input of 1.84 billion 
Btu per hr in fuel. Each boiler will deliver steam to its high-pres- 
sure turbine at 2000 psi and 1050 F, and will reheat the steam for 
return to the high-pressure machine at 460 psi and 1050 F. 

Basic Reason for Selection. In a discussion of the reasons for 
the decision to use 200,000-kw units, it is important to recognize 
that in sound generating-station design the struggle for novelty, 
which naturally pervades the thinking of progressive-minded engi- 
neers, must be relegated to its proper position. It is all very well 
to be able to point to a development as the biggest “this” or the 
first “that.” Such reasoning or, more precisely, rationalizing, is, 
however, no justification for novelty. There must be an over-all 
economic merit which, from the viewpoint of reliability and cost, 
justifies the choice. Above all, the system aspect must never be 
lost sight of. The present AG&E System peak, now in excess of 
2,480,000 kw, will, by the time the fourth of these projected units 
is on the line, have risen to close to 3,200,000 kw. This load is 
coupled with an annual system load factor close to the highest 
being experienced in the United States today—a figure just below 
70 per cent. The trough of the daily load curve in 1953 is not ex- 
pected to drop below about 1,200,000 kw on Sundays and 1,750,000 
kw on weekdays. Such a load and its load-duration curve are 
in themselves practically sufficient ground to justify the selection 
of high-efficiency units of 200,000-kw capability. 

The study of the rational size of unit for the AG&E System at 
this stage was helped materially by a consideration of the factors 
shown in Fig. 3. This gives, along the abscissa, the various capac- 

ity additions which have been made to the system since 1942. 
_ The ratios of net capability of the addition to the net capability of 


_ the system have been plotted as ordinates. Experience has dem- 


onstrated, as shown in these plots, that for the 90,000-kw, 
110,000-kw, and 150,000-kw units variously installed, the ratio of 
net capability of any extension to the net capability of the system 
has ranged from a maximum of 7 per cent to a minimum of 5 per 
cent. The graph shows that whenever the ratio approached the 
lower value it has always been deemed desirable to increase the 
size of unit next to be installed. This critical minimum will again 
be reached when the second Tanners Creek Unit (the 7th 150,000- 
kw reheat unit) is brought on the line in 1952. Increasing the unit 
size to 200,000 kw at Kanawha River and Muskingum River 
serves the purpose of maintaining balance in size of units from a 
system fundamentals viewpoint. 

It is not to be inferred from this that a fast arithmetical eri- 
terion such as indicated here has been used to determine size of 
units. On the contrary, this was farthest from having been con- 
trolling. It is, however, clear that in the process of giving full 
evaluation to all relevant factors that should influence size of unit 
on a well-planned integrated system, certain natural limits auto- 
matically tend to establish themselves. Independently of this, it 
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is clear otherwise that by the time Tanners Creek No. 2 will have 
been brought on the line a 200,000-kw unit will be capable of 
being used to maximum advantage. If a half dozen or so units of 
this design are eventually employed on the system—-and four of 
the co-or- 
dinated maintenance schedules under which they will function 
will justify the purchase of not only the smaller necessary spare 
parts but even the large spare parts such as extra turbine rotors 
and generator fields. 


that half dozen are now in process of construction 


With interchangeability thus possible among six or seven units, 
one part can always be available for rebuilding at any one of six 
or seven locations without loss of a single otherwise unnecessary 
outage hour and with minimum loss in production efficiency. 
The pattern is thus established for the next million and possibly 
two million kilowatts of needed additional system capacity, start- 
ing the count with the first of the Kanawha units. 

A further examination of Fig. 3 also discloses that if the trend 
in size, and the criteria for determining size of system units are to 
be the same in the future as in the past, then units larger than 
200,000 kw are indicated for installation in the relatively near 
future. 

Thermal and Operating Economics. Thermal economies hitherto 
unattained are a basic inherent advantage realized by the units 
developed for Kanawha River. <A heat rate of the order of 9000 
Btu per kwhr, with fuel costing 16'/, cents per million Btu, results 
in a unit fuel cost of less than 1.5 mills per kwhr—certainly an ex- 
cellent performance in these days and times. There are also 
other operating savings which stem primarily from the use of 
large-size units with a single boiler serving a single turbine-genera- 
tor set. These are to be found in the labor needed to run and 
maintain the larger units, and in material and supplies entering in 
the same operations. Thus this makes possible some savings to 
counterbalance in partial measure the general rising trend in wage 
and material costs 

The savings due to the selection of these large high-pressure re- 
heat units extend also to the investment required. There are 
many contributory factors which in the aggregate make up the 
savings. Unit costs for both boiler and turbine are less than the 
unit costs of smaller machines because there are very few, if any, 
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more component parts in a 200,000-kw unit than ina 
100,000-kw unit. Piping is another striking example of 
the advantages which accrue from the use of the larger 
units. The expenditures for building substructures and 
superstructures are materially reduced as size of units 
increases. The preliminary layouts indicate an esti- 
mated building volume of 19.3 cu ft per kw, including 
machine shop and office building to house the two 
200,000 kw units, This figure compares with its equiva- 
lent of 26.4 cu ft for the first two 150,000-kw units at 
the Philip Sporn Plant 

The larger units will thus reduce the needed building 
volume for each of the Kanawha units by 7.1 cu ft per 
kw. At a cost of 75 cents per cu ft for buildings this 
means a saving of over $1,000,000 per 200,000-kw unit. 

Electrical Connections and Connections to the System. 
The fundamental! principles utilized in developing the 
electrical connections of the units are the same at 
Kanawha River and Muskingum River as were de- 
veloped for the first two 40,000-kw units built at Philo, 
Ohio, almost 30 years ago (4); no low-voltage buses or 
switches; direct connection to the high-voltage bus; 
treating either the two or three elements of a cross- 
compound machine as a single element; and switching 
on the high-voltage side of the step-up transformer. 
This is indicated in Fig. 4 showing the simplified elec- 
trical diagram for Kanawha River Plant. The one dif- 
erence between the two plants is that in the case of Muskingum 
the second generating unit is switched to a 330-kv bus supply- 
ing a series of feeders at that voltage running to Lima, Ohio, 
and to the Philip Sporn Plant. 

Within a relatively short distance of these two plants are 
located three other large plants on the AG&E System—Cabin 
Creek, Sporn, and Philo. The connections between these three 
plants and Kanawha River and Muskingum River, as they will 
exist upon the completion of the initial installations at Kanawha 
River and Muskingum River, are shown in Fig. 5. This close 
connection between such major plants materially simplified the 
problem of handling, from a transmission standpoint, the replace-_ 
ment of units under either scheduled outage or emergency condi- 
tions. But such close integration is not an unmixed blessing, since 
it carries with it the burden of higher short-circuit duty on the 
breakers at the point of maximum concentration of power, 
amounting to 6,000,000 kva on the 132-kv buses and 7,500,000 
kva on the 330-kv bus bars. It is of major and significant interest 
that heavy as these short-circuit duties are, it does not appear that 
they will present any appreciable technical problems, particularly 
since the heavier duty is obtained at 330 kv. Nor does it appear, 
considering the greater concentration of power per circuit, that 
the increased cost of circuit-interrupting devices will in itself 
constitute any appreciable economic burden on the cost of trans- — 
mission considered on a unit basis. 

Development of Economical Fuel Supply. Because the fuel com-_ 
ponent is the most important item in production cost of electric 
energy, at least as far as costs at bus bars are concerned, more at- 
tention than is generally given to this phase of plant design was x 
spent on this feature at both Kanawha River and Muskingum © 
River, and because the item is so important it was felt best to _ 
treat it separately in a companion paper (3). 
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or large-scale production of energy. To accomplish this, attention 
was given not only to thermodynamic cycle and plant-design fea- 
- tures commonly associated with the design of a sound power 
plant, but unusual stress laid on location, transmission, size of 
units, and fuel supply. All of these elements, it is believed, have 
here been co-ordinated and brought together to provide an opti- 
mum result within presently existing technological limits. It re- 
- mains for operating experience on these plants to indicate how 
_ well performance will agree with design. The author, at least, is 
confident that the deviation between the two will be of a rela- ae eee 
tively minor order. 
SPORN 
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Discussion 


H. The author's stimulating and provocative 
exposition of system growth to about 15,000,000 kw, predicted 
for 1970, almost overshadows the unusual and interesting evolu- 
tion of the fuel supply that contributes much in making such « 
large expansion possible. It is striking that when a new site is 
acquired, so much interest is given to the fuel which will be burned, 
not only now but 10, 20, and even 30 years from now. To the 
millions of tons of coal reserves that already existed at the Windsor, 
Philo, Tidd, and Sporn plants, have been added some 50,000,000 
tons at Kanawha and 100,000,000 tons at Muskingum One 
cannot help but feel that this approach and attention to long- 
range fuel procurement has much to do with the attainment of a 
coal cost of 16.5 cents per million Btu. 

Although really large coal reserves are available near each of 
the six plants mentioned, perhaps enough for 30 or 40 years, 
still, of a 9,000,000-ton annual burn in 1954, 6,000,000 tons will 
be furnished by commercial operators. Thus the coal reserve 
is relatively untouched, assuring a future coal supply contiguous 
to the major plants. Fuel contracts expire; gas, oil, and even 
coal veins become exhausted; and if fuel may have to be brought 
considerable distances, transporting some 9,000,000 tons of coal 
per year could be costly. True it is that this country has ample 
coal resources, but unfortunately, the cost of transporting it 
costs the utilities more than the coal itself. 

Conveying 80 per cent of the total coal to be used on the Ameri- 


can Gas and Electric system over existing Ohio, Muskingum, and, 


* Consulting Engineer, Stone & Webster Engineering Corporation, 
Boston, Mass. Fellow ASME 


Kanawha River waterways upon which millions of dollars 
have been spent by the Federal Government to maintain all-yeer 
channel depth, and which have hitherto seen relatively little 
service for the investment involved, indicates a keen apprecia- 
tion of long-range economics. 

In Part 3 of this series, mention is made of studies of cycles using 
pressures up to 5000 psi and temperatures up to 1200 F. It 
would be of much interest if the authors would tabulate these as 
was done by Prof. T. Baumeister in an earlier paper.* 

Messrs. Sporn, Kammer, and Fiala merit our real appreciation 
for their invigorating discussion of their generation program. 


W H. Rowanp.' The author mentions the desirability of 
installing units larger than 200,000 kw capability in the future 
Studies of the problems involved in building a single reheat 
boiler for larger capacities indicate that a unit considerably 
bigger than 200,000 kw should be practical from a boiler-design 
standpoint. 


G. B. Warren.’ The authors are to be complimented upon 
the preparation of what should be very valuable papers for the 
guidance of others planning large power-system developments, and 
also for this further evidence of important leadership in the de- 
velopment of outstanding power-plant facilities to serve the power 
needs of this country. 

Mr. Sporn and his associates presented a similar program at 
a meeting of the Society four years ago and described a group 
of plants expecting at that time unprecedented efficiencies, These 
plants are now in successful operation. They, in turn, were the 
result of efforts on Mr. Sporn’s part to reach new heights in such 
performance. The plants which are the subject of the current 
papers should make another step in this continuing progress. 

The authors of these papers belong to that small group of 
utility executives who, one after the other, with the assistance 
of the equipment manufacturers, have pioneered first one, and 
then another, and then another, and so on, of the outstanding 
and forward-looking engineering developments which, in their 
aggregate, have made up the great progress which the utility 
industry has made in this country. Out of this progress have 
come the step-by-step improvements in power-plant economies 
and capacities which have made our present utility development 
outstanding in all the world. 


* “Sporn Heat Cycle Meets High Goal,"’ by T. Baumeister, Elec- 
trical World, June 5, 1950, table 1, p. 89. 

* Chief Engineer, The Babcock & Wilcox Company, New York, 
N.Y. Mem. ASME. 

7 Manager, Engineering, Turbine Division, General Electric Com- 
pany, Schenectady, N. Y. Fellow ASME 
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‘This paper the engineering and economics of 
fuel supply for the generating plants of the American Gas 
and Electric Company System, and in particular the fuel 
supply for two new plants Kanawha River of Appalachian 
Electric Power Company, and Muskingum River of The 
Ohio Power Company. The importance of adequately 
planning fuel supply for a large power system is stressed, 
and the fundamental considerations of adequacy of 
supply, reliability, characteristics of supply, coal storage, 
and transportation are discussed with reference to the 
System characteristics, and with special emphasis on the 
development of the fuel supply for the two new plants. 


INTRODUCTION 


N connection with the announcement late in the summer of 

1950, and then in February, 1951, by Appalachian Electric 

Power Company and The Ohio Power Company, respectively, 
both member companies of the American Gas and Electric Com- 
pany System, of plans for each to increase its generating capacity 
by constructing a new 400,000-kw steam-electric generating 
station, it seems appropriate to treat in a co-ordinated manner 
the three essential elements in the development of a sound genera- 
tion program on an integrated system: System fundamentals; 
fuel; and the plant itself. System fundamentals and a dis- 
cussion of the design features of the plant are treated in separate 
companion papers.' This paper will be devoted to & discussion 
of fuel supply in its broadest aspects. 


Tue American Gas AND Evectrric Company System Fue. 
PROBLEM 


The American Gas and Electric Company System is an in- 
tegrated power system serving portions of the seven states of 
Michigan, Indiana, Ohio, West Virginia, Virginia, Kentucky, 
and Tennessee. The communities served by the System are 
primarily smal] communities, all of them being under 150,000 
population and the average of all the 2165 communities being 
of the order of 2000. The area served is highly industrialized 
so that there is ample opportunity for exploiting heavy energy 


1 Part 2 of three companion papers. The others are: “art 1 
System Fundamentals,” by Philip Sporn; and ‘Part 3--200,000 Kw 
2000 Psi, 1050 F to 1050 F —An Advance in the Economics of Inte- 
grated Power System Generation,” by Philip Sporn and 8. N. Fiala 

? President, American Gas and Electric Service Corporation. 
Fellow ASME. 

2 Vice-President, American Gas and Electric Service Corporation. 

Contributed by the Power Division and presented at the Annual 
Meeting, Atlantic City, N. J., November 25-30, 1951, of Tue 
American Soctety oF MecuantcaL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
September 10, 1951. Paper No. 51—A-116. 
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use. The availability of an adequate, in fact, an abundant, 
supply of energy has made possible the industrial development of 
the area. System energy input, which in 1950 amounted to 
some 13.5 billion kwhr, is now running at the rate of 16 billion 
kwhr and is expected to be 20.2 billion kwhr in 1954. The source 
of all this energy is primarily thermal with all of it dependent 
upon coal as the fuel source. Estimated coal consumption in 
1954 will be 9,140,000 tons. 

Coal thus presents a major problem in system planning, design, 
and operation. The great difficulty in planning fuel supply is, 
or can come from, a failure to recognize the scale of the problem. 
This is one of the items to which a great deal of thought and 
consideration was given when developing the details of the two 
new plants, Kanawha River Plant of Appalachian Electric Power 
Company, located about 22 miles upstream from Charleston, 
W. Va., and Muskingum River Plant of The Ohio Power Com- 
pany, located near Beverly, Ohio, on the Muskingum River 
about 46 miles downstream from Zanesville. A review of the 
features of these plants presents an occasion for showing not only 
hew the fuel problem will be handled there, but how that solu- 
tion ties in with the handling of the fuel problem on the rest of 
the system. 


FUNDAMENTALS OF COAL 


The fundamental questions to which a proper answer must be 
given in any solution of the fuel-supply problem are as follows: 

(a) Adequacy of supply 

(6) Reliability of supply. This includes the question of the 
reliability of the supplier and the question of fuel reserves, 

(ce) Characteristics of coal supply. 

(d) The cost or economics of fuel supply. 


Requirements (a) to (d) are general requirements which must 
be reasonably well met to do a good job. On the American 
Gas and Electric Company System the importance of these re- 
quirements has been realized for many years, and the means for 
meeting the requirements have had to be thoroughly and soundly 
worked out because of a number of special burdens and obliga- 
tions that have developed as the System expanded. Among the 
most important are the following; 


(a) Most of the 2165 communities served by the system are 
located relatively far from possible generating-plant sites. 

(b) Industrial development in the area, particularly the 
development of heavy industry, including such industries as 
coal mining, chemicals, steel and alloys, and metallurgical opera- 
tions, have imposed requirements for large blocks of power which, 
to be salable, had to be of relatively low cost. 

(c) A good deal of the area is covered by extensive natural- 
gas deposits or natural-gas pipe lines. The competitive angle 
here makes necessary highly economical energy to permit elec- 
trie-load development. 


| 
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(d) The only feasible solution of the generation probl-m that 
all the foregoing requirements impose is large-scale centralized 
power generation, This, however, introduces concomitantly 
the handicap of distance, resulting in considerable transmission 
cost. To overcome this cost handicap, economical fuel and fuel 
utilization are essential. Translated to the fuel problem, this in 
turn leads to a solution calling for the use of local fuels wherever 
such fuels are available, because, generally speaking, these fuels 
can be developed to become the most economical fuels 


On the other hand, utilization of local fuels sometimes means 
accepting lower-grade fuels, with the handicap in quality being 
offset in a considerable measure by more favorable transporta- 
tion costs. In most locations on the system such a supply can 
be obtained commercially. In other locations it has been nec- 
essary to stimulate local developments, and in some cases actually 
to carry out such developments under the direet sponsorship of 
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(a) The location of the System with respect to the coal fields 
of the Eastern Coal Province. 
(b) The proximity of a number of the System’s major power 
plants to coal that can be strip-mined and trucked to the plants. 
(c) The location of many of the major plants on the Ohio 
River or its tributaries. 


The physical relationship between the major plants, the coal 
fields, and the Ohio River system is shown in Fig. 1 

Of the total steam-electric generating capacity in operation by — 
1954, including the units now under construction at the Kanawha | 
and Muskingum plants, 72 per cent is or will be located in the — 
coal fields of Ohio and West Virginia. These favorable plant — 
locations materially assist in controlling the cost of transporting 
coal to the plant and, in the case of three plants, Philip Sporn, — 
Windsor, and Muskingum, permit transporting the coal to the 
plant by belt conveyer. 


Strip coal, with lower production cost than thatofdeep-mine = 
coal, materially contributes to keeping the cost of fuel ata mini- 
mum. Of the total of approximately 3,600,000 kw installed ther- 
mal generating capacity available to feeders in 1954, almost 50 ch 


the company. llowever, the predominant portion of fuel supply 
for 35 years or more has been and is expected to continue to be 
obtained from commercial coal sources; this is discussed later 
in the paper. 


MEANS AVAILABLE FOR THE JoB 


There are three factors that materially assist in controlling the 
cost of fuel on the AGK&E System: 


per cent will be operating on strip-mined coal 

Major steam-electric stations of the AG&E System totaling — 
about 2,900,000 kw, or 80 per cent of the generating capacity 
available to feeders in 1054, are located on the Ohio River or 
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ats navigable tributaries, the Muskingum, Kanawha, and Big 


- Sandy Rivers, This not only is of material help in controlling 


_ transportation cost but, as discussed later, has an important bear- 


_ by commercial suppliers, as shown in Table 1. 


ing on the storage requirements at each plant. 


Coat REQUIREMENTS AND Source oF Suppiy 


As of the present time coa! is being burned at the major AG&E 
steam-electric plants at a rate of more than 8,000,000 tons per 
year. By 1954 the burn will increase to about 9,140,000 tons 
per year, about two thirds of which will be furnished to the plants 
As previously 


TABLE 1 ESTIMATED ANNUAL COAL 


AG&E SYSTEM— 1954 


CONSUMPTION OF 


Plant 
Tanners Creek 
hilo... 


Twin Branch 


ve 
Glen Lyn... 
Small plants 


Total 


- mentioned, it has been the policy on the system to purchase the 


required fuel from commercial suppliers whenever such supply 
was available within the zone of economical transportation, as 
long as there was assurance that an adequate and economical 
supply of the required type of coal would continue to be availa- 
ble. However, it has not always been possible for commercial 
suppliers to meet these specifications. It therefore became neces- 
sary for the member companies of the system on occasion to 


- aequire coal reserves in order to back up the existing commercial] 
supply, and in some cases actually to develop the mining opera- 


tion. But the program of obtaining the system fuel require- 
ments from reliable commercial suppliers, and of sponsoring and 
developing technological improvements in coal utilization to 
promote the use of coal as a source of energy, has continued to 


be a consistent policy of the company throughout its entire 
system 


Coa. STORAGE 


To provide for operation of the plants during periods of inter- 
ruption in the coal supply, either at the mines or in the transpor- 


tation systems, substantial coal storage must be maintained at 


each of the system’s steam plants. The amount of coal to be 
held in storage at a major plant is dependent on both economics 
of supply and the area available for storage purposes. Sufficient 


area for storing at least 100 days’ consumption has been provided 
at all of the major plants of the AG&E System, and it is planned 


- to maintain such storage at each location. 


Two exceptions are 
the Philip Sporn Plant, where coal storage will total 1,000,000 
tons, equivalent to approximately 165 days’ burn for the four 
units now installed, and the Logan Plant, where storage area is 
limited. 

As of June, 1951, approximately 2,160,000 tons of coal were 
in storage at the steam plants, equivalent to a 99-day supply for 
the entire system. The distribution of this coal among the 


various plants is shown in Table 2. While some coal] had to be 


June. 


taken from storage during the late summer and early fall, due 
to some local labor disturbances, coal storage has been built 
up since that time and soon will be at the total tonnage shown for 
By 1954 it is expected that some 3,130,000 tons, 125 
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TABLE 2. COAL STORAGE AT STEAM-ELECTRIC GENERATING 
STATIONS OF THE AG&E SYSTEM 
Actual storage 
as — Expected storage -—- 
June 30, 1954 


No, day's 
Plant supply 


Tanners Creek? .. 
Philo* 


Tons Tons 


Small plants 
Total..... 


* Located on the Ohio River or its navigable tributaries. 


days’ supply for the entire System, will be in storage, appertioned 
among the various plants as shown in the table. 

The first eight plants listed in Table 2 are located or are now 
under construction on the Ohio River and its navigable tribu- 
taries. As of June 30, 1951, the coal at these eight plants rep- 
resented 68 per cent of all the coal in storage on the AG&h 
System; by 1954 the coal in storage at these eight plants, availa- 
ble for transfer from one plant to another by water transporta- 
tion, will represent 88 per cent of the total coal in storage. 
Because of the favorable location of these plants, and the flexibil- 
ity afforded by the river system, it was concluded that coal 
storage at each major plant sufficient for lO0days’ operation would 
be satisfactory, provided that a minimum of 1,000,000 tons was 
maintained at the Sporn Plant. Thus coal could be transferred 
easily by barge from the Sporn Plant to all but three of the other 
major plants. Dock and coal-handling facilities provided at 
the Sporn Plant are so arranged that coal can be readily unloaded 
from or loaded into river barges. Although permanent coal- 
handling facilities at the other major Ohio River system plants 
provide only for unloading coal, portable temporary conveyers, 
stored at several of the plants, can be set up quickly for loading 
coal from storage piles to river barges for use at other plants 


Coat av THE Kanawna River PLANT 


When it became apparent in the latter part of 1946 that Ap- 
palachian Electric Power Company would soon require additional 
generating capacity in the western end of its system, a detailed 
study was made of that section of West Virginia for a new power- 
plant site which could be backed up with an economical coal 
supply, with sufficient condenser cooling water, and of favorable 
location with respect to the transmission picture of both Ap- 
palachian Electric Power Company and the American Gas and 
Electric Company System. As a result of these studies, coal 
reserves for the new plant were acquired in the middle of 1948, 
and the Kanawha Plant site was acquired in 1949 

The coal reserves, consisting of 20,000,000 tons of high-fusion 
and 35,000,000 tons of low-fusion coal, are located on Morris 
Creek, which is about six miles upstream from the Kanawha 
River Plant site and ten miles above the Cabin Creek Plant of 
Appalachian Electric Power Company. 

In the spring of 1948 a commercial mining company was 
engaged to open and construct a mine in these reserves. This 
mine is now in operation, supplying coal to Cabin Creek and 
Philip Sporn Plants. It is fully mechanized, equipped with a 
washing plant and a 2'9-mile 36-in. belt conveyer, which trans- 
ports clean coal from the mine to a loading tipple located on the 
Kanawha River. This mine will supply approximately 50 per 
cent of the Kanawha fuel requirements; the balance will be 
obtained from commercial suppliers. 

A dock to be installed at the Kanawha River Plant will be 
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equipped with a coal-hoisting tower for unloading the coal from 
barges at a rate of 700 tons per hr. Coal will be transported 
by belt conveyer from the hoisting tower either to storage at 
the west end of the plant or directly tothe bunkers. 
av THE Musxineum River PLant 

Load studies made of The Ohio Power Company portion of the 
American Gas and Electric Company System in 1947 indicated 
that at a relatively early date it would become necessary to 
locate a new plant in the vicinity of the Philo Plant, since inade- 
quate condensing water flow of the Muskingum River at Philo 
prevented further expansion of that plant. The area abounds 
in extensive coal deposits which have been under study for many 
years. With the decision that new facilities had to be installed, 
these studies were intensified. After considerable exploration of 
the area, options were obtained on coal lands in Morgan County, 
Ohio, and after the coal field had been proved by test drilling, 
the Muskingum River Plant site was acquired at Relief, Ohio. 
A total of 35,000 acres was assembled into a solid field, which is 
estimated to contain about 100,000,000 tons of Ohio No. 9 coal, 
45,000,000 tons of which can be recovered by strip mining, the 
balance by a system of deep or auger mining. 

A strip mine, now being opened in these reserves, is expected 
to be in operation late in the summer of 1952, producing at a rate 
of approximately 1,100,000 tons per year. This mine also will 
be equipped with a cleaning plant. A 36-in. rubber belt conveyer 
about 4'/, miles long will transport the coal from the cleaning 
plant direct to the powerhouse. 

Coal-handling facilities at Muskingum are similar to those 
previously described for Kanawha River, with the exception that 
no river dock or unloading facilities are currently being provided. 
Hlowever, arrangements have been made so that river coal- 
handling facilities can be installed readily and quickly if needed 
in the future. 
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SUMMARY AND CONCLUSIONS 
For the past fifteen years the fuel-procurement program for 
the steam-electric generating stations of the American Gas and 
Electric Company System has been scaled to the estimated 
growth of the System, and has received the same care and atten- 
tion given to all of the other fundamentals basic to the sound 
development of any large thermal electric-power system. Empha- 
sis has been and will continue to be given to the following axio- - 
matic considerations: 


1 For any system such as that of the American Gas and Elec-— 
tric Company wherein 95 per cent of the energy generated is 
ae ed from coal, the procurement of fuel must be developed | 

a long-term basis and must always be considered a basic — 
e vc «nt of the power-generation program. The fact that fuel 
usually represents between 65 and 80 per cent of the total pro- 
duction cost at modern plants must never be lost sight of. 

2 Not only in providing for operation of present plants, but 
in planning future expansion of generation facilities, effort will 
be exerted to utilize commercial fuel sources to the maximum 
possible extent. 

3 Utilization of local resources will be aided by all 
steam generators to burn local fuels satisfactorily. 

4 Location of future generating plants on the Ohio River and 
its tributaries will be developed further. Here the objective — 
will continue to be not only better control over transportation 
costs, but also the reduction of coal storage required at each site — 
by providing for the shuttling of coal between plants during emer-_ 
gency conditions. 


It is only by careful and continued application of these ideas 
considerations, and principles in the development of a fuel- 
procurement program that it has been and will continue to be 
possible to provide to the areas served the highly economica 
electric power supply that is so necessary to further develop 
these areas, and to develop greater energy use. 
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Economics of Integrated Power-System Generation’ 


3—200,000 Kw, 


This paper discusses the steam-electric generating units 
being installed at two new plants of the American Gas and 
_ Electric Company System, Kanawha River Plant of Appa- 
4 lachian Electric Power Company, and Muskingum River 
_ Plant of The Ohio Power Company. Reasons for the selec- 
_ tion of unusually large single boiler-single turbine sets are 
_ presented in terms of the over-all generating requirements 
_of the AG&E System. Basic considerations in the selec- 
tion of ponent pment for these units are 
_ developed, as well as the means by which these compo- 
nents have been combined to accomplish a very economical 
arrangement for mass generation of power for the System. 


INTRODUCTION 


N the late summer of 1950, and then in February, 1951, the 

I Appalachian Electric Power Company and The Ohio Power 
Company, both principal companies of the American Gas and 
Electric Company System, announced plans to extend generating 
- eapacity with the construction by Appalachian of a new steam- 


electric power plant in Glasgow, West Virginia, on the Kanawha 


River about 22 miles upstream from Charleston, West Virginia, 
and of a similar plant by The Ohio Power Company on the 
Muskingum River near Beverly, Ohio, about 46 miles downstream 
_ from Zanesville, Ohio. Since then the former plant has been 
named Kanawha River and the latter, Muskingum River. Be- 
- cause each of the plants carries forward the technology of mass 
production of electric energy by steam-electric methods to new 
_ frontiers of capital economy and operating efficiency, it seems 
- appropriate at this time to deal on a co-ordinated basis with the 
_ three essential elements in the development of a sound generation 
program on an integrated system, namely, system fundamentals, 
fuel, and the plant itself. The first two items are covered in two 
companion papers (1). This paper will confine itself to dealing 
with the last item—the plant itself. 


Design OBJECTIVES 


The Kanawha and Muskingum plants are the direct results of 
_ studies which extended over a long period of time. These studies 
' Reference (1); numbers in parentheses refer to the Bibliography 
at the end of the paper. 
? President, American Gas and Electric Service Corporation 
Fellow ASME. 
* Mechanical Pingineer, American Gas and Electric Service Cor- 
poration. Mcm. ASME, 
Contributed by the Power Division and presented at the Annual 
_ Meeting, Atlantic City, N. J., November 25-30, 1951, of Tue Ament- 
can Society or MECHANICAL ENGINEERS. 
Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuseript received at ASME Headquarters, 
_ September 10,1951. Paper No. 51—A-117. 
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had as their objective the definition of a plant and plant cycle 
which would be the logical successor to the seven large units of 
150,000 kw capability installed or under construction at Philip 
Sporn, Tanners Creek, and Twin Branch Plants (2, 3). Ever- 
increasing prices for fuel, labor, and equipment have necessitated 
developing a design to improve plant heat rates and reduce 
operating labor costs—in terms of mills per kwhr—without pro- 
hibitive increments in investment. 

It was recognized at the outset that increased size of units 
would be of help. The long pioneering experience of the company 
with high pressures, high temperatures, high speeds, reheat, large 
sizes of units, and lower grades of fuels was a source of knowledge 
and confidence in the efforts to reach the objective. 

In addition to the factors of system requirements (1) the 
boiler design had great influence .on the size of the unit, The 
Philip Sporn boilers already had been operated for substantial 
periods of time with an hourly furnace heat input of 1.43 billion 
Btu. Successful operating experience at these rates of heat input 
indicated that an appreciable increase in this level of input could 
be achieved without introducing any particular difficulties 

With this assurance, serious consideration was given to a num- 
ber of other possible avenues of improvement. 
made of (a) cycles with two reheats; (b) cycles using single- 
shaft high-speed units; (c) cycles using pressures higher than 
2000 psi, to a maximum of 5000 psi; and (d) cycles using tem- 
peratures, primary and reheat, as high as 1200 F. 

Each of these possibilities was analyzed, evaluated, and ulti- 
mately eliminated from consideration at this time. Two reheats 
were not favored because of radical changes in boiler, turbine, and 
piping designs which would be required. Single-shaft turbines 
could not give the assurance of best over-all economies which 
otherwise could be obtained. Cycles with ultrahigh pressures 
would introduce new and unexplored boiler problems which could 
not be accepted for solution in the short time available for 
development. Temperatures from 1050 F to 1200 F, while 
offering substantial therma! savings, introduce metallurgical 
problems which in turn introduce problems of procuring mate- 
rials in critical supply. It was felt that such requirements could 
not be justified under a defense-mobilization-program condition 
such as the present 

The consequence of al] these analyses was to resolve the deci- 
sion in favor of the largest units which could be adapted to the sys- 
tem without disturbing reserve requirements or operating and 
maintenance schedules, and which would make possible consoli- 
dation of the many gains which had been introduced from time to 
time in the previous experience of the company. Thus the 
decision was reached to use 200,000-kw (net) cross-compound 
units, to limit the throttle pressure to 2000 psi, and to utilize 
ferritic steels in the construction of piping and turbines at 1050 F, 
both for primary and reheat-steam temperatures. This combi- 
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nation, as will be brought out in the description of the heat cycle, 
will be capable of developing a net continuous output of 200,000 
kw at a heat rate of slightly over 9000 Btu per net kwhr. It is a 
logical culmination of the numerous forward steps taken pre- 
viously at many points in the development of an optimum power 
supply on the AG&E System 

The Kanawha and Muskingum River Plants are being de- 
with the minimum possible variation between the two 
plants; they are thus very nearly alike except for differences in 
the boilers. The Kanawha River boilers will be of dry-ash pit 
design and the Muskingum boilers will be of fluid-bottom cesign. 


signed 


Srre Conpirions Srrucrurat Features 


The Kanawha River Plant is being constructed on the north 
flood plain of the Kanawha River about 80 miles above its con- 
fluence with the Ohio River at Point Pleasant, West Virginia 
Rock found at a depth of about 60 ft is overlain with about 15 ft 
of coarse sand and gravel and the materials above this stratum 
consist mainly of soft sandy clay, unsatisfactory for the foundation 
ol any important structure. 

Consideration ‘vas given to founding the entire powerhouse 
structure on caissons or piles driven to rock, but later studies indi- 
cated that the most economical scheme would be to drive wood 
piles for supporting the boiler room, heater bay, and office building 
portions of the structure, and founding the condenser pit, turbine 
room, turbine and other foundations, on the sand and gravel 
strata, The substructure of the powerhouse will be reinforced 
concrete, The superstructure is a structural steel frame which 
supports & composite masonry wall made up of Speed-a-backer 
tile and 4 in. of brick, It will be noted from the cross section of 
the powerhouse, Fig. 1, that all equipment is housed within the 
building except the fans, air heaters, dust collectors, and con- 
necting ductwork. Studies made of outdoor and semioutdoor 
designs indicated no substantial saving over that finally adopted. 

Equipment in the plant was arranged to give the most compact 
and economical layout attainable; that this had been accom- 
plished is demonstrated by the low volume of building structure 
per kilowatt of installed generating capacity, 19.3 cu ft per kw, 
including all service and office facilities. The development of re- 
mote operation through centralized control rooms has reached a 
very satisfactory stage (4); this has made possible the location 
of the contro! room on the roof of the turbine room without 
detrimental effeet on plant operation. It also has had a ma- 
terial effeet on the total building volume and on volumetric 
economy, 
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Boiler ash and fly ash will be pumped from the plant to a pit 
which has been dug downstream from the plant and immediately 
landward of the present coal-storage pile. When the pit is 
finally filled some years hence, the coal-storage area will be ex- 
tended landward over this filled area to provide the additional 
storage space needed for a 1,000,000-kw plant. 

Harth excavated in order to create the ash storage pit was used 
to build up the plant and substation yards to an elevation above 
reasonable high water. To assure plant operation during the 
maximum floods which might be attained, bulkheading will be 
employed for the powerhouse, and electrical equipment in the 
substation and transformer yards susceptible to water damage © 
will be raised above the maximum flood elevation 

At the Muskingum River Plant site better foundation condi- 
tions existed than at Kanawha River so that it was not necessary 
to use bearing piles to support any part of the structure, the bot- 
tom slab of the powerhouse being founded on sand and gravel 
which extends to rock. 

Tue Cycie 

Essential details of the cycle on which the plant is pro- 
jected to operate are shown in Fig. 2. Over-all plant thermal 
economy is estimated at slightly above 9000 Btu per kwhr. 
These calculations are based on full-load conditions, and with 
average allowances for circulating-water temperature, steam losses, 
feed make-up, pressure drops, terminal temperature differ- 
ences, blowdown losses, and auxiliary power requirements. The 
data in Fig. 2 are thus reflective of the realities which should 
obtain on the plant. Seven stages of extraction feed heating are 
planned with an extreme full-load feedwater temperature of 461 F. 
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The turbine generators are arranged cross compound. Gross ; 
capability of each complete unit is expected to reach 217,260 kw, — 
operating with 1'/, in. Hg back pressure. Fig. 3 shows the gen- — 
eral arrangement and various details of the 3600-rpm high-pres- 
sure element, and Fig. 4 shows a similar sectional view of the — 
1800-rpm tandem-compound double-flow low-pressure 
ment, 

‘Two emergency stop valves are being furnished for each unit to 
accommodate the large steam volumes. These are to be welded 
directly to either end of an external control-valve chest located 
below the turbine-room floor. Steam at 2000 psi and 1050 F will 
enter the emergency stop-valve inlets and flow to the turbine | 
proper via six control valves and six connecting pipe lines. 
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of these pipes will be attached to the lower turbine shell half and 
the other two to the upper half. 

The use of an external valve chest with turbines of this size has 
several decided advantages. It makes possible the concen- 
tration of high temperatures on a relatively smal] and reasonably 
symmetrical portion of the high-pressure turbine shell and also 
makes feasible the use of a forged valve chest, fabricated in this 
case from a ferritic forging. Aside from internal valve parts of 
austenitic material in the emergency stop valves and control 
valves, all high-temperature elements opers‘ing in the range of 
1050 F will be made of ferritic Cr-moly-vanadium material. 

Initial and reheated steam will enter the turbine shell at adja- 
cent belts located centrally in the high-pressure-turbine shell. 
This arrangement, in conjunction with the elimination of the in- 
tercept valves at the turbine reheat-steam inlet, has simplified 
many of the problems associated with high-temperature turbine 
design. 

High-temperature steam, entering the high-pressure turbine 
shell near its mid-section, travels toward the front standard 
through eight stages and discharges to the steam reheater at 490 
psi when operating at gross capability. 

Returning from the reheater at 1050 F, the steam again enters 


the high-pressure-turbine shell mid-section at a belt adjacent to 


Prosectepo Heat Cycie or Kanawna River PLant 
temperatures, pressures, and enthalpies are for normal full-load operation.) 


the initial steam inlet. From this point it flows toward the cou- 
pling end through four stages. The steam then leaves the high- 
pressure shel] through two 24-in. lines and enters the single-flow or 
intermediate section of the low-pressure turbine through two mas- 
sive intercept valves. Steam pressure at these valves when 
operating at maximum load will be about 260 psi. Passing 
through the intercept valves, the steam expands through sixteen 
single-flow stages followed by four similar double-flow stages. A 
large overhead duct will form the crossover between the single- 
and double-flow sections of the low-pressure turbine 

The four reheat-steam stages in the high-pressure she!! were in- 
troduced to reduce reheat steam temperature prior to its entering 
the intercept-valve bodies and low-pressure turbine shell, avoid- 
ing serious thermal-stress problems associated with 1050 F reheat 
steam. However, the specific volume of the steam is nearly 
doubled, and this factor necessitated the unusually large physical 
size of the intercept valves. 

The two intercept valves will be mounted at the top front of the 
low-pressure machine. Each will be operated by independent hy- 
draulic cylinders and reach rods. In action, the valves will 
operate as shutoff or throttling elements. A speed governor 
activating the intercept valves will regulate overspeed of the low- 
pressure unit. Like the high-pressure emergency stop valves, the 
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intercept valves also are being furnished with a steam-sealing de- 
vice which eliminates stem-bushing steam leakage when the 
valves are in their normal or fully open position. 

Overheating of the low-pressure-turbine exhaust hood is ex- 
pected to be more critical than on previous machines of similar 
design. For this reason automatically controlled water sprays 
are located in the low-pressure crossover duct and used for attem- 
perating the steam leaving the single-flow low-pressure-turbine 
casing. Water will be injected during all no-load operations and 
for all loads up to 5 per cent of full load. 

The lower half of the low-pressure-turbine exhaust hood is being 
fabricated from steel plate, rather than being built up from iron 
castings, as has been past practice. A considerable saving in 
weight is expected from this change. From an operating point of 
view, the final installation should be more rugged and less sensitive 
to temperature shocks. Originally the upper half of the exhaust 
hood was also to have been fabricated, as shown in Fig. 4. How- 
ever, owing to the national emergency and the resulting searcity 
of steel plate, it has been necessary to resort to castings for this 
section of the hood. 

Adoption of steam seals in lieu of water seals is an interesting 
change from usual design standards. These seals will provide a 
number of operating and maintenance advantages over water 


OTe” 


seals. Greater operating flexibility is expected. The usual diffi- 
culty experienced in adjusting water seals while bringing units to 
synchronous speed or while changing load will be eliminated. 
Rapid starting of turbine units will be simplified. Serious ther- 
mal shocks to the turbine shafts can be avoided with ease. By 
the elimination of motor-operated valves and the water-runner 
parts required with water-seal operation, the system is simplified 
and less subject to mechanical trouble and maintenance. 

A single high-pressure pump on the high-pressure-turbine shaft 
will furnish all hydraulic and bearing lubricating oil for the high- 
and low-pressure turbines. This pump will be of a new design 
having double suction. It will operate at 3600 rpm and deliver oil 
at 200 psi. 
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In view of previous successful experience with natural circu- 
lation boilers operating above 2000 psi at Twin Branch and at 
Philip Sporn Plants, there was no concern regarding the adequacy 
of natural circulation for the conditions of this plant. Extensive 
circulation tests which were conducted on the 2300-psi Twin 
Branch Unit No. 3 demonstrated that the separation of steam and 
water provided by the cyelone steam separators assured a more 
than adequate differential head for proper circulation. These 
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tests also demonstrated that circulating flow in individual tubes, 
as well as the over-all circulation rate, increases with increases in 
the rate of heat absorption. 

Fig. 5 shows a cross section of one of the Kanawha River boil- 
ers. This boiler is equipped with a dry-bottom-type furnace in 
order to handle high-ash-fusion coals. Each boiler is designed for 
a furnace heat input of 1.84 billion Btu per br almost one third 
greater than the heat-input requirements of the Philip Sporn 
units. In terms of heat input, these boilers may be classified 
among the largest, if not actually the largest, steam boilers ever 
projected. Primary steam flow is 1,335,000 Ib per hr, and re- 
heater flow is 1,216,000 lb per hr. The furnace will be 56 ft wide 
X 27 ft deep, with an average height of 90 ft. 

Each boiler will consume approximately 80 tons of coal per hr. 
This high firing rate will be sustained by the use of eight pulver- 
izers on each boiler, sized so that seven pulverizers will carry ful) 
load on the boiler even when burning the poorest quality of coal 
contemplated, namely, 15 per cent ash, 10 per cent moisture, and 
40 grindability. One pulverizer thus will be available at all times 
for maintenance, which can be accomplished during regularly 
scheduled working hours, without reducing output capability. 

Each boiler will be furnished with three Ljungstrom regenera- 
tive air preheaters which will bring the combustion air to a tem- 
perature of 550 F. There will be three induced-draft fans and 
two forced-draft fans, the latter being sized and motored for full 
pressurized furnace operation. The induced-draft fans are being 
equipped with tight shutoff dampers and bulkheading arrange- 
ments to permit maintenance on any one of the three fans while 
the boiler is in operation. 

The boiler casing is designed for pressurized furnace operation. 
Such operation will provide better control over furnace combus- 
tion conditions, improved temperature control, and increased 
boiler efficiency through reduction of stack losses. An apprecia- 
ble operating saving through reduction in induced-draft-fan 


power requirements also is anticipated. The induced-draft fans 
are provided to avoid any possibility of boiler outages during 
peak-load operation as a result of casing leakage. Investment in 
the induced-draft fans will furnish not only protection against un- 
availabilty but also a very desirable and most valuabie degree of 
flexibility in operation, although it is expected that these boilers 
will operate without induced-draft fans approximately 95 per cent 
of the time, 

Superheaters and reheaters are entirely in the form of convec- 
tion surface. Experience with radiant superheater and reheater 
surface in various earlier installations has not been as favorable as 
that of convection surface. The problem of slag formation and 
removal, resulting from the higher gas temperature required for 
the all-convection surface arrangement, has been found to be con- 
trollable and the difficulties so introduced are more than offset by 
the advantages accruing from the complete elimination of radiant 
superheater and reheater surface 

Superheater and reheater surface has been divided and so 
arranged as to give the necessary temperature control with mini- 
mum use of reheat attemperation and without danger of over- 
heating reheater tubes during periods of trip-out, starting, and 
shutting down of the boiler. Superheat and reheat control below 
full load will be obtained primarily by recirculation of flue gas 
from the economizer outlet to the furnace, with water-spray at- 
temperation at the reheater inlet and between stages of the 
superheater for critical temperature control. 

The Muskingum River boilers are designed for the same capac- 
ity, pressure, and temperature conditions as the Kanawha River 
boilers. Arrangement of superheater, reheater, economizer, and 
air-heater surface also wil) be identical. A two-stage slag-tap 
furnace design has, however, been selected in order to permit use 
of coals having relatively low ash-fusion characteristics. The 
primary furnace will be 56 ft wide, 15 ft deep, and 71 ft high; the 
open pass 56 ft wide X 9 ft deep with an average height of 80 ft. 
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(These boilers are equipped with dry-bottom furnaces; boilers for Muskin- 
gum River Plant will have wet-bottom furnaces.) 


These boilers also will be designed ‘or full pressurized operation, 
and draft-fan capacities and arrangement will be similar to the 
Kanawha River units. 

Each of the Kanawha River boilers will be arranged with an in- 
dependent furnace ash-removal system, with no intereonnections 
being provided. Ash from the two identical dry-bottom furnace 
hoppers of each boiler will be collected in twin water-filled ash 
pits, from where it will be discharged periodically through a 
double-roll clinker grinder to a common sump. From this sump 
the ash-water mixture will be pumped to a temporary storage 
area, 

The Muskingum River boilers also will be arranged with inde- 
pendent furnace ash- and slag-removal systems, without intercon- 
nections, Molten slag from the primary furnace and dry ash 
from the open pass of each boiler will be collected in a relatively 
deep submerged double-discharge ashpit and piped to the storage 
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CONDENSERS AND AssociaTED EQUIPMENT 

The condenser is of the single-pass divided-circulation type, 
with 90,000 sq ft of cooling surface consisting of ’/,-in-OD x 18 
BWG arsenical admiralty tubes, 30 ft 0 in. over-all length. A 
storage-type hot well is provided with 1100 cu ft of storage capac- 
ity. Condenser design provides for condensate deaeration, with 
the standard residual oxygen guarantee of 0.03 cc per liter, al- 
though operating experience with similar condensers indicates 
that oxygen removal will be considerably better than this. 

The steam-jet air ejector is of the 2-stage triple-element type 
with separate inter- and aftercoolers, each element having suffi- 
cient capacity to handle normally expected air leakage. Steam 
for operating the air ejector is obtained normally from the high- 
pressure-turbine exhaust through a pressure regulator. During 
starting up and at loads below approximately one-balf load, steam 
is obtained from the boiler intermediate-superheater header at 
2150 psig 900 F reduced to 15u psig at the nozzles. Steam- and 
water-space priming ejectors also use steam from the inter- 
mediate-superheater header, reduced to 400 psig at the nozzles by 
means of a pressure-reducing orifice 

Two circulating-water pumps, each of 70,000 gpm capacity, 
provide cooling water for the condenser of each unit as well as 
general service water supply for washing traveling screens. Con- 
densers are installed at an elevation low enough to permit siphon 
operation. To reduce basement depth, circulating-water pumps 
are installed in the screen house at the river at some distance from 
the plant. ‘ 

Water flows through the two halves of the condenser in oppo- 
site directions, and provision is made to backwash the condenser 
at full load by means of two special butterfly-type reversing 
valves, operated simultaneously by a single switch on the control 
panel. Electrical protective features are provided to insure that 
the two valves at opposite ends of the condenser will operate 
together. 

Space limitations made necessary the use of vertical circulating- 
waterpumps, A standard dry-pit volute centrifugal-pump design 
was selected, with its shaft mounted in a vertical position. Such 
pumps have given entirely satisfactory experience over a long 
period of years, with very little maintenance or inspection required. 


ELecTRICAL FEATURES 

The Kanawha generators will be quite similar to those pre- 
viously installed at the Philip Sporn and Tanners Creek Plants, 
although of larger size, with relatively minor differences in design 
details. The 1800-rpm double-winding low-pressure unit will be 
rated 140,000 kva at 0.8 power factor and 0.5 lb hydrogen pres- 
Under these conditions the short-circuit ratio will be 0.8 
The 3600-rpm high-pressure generator will be rated 75,000 kva at 
0.85 power factor and 0.5 lb hydrogen pressure, with a short-cir- 
cuit ratio of 0.7. At 30 lb hydrogen pressure the low-pressure 
generator will be rated 175,000 kva at 0.8 power factor, and the 
high-pressure machine 93,000 kva at 0.85 power factor. 

Shaft-driven exciters on each generator will provide excitation 
current, supplemented by a motor-generator set for starting up 
the combined generator unit. A second such motor-generator 
set will be provided for emergency excitation in the event of fail- 
ure of any of the main exciters. Voltage control for each unit wil! 
be provided by amplidyne regulators. 

The large size of these generating units necessitated the selection 
of 18,000 volt terminal voltage, the economic upper limit in this 
Conventional aluminum bus structures will connect the 
18,000-volt terminals of the high and low-pressure generators di- 
rectly to three-phase power transformers, stepping up to 132 kv 
Disconnect switches will be provided in these leads to permit con- 
venient maintenance and testing of the units. 

Three-phase auxiliary transformers will be connected to the 
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leads of each of the generator windings. These transformers will 
feed separate auxiliary bus sections, each of which will have an al- 
ternate power supply from a three-phase transformer stepping 
down from the 132-kv bus system. The major motor drives will 
be accommodated on these buses, operating at 4160 volts grounded 
neutral. To avoid outage of all major motor drives due to acci- 
dental grounding of one circuit, the auxiliaries are arranged into 
three groups, each fed by an independent source, so that the loss 
of one of the groups will not result in shutdown of the entire unit. 
The smaller 550-volt motors will be served from buses fed by three- 
phase transformers connected to the main auxiliary buses. Each 
550-voit bus will have an emergency connection to one of the other 
main auxiliary buses to provide flexibility in operation and to 
assure an emergency 550-volt source in the event of loss of a trans- 
former or main auxiliary bus. 

Three main power transformers will be provided for each unit, 
one for the high-pressure generator and one for each of the two 
windings of the low-pressure generator. These transformers will 
be bussed on the 132-kv side, and then connected to the double- 
bus 132-kv yard immediately adjacent through two oil circuit 
breakers which also can serve as a bus tie. Initially, five 132-kv 
feeders will be employed, two to Cabin Creek, two to Glen Lyn, 
and one to Philip Sporn Plant. Each feeder will have a single 
breaker with selector switches to the two buses and a by-pass 
switch to one of them so that two 132-kv buses may be used as 
main and transfer bus for maintenance and for emergencies. 

These three transformers will be forced-air, forced-oil cooled, 
located immediately adjacent to the station to give the shortest 
possible leads from generators to transformers. The transformers 
will be protected by the usual differential relay setups and by 
low-pressure carbon-dioxide fire-fighting equipment. 

Provision will be made in the switchyard for installing a 330-kv 
double-bus system to take the output of future generating units, 
with a large transformer bank for tying between the 132-kv and 
330-kv buses. 

In this respect Muskingum River Plant will be similar in 
arrangement to Kanawha River, except that only one of the two 
initial generating units will be connected to the 132-kv bus. The 
second generating unit will step up to 330,000 volts through a bank 
of single-phase transformers. This bank will have a 330-kv winding 
rated 232,500 kva. Low-voltage windings will be in three sec- 
tions, one for each generator. Auxiliary transformers will be 
connected to the generator leads as in the case of the other units 
connected to the 132-kv bus. 

Two 150,000-kva three-phase auto transformers will be used to 
tie together the 132-kv and 330-kv systems. Tertiary windings 
on these transformers will serve to connect compensating-shunt 
reactors. This whole arrangement at Muskingum is shown dia- 
grammatically in Fig. 6. 


OPERATING AND MAINTENANCE CONSIDERATIONS 


That basic design decisions have a major and frequently critical 
effect on operating and maintenance requirements and results 
would be too trite to mention were not these effects so frequently 
overlooked. Obviously this applies to such an item as thermal 
efficiency. But, to an even greater extent, these requirements 
and results are influenced by the kind of boiler and turbine se- 
lected, the arrangement of circulating pumps and condenser, heater 
location, instrumentation, automatic features, arrangement of 
equipment for ease of maintenance, and a host of similar features. 
All of these elements at Kanawha River and Muskingum River 
were studied thoroughly in the light of previous experience to 
assure not only safe operation, but maximum economy in opera- 
tion and in maintenance. No truly sound development of eco- 
nomic mass generation of electric energy is possible without this 
thorough attention to operating and maintenance requirements. 
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fi hermody namics of Gasification of Coal ae 


With Oxygen and 


Material and Enthalpy Balance Calculations 


By WAYNE C. EDMISTER,' HARRY PERRY,? R. C. COREY,’ anno M. A. ELLIOTT* 


Thermodynamic charts and. tabulations are presented 
for calculating conveniently the heat balance, and prod- 
uct-gas yield and composition for the gasification of coal 
with oxygen and steam, on the assumption that water-gas 

: shift equilibrium is attained by the product gases. These 

_ charts are of general applicability for any rank of coal ; they 

_ cover a wide range of operating conditions through the use 

of multiple parameters, and may be used for pressures as 

high as 30 atm. Examples are given to illustrate the use 

and versatility of the charts. Charts and numerical ex- 

"2 amples are also given for a typical high-volatile C bitumi- 

nous coal to illustrate the uses of such charts for a specific 
coal. 


INTRODUCTION 


IE NTENSIVE research and development work during the 
es past few years have demonstrated the feasibility of producing 
: : carbon monoxide and hydrogen by the continuous and com- 
ae "plete gasification of pulverized coal with oxygen and steam.**’ 
2 This has led to considerable interest in the thermodynamics of 
: such systems, with the objectives of (1) comparing theoretical 
calculations with experimental results; (2) predicting reactor 
_ performance from known values of the feed rates and enthalpies 
of coal, oxygen, and steam; (3) evaluating the effect of a known 
_ change in one variable upon the other process variables; and (4) 
_ determining the process requirements and yields at given operat- 
ing conditions. 
In the course of experimental gasification work at the Bureau 
of Mines, Pittsburgh, Pa., extensive material and heat balances 
were made to compare the experimental results with the theoreti- 
ca) values, and to guide in the selection of the feed conditions 
necessary for optimum reactor performance. In addition, these 
calculations made it possible to evaluate the separate effects of 
the numerous variables, which are complexly interrelated. For 
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example, if one examines the effect of increasing the preheat of 
the feed streams on any one process condition, assuming all 
other conditions constant, one finds that it results in (1) reduc- 
tion of the oxygen required per pound of coal gasified; or (2) 
increase in the temperature of the exit gas; or (3) increase in the 
carbon conversion. 

Repeated calculation of heat and material balances is tedious 
and time-consuming, and it was evident that thermodynamic 
charts would reduce considerably the numerical calculations and 
have the distinct advantage of showing more clearly the rela- 
tionships between the process variables. 

A significant step was made in this direction recently by 
Batchelder and Sternberg,* who made a thermodynamic analysis 
of the gasification of pulverized coal with oxygen and steam. They 
derived basic energy- and material-balance equations and con- 
structed a series of graphs for a high-volatile A and a high-volatile 
C bituminous coal. Although the procedure can be applied to 
any general case, their graphs are limited to the special case of 
95 per cent carbon conversion, two types of coal, and variations 
of heat loss expressed only in terms of steam preheat. 

It is the purpose of this paper to present and discuss the de- 
velopment of more versatile thermodynamic charts, which are 
applicable to any coal for a wide range of operating variables. 
The charts are of the multiparameter type, designed to reduce to 
a minimum the numerical steps required for a solution. In 
addition to the charts for the general case, a specific chart has 
been developed for a particular coal. 

The bases for these charts are material and heat balances for 
each set of feed conditions, and the major assumption that the 
product gases reach the water-gas shift equilibrium. No as- 
sumptions of the mechanism of the gasification process are neces- 
sary. When feed rates of the coal, oxygen, and steam are known, 
and elemental balances for carbon, oxygen, and hydrogen are 
made, the quantities of CO, CO,, H:, and H,O leaving the re- 
actor can be calculated for any assumed exit-gas temperature. 
The input enthalpy can be calculated from the quantities and the 
temperatures of the feed streams, and the output enthalpy from 
the quantities and the temperatures of the materials leaving the 
reactor. 

The actual exit-gas temperature in an adiabatic reactor is 
the temperature required to balance the input and output enthal- 
pies, and can be determined from calculations of the output en- 
thalpy with successive assumed temperatures, or more conven- 
iently, by graphical methods. In a nonadiabatic system, the 
difference between the input and output enthalpy corresponds 
to the heat lost.’ 

In the following sections the basic material- and energy- 
balance equations used in preparing the general thermodynamic 
charts are developed. 


* “Thermodynamic Study ef Coal Gasification,’ by H. R. Batchel- 
der and J. C. Sternberg, Industrial and Engineering Chemistry, vol. 
42, 1950, pp. 877-882. 

* This statement applies only to systems in which heat is not 
added through the walls the 
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Marertat-Batance Equations 


It is assumed that (1) pure oxygen is used; 
in the coal appears as H,S in the exit gas; 
coal appears as N, in the exit gas; 
the exit gas; (5) any solids leaving the reactor consist of carbon 
and ash; and (6) no hydrocarbons appear in the exit gas. If 
oxygen of purity less than 100 per cent is used, the calculations 
ean be modified easily since the inerts, which are mostly nitro- 
gen, appear in the exit gas unchanged and can be treated ac- 
cordingly. 

Experimental evidence shows that assumptions 2 to 6 are 
essentially correct for any actual gasifier operating at atmospheric 
pressure, because the product gases consist of CO, CO), H,, H,0, 
HS, and Na», and the solids leaving the reactor are unreacted 
carbon and ash. Furthermore, the calculations are affected 
only slightly by the small deviations from these assumptions 
that occasionally occur. 

The elemental balances for Hz, Os, C, and 8 for 100 Ib of coal 

+ HO + BS 

18 016 


(2) the sulphur 
(3) the nitrogen in the 
(4) no free oxygen appears in 


Hydrogen: 


(Hy net 
2.016 


Oxygen: 

(Or (HO )rots | 

32.0 36.052 2 2 

12.0 


Carbon: 


Sulphur 
(Ss) 
= HS [4] 
$2.0 


where 
(Hy deer = pounds of net hydrogen in 100 lb of coal = total 
hydrogen in coal minus '/s times!® oxygen in 
coal 

= pounds of steam supplied per 100 ib of coal plus 
*/, times oxygen in coal 

(Q.) = pounds of oxygen supplied per 100 lb of coal 

is pounds of sulphur per 100 Ib of coal 

100 

, HS, and CO = moles of respective gases in 

product gases from 100 lb of coal 

Combination and rearrangement of these equations gives 


(Hy 


Che pounds of carbon gasified per Ib of coal 


Hy, HO, CO 


(Ox) 
16.0 


(3S) 
2.016 32.0 


(Ce 
12.0 


(Oy (H,O total 


CO, + + 
16.0 18.016 


HO = 


It is interesting to note from Equation [5] that the yield of 
carbon monoxide and hydrogen from a given coal depends upon 
the oxygen supplied and the carbon gasified, but is independent 
of the steam fed. Since experimental results have shown that 
the product gases from an entrained gasification system attain 
water-gas shift equilibrium, it is possible to calculate the com- 
position of the product gases from Equations [5] and (6) and 


‘© These are approximate values used in engineering calculations 
The exact values are 1.008 /8 and 9.008 /8. 


the water-gas shift equilibrium relationship which is 


CO, H, 
CO x H,O 


JULY, 1952 


where K = water-gas shift equilibrium constant, which is a 
function of temperature only. The quantities of CO,, H,, CO, 
and H,O are the mole concentrations of these respective gases. 

Combining Equations [5], [6], and [7] and solving the re- 
sulting quadratie for the moles of CO, considering only the nega- 
tive root, gives 


(CO + H, 


K 
CO, + HO) + 


= (CO; + CO) + i 


and 
+ CO) (CO + Hy) 
a 1 K 

Although CO appears in each term of Equation [8], the brack- 
eted terms in Equations [8a] and [85] will be recognized as 
calculable from Equations [3}, [5], and [6]. Therefore the moles 
of CO may be computed for any selected temperature, percent- 
age carbon conversion, and set of feed condition. The value of K 
corresponding to the selected temperature may be found in Table 


TABLE 1 OF EQUILIBRIUM goer ANT K FOR 


ER-GAS SHIFT REACTIO 


CO: Hy 


K = x 


Temperature, deg F 
800 


Socree “Heats, Free Energies, and Equilibrium Constante of Some 
Reactions Involving Os, Hy, Hy¥O, C, CO, CO, and CH,” D. Wagman, 
Kilpatrick, W. soe. Bg K. Pitzer, and F. Rossini, Journal of Research, Na- 
tional Bureau of Standards, vol. 34, February, 1945, pp. 143-161 


ENTHALPY-BALANCE EQuaTIONS 


The type of gasification under consideration is basically a 
constant-pressure flow process in which there is no work done, 
and in which the changes in potential and kinetic energy are 
negligible. Accordingly, the net differences between the en-— 
thalpies of the charge and product streams represent the quanti- 
ties of heat added or lost in the operation.'' Enthalpy balances 
may be used to compute important gasification conditions such 
as heat loss and reaction temperature. These calculations are 
useful for design purposes, or for following the performance of a 
reactor under actual experimental conditions. 

These enthalpy-balance calculations are based upon a datum 
of zero enthalpy for the elements at —-459.6 F and O psia. 

‘In this paper the calculations are applied to systems in which bs 
heat is lost from the generator but the methods used are general and 


can be applied also to systems in which heat is added through the 
walls of the generator. 


62200 4 
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With this datum the enthalpies of each stream include the heat 
of formation, so separate heat-of-reaction computations are not 
required. The quantity basis for the preparation of the charts is 
100 Ib of coal in the “as-received” condition. The unit enthalpies 
of all constituents, excepting coal, are given in Table 2 for tem- 
peratures between 77 F and 2800 F. The methods for comput- 
ing the enthalpy of coal are discussed in the appropriate parts of 
this paper. 

Input Enthalpy. The total enthalpy of the feed streams to the 
gasifier is the sum of the enthalpies of coal, oxygen, and steam. 
all above the datum of the elements at —459.6 F. The values 
for oxygen and steam are computed from the unit enthalpies 
given in Table 2. The enthalpy of coal at any temperature above 
the elements is: 


= AH, + AH; — + AM.........19] 


, = enthalpy of elements of coal substance at 77 F and 
above —-459.6 F 
» = enthalpy of combustion of elements of coal substance 
at 77 F 
= enthalpy of combustion of coal at 77 F 
= enthalpy of coal between 77 and t F 


AH, 
AH, 


These terms are evaluated for 100 Ib of as-received coal in the 
following manner 


AH, = 37.5 (C), + 1800 (H.), + 115.6 (O.), + 78.1 
+ 132.3 + 107.5 (A), 


where the bracketed quantities are the number of pounds of 
carbon, hydrogen, oxygen, sulphur, nitrogen, and ash, respec- 
tively, in 100 lb of as-received coal (as indicated by the subscript 
c). The numerical coefficients for carbon through nitrogen are the 
enthalpies of the respective elements in Btu per |b, calculated 
from the unit molal enthalpies given in Table 2. The coefficient 
for ash is based upon a mean specific heat of 0.20 Btu /Ib-deg F 
between —-459.6 and 77 

AH, = —14,087 (C), — 60,958 (H,), — 3986 (S),... [11] 
where the numerical coefficients are the gross heats of combus- 
tion, Btu per lb, of each element. 


TABLE 2 


~— Thousands of Btu per goat mol above elements at 0 R and 0 deg psia — 
c Or Hy 10 co No He 8 


3.7 


— UN 


“Selected Values of Properties of Hydrocarbons,” 


reau of Standards, 1947. 
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Ad, is the heat of combustion of the coal, determined calori- 
metrically, or calculated as follows from the Dulong formula 


AH, = 14,544 (C). + 62,028 + 4050 (8), 


AH, may be estimated by using an average heat capacity for 
coal above 77 F of 0.325 Btu/Ib-deg F, accordingly 


AH, = 32.5 (1 77) 


Combining Equations [9], {10}, [11], [12], and [13], Le., us- 
ing the Dulong formula to compute AH;, gives the general ex- 
pression for the enthalpy of 100 Ib of as-received coal at any 
temperature, f deg F, between 77 and 2800 F om 


Heo = 494 (C), + 2870 (H.), — 7638 (0,), + 142(8), 
+ 132.3 (N.). + 107.5(A), + 32.5 (1 —77) 

This equation may be simplified by weighing the coefficients 
of sulphur, nitrogen, and ash with respect to average quantities of 
these constituents in the coal, for example, 3, 0.5, and 10 
per cent, respectively, which gives a weighted coefficient of 120 
From the relations 
H, = 494 (C). + 2870 (H,), — 7638 (O.). + 32.5 (¢ — 

+ 120 + (N),. + (A),]. 


and since 


(8), + (Nz), + (A), = 100 — (C), — (Hy), — (Oy), . . 


the approximate equation for the enthalpy of 100 Ib of coal be- 
comes 


Heost = 374 (C). + 2750 (H:), 
+ 32.5 (t 


7758 Ds), 


— 77) + 12,000 {16] 

The total enthalpy of coal may also be expressed in terms of 
the calorimetric heat of combustion of the coal, AH,, which is 
used instead of the Dulong formula, i.e., Equation {12]. Com- 
bining Equations [9], [10], [11], and [13], then gives 


UNIT ENTHALPIES 


Btu per 
ash 


37 2.5 107.5 


One 


£2 

eo 

we 
os 


D. Rossini, et al.. Bulletin C-46! 


= = 
- 
4 
7 
= 
wher 
AR 
Al 


~ 

a 
Hee: = AH, 

3908 (3S), 


14,050 (C), 59,158 (Hy 
+ 115.6 (O,), + 132.3 (N,), + 107.5 (A), 


+ 32.5 (t — 77) (17) 


By grouping the oxygen, nitrogen, and ash terms, as was done 
previously for sulphur, nitrogen, and ash, a weighted coefficient 
of 116 is obtained for these terms, and Equation [17] simplifies 
to 


Huw = SH, + 14,166 (C), 
4024 (8), 


+ 59,274 (He), 


+ 32.5 (t — 77) + 11,600 {18} 


Since the Dulong formula is empirical, an enthalpy calcula- 
tion by Equation (16) for a given coal may differ from one by 
Equation [18]. The maximum deviation of the Dulong formula 
is about 1.5 per cent,"? which in certain instances may result 
in an enthalpy error that is significant. Therefore the use of 
Equation [16], which is somewhat simpler than Equation [18] 
because of one leas term, will depend upon the error that can be 
tolerated fo? a given set of conditions. 

It was of interest to calculate the enthalpy at 77 
subbituminous coal (sample No. 2, Table 


F of a typical 

3) by the equations 

TABLE 3 ULTIMATE ANALYSES OF COALS (AS-RECEIVED 
USED IN EXAMPLES 


Rock Springs, Wyoming coals 
Sample | Sample 2 


Weight, Moles per 
100 


Gross heat of com- 
bustion, Btu/! 


that have been given to determine the errors incurred by using the 
Dulong formula and a weighted coefficient for certain terms. 
The reference enthalpy was obtained with Equation [9] by cal- 
culating values for AH, and AH;, using the ultimate analysis 
given in Table 3, and using the calorimetric heating value, 
1,336,000 Btu per 100 lb of coal, for AH;. In comparison, the 
enthalpies were calculated by Equations [16] and [18], and the 
results given in Table 4 were obtained 
TABLE 4 CALCULATION OF ENTHALPIES 
Total enthalpy at 
77 coal 
Btu/100 Ib coal 
Above elements 
(earbon, hyd D 
ete.) at - 4596 F E 
and O psia 
56083 
48596 


Deviation from 
results of 
uation {9} 
Basis tu/Ib coal 
Calorimetric enthalpy of 
combustion of coal 
Dulong formula for en- 
thalpy of combustion of 
coal with weighted coef 
ficients for 8, No, and ash 
‘alorimetric enthalpy of 
combustion of coal with 
weighted coefficients for 
On, Na, and ash 


74.9 


Since the enthalpies obtained by Equations [9] and [18] dif- 
fer only by the effect of using a weighted coefficient for oxygen, 
nitrogen, and ash, it is evident that the error due to combining 
these terms is negligible. Comparing the results for Equations 
{16} and [18], which differ only by the error of the Dulong for- 
mula, it is seen that for the conditions of this comparison the error 


" “Chemistry of Coal Utilization,” by H. H. Lowry, vol. 1, p. 138, 
John Wiley & Sons, Inc., New York, N. Y., 1945. 
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is greater than that of the experimental determination of the 
heating value of coal, i.e., + 40 Btu per |b of coal. 

Output Enthalpy. The output enthalpy is the sum of the en- 
thalpies of the gases and solids leaving the reactor. The unit 
enthalpies of the possible products are given in Table 2 where it 
should be noted that the unit enthalpy for ash above absolute 
zero is based upon mean specific heats at each temperature level 
Since ash is assumed not to react chemically, its enthalpy of 
formation is not required. 

The quantities of CO, CO., H:, and H,O in the product gas 
are obtained from Equations [3], [5], [6], and [8], and it is evi- 
dent that these quantities depend upon the gasification condi- 
that is, the feed rates, temperature, and the carbon 
gasified. The N, and H,S in the product gases are computed 
from the nitrogen and sulphur in the coal, it being assumed that 
neither of these constituents appears in the solid residue. How- 
ever, in the temperature range 1800 F to 2800 F, when the 
weight per cent of nitrogen in the coal is 2 to 3 times that of the 
sulphur in the coal, these terms may be omitted in the enthalpy 
calculations,'* as the respective unit enthalpies of H,S and N, at 
gasification temperature are of opposite sign and approximately 
cancel. When the weight ratio of nitrogen to sulphur is sig- 
nificantly outside the range of 2 to 3, it is recommended that the 
net enthalpy of nitrogen and H,S be computed to determine if it 
is sufficiently large to be included in the total output enthalpy. 

Further simplification of the output enthalpy is possible by 
using a mean unit enthalpy for carbon plus ash at various tem- 
peratures, calculated from Table 2 on the basis of equal weights of 
carbon and ash (Table 5). 


tions, 


TABLE 5 OF PER 


THOUSANDS OF BTU 
D ABOVE 459.6 F 


Ash 


Carbon 


DEVELOPMENT OF THERMODYNAMIC CHARTS 


To facilitate material and energy-balance calculations, seven 
charts, Figs. 1 to 7, were developed from Equations [5], [6], [8], 
{16], [18], and Table 3. These charts are applicable to any coal. 
However, as has been suggested previously, when many calcula- 
tions are to be made for a specific coal it might be more conven- 
ient to construct a special “enthalpy-balance”’ chart for that coal 
Such charts can be derived from the general charts. Accordingly, 
an additional chart, Fig. 8, was prepared for a Rock Springs, Wyo- 
ming, coal (Sample No. 1, Table 3) to illustrate the development 
of such charts. 

Gas-Composition Charts. Fig. 1 is a graphical solution of 
Equations {5} and [6], which give the moles of (CO + H;) and 
(CO, + H,O). The two sections of the chart have a common 
oxygen seale, which gives the oxygen in terms of both standard 
cubic feet per 100 lb of coal and pounds per 190 Ib of coal. The 
dashed rg illustrate the method for reading the scale. 

Figs. 2, 3, and 4 graphically solve Equation [8] which gives 
the nthe of CO for the operation. Figs. 2 and 3 solve the spe- 
cial functions in Equations [8a] and [8], which are required for 
solution of Equation [8]. Fig. 4 gives the final solution for the 
moles of CO. The application of these charts is illustrated by 
the dashed lines. 

Enthalpy Charts. The enthalpies of the feed and the product 
streams are represented on separate charts. Fig. 5 gives the 
input enthalpy when the enthalpy of the coal is calculated by 


‘* These terms were omitted in preparing the charts 


q 
J 
> 
per o 
On 15 
Hy 5.3 2 0 46 2.710 
0 028 0 86 0.027 
5 N 1.5 0.054 1.62 0 058 
71.6 5 965 76.0 6 333 
0% C + 50% ash) AEF 
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MATERIAL BALANCE CHART 
FOR 
(CO + Hp) ond SUMS 


Gouticetion of coo! 
with oxygen ond steom 


4 


{i 


~ 


COAL 


| 
8 


OF OXYGEN PER 100 POUNDS OF COAL 


STANDARD CUBIC FEET OF OXYGEN PER 100 POUNDS OF 


~ 


,MOLES PER 100 POUNDS OF COAL AT ZERO PERCENT SULFUR 


Equation [16], which embodies the Dulong formula. Fig. 6 
gives the coal enthalpy based upon Equation [18], i.e., using the 
experimental heat of combustion. The input enthalpy based 
upon the more accurate Equation [18] may be obtained graphi- 
cally by the use of Figs. 5 and 6 together. 

Fig. 7 gives the output enthalpy as a function of (a) the exit-gas 
temperature; (b) the arnounts of oxygen and steam fed; (c) 
the amount of carbon gasified per 100 lb of coal; and (d) the 
amount of residue. Although the composition of the gases is 
implied in the results obtained by this chart, it will be noted 
that the gas composition is not required to obtain the output 
enthalpy. This convenient feature of Fig. 7 was obtained by 
making systematic calculations of product compositions and 


4 


enthalpies for a range of conditions, and then correlating the 
results graphically as a function of the primary variables, oxy- 
gen, steam, exit-gas temperature, etc. The dashed lines illus-— 
trate the use of Fig. 7. 

The enthalpy chart for a specific coal, Rock Springs subbitumi- 
nous, is represented by Fig. 8. 
the previous enthalpy charts became constants for a coal of — 
fixed composition, all of the parameters for computing the out- 
put enthalpy may be plotted on a single chart. Fig. 8 was pre- 
pared in the following manner: The total input and output — 


enthalpies were computed for a wide range of the variables in- _ 
volved, and plotted on separate multiparameter charts. These — 


charts then were connected by a heat-loss parameter, and the ‘ 
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MATERIAL BALANCE CHART 


TO OBTAIN 
FUNCTION OF (CO,+H,0) FOR 


CETERMINING QUANTITY OF CO 
Gosificotion of cool with 


Onygen ond steom 


Note The eppicetion of thie chert Hive ~ 


GASIFICATION TEMPERATURE, °F 


VALVES OF 


== 


+420) 


Fia. 2 


input and output-enthalpy scales omitted to avoid unnecessary 
confusion. With this arrangement, the center section gives the 
heat loss required to balance the input and output enthalpies. 
Practical examples of both the numerical and the graphical 
procedures are given in the following sections to illustrate the 
comparative ease with which a graphical solution can be made. 
Unless otherwise stated, the basis in all examples is 100 Ib of as- 


received coal. 
Exameces Using Numerical Mernops 


The following examples are based upon the gasification of 100 
lb of Rock Springs coal (sample No. 2, Table 3) in the as-re- 
ceived condition with 10 SCF of pure oxygen per Ib of coal, and 
1.06 Ib of steam per Ib of coal, preheated to 1500 F, Assume that 
the product gases and residue leave the reactor at 2500 F, and 


that 95 per cent of the carbon is gasified. Calculate the com- 
position and yield of the exit gases and the heat lost 

Erample Find the moles of CO, H2, and produced 
by 100 Ib of coal. Basis: 100 lb as-received coal 


= 76 X 0.95 = 72.2 Ib 


Ib 


Carbon gasified, 


10 0.084 xX 100 = 84.4 1b 


SCF 
_ 1.41 


Oxygen supphed, (O2) 


Net H: in coal, (Hence 5.46 = 3.78 lb 


Total steam, (HO) ota 106 + (1.125 X 13.41, 
By Equation [3] 


CO + CO; 


« 


7 

| 
| 
| 
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CO, MOLES PER 100 POUNDS OF COAL 
35 40 45 $0 
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By Equation 


CO +H, = — O16 = 8.604 moles 
= 6 


By Equation (6) 


21.1 73 
CO, + = + 2.3 5.985 moles 
16 18 O16 12 

From Table 1, Keo = 0.313 

‘ These values may be checked by substitution in Equation 
Therefore, by Equations {Sa}, {8b}, and {8} oe which gives K = 0.311, compared to 0.313 
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60 
CARBON IN COAL , PERCENT BY WEIGHT 


The moles of Hs5 and N, per 100 lb of coal, derived from Table 
3, are 0.027 and 0.058, respectively. The composition of the dry 
nitrogen and sulphur-free exit gases in per cent by volume is 
CO., 15.0; CO, 44.5; He, 40.5. 

Example 2. Find the input and output enthalpies and the 
heat loss for the conditions given previously. 

If the H,S and N; terms are neglected, and the mean unit en- 
thalpy for the residue at 2500 F is used, the output enthalpy will 
be —564,130 Btu. 

Heat loss = (—550,640) — (—564,151) = 13,511 Btu/100 Ib 
coal. This heat loss is based upon the calorimetric heating 
value of the coal. If the Dulong formula were used, the heat 
loss would be approximately 7490 Btu per 100 Ib of coal higher, 
or 21,001 Btu per 100 Ib of coal 


ILLUSTRATIVE Examp es Usinc GraPHICcaAL MerHops 


Example 3. For the gasification of Rock Springs coal (sample 
No. 2, Table 3), find the “equilibrium reaction temperature” for 


TABLE 6 


Input enthalpy: Basis, 100 lb of coal 
—Quantity—. Tempera- 
Lb Moles ture, deg F 


Unit 
enthalpy 
Btu/mole 
Coal.... 100 
Oxygen S44 
Steam 106 


Output enthalpy 


Carbon 
Ash 


Total output 


enthalpy 


* Btu per lb; calculated by Equation [18]. 
+ Btu per Ib. 


INPUT AND OUTPUT ENTHALPIES AND HEAT LOSS 


Total enthalpy, 
Btu/100 Ib coal 


SSS 
ES 
Fie. 5 
‘ 0760 
4300 
68040 
Basis, 100 Ib of coal 
4.104 2500 _ -334000 
4.465 — — 55000 ~ 1485 
0 058 2500 22400 33800 
0 317 2160 | 
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following conditions: 
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100 Ib of coal at 77 F; 10 cu ft of 
pure oxygen per Ib of coal, at 77 F; 1.06 lb of steam per lb of 
coal, preheated to 1500 F; 95 per cent carbon conversion; and a 


heat loss of 200 Btu per |b of coal. 


The graphical] solution of this problem involves three basic 
- steps, i.e., finding (1) the input enthalpy, (2) the output enthalpy 
corresponding to the assumed heat loss, and (3) the tempera- 
ture corresponding to the output enthalpy. The total input en- 
thalpy is obtained on the basis of both the calculated heating 
- value and the calorimetric heating value of the coal, to afford a 
- comparison of the two methods. 

Step 1(a): The enthalpy at 77 F of the coal, based upon 
Equation [16] and, therefore, the Dulong formula, is obtained 
from Fig. 5. For 76 per cent carbon, 13.41 per cent oxygen, and 
- 5.46 per cént hydrogen, the dashed line to the left-hand scale 
shows the coal] enthalpy to be —48,600 Btu per 100 Ib of coal. 

Step 1(b): The enthalpy at 77 F of the coal, based upon Equa- 
tion [18], is obtained from Fig. 6 where the dashed lines connect- 
ing 13.36 thousand Btu per |b of coal (gross heating value), 76 
per cent carbon, 5.46 per cent hydrogen, and 0.86 per cent sul- 
phur, lead to a coal enthalpy on the right-hand scale of — 56,000 
Btu per 100 Ib of coal. 

Step 1(c): The total input enthalpy is obtained from Fig. 5 
by following the dashed line from the coal-enthalpy scale through 
the appropriate oxygen-enthalpy and steam-enthalpy co-ordi- 
nates to the right-hand scale. For the coal enthalpy, based 
upon the Dulong formula, the tota] input enthalpy is —-543,000 
_ Btu per 100 lb of as-received coal. When the calorimetric heating 
- value is used, the total input enthalpy is —551,000 Btu per 100 
Ib of coal. The latter is not illustrated on the chart. 

Step 2: The total output enthalpy is found from the results of 
step I(c) and the given heat loss of 20,000 Btu per 100 Ib of coal to 


be —563,000. 


Step 3: The gasification temperature is obtained from Fig. 7 
by entering at the output enthalpy of —563,000 Btu obtained 
from the preceding step, and connecting with the following quan- 
tities which have already been computed at the beginning of Ex- 
ample 1: 6.45 Ib (2.65 + 3.8) of solid residue, 3.78 lb of net hy- 
- drogen, 72.2 lb of carbon gasified, 84.4 lb of oxygen, and inter- 
- secting the vertica) line representing 121.1 lb of total steam. 
For the coal enthalpy based upon the Dulong formula the inter- 
section is at 2500 F. For the coal enthalpy based upon the 
- calorimetric enthalpy of combustion it would be 2450 F. 

Example 4: Find the exit-gas yield and composition for the 
preceding example. The moles of (CO + H:) are obtained from 
the right side of Fig. 1 for 1000 cu ft (84.4 lb) of oxygen, 72.2 
Ib of carbon, and 3.78 Ib of net hydrogen. Following the dashed 
line, the scale reading is 8.63 moles of (CO + H:), which is re- 
duced to 8.60 when the sulphur factor (0.31 X 0.86) is subtracted. 

The (CO, + H,O) is obtained from Fig. 1 for 84.4 lb (1000 cu 
ft) of oxygen, 72.2 Ib of carbon gasified, and 121.1 lb of total 
steam. The dashed line to the left side of the figure gives 5.98 


moles of (CO, + H,0O). 


Using the sums CO; + CO = 6.02 moles, CO, + H,O = 5.98 
moles, and CO + H, = 8.60 moles, and the gasification tempera- 
ture of 2500 F, the following calculations are made with Figs. 
3, and 4: 

= 
4 


from Fig. 2 


K 
(CO, + HO) 
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and 


at 


a 


Lon 


Then from Fig. 4, CO = 4.52 moles per 100 Ib of coal. 

Accordingly, the gas yield becomes: CO = 4.52 moles, CO, = 
1.50 moles, H, = 4.08 moles, H,O = 4.48 moles; all per 100 Ib 
of coal. The composition of the dry, nitrogen and sulphur-free 
exit gases in per cent by volume is CO,, 14.8; CO, 44.8; Hy, 
40.4. 

It will be observed that for identical conditions the numerical 
example gives a heat loss of 210 Btu per lb for an assumed exit- 
gas temperature of 2500 F whereas the graphical example gives 
an exit-gas temperature of 2500 F for an assumed heat loss of 
200 Btu per lb. If a heat loss of 210 Btu per lb had been as- 
sumed in the graphical example, the exit-gas temperature would 
have been about 7 deg F lower. These differences between the 
numerical and graphical values as well as those for the yield and 
composition of product gases are not significant in gasification 
calculations. 

From either the numerical or the graphical examples the fol- 
lowing material requirements per 1000 cu ft of CO + H, may be 
readily computed: 

As-received coal, Ib 


Oxygen, cu ft. 
Steam at 1500 F, Ib 


The following example illustrates the use of Fig. 8, the enthalpy- 
balance chart for a specific Rock Springs, Wyoming coal. The 
analysis of this coal is represented by sample No. 1, Table 3. 
It should be emphasized that this chart does not apply to other 
Rock Springs coals whose analyses differ significantly from the 
one on which the chart is based. Charts similar to Fig. 8, which 
is included for illustrative purposes only, may be prepared from 
the other charts presented in the paper. 

Find the heat loss for the gasification of this coal 
under the following conditions: 100 !b of coal and 96 Ib of oxy- 
gen at 70 F; 70 lb of steam preheated to 1500 F; 95 per cent 
carbon conversion, and an exit gas temperature of 2600 F. 

Step 1: From the feed quantities and temperatures locate 
the horizontal “‘input-enthalpy”’ line on the right-hand segment of 
Fig. 8. 

This is done in the following manner: Entering the chart with 
a steam-to-coal ratio of 0.7, and making the turns indicated, 
locates the input-enthalpy line. For this graphical calcula- 
tion the oxygen parameter is established by interpolating in the 
insert oxygen enthalpy table and finding a value of 8.7 for 0.96 
lb of oxygen per Ib of coal, at 70 F. 

Step 2: From the gasification conditions, locate the hori- 
zontal “output-enthalpy”’ line on the left-hand segment of Fig. 8. 

Entering the chart with a steam-to-coal ratio of 0.7, and mak- 
ing the indicated turns, locates the output enthalpy. 

Step 3: From the input and output-enthalpy levels, find the 
heat loss. 

This is done by extending the output-enthalpy line hori- 
--zontally to the “turning line,” and then following a 45-deg guide 
line to the intersection of the horizontal extension of the input- 

enthalpy line. This gives a heat loss of 1300 Btu per lb of coal. 

‘The foregoing examples apply to operations in which the feed 

a reams are known. When one of the feed conditions, such as 
the oxygen-to-coal ratio, is to be determined it is necessary to use 
a method of successive approximation. For example, values of 

the unknown condition are assumed until the enthalpy balance 


Example 5: 
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checks. The composition of the product gases may then be 
calculated in the usual manner 


CONCLUSIONS 


A method has been presented for calculating the effect of any 
single or combination of variables in the gasification of coal with 
oxygen and steam, under conditions where water-gas shift equi- 
librium is reached. No assumptions regarding the gasification 
mechanism are required, all factors being derived from the mate- 
rial and energy relations of the input and the output items. 

The thermodynamic charts are versatile and provide a graphi- 
cal conception of the effects of the different variables. It will be 
found that gasifier performance can be predicted rapidly for a 
given set of conditions, or the results of a particular test can be 
evaluated in terms of approach to equilibrium. An additional 
advantage is the application of the charts to obtain the rela- 
tive effects of different variables, for example, the amount of 
oxygen per pound of coal that is equivalent to a known heat 
loss from the gasifier 

The general charts in this paper can be used for any fuel for 
which the ultimate analysis is known. However, when a single 
kind of coal is under consideration, it will be found that the type 
of chart described in the latter portion of the paper is more con- 
vement to use 

Although the thermodynamic methods employed are theo- 
retieally correct only at low pressure, i.e., 0 to 1 atm, the equa- 
tions and charts presented are applicable at pressures as high as 
it is practical to gasify coal with oxygen and steam, because the 
effects of pressure on the equilibrium constant and the enthal- 
pies are negligible. Thus these charts may be used up to 30 
atm 
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Discussion 


Ii. It is believed that this paper represents 
an important contribution to the mathematical side of coal gasi- 
fication. As the authors point out, repeated calculations are 
tedious and time-consuming. Beeause these are complex caleu- 
lations, any graphical solution necessarily runs to a long series of 
The 
present charts are for many purposes a distinet advance over 
those previously used, 

There are points which can be discussed either to make the use 
of the charts easier or to avoid the possibility of errors in the re- 
sults. 


single parameter charts or a few highly complex graphs. 


In the preparation of material of this sort, the inventors nec- 
essarily are guided primarily by their own needs. This method 
was developed in connection with experimental gasification work 
on a small seale entailing high heat loss, fairly high steam-to-coal 
ratios, and consequently high oxygen-to-coal ratios. In the cal- 
culation of gasification processes involving lower heat losses or 


1¢ Chemical engineer, Synthetic Fuels Demonstration Plant, Bureau 
of Mines, Louisiana, Mo 
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especially lower steam-to-coal ratios, it will be found that the 
charts do not cover the required conditions, For example, in Fig 
7, the output-enthalpy chart, it will be seen that at any steam-to- 
coal ratio below about 70 lb per 100 Ib and a gasification 
temperature, say, above 2000 F, the oxygen-to-coal ratio will be 
off scale. If the broadening of this scale would mean charts 
which are too bulky to use, then perhaps two sets embodying high 
and low steam ratios might be desirable. 

The authors have used these charts in their own work primarily 
to determine heat loss or effective gasification temperature when 
all other process variables are known. Quite frequently we are 
called upon to calculate the required oxygen-coal ratio and the re- 
sultant gasification yields when the operating conditions such us 
temperature, steam-to-coal ratio, coal analysis, and the like are 
known, In order to use the authors’ enthalpy charts, it is nec- 
essary to determine the approximate input enthalpy from Fig. 5 
of the paper, by assuming an oxygen-coal ratio. This input 
enthalpy plus the assumed heat loss then equals the out- 
put enthalpy. From this and the known operating conditions, 
the required oxygen-to-coal ratio ean be determined. If this is 
too far from the value originally estimated, a second approxima- 
tion is necessary. Once the oxygen-coal ratio is determined in 
this fashion, the material-balance charts can be used to calculate 
vields. 

It is our opinion that the warning, “It should be emphasized 
that this chart does not apply to other Rock Springs coals whose 
analyses differ significantly from the one on which the chart is 
based,"’ is not stressed sufficiently. For example, the two Rock 
Springs coals whose analyses are given in Table 3 of the paper, to 
some people, may not show “significant differences,” but to use 
Fig. 8 for coal No. 2 in Table 3 would result in an error of 440 Btu 
per lb heat loss, or at a constant heat loss, an error of 300 deg F in 
the gasification temperature. A chart such as Fig. 8 may be 
used reliably only for the specific coal on which it was based. It 
should be noted also that the coal with the lower carbon content 
and lower heat of combustion, under the same conditions, will 
give a higher calculated gasification temperature. 

We consider the development of these charts an excellent piece 
of work. It is to be hoped, however, that this is not the end 
that the present authors or others working in the field can pursue 
this work further, and develop calculation methods which are 
even simpler to use or stil] more precise in their results. 
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Guaz.'® Calculations for the design or the perform- 
ance of a gas producer are based on heat and material balances, 
and on equilibrium conditions. Such calculations are complex 
because of the many variables involved. Therefore, the ability 
to simplify the time-consuming computational work by the use of 
charts is strongly appealing. The title of this paper would in- 
dicate that the method presented is universally applicable; how- 
ever, the method has been developed and used in connection 
with a pulverized-coal gasifier only. The authors undoubtedly 
will agree that the method does not apply to countercurrent 
fixed-bed producers because of their limitation of the methods 
described to systems ‘‘where the water-gas shift equilibrium is 
reached’’—and invariably to systems where only this homo- 
geneous reaction reaches equilibrium. In a deep fuel bed, how- 
ever, with a large excess of carbon present, the heterogeneous 
water-gas reaction and the Boudouard reaction reach equilibrium 
with respect to the equilibrium or reaction temperature, as has 
been shown by a large number of comparisons of calculated 
and experimental data. '* 


‘* Consultant, Battelle Memorial Institute, Columbus, Ohio. 

‘© "Gas Producers and Blast Furnaces. Theory and Methods of 
Caleulation,” by W. Gumz, John Wiley & Sons. Inc.. New York, 
N. Y., 1950 
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One of the objectives listed in the beginning of the paper is 
“predicting reactor performance from known values of the feed 
rates and enthalpies of coal, oxygen, and steam.”’ Either the 
temperature or the heat loss have to be known in a nonadiabatic 
system, otherwise the system would be indeterminate. The 
illustrative examples, indeed, show only such cases where either 
the temperature or the heat loss is known or can be estimated 
correct ly 

It would be a valuable supplement to the paper if the authors 
would present comparisons of calculated and experimental data 
chosen from the results of their extensive experimental work and 
from published reports of the work of the Bureau of Mines at 
Morgantown, W. Va., and Louisiana, Mo. 

The writer has used a different approach to the interpretation 
of results from pulverized-coal gavitication. The reactions are 
primarily heterogeeous reactions which do not reach equilibrium. 
It has been shown” that the reason why equilibrium cannot’ be 
reached —even disregarding the kinetic aspect of the process —is 
the deficiency of carbon in the system. This interpretation at 
the same time hints of certain remedies in the process itself, It 
is certainly worth while and desirable to continue experimental 
work, to co-ordinate the results obtained by various workers, 
and to study the mechanism of pulverized-coal gasification in 
order to arrive at methods of calculation which will enable us 
to predict performance data with a minimum of deliberate 
assumptions 

L. L. Newman. The thermodynamic charts presented in the 
paper provide ready means for the rapid prediction of the per- 
formance or for the evaluation of actual operations of generators 
in which pulverized fuel is gasified by means of oxygen and steam. 
In such operations, the pulverized coal is gasified in suspension 
and the products leave the generator at temperatures which may 
exceed 2000 F. Under such conditions, a negligible quantity of 
methane would be present in the gas produced at atmospheric 
pressure, or even at high operating pressures. Within the normal 
range of coal-oxygen-steam ratios, the sulphur in the coal is con- 
verted predominantly to hydregen sulphide. 
proper for the authors to omit from consideration the formation of 
hydrocarbons and sulphur compounds other than hydrogen sul- 
phide in the interest of simplifying the charts and still retaining a 
degree of accuracy. 


It was, therefore, 


The assumption that the homogeneous water-gas reaction 
reaches equilibrium is supported fully in modern research on the 
kinetics of the gas reactions such as are being conducted at the 
Institute of Gas Technology and other educational and research 
institutions in the United States and abroad. 

The charts in this paper, although they go considerably beyond 
the earlier charts constructed by Batchelder and Sternberg for two 
specific coals gasified under special conditions, and are applicable 
over a wide range of coals and operating variables, nevertheless, 
are not applicable to some of the lower ranking, high-oxygen-con- 
taining coals and lignites that may be of interest as a source of 
fuel for gas production. The authors, however, have provided 
sufficient basis for the construction of similar thermodynamic 
charts for different ranges of coal composition and operating con- 
ditions which other workers in the field may encounter, or for 
composite charts for any given coal 

It is undoubtedly possible to construct charts of universal 
range, but these would be too unwieldy for publication in teeh- 
nical periodicals, and might have to be distributed as supplements 
to future texts on gas engineering in about the same manner as 


' See footnote 16, pp. 124-129, 
p. 127. 
'* Gas Engineer, Fuels and Explosives Division, Bureau of Mines, 
U.S. Department of the Interior. Washington, D.C. 


with special reference to fig. 28, 
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Mollier's diagrams are distributed in conjunction with steam 
tables. It is hoped that such universal charts will be available 
eventually 

The use of these thermodynamic charts requires a knowledge 
of the ultimate analysis of the coal “as received.” In the con- 
sideretion of the ultimate analysis one must remember that the 
hydrogen and oxygen of the moisture in the sample are included 
with the hydrogen and oxygen in the dry-coal substance in 
Bureau of Mines bulletins. Since moisture content is variable, 
even in the same coal, under different conditions of handling and 
exposure, the coal carrying a definite percentage of moisture as 
delivered to the pulverizer may have an entirely different per- 
centage of moisture as it enters the gasifier. Caution must be 
employed when using the charts to be sure that the ultimate 
analysis of the coal “as received” is that of the coal as it enters the 
gasifier. 


A. A. Orntnc.” The authors have presented useful computa- 
tional tools for the study of material and enthalpy balances in 
gasification systems. The fundamental assumptions involved are 
sound, Statements regarding application of the calculations, 
however, are too broad. 

Thermodynamic calculations alone cannot lead to estimates of 
vields of reaction products in systems that do not attain complete 
thermodynamic equilibrium. Rather than this, the calculations 
Kive estimates of the gas yield, composition, and temperature as a 
function of the percentage of the carbon of the coal gasified. This 
becomes evident on examination of Fig. 8 of the paper. The 
right-hand side of the chart depends only on feed rates and feed 
temperatures. Heat loss wiil depend on temperatures in the 
system, but tentative values may be assumed subject to correc- 
tion. The left-hand side of the chart, however, contains interde- 
pendent factors that leave one degree of freedom. The illustra- 
tion shows 2600 F exit-gas temperature and 95 per cent carbon 
Closure might have been obtained equally as well 
with 2800 F and about 88 per cent carbon conversion. 

Excepting an ultimate limit of complete equilibrium between 
gas and solids, the calculations alone offer no basis of selection 
among such alternatives. Operating experience or independent 
knowledge of the kinetics of the chemical reactions involved are 
the only basis of selection. Either 95 per cent carbon conversion 
at 1600 F exit-gas temperature or 50 per cent conversion at 
3000 F would lie outside the expected range for the types of 


conversion. 


gasification systems considered. Gasification of carbon con- 
tinues at a significant rate until the exit-gas temperature reaches 
such a low level that the added amount of gasification during the 
available time becomes negligible. The temperature level at 
which carbon gasification can be expected to “freeze” must be 
estimated for each gasification system considered. 

Application to some systems might lead to the erroneous con- 
clusion that the charts are not valid when the real fault might be 
that the system considered did not conform to the conditions for 
which the charts were designed. Thus the charts may be applied, 
with some limitations, to gasification in fixed beds. It might be 
necessary to assume exit conditions within the bed if the tempera- 
ture falls to such a level that the water-gas shift tends to “freeze”’ 
before the gases leave the bed. With counterflow of fuel and gas, 
the fuel-feed temperature might approximate the exit-gas tempera- 
ture at the limit of the “thermodynamic system’ where the 
shift reaction was assumed to “freeze” and the enthalpy balance 
was taken. 

Any significant evolution of volatile matter from the fuel at 
points downstream from the active gasification zone would cause 
deviations from the estimates of gas yield and composition. 

Coal Research Laboratory, Carnegie Institute of Technology, 
Pittsburgh. Pa. Mem. ASME. 
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Statements regarding appleation to systems at elevated pressures 


are valid provided exit-gas temperatures are high, in the range 
that has been observed in development of systems for gasification 
of cowl in suspension, and provided that the gases, after leaving 
active gasification zones, contact only combustion residues and 
not fresh fuel. In systems involving fluidized beds under pres- 
sure, Where feeding or recirculation present elements of counter- 
“asing pressure increases the yield of methane so that 
the basic assumptions underlying the calculations are no longer 
applicable. 


flow, iner 
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The authors are glad to have the comments of Messrs. Batch- 
elder, Gumz, Newman, and Orning, each of whom has made 
significant coutributions to various phases of coal-gasification 
technology 

Mr. Batchelder makes the excellent suggestion that the range 
of certain parameters of the charts be extended to cover lower 
steam-to-coal ratios and higher exit-gas temperatures. Since the 
main purpose of this paper was to present the principles and pro- 
cedures for constructing such charts, it was left to the reader to 
construct charts according to his particular requirements. He 
points out another important use for the charts, that is, caleulation 
of the oxygen-coal ratio and make-gas yield when the operating 
conditions are known, Other uses will undoubtedly develop as 
experience with the charts is gained. 

In reply to Dr. Gumz, the authors stipulated clearly that the 
charts applied only to systems in which water-gas shift equilib- 
rium Was attained. They agree, of course, that where only the 
Boudouard or heterogeneous water-gas equilibria are reached the 
charts are not applicable. In connection with the question re- 
garding comparison of calculated and experimental results, it 
should be stated that the experimental results from both the vortex 
reactor, with which the authors worked, and the Koppers unit 
at the Bureau of Mines Coal-to-Oil Demonstration Plant, agreed 


closely with caleulations from the charts. The primary signifi- 
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cance of this ts that the performance of both gasifiers satisfied the 
assumptions on which the thermodynamic charts are based. 

Mr. Newman’s remark concerning the ultimate analysis of the 
coal entering the reactor are important. Owing to the fact that 
in certain regions of the charts the parameters are relatively 
sensitive to the composition of the fuel, the as-charged composi- 
tion may be sufficiently different from the as-received composition 
to cause some error in the calculations. In any event, repre- 
sentative sampling of the fuel close to the point where it enters 
the reactor is always desirable. 

It might be inferred from Mr. Orning’s comments that the 
authors intended the charts to provide a basis for reactor design— 
a matter that is determined by reaction kinetics and not thermo- 
dynamics. This was neither implied nor stated explicitly in the 
paper. The basie assumption was simply that water-gas shift 
equilibrium is attained, and the charts are not expected to apply 
under other circumstances. To go a step further, it is likely that 
the charts may be applied to any carbon-lean suspension system, 
since the experimental results from both the one ton per hour 
Koppers unit and the 100 lb per hr vortex gasifier fitted the charts 
with good accuracy 

Another paper that is soon to be published, based upon the 
experimental results of the vortex gasifier, will provide an approach 
tothe rather difficult task of evaluating the kinetics of such sys- 
tems 

Mr. Orning is correct in stating that “closure might have been 
obtained equally as well with 2800 F and about 88 per cent carbon 
conversion,”’ as compared with 2600 F and 95 per cent car- 
bon conversion, given by the authors. This is not a defect of 
the charts, since, other conditions being constant, the exit-gas 
temperature is a unique function of the carbon conversion. The 
authors’ example 5 selected 2600 F and 95 per cent carbon conver- 
sion to illustrate the use of the charts; if the exit-gas temperature 
had been 2800 F, the carbon conversion would have to be 88 
per cent to satisfy the 1300 Btu heat loss, other conditions being 
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of Investigation of Two- en 
Cycle Gas-Generator Aircraft Engine 


By B. I. SATHER,' F. R. SCHURICHT,' ano A. E. 


An investigation of a two-stroke-cycle gas-generator 
type of aircraft engine is described. A theoretical analysis 
of the performance of the ideal gas-generator engine, an 
analysis of methods of achieving ideal performance when 
the engine components are fixed, and some experimental 
results are included. The experimental work was per- 
formed on the reciprocating component only and consisted 
of data obtained from three types of two-stroke-cycle 
single-cylinder test engines. Information presented in 
previously published NACA reports on the gas-generator 
engine together with some unpublished work on compo- 
nent requirements and gas-generator evaluation are sum- 
marized. Certain practical problems connected with the 
gas-generator type of engine are discussed also. The re- 
sults of this investigation indicate that an engine of the 
two-stroke-cycle gas-generator type would provide a power 
plant of low specific weight and fuel consumption with 
favorable altitude performance characteristics. It was 
found possible to operate a two-stroke-cycle cylinder at 
the pressure and temperature levels required for the gzs- 
generator engine. Mechanical functioning of the piston 
engine under gas-generator operating conditions was, in 
general, satisfactory. 


INTRODUCTION 


MONG the prime requisites for an aircraft power plant are 
A low specific fuel consumption and high specific output, 
two items usually difficult to attain simultaneously. Such 
an objective necessitates high cycle temperatures and pressures 
and high charge densities. These characteristics have been 
achieved to some extent in the conventional compound engine. 
In this type of engine the greatest portion of the work of the 
cycle is accomplished by the reciprocating component, which 
handles the portion of the cycle that involves high temperatures 
and pressures. Use of the turbine improves the efficiency of the 
evycle by increasing the effective expansion ratio. The turbine 
component of the conventional compound engine, however, may 
be viewed as a waste-energy-recovery device. Detailed informa- 
tion on this type of engine is presented in references (1 to 9).? 
When the evolution of the compound engine is considered, a 
question as to the division of work arises, that is, how much of 
the work of the cycle should be accomplished by the reciprocating 
component and how much by the turbine. An analysis of a pres- 
sure- and temperature-limited compound engine has indicated that 
as the characteristically lightweight turbine is allowed to do more 
and more work of the eycle, the specifie weight rapidly decreases, 
Fig. 1. As the degree of compounding is further increased, the re- 


1 Wicheste al Engineer, Lewis Flight Propulsion Laboratory 

2? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Oil and Gas Power and Gas Turbine Power 
Divisions and presented at the Annual Meeting, Atlantic City, N. J., 
November 25-30, 1951, of Tae American Soctety or MecHantcat 
ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Octo- 
ber 4.1951. Paper No. 51-—A-131 
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ciprocating engine (the weight of which remains approximately con- 
stant) contributes a lesser percentage of the net work of the cycle 
and the specific weight begins to rise. Eventually, the recipro- 
cating component does no work at all and may be replaced by a 
combustion chamber; the specific weight then drops to that of a 
turbine-propeller engine. During that portion of the division of 
work spectrum in which the reciprocating component is stil! in- 
cluded in the cycle, there is a division of work that results in a 
minimum specific weight. In this region of low specific weight, 
the specific fuel consumption is relatively low, being mainly de- 
termined by the over-all pressure ratio of the cycle. An engine 
constructed to operate at this division of work therefore would 
offer the advantages of both low specific weight and low specific 
fuel consumption. The point at which the power of the piston 
engine just equals the power required by the compressor is in the 
region of low specific weight and specific fuel consumption. At 
this design point the turbine may be uncoupled from the re- 
ciprocating engine so that the reciprocating engine merely gener- 
ates high-energy gases for the turbine, which in turn furnishes the 
net work of the cycle. The reciprocating engine and the com- 
pressor are known as a gas generator, and the entire engine as a 
gas-generator engine. A diagrammatic sketch of this engine is 
presented in Fig. 2. 

This type of gas-generator engine was investigated at the NACA 
Lewis Laboratory between November, 1945, and March, 1950 
A portion of the program has previously been published in refer- 
ences (10 to 12). 

The results of the gas-generator-engine program include « 
theoretical analysis of the ideal gas-generator engine and an anal- 
ysis of methods of achieving the ideal performance when the 
engine components are fixed. Also included are experimental re- 
sults from three types of two-stroke-cycle cylinders operating at 
gas-generator pressure and temperature levels. 

Ipeat Gas-GenerRator ENGINE 


PeRFORMANCE ANALYSIS OF 


As a first step in the program, a theoretical analysis was made 
to determine the most advantageous cycle for the gas-generator 
engine, the probable operating conditions, and the performance 
of a theoretical gas-generator engine operating under these con- 
ditions. 

Selection of Gas-Generator Cycle. Basic Considerations: As the 
division of work (a direct function of the manifold pressure) of a 
compound engine, limited by peak cylinder pressure and turbine- 
inlet temperature, is moved in the direction of greater percentage 
of turbine work, the inlet and exhaust pressures of the recipro- 
cating component rise, the compression ratio becomes lower, and 
the fuel-air mixture becomes leaner. Because the resultant high 
pressures and temperatures at the end of compression and the 
relatively lean mixtures required would present knock and pre- 
ignition problems in a spark-ignition engine, the reciprocating 
component is logically a compression-ignition engine. Further- 
more, the capacity of the compression-ignition engine for oper- 
ating with lean mixtures may make control of both turbine-inlet 
temperature and cylinder pressure feasible to some extent by 
varying the mixture strength and the injection-advance angle. 

The piston engine under consideration may operate either on a 
constant-volume or constant-pressure cvele. Constant-volume 
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combustion has been assumed for calculations of the gas-genera- 
tor-engine performance because constant-volume combustion 
is easier to obtain than constant-pressure combustion in a high- 
speed compression-ignition engine. 

Selection of Two-Stroke Cycle: The reciprocating component 
was further qualified to operate on a two-stroke-cycle basis be- 


1 The high air-handling capacity of the two-stroke-cycle en- 
gine is of particular advantage in reducing the specific weight. 

2 Engine design for operation at high-pressure and high- 
temperattire levels is considerably simplified by use of a simple 
two-stroke-evele, piston-ported eylinder. 


Analysis has shown 
that engine specific output is improved by keeping the magni- 
tudes of the two engine limits (peak eylinder pressure and tur- 
bine-inlet temperature) as high as possible (10). 


Assumptions and Methods of Analysis. 


Maximum Cylinder Pressure: The maximum cylinder pres 
sure Was chosen as 1600 psia, which is considered to be well 
within «a practical range for cylinders without poppet valves. 
Certain Diesel aireraft engines operate satisfactorily in this pres- 
sure range, and experimental work at the Lewis Laboratory has 
shown that no detrimental structural difficulties arise during 
operation at this pressure level. 

Turbine-Inlet Temperature: At present, turbine- 
inlet temperatures of 2000 R are permissible in an aircraft engine. 
Because of a possible future increase in allowable turbine-inlet 
temperature, through the use of turbine cooling or possibly high- 
temperature materials, a maximum turbine-inlet temperature of 
2260 R was assumed herein for the gas-generator engine. 

Heat Loss to Coolant: If it is assumed that the compressor 
work equals the piston-engine work and if the maximum cylinder 
pressure and the turbine-inlet temperature are chosen, all other 
piston-engine such as inlet-manifold pressure, com- 
pression ratio, and fuel-air ratio, are fixed automatically for any 
one altitude. The fuel-air ratio is determined uniquely by the 


Maximum 


variables, 


exhaust-gas temperature and engine heat loss as indicated by 4 
A heat loss to the coolant of 18 
per cent of the heat input was assumed; this value was selected 
after an examination of current engines and literature. With fuel- 
air ratio fixed, the compression ra‘-o and the manifold pressure 
are then a function of only the maxunum cylinder pressure. 


heat balance across the engine 


Combustion Process: Constant-volaume combustion with com- 
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pression ignition was assumed for the piston engine. This type 
of combustion requires the use of Otto-cyele efficiencies. Use of 
Otto-evele efficiencies is conservative because the actual combus- 
tion process may approach a dual cycle, the efficieney of which 
will be higher than that of the Otto eyele for fixed maximum evl- 
inder pressures. 

Over the altitude range considered (sea level to 50,000 ft), the 
gas generator is required to operate at over-all fuel-air ratios of 
about 0.034 for turbine-inlet temperatures of 2260 R, which re- 
sults in a cylinder fuel-air ratio of about 0.054 for a loop-scavenged 
cylinder operating at a scavenging ratio of 1. This relatively 
high cylinder fuel-air ratio in compression-ignition operation 
should, however, still allow combustion efficiencies greater than 
95 per cent (13). 

Computation of the piston-engine performance was made using 
the methods of reference (10) which were corrected for losses to 
a real-eyele basis. Reference (14) was used to compute maxi- 
mum eylinder pressures together with a correction factor to ac- 
count for a finite combustion time. 

Turbine and Compressor Efficiencies: Turbine and compressor 
adiabatic efficiencies of 0.85 based on inlet and outlet total pres- 
sures and temperatures were assumed for 


the ideal engine 


These values were assumed constant except in certain phases 
dealing with off-design condition turbine and compressor-control 


problems. Beeause of flow-control problems with a fixed-nozzle- 
area turbine, the speed of the reciprocating component was kept 
constant except in where an off-design condition of 
greater than normal cruising power was desired. 

A more complete discussion of the methods of calculation may 
be found in reference (10). 


one case 


Performance of Ideal Gas-Generator Engine. Results of the 
theoretical analysis of the ideal gas-generator engine are pre- 
sented in plots showing the effect of altitude, engine operating 
limits, and variation of component efficiencies. This engine is 
an ideal engine in that the components are varied so as to satisfy 
Thus com- 
pressor-pressure ratio, turbine-nozzle area, and pressure ratio, 
reciprocating-component compression ratio, and component sizes 
are at the required value at all times. Methods of attaining the 
performance of the ideal engine when the components are fixed 
are discussed subsequently. 

Effect of Altitude: The cruising performance of the ideal gas- 
generator engine is shown in Fig. 3 as a function of altitude. As 
the altitude simultaneous adjustments must be 
made in manifold pressure and compression ratio in order to main- 
tain the preseribed limits of peak cylinder pressure and turbine- 

ure of 1600 psia and 2260 R, respectively. The 
. 2 was kept constant at 1. 

The speci..c-power-output curve is rather flat up to an altitude 
{ 30,000 ft, then drops at a more rapid rate at altitudes greater 
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This more rapid decrease in power with altitude 
due to the ambient-air temperature remaining 
constant at altitudes above the tropopause. The engine is 
pressure-limited; therefore the resulting increase in over-all 
pressure ratio causes an increase in efficiency with altitude, which 
is reflected in the brake-specific-fuel-consumption curve. The 
low order of brake specific fuel consumption is a result of the high 
over-all pressure ratio attainable with the gas-generator type of 
engine. At 20,000 ft altitude, the brake specific fuel consumption 
is about 0.32. 

Effect of Varying Engine Operating Limits: The effect of vary- 
ing the peak cylinder pressure and turbine-inlet temperature from 
the assumed values of 1600 psia and 2260 R on the performance of 
the ideal gas-generator engine is shown in Fig. 4 for an altitude of 
20,000 ft and a scavenging ratio of 1. 

Reducing the turbine-inlet temperature decreases the power 
output considerably. A small decrease in specific fuel consump- 
tion is apparent; this decrease is mainly a result of operation at 
lower fuel-air ratios. Although the mass flow through the engine 
the brake 
Reduction of turbine-inlet 
temperature therefore causes the engine specific weight to ine 
crease. 


is reduced because of decreased manifold pressure, 
specific air consumption is increased. 


Reducing the peak evlinder pressure at constant turbine-inlet 
temperature results in lowering the over-all expansion ratio, whieh 
in turn results in higher specific fuel consumption: the power out- 
put decreases and the brake specific air consumption increases. 
Consequently, reducing the peak cylinder pressure produces an 
increase in both specific fuel consumption and specific weight, 

Effect of Change in Component Efficiency: In the gas-generator 
engine, the effect of change in turbine efficiency is clearly ap- 
parent. The turbine delivers all the net work of the cycle; there- 
fore the brake specific fuel consumption of the engine is inversely 
proportional and the power output is directly proportional to 
turbine efficiency. 

The effect of changes in compressor efficiency is presented in 
Fig. 5 for an altitude of 20,000 ft and a seavenging ratio of 1. 
This figure indicates that such changes affect brake specific fuel 
consumption only slightly because the over-all efficiency is still 
largely determined by the over-all pressure ratio, which is un- 
changed. The specific power output is affected by changes in 
compressor efficiency to a much greater degree, however, indicat- 
ing that compressor efficiency should be as high as possible. 

The effect of changes in thermal efficiency of the piston engine 
is difficult to treat analytically because of the intimate relations 
that exist among thermal efficiency, peak cylinder pressure, and 
pressure rise during combustion. An approach to this problem 
can be made, however, by considering that the engine loses effi- 
ciency by burning part of the fuel at the end of expansion instead 
of all the fuel burning at the beginning of expansion. 
tion ot reduced piston-engine efficiency would be comparable to 
the use of over-rich-mixture ratios where some of the scavenging 
air is required to complete combustion. For instance, if the pis- 
ton-engine efficiency were reduced by this method to 0.7 of the 
normal efficiency, the brake specific fuel consumption would rise 
only 6 per cent and the specific output would drop 21 per cent 
(10). The resulting decrease in over-all efficieney is thus rela- 
tively small compared with the reduction in piston-engine effi- 
ciency. The small decrease in efficiency is a direct consequence of 
the high over-all pressure ratio in the gas-generator engine. The 
decrease in specific output, is of course, significant; however, 
changes in specific output do not affeet the ultimate range as 
much as changes in specific fuel consumption. 

Effect of Change in Scavenging Ratio and Charging Efficiency: 
Two fundamental factors in two-stroke-cycle-engine operation 
indicate the effectiveness of engine breathing. These factors may 
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be defined as (a) the scavenging ratio, which is the ratio of the 


amount of charge air entering the cylinder per cycle to the prod- 
uct of total cylinder volume and inlet density (analogous to four- 
stroke-cycle volumetric efficiency); and (6) the charging effi- 
ciency, which is the ratio of the mass of fresh charge trapped in the 
cylinder after port closing to the product of total cylinder volume 
and inlet density. Charging efficiency is indicative of the amount 
of fresh charge in the eylinder available for combustion and thus 
determines the amount of exhaust-gas dilution. Charging effi- 
ciency isa function of scavenging ratio and the type of two-stroke- 
eyele eylinder being considered (8, 15). 

I-xhaust-gas dilution at low values of scavenging ratio and low 
combustion efficiency at high values of scavenging ratio distinctly 
limit the range of scavenging ratio over which the gas generator 
can operate. This limitation is a natural result of the gas-genera- 
tor mode of operation. |The over-all fuel-air ratio is fixed by the 
turbine-inlet temperature; therefore the cylinder fuel-air ratio 
increases in almost direet proportion to the increase in scavenging 
ratio (8). Eventually, a point is reached where there is more fue! 
in the evlinder than can be accommodated by the combustion air; 
thus an upper limit is imposed on the scavenging ratio. The 
lower limit of the seavenging ratio is determined by excessive dilu- 
tion of charge air by the exhaust residuals at low scavenging 
ratios, which eventually cause the engine to stop firing; experi- 
mental results at this laboratory have indicated that the scaveng- 
ing ratio should not be decreased below 0.7. 

The effeet of scavenging ratio on the performance of the ideal 
gus-generator engine is illustrated in Fig. 6. As the scavenging 
ratio is increased, the power output undergoes a large increase, 
which may be a convenient means.of controlling power output of 
the engine. The manifold pressure, however, decreases with in- 
crease in scavenging ratio because the compressor load increases 
faster than the piston-engine output. The power output of the 
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gas-generator engine therefore varies approximately as the prod- | 
uct of manifold density and scavenging ratio. 

The rise in fuel-consumption curve is caused by the decreased 
thermal efficiency of the piston engine with increased cylinder | 
fuel-air ratios and by the increase in cylinder-pressure drop (dif-_ 
ference between inlet and exhaust pressures) which is a function 
of scavenging ratio. 


Mernops oF APPROACHING PerrorRMANCE OF IpBAL 
Gas-GENERATOR ENGINE 

The analysis so far presented has been idealized in that the — 
components were varied so as to match theoretical operating re- 
quirements at every point. In order for the performance of the — 
actual engine to approach that of the ideal curves, several steps _ 
must be accomplished: (a) A compressor and a turbine capable of ; 
operating over a range of air flows and pressure ratios must be 
provided; and (5) satisfactory methods of maintaining proper 
engine limits (peak cylinder pressure and turbine-inlet tempera- 
ture) must be evolved. 

Variation of Compressor-Pressure Ratio. Maintenance of Ln- 
gine Limits: The pressure-ratio and flow requirements of the com-_ 
pressor are shown in Fig. 7 which shows that it would be almost 
impossible to design and to construct a compressor to satisfy the 
requirements of pressure ratio and air flow over the range of alti- _ 
tude from sea level to 50,000 ft. 

A compressor can be designed, however, to deliver the proper 
pressure ratio and air flow at a specific critical altitude, and the — 
engine operating limits (peak cylinder pressure and turbine-inlet 
temperature) will, of course, be satisfied at that altitude. 
altitude is decreased without altering the pressure ratio of the | 
compressor, the peak cylinder pressure will rise to values well over — 
the allowable limit. This situation may be alleviated and the 
peak cylinder pressure held constant at altitudes lower than criti-_ 
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eal by throttling the inlet to the compressor; this method, how- 
ever, is inefficient. A somewhat better method is to divide the 
compressor into two stages and drive the first stage (supercharg- 
ing stage) by a variable-speed drive. As the altitude is decreased, 
the speed of the first stage would be reduced in order to reduce the 
manifold pressure and hence keep the peak cylinder pressure 
constant. 

Compressor-System Analysis: A study of various compressor 
systems is made in reference (11). The results of the investigation 
showed that the best system appeared to be that in which the 
first stage of compression consisted of a variable-speed super- 
charger that was driven by a slip coupling. The second stage of 
compression could be either a constant-speed centrifugal-type or 
piston-type compressor. The performance of such a combination 
with a design altitude of 20,000 ft is shown in Fig. 8 in which the 
final stage is a constant-pressure-ratio compressor. Only a small 
loss in power between sea level and 20,000 ft occurs when the slip 
coupling is used. This small loss in power between sea level and 
altitude is a result of high coupling efficiency at altitude and ap- 
proach of coupling load to zero at sea level. Furthermore, the 
load impressed on the coupling at any time is only a small fraction 
of the total compressor load. 

For clarity, a diagrammatic sketch of the engine configuration 
is shown in Fig. 9. 

A further result of the compressor-system study (11) was that 
when the second stage of this particular combination was a piston- 
type compressor, the time at which the piston-compressor valves 
open and close is substantially constant with changes in altitude 
so that mechanical valves with fixed timing can be substituted 
for automatic valves without incurring a penalty in performance. 

A piston-type compressor was considered because, although the 
centrifugal-type compressor has the advantage of simplicity and 
light specific weight, the piston-type compressor conveniently 
fits into certain gas-generator-engine configurations as a second- 
stage compressor and because (a) with suitable valving arrange- 
ments it possesses a broader operating range (high efficiency over 
a wide range of air flows and pressure ratios) than equivalent 
rotary-compressor types; and (b) delivers a positive supply of air 
under all operating conditions including starting and idling. 

The physical size of the piston-type compressor is dependent 
on the amount of supercharging produced by the first stage. 

Variation of Turbine Flow Capacity. Fixed-Area Turbine 
Nozzle: In that part of the Analysis section dealing with the 
ideal gas-generator engine, the turbine-nozzle area was considered 
variable to allow for changes in air flow with altitude. Because 
a fixed-area nozzle would be desirable from the standpoint of sim- 
plicity, the cruising performance of the gas-generator engine also 
has been calculated for the case of a fixed-area turbine nozzle. 
The results are shown in Fig. 10 which indicates that only a small 
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reduction in cruising performance is incurred through the use of 
the fixed-area nozzle. Generally, a small drop in power occurs at 
altitudes below the 20,000-ft critical altitude (design altitude), 
and is caused by a change in scavenging ratio incurred through a 
lack of adequate flow control 
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An axial-flow, multi- 
stage fixed-nozzle-area turbine is perhaps the simplest type of tur- 
bine component suitable for the gas-generator engine. With this 
type of turbine, high power output (that is, higher than the cruise 
performance previously shown for engine limits of peak evlinder 
pressure of 1600 psia and turbine-inlet temperature of 2260 R) 
can be achieved only by increasing the engine limits. Attempts 
to increase the power output by increasing the generator speed or 
scavenging ratio without making the turbine nozzle larger will 
only result in increasing peak cylinder pressure or turbine-inlet 
temperature, or both 


Higher Than Cruising-Power Operation 


Because important engine limits are being 
exceeded under these conditions, this power output must be 
limited to periods of short duration. 

One method of increasing the power level without affecting the 
engine limits is to increase the turbine-nozzle area. Increasing the 
means of a variable-area turbine nozzle 
requires a rather complicated nozzle section; therefore resort 


turbine-nozzle area by 


may be made to by-passing the initial turbine stages to obtain 

In this manner the seaveng- 
increasing the turbine-nozzle 
area) and the generator speed may be increased with resulting 
increase in power output but without any additional temperature 
or pressure stresses on the generator. Some losses in efficiency 
are expected because of increased pressure drops through the 
svstem and reduced turbine efficiency. 


high mass flows and power outputs. 
ing ratio (which is increased by 


When the by-pass valve is used, the flow from the generator 
divides into two parts -one part flowing through the first-stage 
turbine nozzle and controlled in quantity by turbine-inlet tem- 
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perature and pressure, and the other part passing through the by- 
pass, which is opened sufficiently in each case to accommodate 
this flow. The two parts are then recombined in a mixing process 
and passed to the second stage. 

For caleulation of high power output by use of variable seaveng- 
ing ratio and generator speeds, it is necessary to prepare opera- 
tional maps of turbine-inlet pressure (engine-exhaust pressure ) 
and mass flow for the various operating conditions. A sample 
After the en- 
trance conditions to the turbine are determined by these curves, 


map for 20,000 ft operation is shown in Fig. 11 


stage-by-stage ealeulations of enthalpy, drops, efficiencies, tem- 
peratures, and pressures may be made. Graphical solutions are 
necessary in order to match the mass flows through the various 


stages. 
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From the results of the stage-by-stage calculations, the per- 
formance of the gas-generator engine may be computed and— 
plotted, Fig. 12. Net brake specific fuel consumption and per- 
centage of cruising power are shown as functions of scavenging 
ratio and generator speed, indicating that considerable extension — 
of gas-generator performance range may be attained. For in- 
stance, when going from a point of 100 per cent cruising speed and 
a scavenging ratio of | to a point of 125 per cent cruising speed 
and a scavenging ratio of 1.4, the power output increases about 
18 per cent, whereas the specific fuel consumption increases only 
about 17 per cent. All of the components except the turbine are— 
operating at optimum design values. The over-all turbine effi- 
ciency at normal cruising conditions of a scavenging ratio of | and 


100 per cent cruising generator speed is 85 per cent. The over-all 


efficiency decreases to 76 per cent at 125 per cent generator cruis- 
ing speed and a scavenging ratio of 1.4. 

For take-off conditions, increased power may be obtained by 
use of the methods just described. In addition, for short periods 
of time, the peak cylinder pressure may be raised, the engine fuel- 
air ratio increased, and water injection used to reduce the tur- 
bine-inlet temperature to a safe value. 

Lower Than Cruising-Power Operation: With a fixed-nozzle-_ 
area turbine, low power output (lower than the cruising perform- 
ance previously shown for engine limits at peak evlinder pressure 
of 1600 psia and turbine-inlet temperature of 2260 R) can best be 


obtained by reducing the engine limits. Consequently, because 
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economy is desirable for low-power operation, the effect of limits 
on brake specific fuel consumption must be determined. (A small 
variation in gas-generator speed could be used as an additional 
method of reducing power; however, scavenging-ratio require- 
ments restrict the allowable range in speed.) With reduced engine 
limits, it is necessary to reduce the turbine speed for maximum 
turbine efficiency. The different turbine stages, however, require 
_ different speeds for optimum operation. Because all the stages 
must necessarily turn at the same speed, it is possible for the last 
stage to have a negative efficiency, or to act as a compressor, Con- 
sequently, the last turbine stage was assumed to have an over-run- 
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ning clutch. In practice, however, this refinement may not be 
essential. 

For low-power operation, operational maps may be prepared 
showing exhaust pressure and mass flow as functions of the varia- 
ble engine limits of peak evlinder pressure and turbine-inlet 
temperature. With the entrance conditions determined by the 
operational map, stage-by-stage calculations are made, with an 

additional variable introduced—the percentage of rated turbine 
speed. From the results of the stage calculations, over-all power 
and specific fuel consumption are computed. Then, cross-plots 
are made at the point that corresponds to turbine speeds at mini 
mum specific fuel consumption. The resulting cross-plot of per- 
centage of cruising output against minimum brake specific fuel 
- eonsumption for the range of reduced engine limits is shown in 
Fig. 13 for sea-level operation. The over-all turbine efficiency 
was found to range from the design point of 85 per cent to values 
as low as 75 per cent at a peak cylinder pressure of 1000 psia and 
a turbine-inlet temperature of 1600 R. Plots of this type may be 
made for any altitude at which operation is desired, 
It is evident from Fig. 13 that considerable extension of gas- 
_ generator operating power range with reasonable efficiency is pos- 
sible. It is, in facet, possible to change operating conditions from a 


turbine-inlet temperature of 2260 R and a peak cylinder pressure 
of 1600 psia to a turbini-inlet temperature of 1600 R and an ab- 
solute peak cylinder pressure of 1600 psia and by so doing to re- 
duce the power approximately 50 per cent almost without increase 
in specific fuel consumption. Lf further reduction in power is 
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necessary, the peak cylinder pressure may be decreased to 1000 
psia, resulting in a decrease in power output to about 37 per cent 
of normal cruising power and an increase in specific fuel consump- 
tion of about 11 per cent. 

The turbine used so far was designed for an altitude of 20,000 
ft. If this altitude is increased, the turbine design problems, of 
course, will become more acute. 

Maintenance of Piston-Engine Limits. Among the control 
problems of the gas-generator engine is the one of maintaining 
proper engine limits (peak cylinder pressure and turbine-inlet 
temperature) in order that the performance of the actual gas- 
generator engine using a reciprocating component of fixed size 
and compression ratio may be made to approach that of the ideal 
engine. The peak cylinder pressure depends primarily on the 
manifold pressure (compressor load), engine-compression ratio, 
and fuel-air ratio. The exhaust temperature (turbine-inlet tem- 
perature) depends only on the fuel-air ratio provided that engine 
heat loss is a constant percentage of the heat input. The engine 
power output is determined by its thermal! efficiency (# function of 
the compression ratio) and by the fuel-air ratio; this output must 
equal the compressor load, Consequently, control of engine 
limits resolves itself into a problem of regulating the thermal efti- 
ciency of the engine in relation to its pressure level. 

In the simplest case, the compression ratio can be fixed at the op- 
timum value for some set of operating conditions and at other con- 
ditions one engine limit may be held constant and the other 
allowed to vary. Also, the efficiency of the engine may be varied 
by burning part of the fuel at bottom dead center or preferably in 
the engine exhaust. A third instance of efficiency regulation is af- 
forded by burning all the fuel at some time after top center on the 
engine expansion stroke; this arrangement allows an effective 
change in compression and expansion ratios by varying the time 
of fuel injection. This cycle is illustrated in Fig. 14. 

Operation at Fixed Compression Ratio; As previously stated, 
one possible method of gas-generator control is to operate at a 
fixed compression ratio, keeping at least one engine limit con- 
stant. For instance, if the optimum compression ratio for the 
ideal engine at sea level is picked and held constant, at sea level 
both engine limits will be reached. As the operating altitude is 
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then increased, the peak cylinder pressure will decrease but the 
turbine-inlet temperature will be held constant at the limiting 
value of 2260 KR. Power output and fuel consumption will depart 
from the ideal values, as shown in Fig. 15. In this figure the 
turbine and the compressor are assumed to operate at optimum 
design points although the piston engine has fixed characteristics. 
If the compression ratio required for 20,000-ft operation is used, 
as altitude is increased from sea level the peak cylinder pressure 
will remain constant at 1600 psia until the critical altitude is 
reached and will then decrease. The turbine-inlet temperature 
will inerease from sea level to critical altitude until the limiting 
turbine-inlet temperature is reached and will stay constant as 
altitude is further increased. The turbine-inlet’ temperature is 
lower than the limiting value below eritical-altitude operation be- 
cause sufficient fuel eannot be admitted to the engine without 
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raising the peak cylinder pressure abov e its ‘allow able limit (1600 
psia). This result is a direct consequence of the fact that a com- 
pression ratio picked at some altitude and fixed at that value will 
always be higher than the required compression ratio at lower 
altitudes. Operation at a fixed compression ratio picked at a 
critical altitude of 40,000 ft is also shown in Fig. 15. 

The methods of reference (7) are used throughout this paper 
for computing the gas-generator performance; in this section 
dealing with the piston engine, however, a few refinements have 
been added for the purpose of greater accuracy. Therefore the 
results shown in this section do not agree exactly with the results 
previously shown herein. The shapes and the trends of the 
curves, however, are similar and differences in magnitude are 
slight. 

Operation With Fized Compression Ratio and Reheat: The 
specific output of the gas-generator engine with fixed-compression 
ratio operating at lower than rated turbine-inlet temperatures at 
altitudes less than the critical may be improved by burning 
enough extra fuel in the exhaust gases to bring the temperature 
up to the limiting value of 2260 R. Operation in this manner with 
reheat is shown in Fig. 16 for a 20,000-ft critical altitude. It is 
evident that with this svstem performance below the critical alti- 
tude is very close to the ideal. Of course, performance above the 
critical altitude departs greatly from the ideal; this departure is a 
direct consequence of fixed-compression-ratio operation. 

Operation With Variable Injection Timing: Another possible 
method of control is to retard the injection, Fig. 14, which repre- 
sents an effective means of decreasing the compression ratio. The 
engine would thus be built with a physical compression ratio 
equal to that required at the highest proposed altitude of opera- 
tion. At lower altitudes, the time of injection would be retarded 
to vary the compression ratio to the required value. 

Investigations were made at the Lewis Laboratory on a varia- 
ble-compression-ratio compression-ignition engine to verify this 
type of operation. By running this engine at various compression 
ratios, injection-advance angles, and fuel-air ratios, data were ob- 
tained from which cross-plots of the engine power and the fuel 
consumption at constant peak cylinder pressure and exhaust tem- 
perature could be made to show the degree to which varying injec- 
tion timing can simulate a physical change in compression ratio. 

A typical result of these investigations follows: 
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ratio of 0.03, a cylinder having a physical compression ratio of 7.5 


had a 1 per cent greater fuel consumption when operating at an 
effective compression ratio of 5 at retarded-injection conditions 
than the fuel consumption of the same cylinder operating with 
the compression ratio physically changed to 5; the power output 
was about 3.5 per cent less (peak cylinder pressure and exhaust 
temperature were maintained constant). Operation at other 
fuel-air ratios slightly increased these differences. 

It was concluded that in the range of these investigations al- 
most as good performance could be obtained at a compression 
ratio produced by retarding the injection as the performance ob- 
tained at the same compression ratio produced by changing actual 
physical engine dimensions. Performance of a fixed-compression- 
ratio gas-generator engine should thus be made to approach that 
of the ideal engine by suitable variation of the injection timing. 
Because the range of experimental data was limited, however, it is 
impossible to say that this conclusion will apply over the entire 
gas-generator operating range. The injection-timing method of 
controlling engine limits is therefore not assigned a preference 
over the fixed compression ratio with reheat method. 

Cruising Specific Weight of Gas-Generator Engine. Specific 
weight is almost as important as specific output and specific fuel 
consumption in determining the over-all performance of the gas- 
generator engine; an analysis was therefore made of the specific 
weight of a gas generator engine that delivers 4000 hp cruising. 
The engine was assumed to operate at an altitude of 20,000 ft, a 
peak cylinder pressure of 1600 psia, a turbine-inlet temperature 
of 2260 R, a scavenging ratio of 1, an engine speed of 2400 cycles 
per minute (cpm), and at turbine and compressor efficiencies of 
85 per cent. The weights of the various components were esti- 
mated from the weights of similar components in current aircraft 
engines. 

The gas-generator engine will deliver a specific output of 0.051 
Btu per cycle per cu in. at the assumed operating conditions, Fig. 

From this value of specific output the piston displacement of 
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the generator section may be calculated, and using a power-section 
specific weight of 0.65 Ib per cu in. of piston displacement (ob- 
tained from a study of component weights of current aircraft 
engines weighted against operating pressures), the weight of the 
piston component of the gas-generator engine was estimated to be 
862 Ib. 

For the air flow and pressure ratio required for the compressor, 
design estimates resulted in a weight of 150 Ib for the first-stage 
centrifugal compressor. The weight of the second-stage com- 
pressor, assumed in this case to be an axial-flow compressor, was 
computed from the weight of a current aircraft axial-flow com- 
pressor using suitable corrections for differences in pressure ratio, 
air flow, and altitude; the weight was found to be 242 Ib. 

The turbine weight was determined by using a curve of stage 
weight against volume flow capacity given in reference (10); the 
weight of the three-stage turbine was calculated to be 210 Ib. 

The weight of the propeller reduction gear was calculated using 
a specific weight of 0.143 Ib per hp, and the compressor reduction 
gear Was assumed to have a specific weight of 0.7 of this value be- 
cause of the lower speed ratio involved; because the compressor 
was divided into two stages, however, the weight of the com- 
pressor drive gear was increased by 30 per cent. These calcula- 
tions resulted in a total reduction-gear weight of 922 Ib. 

The weight of the heat exchangers was estimated from the heat- 
rejection rate of the gas generator and data from reference (16). 
The total heat-exchanger weight was found to be 467 Ib. 

A weight of 200 Ib was assumed for accessories and accessory 
drive gears and an installation weight of 10 per cent of the weights 
so far listed was assumed to take care of such weights as engine 
mounts, oil, coolant, fuel systems, and reinforcement of the inlet 
and exhaust manifolds. 

These calculations resulted in a total engine weight without 
propeller of 3358 lb and a specific weight of 0.84 lb per cruising 
hp. 

Details of the calculations may be found in the Appendix. 
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Gas-Generator-Engine Operating Pressures and Temperatures 
In the foregoing discussion an indication of the potentialities of 
the gas-generator power plant has been presented. An inspection 
of the operating ‘«n.peratures and pressures, however, will show 
more clearly the problems involved in making the gas generator a 
practical] device. 

Typical operating conditions of the ideal gas-generator engine 


at an altitude of 20,000 ft are shown in Fig. 17. Air at ambient 
pressure and temperature enters the compressor and is compressed 
up to inlet-manifold conditions of 140 psia and 702 F. In the 
piston engine, the charge is compressed and burned. The com- 
pression ratio is 4.2, the maximum cylinder pressure is 1600 psia, 
and the indicated mean effective pressure is 300 psi based upon the 
stroke above the ports (240 based on full stroke). The over-all 
fuel-air ratio is 0.033 and the cylinder fuel-air ratio is 0.052. The 
gases are discharged to the turbine at a pressure of 125 psia and a 
temperature of 1800 F, and are expanded in the turbine to atmos- 
pheric pressure. This cycle results in a brake specific fuel con- 
sumption of about 0.32. 

A compression-ignition. engine required to operate at the high 
inlet pressures, low compression ratios, and high inlet tempera- 
tures of the gas-generator engine is operating out of the range of 
conventional practice. Whether the heat and pressure loads are 
too great to permit satisfactory mechanical operation is a question 
that can be answered only by experimental investigation. Ex- 
perimental investigations also will check the validity of the an- 
alytical work. 
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best to obtain data from several types of two-stroke-cycle cylinder 
beeause of the questions raised in the preceding discussion, 
Therefore three different types of two-stroke-eyele compression- 
ignition liquid-cooled cylinders have been investigated to obtain 
the required data. These three types of cylinders are differen- 
tiated chiefly by the path taken by the scavenging air in its flow 
through the eylinder. The cylinders also differ in respect to dis- 
A diagrammatic sketch illustrating the air- 
flow paths and port layouts of these three types of evlinders is 
shown in Fig. 18 

The first of these was a 37.4-cu-in. digplacement cylinder of the 
‘Curtis loop-seavenged” type because the 
process is a combination of loop (path 1) and cross (path 2 
scavenging. Rotative speeds up to 3600 rpm were run with this 
evlinder 


placement volume 


alled 


Investigations at moderate pressure levels have been 
made elsewhere on cylinders of this type (17). 

The second cylinder was a Schniierle type loop-seavenged 
evlinder obtained from a 12-cylinder KHD (Klockner-Humbolt- 
Deutz) engine of German manufacture. The Schniierle type of 
scavenging eliminates the possibility of short-circuit scavenging 
(15), a phenomenon typical of evlinders that incorporate cross- 
flow scavenging in which charge air may blow directly from inlet 
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to exhaust ports without removing combustion products. The 
Schniierle type, although desirable from the scavenging stand- 
point, has the disadvantage of having only part of the cylinder 
circumference available for ports; thus, in order to obtain suffi- 
cient port area, the ports muct be made longer, thereby cutting 
down on the effective stroke and necessitating larger evlinders for 
a given output. The cylinder investigated had a 195-cu-in. dis- 
placement and was run at speeds up to 2200 rpm 

The third evlinder was a single-cylinder Junkers Jumo 207-D 
uniflow opposed-piston cylinder of 186 cu in. displacement (both 
Scavenging in this evlinder is very good because of the 
This engine is capable of speeds up to 3000 


pistons ). 
uniflow design 
rpm. 

Details of construction of the three cylinders are not considered 
necessary to this paper as they are covered elsewhere. Complete 
information on construction of the Curtis-type evlinder is given 
in reference (12). Numerous references are available on the 
Junkers 207 uniflow evlinder (for example, reference 18), and dis- 
cussion of the Schnierle type can be found in the two-stroke-evcle 
literature (19). 

The fuel-injection valves in the Curtis-type and Schniierle- 
type evlinders were mounted in the center of the head; orifices 
were spaced uniformly around the nozzle tip and gave an um- 
brella-shaped spray, Fig. 19. The Junkers injection system used 
the original spray tips; however, instead of using four nozzles as 
in the commercial engine, only two, spaced 180 deg apart, were 
used in these investigations. Jerk-pump injection systems were 
used for all evlinders; one or more plungers, which were paral- 
leled as necessary to give the required flow, were used. The 
plungers were 10 or 11 mm diam and each had a 10-mm stroke. 
Selection of the fuel-injection-pump cams was based upon the 
rate of injection required to give a period of injection of less than 
30 deg at a fuel-air ratio of 0.035. The fuel used was a 50-cetane 
Diese! fuel of 0.835 specific gravity at 60/60 F with a hvdrogen- 
carbon ratio of approximately 0.15. Fuel flow was measured with 
a rotameter, 

High-pressure combustion scavenging air was obtained from 
the laboratory air system and was measured with ASME thin- 


plate orifices. Other instrumentation was similar to that used for 
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internal-combustion engines as outlined in previous NACA re- 
ports. 

A diagrammatic sketch of a typical test setup is shown in Fig. 
20. The insulated exhaust tank illustrated is equipped with 
baffles to promote mixing of the exhaust gases for purposes of ob- 
taining reliable exhaust-temperature measurements (12). Illus- 
trations of the three engines mounted on their crankeases are 
shown in Fig. 21. 

The injection-advance angle was 25 deg before top center for 
the Curtis-type cylinder, and 35 deg before top center for the 
Junkers and KHD eylinders. 

Table 1 illustrates the range of data taken from these cylinders. 
Although not all the data taken are discussed here, it is evident 
that a wide range has been covered. The range of the Schniierle 
and uniflow-cylinder data is not as great as that of the Curtis 
type because of termination of the tests due to failure of the air 
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preheater. The compression ratios investigated are in the proba- 
ble range required for the gas-generator engine. 

Experimental Results: Because a more complete set of data is 
available, most of the data to be presented are from the Curtis- 
type cylinder. These data are typical of those obtained from the 
other cylinders, 

Effect of Inlet Conditions: The effect of inlet-manifold pressure 
and over-all fuel-air ratio on the indicated mean effective pressure 
is shown for the Curtis-type cylinder in Fig. 22. At very lean 
fuel-air ratios, the indicated mean effective pressure is roughly 
proportiona! to fuel-air ratio. As the mixture is enriched, the in- 
dicated mean effective pressure approaches a maximum and then 
decreases. These peaks, which correspond to the condition of 
stoichiometric fuel-air ratio in the cylinder, occur at very low 
over-all fuel-air ratios because of the poor charging of this par- 
ticular cylinder, 

Poor charging is a direct consequence of insufficient exhaust 
lead and may be explained as follows: The mixture ratio in the 
evlinder is always richer than the over-all fuel-air ratio because 
of the inherent nature of the scavenging process (8). As the mix- 
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ture in the cylinder approaches stoichiometric, there is always 
some fuel remaining unburned at the time of exhaust-port open- 
ing. With insufficient exhaust lead, the mixture of unburned fuel 
and combustion products does not have sufficient time to dis- 
charge before the fresh charge enters. The remaining unburned 
fuel thus undergoes combustion with the incoming charge, so that 
the cylinder is, in effeet, being charged with products of combus- 
tion. This condition contributes to even higher fuel-air ratios in 
the cylinder and leads to rapid decrease of indicated mean effec- 
tive pressure. All the fuel is burned at one time or another as 
evidenced by the continuous increase in exhaust-gas temperature 
with an increase in over-all fuel-air ratio (12). 

This explanation is strengthened further by the fact that when 
the two-stroke cylinder was operated on a four-stroke-cycle basis 
(fuel is injected every other cycle) so that the unburned fuel and 
products of combustion were carried out of the cylinder during the 
nonfiring cycle, the indicated-mean-effective-pressure curves did 
not peak at all but became substantially flat as the over-all fuel- 
air ratio was increased, even out to an over-all fuel-air ratio of 
0.10 (12). Unpublished investigations of this type of cylinder in- 
dicate that early peaking of the curves of indicated mean effec- 
tive pressure against fuel-air ratio can be alleviated greatly by in- 
creasing the exhaust lead. 

The effeet of inlet-manifold temperature on indicated mean ef- 
fective pressure for constant fuel-air ratio was also determined. 
Results showed that indicated mean effective pressure varied 
directly as the reciprocal of the manifold temperature. Indicated 
mean effective pressure is also a linear function of manifold pres- 
sure for constant fuel-air ratio; therefore it can be shown that in- 
dicated mean effective pressure is a linear function of the inlet 
density for constant fuel-air ratio. 

Thermal Efficiency: The effects of pertinent engine variables on 
indicated specific fuel consumption are shown in Fig. 23 which 
illustrates that efficiency decreases with increasing fuel-air ratio. 
This change is caused by greater divergence of the properties of 
the working fluid from the properties of a perfect gas at the rich 
mixtures, the occurrence of more of the combustion at constant 
pressure, and burning continuing during the expansion stroke. 

The variation of indicated specific fuel consumption with com- 
pression ratio is also presented. The trend is similar to that ex- 


pected from theoretical considerations. 


Heat Loss Exhaust-Gas Temperature: The heat loss to the 
coolant and the exhaust-gas temperature are shown in Fig. 24 as 
functions of fuel-air ratio. The heat losses decrease with an in- 
crease in fuel-air ratio, This variation probably results because 
the heat input increases faster than the temperature difference 
leading to heat transfer. Al] the heat-loss data of the Curtis-type 
cylinder are higher than 18 per cent, which is the value assumed 
for the theoretical work. Possible reasons for this difference are 
as follows: 


1 The small Curtis-type cylinder has an unusually high sur- 
face-volume ratio (for instance, nearly two and one-half times as 
much as that of the KHD Schniierle-type cylinder). 

2 The particular data shown, Fig. 24, were for a rather low 
piston speed. Increasing the piston speed will reduce materially 
the percentage heat loss to the coolant. 

3 The coolant temperature was held to a relatively low value 
in order to avoid the possibility of cooling difficulties during these 
preliminary investigations. 


If the size of this smal] evlinder were increased to that of the 
Schniierle cylinder and run at higher coolant temperatures and 
engine speeds, the percentage heat loss would probably be less 
than 18 per cent. The heat loss of the uniflow cylinder was down 
to 17 per cent, and that of the Schniierle was around 20 per cent 
even at the low coolant temperatures used. 
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The exhaust-gas temperature is practically a linear function of 
fuel-air ratio. The slight upward curvature is caused by a de- 
crease in engine efficiency as the fuel-air ratio is increased. It is 
interesting to note the wide range of temperature available from 
about 600 F at a fuel-air ratio of 0.01 to about 2000 F at a fuel-air 
ratio of 0.045. 

Cylinder Pressure Drop: Typical cylinder-pressure-drop data 
obtained during the investigation of the three cylinders are shown 
in Table 2. These data were taken for representative engine con- 
ditions of fuel-air ratio of 0.03 and a scavenging ratio of 1.0. Be- 


TWO-STROKE-CYCLE GAS-GENERATOR AIRCRAFT ENGINE 


cause cylinder pressure drop is a function of engine speed and port 
design, data from the three cylinders are not comparable but are 
included to show what might be expected from engines of these 
types. Some data at an inlet-manifold pressure of 100 pounds per 
square inch absolute are included to show the effect of providing 
sufficient exhaust lead (24 deg in this case). 

TABLE2 TYPICAL CYLINDER-PRESSURE-DROP DATA 


Manifold Cylinder 
reassure 
rop, psi 


Engine 
speed, 
Cylinder type 
Curtis cylinder with 10 deg 

exhaust lead... . 


P Proper exhaust lead is necessary in two-stroke-cycle operation. 
With insufficient exhaust lead, not only does cylinder pressure 
drop increase with fuel-air ratio, but as previously discussed, 
With sufficient exhaust lead, 
evlinder pressure drop is relatively insensitive to cylinder load 
(fuel-air ratio); in fact, this insensitivity serves as a good check 
on exhaust lead. There are also data which indicate that with in- 
sufficient exhaust lead the cylinder pressure drop increases faster 
with increase in inlet-manifold pressure than is the case with 
proper exhaust lead. Cylinder pressure drop is not too great a fac- 
tor in the gas-generator engine, however, because the expansion 
ratio across the turbine is already so great that any reasonable in- 
crease in cylinder pressure drop can be tolerated. 

Charging Efficiency: Charging efficiency, which is a funda- 
mental factor in two-stroke-cycle operation, is a difficult item to 
measure. It can be determined, however, by taking samples of 
the cylinder gas through a sampling valve after injection of the 


scavenging is affected adversely. 


fuel and before the ports open. Samples of the gas are led through 


the NACA mixture analyzer (20) which determines the fuel-air 
ratio of the gases from which calculations of charging efficiency 
can be made. 

For « primarily loop-scavenged cylinder, such as the Curtis 
type, the theoretical value of charging efficiency is 0.63. Values 
determined by the sampling-valve method showed a charging 


_ efficiency of 0.60 at engine conditions of an over-all fuel-air ratio 


of 0.03, and an inlet-manifold pressure of 100 psia. 
Effect of Speed: in general, most of the data were taken at con- 
stant speed (1800 rpm). For the purpose of determining the ef- 


fect of speed on combustion, power, pressure drop, and heat 


losses, however, the speed range of the Curtis cylinder (with 24 deg 


exhaust lead) was increased up to approximately 3100 rpm. The 
results are shown in Fig. 25 for a compression ratio of 5, a seaveng- 


ing ratio of 1, an inlet temperature of 400 F, a fuel-air ratio of 0.5, 
and a manifold pressure of 100 psia. 

Apparently the increase in speed does not reduce performance 
materially; for instance, the performance is, in general, as good or 
better at the high speeds as at the low speeds. Although the 
specific fuel consumption of the reciprocating component is not 
too important with regard to over-all gas-generator-engine effi- 
ciency (because losses in the reciprocating component are more or 
less recovered by the turbine, which follows in the cycle), heat 
loss to the coolant is critical becaused increased heat loss directly 
decreases the available exhaust temperature for constant fuel-air- 
ratio operation or requires more fuel for constant-exhaust-tem- 
perature operation. An increase in engine speed, however, actually 
reduces percentage heat loss to the coolant. The decreased heat 
loss is reflected directly in higher exhaust temperature, as shown 
in Fig. 24. The increase in exhaust temperature coupled with the 
increase in mass flow (a consequence of increased engine speed at 
constant scavenging ratio) produces a substantial increase in ex- 
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haust energy. The compression pressure incre sses with engine 
speed beeause of either better ring-seal or inertia effeets in the in- 
let or exhaust system. The cvlinder pressure drop did not in- 
crease as rapidly as theory indicated, probably because of some 
inlet or exhaust inertia effect 

It can be concluded that operation at high rotative speeds 
(high for two-stroke-cycle compression-ignition engines) offers no 
particular problems in regard to combustion, power pressure drop, 
or heat losses, at least with this size and type of Curtis eylinder. 

Effect of Fuel Quality: Be« advantages inherent in an 
engine not restricted to the use of a single fuel, an investigation 
was made with the Curtis-type evlinder to determine what ef- 
fect fuel quality had on performance 


‘ause of 


The results are shown in 
Fig. 26 where indicated mean effective pressure is plotted against 
fuel-air ratio at constant manifold pressure 
were 


Four different fuels 
laboratory Diesel fuel, jet-propulsion fuel (AN-F- 
furnace oil (Federal spec, VV-O-326; grade F.S.2), and 
gasoline (AN-F-28). the nonvolatile fuels 
showed almost identical power outputs. Performance with gaso~- 
line Roughness of engine running was 
. apparent with any of these fuels. 

The smooth running with these various types of fuel is attribu- 


used ; 
use of three 
Was somewhat inferior 
not, however 
ted to the relatively low compression ratio of the gas-generator 
engine. Low compression ratio with corresponding large clear- 
ance volume results in a lower rate of volume change for a given 
erank angle than that of a high-compression engine. The lower 
rate of volume change in turn leads to lower rates of pressure rise, 
which obviates Diesel knock. 
sion engine, 


Furthermore, in the low-compres- 
during the time of injection, the mean temperature 


and pressure are higher than in a high-compression engine operat- 


ing at the same peak cylinder pressure. The higher mean tem- 
peratures and pressures are conducive to low ignition lag and 


smooth combustion, 
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Differences Between Observed and Predicted Performance: nas- 
much as the experimental investigation was conducted to deter- 
mine the performance characteristics of a cylinder for gas-genera- 
tor use as well as to investigate the mechanical feasibility of the 
cylinder, differences between experimental and theoretical re- 
sults are of interest. 

The cylinders operated under conditions of fuel-air ratio, eom- 
pression ratio, and inlet and exhaust pressures required for the 
gas-generator engine. Furthermore, the cylinders investigated 
produced (a) the maximum indicated mean effective pressure re- 
quired, (>) the maximum cylinder pressure required, and (¢) the 
maximuie exhaust-gas temperature required for the gas-generator 
engine. The cylinders investigated, however, did not produce all 
three of these required items at the same time, principally be- 
cause of the impossibility of selecting the optimum injection ad- 
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compressor ratio, 5.25; scavenging ratio. |; 
inlet temperature, 400 F; exhaust lead 


Engine speed, 1800 rpm; 


mani 
fold pressure, 100 psia: 


10 deg 


vanee, The time of injection controls all three of these items 
(that is, advancing the injection would increase the indicated 
mean effective pressure, reduce the exhaust temperature, and 
greatly inerease the peak cylinder pressure). Selection of the 
proper advance angle for getting these three parameters at the re- 
quired value would require cross-plots of the entire mass of data 
with the additional variable of injection-advance angle included. 
Because injection-advance angle was not made a variable 
these investigations, such cross-plots are unavailable. 

With proper injection timing, both engine limits (peak cylinder 
pressure and exhaust temperature) could be held at predetermined 
values, At the specified operating point, the indicated mean ef- 
fective pressure and the indicated specific fuel consumption of the 
generator might not exactly agree with the values predicted by 
the theoretical equations (10) but with proper engine design it is 
believed that the differences would be small. Coolant heat loss, 4 
principal shortcoming of the small Curtis eylinder, has been 
brought down to # practical value in the uniflow evlinder; al- 
though the Curtis evlinder showed poor scavenging at rich mix- 
tures, investigation of the other two evlinders has shown improved 
results, 


in 


Vechanical Performance: Operation under the conditions of 
higher than conventional inlet pressures and temperatures and 
exhaust pressures and temperatures, as well as lower than con- 
ventional compression ratios indicated for the gas-generator en- 
gine, brings up such questions as mechanical reliability, combus- 
tion roughness, parts. The entire investigation 
covered about 1200 engine-hours, which permitted a reasonable 
estimate of the mechanical properties of the experimental set- 


and wear of 


“Ca 


i ras 
‘ 1400 
\ 35 1200 
EE 100 
mie nee “ 
; | | J © Tle el) 
: 2800 3000 $200 4 
j 
4 


SATHER, SCHURICHT, BIERMANN—TWO-STROKE-CYCLE GAS-GENERATOR AIRCRAFT ENGINE 651 


ups. During the lengthy operation of the engines investigated, 
no trouble was experienced with broken connecting rods, cylinder 
barrels, piston pins, or cylinder heads and, with proper selection 
of ring and barrel materials, no trouble was experienced with ring 
or barrel wear. Nearly 150 hr elapsed between overhauls on one 
setup and the rings were practically unworn at the end of this 
period. Ring sticking was no problem with use of keystone-sec- 
tion piston rings. Combustion roughness was lacking because of 
the low rate of pressure rise during combustion (approximately 
30 Ib/sq in /‘deg). A pressure rise rate of 50 psi per deg usually 
causes combustion roughness. 


CONCLUSIONS 


From the results of the theoretical and experimental investiga- 
tions conducted on the gas-generator engine, the following con- 
clusions were reached: 


1 Theoretical analysis indicates that the two-stroke-cycle gas- 
generator engine promises an aircraft power plant of low specific 
weight combined with low specific fuel consumption, At an alti- 
tude of 20,000 ft, the specific fuel consumption was 0.32 Ib per 
bhp-hr and the cruising specifie weight was 0.84 lb per hp without 
the propeller. 

2 Performance potentialities of this type of engine are not 
limited by knock or preignition over the range of compression 
ratios experimentally evaluated. 

3 Moderate inefficiencies in the reciprocating component and 
the compressor result in only slight losses in the over-all efficiency 
of the gas-generator engine but produce relatively greater losses 
in specific output. 

4 It was found possible to operate a two-stroke-cycle cylinder 
at the pressure and temperature levels required for the gas-genera 
tor engine 

5 Mechanical functioning of the piston engine under gas- 
generator operating conditions was generally satisfactory. 
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Appendix 
ANALYSIS OF Speciri 


Weieur or Gas- 


GENERATOR ENGINE 


The particular gas-generator engine selected for this analysis 
has a rating of 4000 bhp at an altitude of 20,000 ft. The limita- 
tions assumed to apply for continuous operation were a peak 
evlinder pressure of 1600 psia, a turbine-inlet temperature of 
2260 R, and « generator speed of 2400 epm. Component weights 
are evaluated for either altitude or sea-level conditions, which- 
ever is the greater. The analysis follows the methods of reference 
(10) but certain changes were necessary because recent informa- 
tion indicates that some of the component weights selected in ref- 
erence (10) were too great. 


Piston Engine: The gas-generator engine will deliver a specific 
output of 0.051 Btu per eyele per cu in, at an altitude of 20,000 ft 
In order to deliver 4000 hp, this specifie output requires a piston- 
engine displacement volume above the ports of 1887 cuin. Lf a 
correction is made for the clearance volume and if 20 per cent of 
the stroke is allowed to be taken up by port height, the piston en- 
gine will have an actual piston displacement of 1328 cu in. In- 
formation on the specific weights of power sections of current re- 
ciprocating engines indicates that a specific weight of 0.65 Ib per 
cu in. is a reasonable figure. The weight of the piston component 
of the gas-generator engine is thus 862 Ib, 

Compressor: The compressor of the gas-generator engine is as- 
sumed to be divided into two stages; the first stage (supercharger 
stage) is a centrifugal compressor, and the second stage is an axial 
From design estimates, a weight of 150 Ib is as- 
signed to the supercharger stage. 


compressor 


The weight of the axial-flow compressor was determined from 
the weight data of a current turbojet engine. This engine had a 
compressor weighing 466 Ib, which was capable of handling a sea- 
level air flow of 50.5 Ib per sec and used I stages to produce a 
pressure ratio of 4 
for gas-generator application by use of the ratios of the air densi- 
ties at sea level and 20,000 ft, the ratio of the required and actual 
weight-flow capacity of the compressor, and the ratio of the 


The weight of this compressor was corrected 


logarithms of the required and the actual compressor-pressure 
ratios. If the pressure ratio of the supercharging stage is assumed 
to be 3, the pressure ratio of the axial-flow stage will be 6.89 for 
operation at 20,000 ft. The required air flow will be 10.41 Ib per 
sec. This calculation results in an axial-flow-compressor weight 
of 242 Ib. 
Turbine: The turbine weight was determined by using the rela- 
tion of stage weight against volume-flow capacity shown in Fig 
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9 of reference (10). The volume flow was calculated for the gas- 
generator engine by taking the arithmetical average of the tur- 
bine-inlet and turbine-outlet volume flows. The resultant stage 
weight was thus determined to be 70 Ib. Because a three- 
stage turbine was assumed, the weight of the turbine was esti- 
mated to be 210 Ib. 


Reduction Gear: The reduction-gear weights were calculated 
by using 0.143 lb per transmitted horsepower, which was ob- 
tained from weight data on a current turbine-propeller engine 
The gear weight is based upon the brake horsepower of the gas- 
generator engine at sea-level altitude. This computation resulted 
in a propeller reduction-gear weight of 583 Ib. 

Compressor Drive Gear: T)e weight of the compressor drive gear 
was calculated using a specific weight of 0.7 of that of the pro- 
peller-reduction gear because a smaller speed ratio is involved 
Compressor-power requirements were calculated using the weight 
flows and pressure ratios at sea-level altitude as the compressor 
power required was higher there than at 20,000 ft. At sea level 
the required compressor-drive-gear horsepower is 2606 and re- 
sults in a weight of 261 Ib. The compressor is divided into two 
parts, necessitating two drive gears; therefore the weight was 
increased by 30 per cent, which resulted in a drive-gear weight of 
339 Ib 

Heat Exchangers: Weat-exchanger weights were determined 
using data from reference (16) which indicated heat-rejection 
rates of 2500 Btu per min per sq ft per 100 F initial tempera- 
ture difference for oil coolers and 6000 Btu per min per sq ft per 
100 F initial temperature radiators. Wet 
weights of 48 and 54 Ib per sq ft of frontal area, respectively, were 
used for these two coolers. 


difference for 


In determining the heat rejection of the gas-generator engines, 
16 per cent of the heat input of the fuel was assumed to be re- 
jected to the coolant and 2 per cent was assumed to be rejected to 
the oil. The heat input of the fuel was determined from the power 
output of the engine and the brake specific fuel consumption by 
use of a heating value for the fuel of 18,500 Btu per Ib. Analysis 
showed that the sea-level condition was the limiting condition, 
where the heat-rejection rates for the gas-generator engine were 
72,500 Btu per min to the coolant and 070 Btu per min to the 
oil. 

The radiator weight, which resulted from this calculation, was 
345 Ib, and the oil-cooler weight was 124 'b. 


Miscellaneous Weights: A weight of 200 Ib was assumed for ac- 
cessories and accessory drive gears, and an installation weight of 
10 per cent of the sum of the weights so far listed was assumed to 
take care of such items as engine mounting, oil, coolant, fuel svs- 
tems, and reinforcements of the inlet and of the exhaust mani- 
folds 


Total Installed Weight: The total installed weight of the gas- 
generator engine is then given by the sum of the components 


TABLE 8 INSTALLED WEIGHT OF GAS-GENERATOR ENGINE 
Weight 

Component 

Power section 

Supercharger stage 

Axval-flow compressor 

Turbine 

Heat exchangers es 

Propeller-reduction gea 

Compressor-drive gear 

Accessories 


Miscellaneous for installation 
Total installed weight 


listed in Table 3. The specific weight for the 20,000-ft altitude, 
4000-hp, gas-generator engine was then calculated to be 0.839 
Ib per hp 
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Discussion 
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P. H. Scuwerrzer.* This paper raises the question whether 
the military is not making a mistake by putting all its eggs in the 
jet basket. For long-range flight with heavy pay load, that 
means bomb load, the compound engine beats the jet by a tremen- 
dous margin. 

One hears that the predicted weight of a compound power plant 
is approximately 0.9 lb per hp. For a 100,000-Ib-gross-weight 
airplane with four 4000-hp engines making a 2000-mile hop, the 
plant would weigh approximately 14,000 Ib. With 
0.32 spec. fuel consumption and 375 mph the fuel would weigh 
27,000 Ib, which would leave for plane weight and load 59,000 Ib. 
Using jet engines the power plant may weigh not more than 
6000 Ib but the fuel would weigh not less than 85,000 Ib leaving 
4000 Ib for airframe and load combined. Even if this arithmetic 
is oversimplified, it illustrates the absurdity of transporting heavy 
loads to great distances with jet propulsion. The writer would 
like to see more than just paper research and relatively small- 
scale experimental work on compound power plants for aircraft. 

The paper is a noble effort of a small NACA group in this di- 
rection, 


power 


They deserve utmost encouragement. Although some 
of the assumptions are on the optimistic side, the calculated per- 
formance figures are realistic and are in rough agreement with 
those of the Schweitzer and Salisbury paper of 1949 as well as 
with the searce experimental results. For instance, the authors 
caleulated that a 4000-hp gas-generator engine running at 2400 
engine rpm would have 1387 cu in. displacement, or 3.05 hp per 
cuin. The writer has calculated at 1200 rpm 1.485 hp per cu in., 
which is almost exactly the same. 

As mentioned previously, some of the assumptions appear to 
be somewhat optimistic at present. A turbine-inlet tempera- 
ture of 2260 R and 85 per cent compressor efficiency seem high 
The authors’ choice of the constant-volume cycle for their theo- 
retical analysis seems unfortunate because such evele is neither 
practicable nor desirable, and it robs the analysis of the flexibility 
offered by the variation of the point of cutoff in the limited- 
pressure eyele. By such procedure the inlet-manifold pressure 
and the compression ratio were fixed automatically for any 
one altitude. Previous NACA work, like the one cited in ref- 
erence (12) of the paper, used the limited-pressure cycle; the 
writer wonders why the authors abandoned it in the present paper. 

According to the assumptions, about 60 per cent of the air is 
short-circuited in the two-stroke-cycle engine, and the resultant 
0.054 cylinder fuel-air ratio is considered adequate to permit good 
combustion efficiency. For an injection-type engine is such a 
fuel-air ratio not too rich to permit smokeless exhaust? 

Was blowdown recovery ignored in the power analysis and if 
not, which was the method used to calculate it? In reference 
(12) of the paper, the turbine-inlet temperature was calculated 
by treating the reciprocating engine as a steady-flow machine. 
But, unless it has an infinitely large exhaust receiver. the re- 
ciprocating engine is not a steady-flow machine. If it has, no 
blowdown recovery is possible. 

Referring to the experimental part of the paper, it is un- 
fortunate that most of the tests were conducted with insufficient 
exhaust lead. Perhaps that could have been avoided if the 
observation that, with adequate exhaust lead, the pressure drop 
is insensitive to the fuel-air ratio, had been made earlier. This 
observation is identical with the statement that the Kadenacy 
effect increases with the engine load. 

The writer disagrees with the authors in attributing the smooth 


* Professor of Engineering Research, Pennsylvania State College, 
State College, Pa. Mem. ASME 

**“Compound Powerplants,” by P. H. Schweitzer and J. K. Salis- 
bury, Quarterly SAE Transactions, vol 3, 1949, pp. 656-669. 
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; 7 running of the gas-generator engine to the low compression ratio, 
_ and the increase of compression pressure with engine speed to 
P better ring-seal or inertia effects. 

The most gratifying result of the experimental work is the 
observation that conventionally designed two-stroke-cycle engines 
operated with such extreme manifold pressures (50-135 psia) 

_ and temperatures (300-600 F) can run for hundreds of hours 
_ without mechanical troubles and distress and without excessive 
ring and cylinder wear. 


M. J. Tauscuex.* While the gas-generator engine is proposed 
primarily for aircraft use, some consideration should be given 
to this power plant for railroad and marine propulsion For 
that matter, it may even find application in heavy military 
equipment. The advantages of the gas-generator engine in 
these applications are incurred through its high specifie output 
For example, such an engine at 1800 rpm would deliver 2.2 hp 
per cu in. displacement, as contrasted to approximately 0.3 
hp per cu in. for a conventional supercharged four-stroke Diesel 
engine. With these high outputs, it is possible to build a prime 
mover of substantial power within the space limitations imposed 
on propulsion machinery. At the same time the desirable fuel 
consumption of the conventional Diesel engine is not sacrificed. 

A number of other advantages accompany the application of 
this power plant to surface transportation. The complication 
of controlling the engine with variation in altitude is no longer 
present, and the rather involved control schemes outlined in the 
subject paper are unnecessary. Again, the feature of the engine 

_ whereby losses in the compressor or Diesel engine are recovered 
partially by the turbine permits design compromises to be made 
which ordinarily would impair the performance of a conventional 
Diesel engine. For example, the fuel-injection system need not 
be critical. As a final point, a supply of hot gas at elevating 
pressure is readily available for heating and for powering auxiliary 
equipment. 


CLOSURE 
The authors wish to thank Dr. Schweitzer and Mr. Tauschek 


_ for their interest in this paper and their kind comments thereon. 
While the NACA’s interest in the gas-generator engine was 
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primarily concerned with its possible use as an aircraft power 
plant, the paper was given to the ASME with the thought in 
mind that the information to be presented might be helpful 
in designing a power plant for applications other than in the 
aircraft field. Mr, Tauschek, who did much of the early NACA 
analytical work on the gas-generator engine, mentions some of 
these additional fields. It might also be pointed out that the 
gas generator in a ground vehicle, together with one or two 
turbines and suitable gearing to provide the torque conversion 
required, represents, in effect, a variable-speed transmission and, 
in addition, the need for a clutch is eliminated. By-pass valves 
(waste gates) for the turbines are required for such an installation. 

In answer to Dr. Schweitzer’s comments, a turbine-inlet tem- 
perature of 2260 deg R (1800 deg F), and a compressor efficiency 
of 85 per cent may seem high, but in the light of possible future 
developments of the art, these values serve as probable limitations 
to the ultimate performance of the gas-generator engine. In 
any event, curves are shown in the paper which allow conversion 
of the performance to other values of turbine-inlet temperature 
and compressor efficiency. Constant-volume combustion was 
assumed because such combustion is easiest to obtain in a high- 
speed compression-ignition engine and, because in a pressure- 
limited cycle, results obtained using an Otto cycle are more 
conservative than those obtained using a Diesel cycle 

The cylinder fuel-air ratio of 0.054 used in the analysis is 
probably near the clear exhaust limit. Whether this will affect 
the turbine blading is beyond our knowledge at this time. 

No blowdown recovery was assumed in the analysis; pre- 
liminary work indicated that the results obtainable under the 
cycle used would not be worth the complication of providing 
suitable ducting to a blowdown turbine. 

With regard to the operation with insufficient exhaust lead, 
it was known, after preliminary tests, that the lead was in- 
sufficient; however, the length of time required to machine an- 
other cylinder with suitable lead made it imperative to operate 
in the meantime with the old evlinder. 

The authors still feel that the smooth combustion obtained 
with the gas-generator engine was due to the fact that a low 
compression ratio and heated inlet air resulted in a higher mean 
temperature and pressure during injection than obtainable with 
a high-compression engine with unheated inlet air. 
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A 5000-hp, one-compressor, two-turbine gas-turbine 
power plant is described, its features are discussed, and its 
expected capability and economy are given. The plant 
which is designed to have a maximum of flexibility in its 
application is intermediate in efficiency and complica- 
tion between a simple one-compressor, one-turbine non- 
regenerative power plant and a two-compressor, two-tur- 
bine intercooled and regenerative power plant designed by 
the authors’ company. The axial-flow compressor has 
14 stages and operates at a pressure ratio of 5.5. The tur- 
bine has two stages. The second stage produces the use- 
ful load and has a nozzle arranged so that its effective 
flow area can be varied during operation. The six com- 
bustion chambers are expected to operate at 800 F preheat 
and at 650 F rise. The cylindrically shaped regenerator 
when used is mounted on end and outdoors. The lube- 
oil system is similar to that used for steam turbines. The 
plant can be supplied either with a motor-driven or a tur- 
bine-driven cranking assembly. The control means for 
starting and stopping the plant and for controlling the 
turbine speeds and temperatures during operation is 
described. The installation requirements such as weights, 
outline dimensions, and water requirements are given. 


INTRODUCTION 


NEW combustion-gas turbine of 5000-hp rating has been 

designed by the authors’ company, and several are being 

manufactured. The first one is expected to be in com- 
mercial operation early in 1952 

This is the third type of gas turbine designed by the company 
for other than aireraft application. 

The first was a 4800-hp simple-cycle unit designed primarily 
for locomotive service. The design was completed in August, 
1947, and its features were then deseribed (1). Experience in 
the further development of this unit has been reported from time 
to time (2 to 8). 

The second design, with a capacity of 5000 kw, was deseribed in 
1948 (9). It is a compound-cycle unit, utilizing both intercool- 
ing and regeneration and was designed particularly for electric 
power generation. 

This new gas turbine is intermediate in efficiency and com- 
plication between the other two, having been designed for maxi- 
mum flexibility. It can be used with or without a regenerator 
and is easily applied to various arrangements involving the com- 
bined use of the steam and the gas-turbine cycles. Since the load 
turbine is not required to drive the compressor element, the 
load speed can be chosen over a wide range of values without 
affecting the capability of the unit. Thus the feature, some- 


‘Manager of bngineer ng, Gas Turbine Engineering Division, 
Turbine Engineering Divisions, General Electric Company. Mem. 
ASME. 

Section Engineer, Gas Turbine Engineering Division, Turbine 
Engineering Division-, General Eleetrie Company. Jun. ASME, 

Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Gas Turbine Power and Power Divisions and 
presented at the Annual Meeting, Atlantic City, N. J., November 
25-30, 1951, of Tuk American Society oF MecHanicaL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
September 25, 1951. Paper No. 51-—A-113 


times valuable, of being able to bog down the load speed to a very 
low value (zero if required) without stalling the unit is available 
It is expected that the plant will be particularly useful for such 
industrial applications as gas-pipe-line pumping or driving com- 
pressors for repressurizing oil wells. It also should be useful for 
power generation of 3500 kw in which case the load turbine would 
drive an electric generator. 
features of the new plant. 


This paper describes some of the 


Description or PLANT 


The plant is a one-compressor, two-turbine unit to be used 
with or without a regenerator. As a regenerative gas turbine the 
thermal efficiency at the output coupling will be 22.5 per cent 
based on the higher heating value of natural gas fuel or 25 per 
cent based on the lower heating value. The flow diagram for the 
regenerative plant is shown in Fig. 1. 
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The gas-generator-set speed and the initial temperature are 
maximum design values, and the conditions shown do not neces- 
sarily exist simultaneously. Thus they are not mutually con- 
sistent since they are not necessarily those required to give the 
rated output. 

A semi cross section of the compressor and turbine is shown in 
Fig. 2. The first turbine stage drives the compressor, and this 
section of the machine is called the “gas-generator set’’ because 
it supplies the gas which furnishes the useful energy. The second 
turbine stage, which is in tandem but separate from the first stage 
makes use of the energy from the gas-generator set and drives the 
load only. This section of the machine is called the “load tur- 
bine.” The arrangement allows the load speed to be independ- 
ent of the gas-generator speed. Thus the output speed may be 
selected over a wide range to suit a variety of loads, and a good 
light load economy is obtained for any speed of the load turbine 
In addition, the arrangement allows excess loads to be applied 
without stalling the gas-generator part of the plant, and thus 
excess loads do not stall the plant. They simply reduce the load- 
turbine speed, but the capability of the plant remains at its full 
value. 


PERFORMANCE 


Fig. 3 shows the expected capability and fuel rates for 80 | 
ambient based on the higher heating value of a natural gas, which 
has a ratio of lower to higher heating value of 0.9. The flexibility 
of the unit just described is shown in the curve by the nearly con- 
stant output from 80 to 110 per cent normal load turbine speed and 
the small variation in part-load fuel flow with wide variation in 
load-turbine speed. 

Fig. 4 shows the variation of plant capability and the corre- 
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sponding variation of fuel flow that occurs as the compressor inlet 
temperature is changed 

Compressor. The 14-stage 6900-rpm compressor produces a 
pressure ratio of 5.5 at « flow of 97 lb per see with inlet conditions 
of 14.2 psia and SOF. It is substantially the same compressor as 
that used on the locomotive power plant but with the last stage 
left off. All the blades, the wheels, and the forward casing are 
exactly the same in the two plants. 

The four compressor casings are split in a horizontal plane so 
that their top halves can be removed for inspection of the rotor. 
The rotor also is assembled in the casings in this way. A silencer 


Cross Section or Gas-Generator Set Loap Tursine or 5000-Hp Recenerative-Cycire Gas Tunsine 


is required on the inlet of the compressor to reduce the noise which 
comes principally from the first three stages and occurs at the 
blade-passing frequencies of these stages. It is expected that the 
silencer will reduce the noise resulting from these three frequen- 
cies from somewhat over 100 db to approximately 85 db. The 
aft compressor casing carries an extraction opening at the tenth- 
stage wheel to provide air for turbine-wheel cooling and for other 
uses if air is needed. The aft casing also carries the two forward 
supports for bolting the unit to its foundation. 

Turbine. The compressor is driven by the first turbine stage, 
the rotor of which is bolted to the compressor rotor to form a very 
simple three-bearing assembly without a flexible coupling and 
with only one thrust bearing. This simple arrangement is made 
possible by so proportioning the shaft that it can tolerate a gen- 
erous amount of misalignment and by limiting the misalignment 
to this maximum or less. The necessary alignment accuracy is 
accomplished by a suitably stiff stator structure and supports and 
by proper manufacturing tolerances. It is insured by making the 
necessary measurements during the assembly of the unit, which 
measurements are facilitated by suitable measuring fixtures. The 
turbine-stator frame is connected to the compressor-exhaust cas- 
ing by means of a removable ring. When the, ring is removed, 
the compressor and turbine rotors can be disconnected so that the 
complete turbine can be separated from the compressor at this 
point and in this way. The removable ring also carries a shim 
which may be used to adjust the axial clearances of the turbine. 

The second stage, or load-turbine rotor, is mounted in a strue- 
ture which also carries the exhaust hood and the aft supports for 
bolting the unit to its foundation. The turbine frame and the 
exhaust hood are connected together by the turbine shell, which 
also carries the first- and second-stage nozzles and the second- 
stage diaphragm. Thus the compressor casing (with its forward 
support) is connected to the exhaust hood (with its aft support) 
by means of the compressor exhaust casing, the turbine frame, and 
the turbine shell. This arrangement 
supporting structure for the two rotors 


forms a one-piece rigid 


The first-stage nozzle consists of six segments of seven parti- 
tions each. The segments are held radially at their outer ring 
by the turbine shell, which is water-cooled, and axially at their 
inner ring by a portion of the turbine frame. The partitions are 
cooled by means of air flowing through them and discharging to 
the main stream at the nozzle inlet along the inner side wall. 
The turbine-bucket clearances are maintained by 24 shroud seg- 
ments held both radially and axially in the water-cooled turbine 
shell. The nozzle segments and the shroud segments are insu- 
lated from the water-cooled shell at all except the necessary locat- 
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ing surfaces by means of pads formed from thin, dimpled, and 
laminated strips of stainless steel. These insulators reduce the 
heat loss and the cooling-water requirements for a given shell 
temperature and minimize the stresses in the shell and in the seg- 
ments resulting from temperature gradients 

The effective flow area of the second-stage turbine nozzle can 
be varied by having its 24 partitions arranged to be rotatable 
about radial axes. This feature has the following advantages: 


1 Overspeeds, which occur on loss of load and under various 
other contingencies depending upon the application, can be lim- 
ited to amounts about one half as great with the variable nozzle 
as without it. This «s accomplished by tripping the nozzle wide- 
open on overspeed. 

2 The heat rate can be decreased substantially at light loads 
by selection of suitable control. 

3 The capability at high ambients can be made somewhat 
greater. 

4 Substantial amounts of auxiliary power can be taken out of 
the gas-generator set, to which it is mechanically more convenient 
and electrically better to connect an auxiliary generator than to 
the load shaft. The connections are simpler and the frequency 
of a-driven alternator is more nearly constant for centrifugal- 
compressor load application. 

5 The starting power is reduced. 

6 The plant can be run at no load without exceeding the 
rated speed of the load turbine and without running at excessively 
high exhaust temperatures. With a fixed nozzle area the exhaust 
temperature first falls as load is reduced to a minimum at about 
1/, load. With further reduction of load the speed of the gas- 
generator set continues to decrease but the exhaust temperature 
rises rapidly. A specified ceiling on the exhaust temperature re- 
quires a corresponding minimum value below which the load 
cannot go if the rated load speed is not to be exceeded. Further- 
more, this minimum load has a higher value, the higher the com- 
pressor-inlet temperature and the lower the gas-generator-set 


efficiency. With movable nozzle partitions, however, the mini-- 


mum values of any type of load can be met under any reasonable 
ambients and conditions of machine deterioration. 


The disadvantages of the movable nozzle feature are of course 
the cost and complication. 

The partitions are rotated by means of cranks, connected by 
links to a ring mounted on and fixed to rotate about the turbine 
shell. The ring is driven by two hydraulic cylinders which are 
under the influence of the control. The ends of the stainless-steel 
partitions, which are hardened by nitriding, slide on the spheri- 
cal-shaped nozzle end walls. These are made in twelve seg- 
ments and are nitrided also. The end walls are held in contact 
with the nozzle partitions flexibly. Radial-spring members push 
the inner end-wal] segments outward radially against the ends of 
the partitions and these in turn press radially outward against the 
outer side-wall segments. Axial spring members press the inner 
side-wall segments in a downstream direction against two gas- 
sealing surfaces on the second-stage diaphragm. Pressurizing air 
is supplied to the space between these gas-sealing surfaces, which 
holds the inner side-wall segments against the partitions. In 
addition, this air prevents deposits from accumulating which 
might cause the segments to become fixed and not act in a flexible 
manner 

The hardened stems on the partitions are cooled and prevented 
from sticking by a flow of water through six axial grooves in the 
aluminum-bronze bushings. 

The turbine wheels are cooled by air streams which flow from 
the points of introduction at the hubs on both sides of each wheel 
outward to the rims. This manner of cooling is made effective 
in spite of pressure variations around the wheel rims by means 
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of three generous ring-shaped equalizing pockets on each side of 
each wheel. 

Combustion System. The combustion chambers and the fuel 
nozzles now being built are designed to burn natural gas. By 
changing the fuet nozzles, adding a fuel pump, and making a few 
other similar modifications liquid fuel can be used, either distil- 
late or residual oi]. Air is fed to the six combustion chambers in 
two groups of three by two three-fingered manifolds connected 
to the two regenerator return pipes. The fuel gas is supplied 
to a manifold out of which the six fuel nozzles are fed. The nor- 
mal or design conditions are as follows: 


1 Air flow, 16'/; lb per see per chamber. 

2 Preheat temperature, 800 I 

3 Temperature rise, 650 F 

4 Minimum blowout rise, 100 F. 

5 Operation pressure, 82 psia. 

6 Heat release, 0.7 * 10° Btu per hr per cu ft per atm 


Two retracting spark plugs together with two 15-kw ignition 
transformers and cross-fire tubes between the chambers are used 
for ignition. Two thermopiles are used to detect flame and to 
obtain a signal for the control. 

Regenerator. The regenerator is vertical and can be set out- 
doors as shown in Fig. 5. This arrangement has several advan- 
tages. It saves on building volume and on foundation height, 
and it reduces the heat rejection to the building somewhat. The 
regenerator forms a convenient base for a stack which is required 
to carry the exhaust to a height sufficient to prevent recirculation 
regardless of wind direction. The vertical tubes may collect 
less deposit from the combustion-gas stream. The disadvantage 
is that the regenerator insulation has to be weatherproof. 

The regenerator weighs 125 tons. It has 5500 tubes 1'/, in. 
diam, which give 46,000 sq ft of surface area. It will return to the 
air stream 80 per cent of the available heat in the turbine exhaust 
gases as measured by the temperature difference between the tur- 
bine exhaust and the compressor exhaust. The exhaust gases flow 
inside the tubes, and the compressed air flows on the outside. The 
sum of the gas-side and the air-side pressure drop is 5 per cent of 
the absolute pressure. 

Lube-Oil System. Lube oil is supplied from a 1000-gal tank 
loeated with its top at the operating-floor level. Normally a 
single vertical water-cooled lube-oil heat exchanger is supplied, 
but the tank and its associated equipment are so designed that 
two such oil coolers and a transfer valve also can be supplied when 
required. The transfer valve is arranged so that the oi! flow can 
be transferred from one cooler to the other, and the tube bundle 
of the unused cooler can be removed for cleaning while the plant is 
in operation. 

During normal operation when the unit is running, the lube 
oil is supplied by a positive-displacement pump driven by the 
gas-generator set through a gearbox called the accessory drive. 
An auxiliary electrically driven centrifugal pump capable of de- 
livering sufficient lube oil for continuous operation is also fur- 
nished. This pump is used for normal starts and steps. Jt will 
start up automatically if the lube pressure should drop from the 
normal value of 25 psig to 12 psig so that it can be used also in 
place of the unit-driven pump to operate the unit until it is con- 
venient to shut down to determine and fix the fault. A 2-hp 
centrifugal pump driven by a station battery also is supplied 
This can be used for emergency starts when auxiliary power is not 
available. It will start up automatically, and the plant will be 
tripped out if the lube pressure drops to 8 psig. Thus it serves to 
bring the plant to standstill without damage to the bearings in 
case of loss of the other two pumps. 

Starting Assembly. The plant is started by cranking, or driv- 
ing it by a starting assembly located on the foundation above the 
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oil tank but not touching it. Two designs for the starter are 
available; one is powered by a turbine which can use any availa- 
ble gas, or steam, or air, and the other is powered with an 1800- 
rpm wound-retor induction motor. The motor starter is con- 
nected through a speed step-up gear to the gas-generator set at the 
forward end of its compressor shaft. The turbine starter is direct- 
connected at the same pont Each starter is connected to the 
gas-generator set by an automatic engaging and disengaging jaw 
clutch, When starting the plant the clutch is engaged by means 
of a solenoid, The motion of the engaging member of the clutch 
operates a switch which starts the induction motor or the turbine 
as the case may be. When the gas-generator-set speed is suffi- 
ciently high the direction of torque through the clutch is re- 
versed, This reversal aided by a spring disengages the starting 
assembly An auxiliary generator up to a maximum rating of 
125 kw can be mounted on the turbine-driven starting assembly 
so that it is driven by the gas-generator set in case house power is 
required 

Control. The unit speed and temperature are controlled as 
indicated on the block diagram in Fig. 6. A number of the de- 
vices indicated on the diagram and used for the control have been 
described before (10). 

The fuel flow to the unit is regulated by a control valve which 
responds to give flow area about proportional to an oi) pressure 
called “variable control oil pressure’ (VCO), This valve, to- 
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gether with the pressure-ratio valve, which maintains at the con- 
trol valve a fuel pressure that is proportional to the compressor 
discharge pressure, determines the fuel flow supplied to the unit. 
Since the plant air flow is roughly proportional to compressor 
discharge pressure, VCO pressure is roughly proportional to fuel- 
air ratio 

The VCO pressure and hence the fuel supplied is established 
by the speed signal from the load-turbine shaft-driven governor 
generator working through the governor. 
overridden and set to a lower value, however, as determined by 
the lowest requirement of either the starting-position solenoids 
or the thermal unit. The thermal unit using the exhaust-tem- 
perature signal establishes a VCO pressure such that a maximum 
exhaust temperature is not exceeded and also such that the in- 


It is subject to being 


crease in exhaust temperature does not exceed a sudden rise of 
175 F (20 psi in VCO) followed by a rate of rise of 15 F per 
sec. The starting-position solenoids using the signal from the 
master control panel establish one of four possible VCO pressure 
limits. These four pressures, established either manually or 
automatically from the master control panel are selected to set 
suitable fuel limits during the following four steps when starting 
and stopping the plant: 
1 Shutting down or tripping out the plant. 
Firing the plant 


9 
3 Accelerating the plant to idle speed, no load. 4 . 
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4 Operating the plant over its normal range of load and speed. 

The thermal unit, the governor, and the starting-position 
solenoids are contained in the fuel regulator in such a way that 
this device can produce a VCO pressure as described in response 
to the three signals of load-shaft speed, exhaust temperature, 
and starting or stopping requirements. 

The nozzle regulator sets the turnable second-stage-nozzle par- 
titions to hold substantially constant exhaust temperature in 
the following manner: The exhaust-temperature signal causes 
the thermal unit in the nozzle regulator to set a potentiometer 
in the governor cireuit which establishes the proper speed-control 
point of the gas-generator set, which speed is the one required to 
hold the selected exhaust temperature. The governor in the 
nozzle regulator holds this control speed by opening or shutting 
the second-stage-nozzle partitions with oil pressure supplied to 
the hydraulic cylinders on the nozzle positioning ring. 

The gas-generator-set speed is held by opening or shutting the 
second-stage nozzle, and the speed to be so held is selected by the 
thermal! unit in the turbine-nozzle regulator. This is done rather 
than select a position of the nozzle directly from the temperature 
signal in order to limit the maximum and minimum speed of the 
gas-generator set by limiting the speed range available to the 
thermal unit. 

At near full load the nozzle-regulator thermal unit reaches the 
end of its range which is determined by the maximum resistance 
which it ean add to the governor cireuit; thus the maximum speed 
of the gas-generator set is limited. As more load is put on the 
plant, the exhaust temperature rises until it intersects the control 
curve of the thermal unit in the fuel regulator. At this point the 
thermal unit in the fuel regulator prevents the fuel from being in- 
creased further. If still more load is added, the speed of the load 
turbine will fall until the load is reduced to the capability of the 
plant with this limiting fuel flow. 
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In starting up and shutting down the plant, whether an emer- 
gency or not, the variable-angle nozzle is set at a fixed wide- 
open position 

In addition to the foregoing normally operating controls and 
the devices supplied to care for certain abnormal conditions, 
there are the following emergency controls: 

1 Load-turbine overspeed trip. 

2 Gas-generator-set overspeed trip. 

3 High exhaust-temperature trip. 

These controls are entirely independent of the normal regu- 
lating controls and servos. They operate to shut down the plant 
and to indicate the cause when selected values of speed and ex- 
haust temperature are reached. 

The master control panel supplied with the plant and shown 
in Fig. 6 contains all the necessary devices and supervisory in- 
struments to make the plant completely automatic. It should 
be possible to operate a plant of this kind unattended. When the 
reliability of these automatic features has been demonstrated and 
the proper telemetering equipment is added, the plant can be 
operated remotely in an unattended station. 

The necessary signaling devices and relays are in the control 
panel to crank the unit, fire it, and bring it tospeed. The required 
sequence of events can be controlled manually by means of a 
multiposition selector switch or the sequencing can be done auto- 
matically 

If any of a number of abnormal conditions occurs on starting 
either the sequence of events will be interrupted and the machine 
will be shut down or the sequence will not begin. Examples of 
such conditions are as follows: 

1 Failure to fire. 

2 Nobattery voltage. 

3 No voltage on lube-pump supply. 

If any of a number of abnormal conditions occurs during oper- 
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ation, the plant will be automatically shut down. 
as follows: 

1 Loss of flame. 

2 High wheel-space temperature 

Low Jube-oil pressure. 

An annunciator in the master control panel sounds a warning 
and indicates the cause of any of a number of abnormal condi- 
tions existing, such as the following: 

1 High bearing temperature. 

2 Failure of vibration-recorder amplifier. 

3 Auxiliary cooling-water pump not runping when required. 

The annunciator also indicates why the plant was shut down 
when it is shut down by any of the abnormal conditions, 


Examples are 


INSTALLATION REQUIREMENTS 


big. 5 shows the outline dimensions, plant weights, and con- 
Fig. 7 shows an installation of 
the plant as a drive for a gas pipe-line compressor. Some of the 
foundation can be seen in this view as well as the stacks on top 
of the regenerators, the evaporative precoolers, and air washers 
for the inlet air. The long room between the two units contains 
the master control panels and some electrical equipment 


nections for a regenerative plant. 
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b The concrete pilasters under the gas turbine are kept at about 
the same temperature as those under the gas compressor by blow- 
ing trom 10.000 to 15,000 cfm of air lengthwise through the 
foundation spaces with a fan. This insures good line-up of the 
plant members 

The turbine shell is water-cooled to maintain good turbine 
clearances and to be able to make the shell of carbon steel. The 
cooling water is circulated in a closed system so that it can be 
clean, free from salts, and possibly rust-inhibited. To provide 
this closed system a small galvanized-steel tank assembled to- 
gether as one unit with four connections with a heat exchanger 
and two small pumps is supplied with the plant. The over-all 
dimensions of this assembly are 26 in. wide X 66 in, long X 65 in. 
high. It can be located wherever convenient. Two connections 
are made to the turbine shell, 1'/,-in, pipe size to the turbine and 
a 2-in. return, And two 2-in. pipe connections to external cooling 
water 

The water requirements for the turbine cooling as well as those 
for the lube oil are shown in Table 1 
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TABLE 1) TURBINE COOLING AND LUBE-OIL REQUIREMENTS 
Water flow, Heat transfer, 
Btu per min 
Turbine cooling-water 
heat exchange 
Lube-oil coolers 


Total 78,500 
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Discussion 


W. kK. Boveer.' The authors are to be complimented on their 
worth-while contribution to the literature turbines. 
Several of the design features are quite interesting and the 
writer will look forward to a report on operating experiences. 

The expected performance shows clearly the virtue of the use of 
regeneration. In this design the full-load fuel flow is only about 
*/, of what it would be without heat recovery. It will be interest- 
ing to see whether the test performance entirely confirms the ex- 
pectations. The most striking value of the regenerator, however, 
is in part-load operation, where 50 per cent load at 100 per cent 
speed corresponds to about 55 per cent of full-load fuel flow. In 
other words, at 50 per cent load, the efficiency has dropped only 
about 10 per cent. 

No mention was made of the process of getting the gaseous fuel 
up to its inlet pressure. In some cases this compression work can 
be in the neighborhood of 10 per cent of the net power-plant out- 
put. In the application to gas-pipe-line pumping or repressurizing 
oil wells the fuel may be taken from the high-pressure line, but the 
prorated portion of the work still must be charged against the 
power plant. 


on gas 
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Avtuors’ CLosuRE 

Mr. Bodger has noted the good part-load performance of this 
power plant. Gas turbines with regenerators do have much im- 
proved part-load performance. In fact, by proper choice of 
cycle pressure ratio with the two-shaft machine it is possible to 
have the highest efficiency at reduced load. 

Getting the gaseous fuel to the required inlet pressure (150 
psig) is no problem for gas-pipe-line pumping units since the gas is 
already at a higher pressure. If natural gas must be compressed 
from atmospheric pressure the compression work required 
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would reduce the output and thus increase the fuel rate of the 
plant about four per cent. With gases of lower Btu content the 
reduction in plant output is less. For blast-furnace gas, for ex- 
ample, if the required pressure is reduced to 100 psig a net gain 
in output of about three per cent could be realized. This is due to 
the extra weight flow that would pass through the turbine. _How- 
ever, the gain in output would be accompanied by about eleven per 
cent increase in fuel rate. 

The authors wish to thank Mr. Bodger for his comments and 
interesting discussion. 
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By P. F. MARTINUZZI,' HOBOKEN, N. J. 


There are many turbo- 


applications of radial-flow 


ss machines, but this paper deals particularly with radial 


turbines for gas-turbine use. The possibility of building 


a multistage inflow turbine of a type in which all the 
wz stages are carried on a single rotor disk is evamined. 


NOMENCLATURE 


r 


The following nomenclature is used in the paper: 


= flow-passage area 

= centrifugal force on blade 

= meridian projection of blade area (Zweifel) 
= gas flow, lb per sec 7 - 

= pressure head 

= bending moment on blade 

degree of reaction 

mean radius of blade area (Zweifel) 

blade width 

absolute velocity of gas 

diameter 

power factor in gas-turbine cycle 

ratio between pressure head developed in rotating dif- 


Te: 
~ total radius ratio of rotor, exit to entry 


A, = 


Cuz 
= for rotating diffuser 


x = ratio between dimensions of two different rotors 
¥r = aerodynamic pressure coefficient (Zweifel) 

Y = specific gravity 

7 = turbine efficiency 

@ = angular velocity 


Usual subscripts: 


1 = stage entry 


fuser and input head f 
accele ration of gray ity ie : 0 = compressor rotor exit (for rotating diffuser) 


pressure 
radius 
blade pitch « ob 
peripheral velocity 
specific volume 
relative velocity 
number of blades 
Angles: 
Qy — Co With 
with uy; 
a — with uw 
8, — uw, with 
Bs — with ue 
6 uw, with 


Dimensionless coefficients: 


= 
re 
radius ratio of stage 
A’ = radius ratio of successive stage entry to first stage entry 
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2 = stage exit 
m= meridian (normal) component 
u = tangential (peripheral) component 
AD = adiabatic 


Usual superscripts: 


’ = second stage 
= third (last) stage 


INTRODUCTION 


Radial-flow turbomachinery has many applications. Centrifu- 
gal pumps and centripetal turbines are frequently used in hy- 
draulics; radial outflow steam turbines (Ljungstrém) are built in 


standard sizes in Europe. Centrifugal air compressors have 


of the inflow types, are used particularly for Diesel-engine turbo- 
_ superchargers, for cabin-pressurizing units or for other purposes in 
_ which the power required is low. This paper will deal more par- 
ticularly with radial turbines for gas-turbine use 
The qualification ‘radial’ indicates that the fluid passes 
through the turbine rotor mainly in a radial direction; though 
often the direction of flow at the low-pressure side is inclined or 
axial, This paper will refer to radial flow when the flow of the 
fluid is predominantly radial. While, in practice, radial compres- 
sors are always of the outflow (centrifugal) type, radial turbines 
can be either of the inflow (centripetal) or outflow (centrifugal) 
type, each having distinctive characteristics, advantages, and dis- 
advantages. Multistage radial compressors are often used for 
industrial purposes, but they consist of several machines of similar 
design connected in series, so that they do not constitute a single 
multistage machine but rather a series of machines. The only 
well-known example of multistage radial machines is given by 
the radial steam turbines (Ljungstrém, Siemens) in which each 
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rotor actually carries several rows of blades; in the Ljungstrém 
type, there are two counter-rotating rotors, 

Radia! inflow turbines for air or gas are often considered as if 
they were inverted centrifugal compressors. It is actually possi- 
ble to use a centrifugal compressor as an inflow turbine by blowing 
high-pressure air in the volute. Tests made in Europe with jet- 
engine compressors have shown that, when used as a turbine, 
they give a better adiabatic efficiency than when employed nor- 
mally as compressors. Radial inflow turbines of this type are 
cheap to manufacture and rugged. They are subject to limita- 
tions similar to those which beset centrifugal compressors; and 
these sre of two kinds: 

(1) The enthalpy drop that can be handled by a given rotor is 
proportional to the square of the angular velocity; 
»« due to centrifugal force, 


but so are the 
so that a limit to the enthalpy 
to the pressure head ) 


atresse 
drop (and, hence, ix set by stress considera- 
tions. 

There is a severe lack of balance between the flow passage 
area at the low-pressure side and that at the high-pressure side of 
the rotor, The area available is much smaller at the inner (low- 
pressure) than at the outer (high-pressure) side. This is a draw- 
back inherent in the radial design, and it is inconvenient in hy- 
draulic machines in which the fluid has a constant specific 
volume. In air or gas machinery, the disadvantage is enhanced 
by the fact that the gas at the low-pressure side, where the availa- 
ble area is small, has a much greater specific volume than at the 
high-pressure side where the area is large. The pressure-head 
to centrifugal foree, is coupled with an inlet- 
passage area limitation due to variable specific volume, The in- 
flow turbine is actually worse than the centrifugal compressor in 
this respect; the heating of the fluid, caused by losses in the rotor, 
increases the specific volume on the low-pressure side in the tur- 
bine, 


limitation, due 


making matters worse. 

The practical limit set to modern centrifugal compressors is 
a peripheral speed of about 1500 fps, to which corresponds a 
theoretical enthalpy rise of about 90 Btu for air. These extreme 
values are used only in aircraft engines; for industrial machines 
the maximum peripheral speed is about 1200 fps, corresponding 


to about 60 Btu for air. 


Tue Muvristace Roror 


As the “inverted-compressor-type” radial turbine cannot dea! 
with large enthalpy drops, some new solution must be found. In 
this paper the possibility of building a multi-stage radial inflow 
turbine, of the type in which all the stages are carried on a single 
rotor disk is examined. It is obvious that, for a gas turbine work- 
ing at high temperatures, only a rotor cast integrally with the 
blades can be taken into consideration; separate blades working 
in flexion (as in the Ljungstrém turbine) are not practical owing to 
the high heat and centrifugal stresses, while machining the blades 
out of a forged rotor would be very expensive. 

the blades are untwisted and 
can be given a slight taper, so that getting the pattern out of the 
mold is quite simple, Casting allows full latitude in the choice of 
profile and piteh of the blades; and the different stages can have 
different profiles, chords, and pitehes without complicating the 
operation in any way. 


The cast rotor is easy to make 


In practice, the last (inner) stage will not be purely radial, the 
mean meridian axis of the passages will be inclined relative to the 
radial direction; this inclination, useful to get the gas out of the 
turbine, must be kept within moderate limits to avoid the neces- 
sity of twisting the last blades for good efficiency, as the casting 
operation would then become very complicated. Modern cast 
high-temperature steels should be quite satisfactory, using pre- 
cision casting; the price of this type of rotor should be much 
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cheaper than that of a conventional axia! rotor, and should be ex- 
tremely low for quantity production. 

It is now necessary to determine whether such a multistage 
rotor is feasible. A radial turbine has a great advantage over a 
compressor, acceleration of fluid can be effected efficiently within — 
a very short length. There is no reason why radial-turbine blad- | 
ing should not give the same deflections as axial-turbine — 
blading, i.e., at least 90 to 100 deg per stage. Actually, the deflec- 
tion allowable in the radial turbine is greater than that at the 
mean diameter of an axial turbine; it will correspond to that al- 
lowed at the root of an axial blade. By using a suitably small 
pitch ‘chord ratio, the effects of the rotation of the gas in the rotor 
gas passages, so noxious in radial compressors, can be rendered 
negligible; the more easily because, as will be seen, the angular 
velocity must be kept low for reasons of stress. The effect of 
centrifugal force on the boundary layer of such a turbine, in-so-far _ 
as is known, has not been analyzed; but common-sense considera- 
tions show that it should be much less adverse than in axial tur- 
bines. 

In general, the radial turbine should not be affected by the 
three-dimensional effect as much as the axial; there is no force due 
to rotation which will tend to disturb pressure equilibrium across 
the flow, except the friction between gas and stator wall, not im- 
portant when the Reynolds number is high. 

Considering the boundary layer in a typical rotor passage, Fig. 

1, it will be seen that centrifugal force will have the effect of re- 
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tarding the boundary layer, which is bad, but it will also tend to 
make it stick to the suction side of the passage, which is excellent, 
and unstick on the pressure side. To counteract the retarding 
action, the flow must be well accelerated in the rotor. For this 
reason, and also to lower maximum gas velocities and, conse- 
quently, obtain high stage efficiencies, velocity diagrams giving a 
high degree of reaction, near 0.5, will be preferable. The maxi- 
mum peripheral velocity of this type of rotor is limited by the use — 
of cast material and by the bending stress caused by centrifugal | 
force on the blade root; given a reasonable gas temperature or | 
suitable rotor cooling, the maximum permissible velocity will | 
probably not be greater than 900 fps and would probably be kept 
smaller. 


Tue First Stace 


If a multistage inflow rotor, of the type proposed, is studied in 
greater detail, it is necessary to examine what happens in one — 
stage. The first (high-pressure) stage will now be investigated in | 
some detail, and the results found for it can then be adapted to _ 
the other stages. If d; is the outside diameter of the rotor, it also a 
will be the outside diameter of the first rotor stage; the inner if 4 
diameter of the first stage will be indicated with d,; the corre- — 

sponding outer diameters for the second and third stages will be — 
d’,; and d",, and so on; the subscripts 1 and 2 indicating the inlet a - 
and exhaust conditions of each stage, the superscripts ’ ” indi- — 
cating the second and third stages, respectively (Fig. 2). 

Considering now the first stage, the radial extension of the 

blade is '/o(d, — and the blade width at entry is at the exit 
by. This radial extension is obviously a function of the chord l of 
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the profile; and this in its turn depends on the aspect ratio 
» l of the blade, and hence on the blade width. 

To avoid excessive bending stresses at the blade root, b must be 
kept as small as possible; it will be shown later that, given the 
_ flow of gas G in lb per sec, the radial component of the velocity at 
entry Cm, and the rim peripheral speed u, the bending stress can be 
reduced at will by increasing d and decreasing 6 and the angular 
velocity w. In practice, b; can be as small as possible, provided 
that the axial clearance between blade tip and stator wall remain 
small relative to the blade width (from 1 to 2 per cent of b;). For 
mediunr or large industrial turbines, this gives the minimum 
value bh} = 1.5 in. — 1.75 in. Once is determined, the chord is 
also determined by the consideration that the aspect ratio b,/l of 
the blade should be greater than 1; but not too much greater, be- 
cause a small chord implies a small moment of inertia at the blade 
root, and consequently high bending stresses; preferably, b// 
should be between 1.2 and 1.5. Given the chord / and the velocity 
triangles, the radial extension '/(d, — d;) is then determined 
and, consequently, also the diameter ratio A = d,/d,. If all the 
considerations outlined are taken into account, \ for the first 
stage will very probably come out very near unity (say, \ = 0.95 
or so). 

For the reasons given regarding the boundary layer, a good 
amount of acceleration in the rotor passages is advisable. There 
is, of course, a wide latitude of choice; but, if it is assumed that 
the velocity diagram selected corresponds as nearly as possible to a 
0.5 reaction axial diagram, then results will certainly be satisfac- 
tory, and the calculations will be simplified. In such a diagram, 
_ Fig. 3, the absolute velocity of the gas entering the rotor c is 
symmetrical to the relative velocity leaving the rotor w:, and the 
relative velocity entering the rotor w; is symmetrical to the 
_ absolute velocity leaving the rotor c:. The deflection angle 6 is 


orrection 


Fig. 3 


the angle between w; and w:. As is well known, in any turbine 
stage, radial or axial, the work done per pound of gas flowing per 
second is 

_ 1 
= — — Curt)... 


where u; and uv, are the inlet and exit peripheral velocities, ce. and 
Cv: the tangential components of the absolute velocities ¢, and es. 
In an axial turbine, uw = uw = u and the work becomes H = 
(u®/g)t4, where Tz = — T2 and = ¢y;/u are the dimension- 
less whirl coefficients (considered positive if in the direction of 
™). For a given u, the work H (which is equivalent to the adia- 
batic enthalpy drop) increases with tz. The maximum allowable 
7, depends upon the maximum allowable deflection 4 (6 varies in 
general betweeu 70 and 110 deg for a reaction turbine) and on the 
dimensionless flow coefficient ¢ = c,,/u where c,, is the meridian 
component of the absolute velocity (axial in an axial turbine; 
radial in a radial turbine). The deflection is obviously a function 
of the deflexion coefficient { = 7,/¢. In a radial stage having 
characteristics as near as possible to those of a 0.5 reaction axial 
stage, the same absolute velocity angle at entry a@, can be chosen; 
but probably the radial component c,, at entry will be smaller than 
that of the corresponding axial stage, for reasons which will be 
seen later. : 

Given d,; and ¢,., the velocity c¢ is determined and, conse- 
quently, also w,, because its peripheral component wy; = ¢4: — Ww. 
Up to this point, the triangle is geometrically equivalent to that 
of the axial turbine; but it is impossible to make the other tri- 
angle equally equivalent, because is smaller than 
and the condition cue = us + Wy must be satisfied. 

Also, while in an axial turbine stage c,, is generally constant, ina 
radial turbine it will tend to increase, because the flow-passage 
area A = mdb decreases, while the specific volume of the fluid in- 
There is consequently again a great latitude of choice; 
but calculations are considerably simplified, and a satisfactory 
solution is found, if the assumption is made that the radial com- 
ponent c,, is inversely proportional to the diameter not only in the 
stage but along the whole turbine rotor 


CTeases, 


Cad = = = const. 


This assumption implies that, to satisfy the continuity condition, 
the width of the blades increases proportionally to the specific 
volume of the gas v, that is 

So 

@ 
These two assumptions give a reasonable shape to the gas passage 
along the turbine. 
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1000 per sec 
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With these assumptions, = A and 
\s and w 


and ¢ cannot both be symmetrical, there is the 
chowe of having either uw, and c symmetrical (that is, 8; = ae) 
Fig. 4, or ws and ¢, that is, By = ay, Fig. 5. 


In the first case (Pigs. 4 and 6), the diagram for the radial 


turbine can easily be determined graphically from the equivalent 


axial diagram by tracing ¢, wi, Ga: and Cag: ¢: will be determined 


by the meeting point of the horizontal from em: and the line sym- 
metrical to w 


If an auxiliary horizontal is traced at a distance 
Aew: from the pole, and segment ef = uw, then obviously segment 
gh = Xu = vw. Tracing from point Aa line parallel to es, it will 
cut the horizontal through ¢,2 at a point k, and segment jk = gh = 
us. Obviously, then, w. will be the vector joining the origin O with 
point A; 8. will be greater than a 


The work is, as usual, given by Equation [1]; but in this case, 
= Aw, while Fig. 6 shows that = where is the tan- 
gential component of c: in the axial (symmetrical) diagram; con- 
sequently 


Hap = (we Any ) = (tx, 


where 7, and tT, are those of the axial diagram. 7, is the same for 
the axia! and the radial turbine, and, in an axial 0.5 reaction dia- 
gram, T, = 7; + tT: = 1: hence r, = 1 rT and 


= 
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u,? u,? 
Hap = — (27, —1) = — 


T, where = 


both for the axial and the radial turbine. Consequently, it will be 
seen that, if the diagram in Fig. 4 is chosen (8B; = a), the radial 
stage gives the same work per pound of fluid as the equivalent 
axial stage. It will be seen from Fig. 4, 8: > a, hence the deflec- 
tion 6 = (# — 8,) — ®: for the radial is smaller (more favorable ) 
than for the corresponding axial. The difference between 8; and 
the corresponding value for the symmetrical diagram is small, 
about 2 to 5 deg. 

If the other type of diagram, with 8, = a, is chosen, Fig. 5, 
then the deflection is the same both in the symmetrical and in the 
radial diagram; 6 = (4 — 8,) — Bs. The unknown is now c; as 
segment gh still represent» us, if segment gj parallel to segment Ak 
is drawn, ¢ is given by the vector connecting the origin 0 with 
point j. For the diagram in Fig. 5, cue = wa: + ue and it is obvious 
that wu: = cui/A; it can easily be seen that the Equation [1] 


becomes 

Be nah 
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2 
Hap = (2r, 
and is slightly greater than the corresponding value in Equation 
{4}. The deflection in the case of Fig. 5 is the same as that of the 
symmetrical diagram. The diagrams in Figs. 4 and 5 are about 
equivalent from the aerodynamical and thermodynamical points 
of view; other equivalent diagrams could be drawn by making 
other assumptions. However, the diagram in Fig. 4 has the ad- 
vantage of being easy to calculate and draw and of permitting an 
immediate comparison with axial turbines and the “inverted 
centrifugal-compressor type” (for which tr; = 1). Throughout the 
remainder of this paper, it will be assumed that all multistage 
inflow diagrams are built according to Fig. 4. 


STAGES 


In axial turbomachines it is quite usual to have a certain num- 
ber of stages with similar diagrams, so that the absolute inlet 
velocity in the stator of one stage ¢ is equal to the absolute outlet 
velocity from the rotor of the preceding stage, while ¢,, remains 
constant in all the stages of the group. It is manifestly. impracti- 
cal to do the same in a multistage radial turbine; the number of 
blades in the lower pressure stages must be smaller, as there is 
less room for them; the blade width increases owing to the in- 
crease of specific volume (according to Equation [2] with our 
assumptions), consequently, the blade chord must also increase, 
to resist the increased bending moment, as will be seen later. 
The radial extension will increase in the successive stages while 
the outer diameter d, will decrease; hence the diameter ratio 
will decrease passing from one stage to the other and .might be- 
come A = 6.85 + 0.9 in the last stage. As will be seen, four 
stages seem the maximum practical number for any but the larg- 
In Fig. | and the following examples three stages 
have been chosen. 

The outer radius 7,’ of the second stage will be equal to the 
inner radius r; of the first stage minus the radial extension of the 
second stator stage and of the two radial clearances between 
stator and rotor; in general r- n’'>n ry. A’ = d,'/d, will 
show the ratio between the outer diameter of the second stage and 
the outer diameter of the first stage, A’’ = d,''/d,, ete. Given the 
radial extension r,’ rs’ for the second stage, A’ = d,'/d,' will 
give the radial ratio of the second stage, A’" = d,"’/d,"’ that of the 
third stage, ete. In general X > A’ > A” and A’ > A”, ete., and 
also 1 — A'’< 1—2X",1 A” <1 A’ — 2X", ete. 

The total rotor diameter ratio between the inner diameter of 
the last stage and the outer diameter of the first is obviously 


est rotors. 
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A, = A’ X” for three stages, A, = A’’’A’"’ for four stages. Given 


the ratio A and ) for all stages, the peripheral velocities are im- 
mediately given by u;’ = A‘u, ete. 
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us’ = A’A'w, ete: = Car ete.; Car’ = Cm /(A‘X’), ete; 
= ete; gr’ = /(AX"), ete. 

It is obviously desirable to have each stage give about the same 
amount of work. From Equation [4] it will be seen that Hap for 
each stage is proportional to the square of the peripheral velocity 
at the outer stage diameter; that is, to A*u*, where the appro- 
priate A is inserted for each stage. This would at first lead one to 
expect a rather alarming decrease in the work per stage, but in 
reality it is not so. The decrease in peripheral velocity is com- 
pensated by an increase in the tangential whirl component, and it 
can be seen that constant adiabatic work per stage can be main- 
tained without loading the blades too much. If A”’ is the diameter 
ratio for the last (third) stage, to have equal work in all stages ac- 
cording to Equation [4], it must be 


A’? 


Hay» = Han" (2r,"’ 


hence 


T= 


A’? 


A” 
2A’? 
But, while and 7, increase, also @ increases, = 

tr, 
so the deflection coefficient = = 

mains constant, and the angle 8. actually increases as B, > a, for 
this type of diagram and 


= re- 


tga," = 


The actual deflection angie 5’’ is in general greater than 6, because 
B; decreases more rapidly than 8, increases, and 6’' = (4 — 8,"') 
- B."’. It can easily be shown that wal 
1+ 
2 


But the increase in deflection angle is not great, about 15 40 
deg between first and last stage. 

Fig. 6 represents the last-stage diagram for A’’ = 0.7, first- 
stage conditions as in Fig. 4, and equal work per stage. Of course, 
there is no need to satisfy strictly the equal work per stage con- 
dition, or the condition that the degree of reaction should remain 
0.5. If an excessive loed on the blades of the last stages requires it, 
the adiabatic work per stage Hap’’ can be slightly decreased by de- 
creasing T,''; or Hap and 7, can be kept constant, but the de- 
gree of reaction can be increased to cope with the increased loading 
per biade. But even the simplest solution, as given by Figs. 4 and 
6, is perfectly possible without exceeding at the inner stage the 
maximum deflections usual in axial turbines. 


Srresses anv Roror Dimensions 


The stresses in the rotor disk are the same as those in a com- 
pressor disk and are calculated in the usual way; they are of 
course proportional to u*; the additional stress in the disk due to 
the weight of the blades is usually calculated by assuming an 
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artificial increase in the specific — of the disk proportional to 
the increase in disk weight due to the blades. The permissible 
maximum peripheral velocity u, will then depend on the material 
chosen, the temperature, the life expected of the rotor, and so 
forth. 

The stresses at the blade root are of two kinds: bending and 
shear. The force causing these stresses is the centrifugal force 
applied to the blade 

ybSu;? ybS 
Fo = - 
gr; q 


where ¥ is the specific weight of the material and S is the area of 
the blade profile (which remains constant along the whole blade); 
actually, « and r should be intermediate between r,; and r., but 
taking «4 and r, simplifies calculations and gives a margin of 
safety. The shear stress is obviously 


F yb ui? yb 
= = w 
Ss gn g 


and for a given ™, is proportional to b, and inversely proportional 


tor, The bending moment is 


2g 


proportional to 6,? and inversely proportional to ry. 

The maximum bending stress will depend on the section 
modulus Z of the profile relative to a radial axis. This depends 
not only on the profile chosen, but on its inclination (stagger) 
relative For a given profile, the greater the 
stagger, the greater obviously will be the maximum stress. It 
must be noted that the forces exerted by the gas on the blade have 
a radial component directed toward the center, as may be seen 
in Fig. 1. This force gives a moment opposed to that due to 
centrifugal force. But this centripetal component is small in the 
first stage, which has many small blades working at high speed; 
so it is better to neglect this compensating moment, 

The foregoing considerations refer to any dimension /, 7, ete. 
For a given turbine, that is, a given power, enthalpy drop, tem- 
perature, and so forth, the width of the first-stage blades }, is 
determined by the gas flow G in pounds per second, by the specific 
volume 1, by the meridian velocity ¢.. and by the diameter d,; 
then 


to a radial axis. 


Gry Ge, 


and 


wid yb, 

The width is inversely proportional to d; when G, and 

are constant: but also u, is constant (this is one of the fundamen- 

tal assumptions). In this case, an increase of d, to xd\(x > 1) 
will reduce 6 to b, x and Equation [6] gives 


x 
g xn 


=F 


and Equation [7] shows that the shear stress is constant; it is 
generally negligible. From Equation [8], it follows that 


M 


ySu,? <M* 


29 x 


= 


the bending moment is far from negligible but it is fortunately 
possible to decrease it at will by increasing the diameter and de- 
creasing the angular velocity w assuming a constant profile and 
section modulus. Obviously, the only limit to this increase in 
diameter is the condition b; > 1.5 in. and 6/l > 1. 

For industrial or marine turbines, a large diameter is not a dis- 
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advantage, on the contrary, with a given peripheral velocity it 
gives a low rate of revolutions. For instance, for u, = 850 fps and 
n = 3600 rpm, d, = 4.5 ft. A large diameter gives more room for 
several stages while keeping the total diameter ratio A, between 
first-stage entry and last-stage exit large, thus allowing plenty of 
room for the exhaust gas and reducing the leaving loss, as the 
meridian exit velocity is Cm: = Cmi/A,. 

Once the conditions for the first stage are determined by choos- 
ing b, and d,, the angular velocity w = ~/r; is determined. The 
forces F’, F’’, ete., and the moments M’, M”’, etc., in the second, 
third, ete., stages become, from Equation (6) and [8] 


b, ‘Ss’ 
bS 


2.0’ 


M’ 
29 


Tt has already been assumed, in Equation [3], that the blade 
width along the rotor is proportional to the specific volume. The 
law of variation of the specific volume depends on the thermody- 
namic expansion in the turbine; v will certainly increase when the 
diameter decreases, and, as a first rough approximation, it can be 
assumed that v varies in inverse proportion to the diameter, 
hence 

ete., and b,’ = Br,’ = ete. 
A’ A’ > vir 
If it is further assumed that the profile area S remains constant it 
follows that 


b, b,? 
With these assumptions, the shear stress remains constant and 
the bending moment increases from the first to the last stage, al- 
though the peripheral velocity decreases in the ratio A’’; this 
hows that it is very unsafe to assume that stresses vary with u?. 
In practice, the bending stress can be easily kept constant by 
using larger chords and thicker profiles, (justified by the greater 
deflections and aerodynamic loads) with consequent greater 
moments of inertia. The last stages will have a larger chord and, 
consequently, a larger pitch; the circumferential space available 
is smaller, so that there is room for fewer blades. But the work 
done by all stages is approximately equal, and the radius of the 
last stages is small. For all these reasons, the aerodynamic re- 
sultant acting on each blade of the last stages is far from negligible, 
and its radial component, directed toward the center, counteracts 
to a considerable extent the centrifugal bending moment. Also, 
the last stages work at lower temperatures which allows higher 
Stresses. 


Tue TURBINE 

It is now possible to examine the design of a multistage turbine 
calculated according to the foregoing assumptions. Given the 
power, the total adiabatic enthalpy drop Hror, the flow G, the 
state of the gas at entry in the turbine, the presumed adiabatic 
efficiency of the turbine 7, it is possible to determine the state of 
the gas at the exit of the last stage and hence r"’. 

The exit meridian velocity cn2'’ determines the leaving velocity 
and the leaving losses. If the inflow turbine is used alone, or is 
followed by a reheater, the leaving velocity c:’’ must be kept small; 
in that case Cm’ and cy:'’ will have to be small, and the power ob- 
tainable from the last stage and from the turbine will be reduced. 
But the inflow turbine can be followed by an axial, running at 
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higher rpm and driving all or some of the compressors, with a 
curved stator between the two. This solution, which gives the 
best combination and the most compact machine, permits higher 
leaving velocity, cms’’ and cy:’’, and high total power. Equal work 
per stage can easily be obtained. Given ca:’’ and the exit specific 
volume, the width b,’’ of the last stage can be determined, while 
that of the first stage and the outside diameter d, are chosen for 


” 


stress as seen previously. The ratio is the inverse ratio of 


the entry and exit specific volumes. The radial extension and the 
different \ and A ratios are chosen after considering the profiles 
and the blade chords desired, the chords being increased from the 
outer to the inner stages. In practice, the ratio b,"’/b; comes out 
very near A,; it is actually possible to set b:'’/b; = A,, but then 
A, becomes slightly smaller than it would be otherwise. In this 
way the main dimensions are defined. 

There are no particular difficulties about the stator; this will 
also be a casting carrying integral radial untwisted blades, and 
very easy and cheap to make. From the mechanical point of 
view, the radial turbine has the great advantage that all pieces 
are symmetrical relatively to the axis of rotation, and so are the 
joints, hence the risk of deformations due to heating is much 
reduced. 

The first stator stage can, of course, have a much smaller 
diameter do/d, than it would have in a centrifugal compressor, 
which means that the outside diameter will not be excessive. The 
gas can enter with a certain whirl. If several combustion cham- 
bers are used, multiple symmetrical entries are preferable. 

In some single-stage radial inflow turbines for Diesel-engine 
turbosuperchargers, there have been difficulties owing to uneven 
velocity distributions from the stator, with consequent loss of 
efficiency. This is undoubtedly due to the fact that, in a turbo- 
supercharger, the different stator sectors are fed by different en- 
gine cylinders. All the same, even in pure gas turbines, attention 
must be paid to even gas pressure and velocity distribution before 
the stator, by appropriate study of the inlet volute. Attention 
also must be paid to making the axial clearance between rotor 
and stator small at all temperatures. Fortunately. both elements 
being of similar cast material and the hotter blades being the 
shorter, reasonably constant clearances can be expected. 

Erriciency, Prreu, anp Reaction 

In the foregoing expressions, velocities, pressure heads, work, 
and so forth, are the theoretical values. They must be corrected 
for losses, and the losses can be calculated according to the usual 
methods: pressure-loss coefficients, drag/lift ratios, velocity co- 
efficients, and the like, just as would be done for axial turbines 
having similar Reynolds and Mach numbers and deflections, 

Existing test results can be used; cascade tests particularly 
should give very reliable indications in radial turbines of this type 
because, as has been seen already, there is no tri-dimensional 
effect. Of course, it would be advisable to make special blading 
tests for this type of turbine. Curved cascades can be used, but 
much better results should be obtained by means of tests with a 
rotating model turbine. 

The author has studied a simple and cheap special rotating test 
rig which can give a great variety of data (blade profile, pitch and 
chord, axial and radial clearance, ete.), under very flexible con- 
ditions and with the use of small quantities of air at low pressure. 
The question of radial clearances is important. Large clearances 
should be good, as they prevent mutual induction between stator 
and rotor blades, improve smoothness and evenness of flow, and 
reduce the danger of vibration (smaller in the radial because the 
blades are shorter). On the other hand, too-large clearances cause 


A, to become too small. 
diagram design. 

In an axial turbine, the absolute exit velocity from one row of 
blades is equal in value and direction to the absolute inlet velocity 
in the next row whatever the axial clearance. In a radial turbine, 
this is not true; the absolute velocity leaving one blade differs in 
value and direction from the absolute velocity at entry of the 
next row, and the difference increases with increasing radial 
clearances, This is due to the fact that the fluid, moving toward 
the center of the rotor, must retain constant angular momentum 
in the clearance space, where there is free vortex di-tribution. 
The entry velocity can be calculated easily from the preceding 
exit velocity, with methods similar to those employed to find the 
velocities at entry of the diffuser in centrifugal compressors. 

It must also be observed that each centrifugal stage of a cen- 
tripetal inflow turbine behaves substantially like an inverted 
centrifugal compressor, in which the transformation of work 
into pressure in the rotor is due only in part to aerodynamic 
forces, which are necessarily connected with aerodynamic losses, 
while the other part is effected directly by the centrifugal field. 
For all these reasons, the adiabatic efficiency of a well-de- 
signed multistage radial inflow turbine should be at least equal, 
and probably higher, than that of an axial turbine of similar 
power. 

The selection of an appropriate pitch for the different rows of 
blades and the appropriate pitch/chord ratio (/l can be effected 
by means of the method given by Zweifel.*| At the end of his 
paper, Zweifel gives three expressions for the aerodynamic blade- 
load coefficient Wr for general turbomachine blading; Wr is 
given as function of S, = /"RdF = F,R, (in Zweifel’s nomencla- 
ture) where F is the meridian projection of the blade surface, and 
R, is the distance of the center of gravity of this area to the axis. 
Also, the number of blades z and the pitch ¢ are given. The first 
of Zweifel’s three expressions, transcribed in the nomenclature 
and sign convention used in this paper, becomes 


Also, these clearances influence stage- 


{9} 


The number of blades z and the pitch ¢ are obviously connected 
by 
j 

For radial inflow bladings of the type discussed in the foregoing, 
and shown in Figs. 4 and 6, obviously & = At; we is very nearly 
equal to ¢; (the difference is negligible in size, but not in direction) 
so that 


we? = = + Cui? = Co? (1 + cot? a) 


with the usual approximate assumption that the specific volumes 

increase in inverse ratio to the diameters, it is obviously 
b(1+1/A) 


¥ 


4 


2 


2*The Spacing of Turbo-Machine Blading Especially With Large 
Angular Deflection,” by O. Zweifel, Brown, Boveri Review, vol. 32, 
1945, pp. 436-444. 
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Remembering that ren: = rea: and that ey Ca = WT, and 
it follows from Equations [9], [10], and [13] that 
RAL ye or 
bor + cot? ay 
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and, consequently 
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1 + cot? a, 


{15} 


where (, is given in feet if r, is in feet. As Zweifel shows, minimum 
losses are obtained for Wr = 0.8. At first it might appear as if 
Equation [15] gave the pitch 4, and not the pitch/chord ratio; 
but of course the radial projection of the chord is given by 
a A). The pitch in radial turbines is constant along the whole 
blade, while it decreases from tip to hub in axial turbines; the 
radial is consequently in a better situation in this regard. 

The degree of reaction is the ratio between rotor pressure head 
and stage pressure head. The rotor head is given by the dif- 
ference in energy between relative entering and leaving velocity 
plus the work against the centrifugal field, consequently 


For the type of blading in Figs. 4 and 6, this becomes 


tact) + cot? B) Cust + cot? By) + 
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{17} 


The symmetrical axial diagram on which Figs. 4 and 6 are based 
has R = 0.5, but the radial diagrams have a slightly higher degree 
of reaction, R = 0.515 — 0.65, owing to the influence of the work 
against the centrifugal field. This is a function of A, so R in- 
creases from the first to the last stage. An increasein 2 is favora- 
ble 


A Numerical 


An actual caleulation of a multistage radial inflow turbine for a 
gas turbine shows the advantages of this type. The cycle has a 
maximum temperature of 1340 F, with a compression ratio of 
5.75, a work factor (useful work /total work) of 0.394 and a flow of 
89 Ib per sec. The radial turbine constitutes the high-pressure 
stage and is immediately followed by an axial turbine moving at 
higher rotational speed. Figs. 2, 4, and 6 give (to the scale indi- 
cated) the dimensions of the rotor and the velocity diagrams for 
the first and last stage. 

The speed of rotation is 3600 rpm; d, = 4.5 ft; u, = 850 fps; 
A = 0.953; Ty = 1.162; car = 390 fps; 6 = 75° 20’; A” = 0.7; 
= 3.15 ft; = 595 fps; = 2.37; = 0.856; 
= 650 fps; A, = 0.6; 5° = 93° 30’. 

The exit velocity c.. is only permissible because the leaving 
energy is fully utilized in the next axial. The deflections are 
moderate. The first-stage blading has a chord s = 1.5 in., a 
blade length b = 1.7 in.; the piteh/chord ratio according to 
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Equation [15] is (/s = 1.13; the last stage has a blade length 
b” = 3.05 in., 8’ = 2.3 in., and t’’/s’’ = 0.96. The theoretical 
work per stage according to Equation [4] is Han = 33.8 Btu, se 
that the total theoretical work is Hror = 101.4 Btu. An “‘in- 
verted centrifugal” running at the same speed would only give 
Hap = u?/(gJ) = 29 Btu; so that the multistage turbine gives 
3.5 times the work! With an expected turbine efficiency of 88 per 
cent, the power output 11,200 hp, the useful work of the cycle is 
7500 hp, so that 3700 hp are available on the high-pressure shaft to 
drive part of the compressors (for instance, a high-pressure cen- 
trifugal). (The equivalent “inverted centrifugal turbine’ would 
only give one half the useful power.) The low-pressure high- 


speed axial turbine would drive the low-pressure axial compres- 
This example shows that the multistage inflow turbine ix 
eminently suitable for high-power industrial turbines; and it 
might even be possible to use it for large aircraft turbines. i, oa ; 


sors. 


RotatinG Dirruser Compressor 

The centrifugal multistage turbine is, of course, represented 
by the Ljungstrém and similar types of steam turbines. They 
are very suitable for steam because the passage areas increase from 
the high-pressure to the low-pressure stages, and thus follow the 
large increases of specific volume. The Ljungstrém turbine is 
thoroughly well known; also, it seems unlikely that it can find 
application in gas turbines because of the high temperatures and 
the small increases in specific volume. 

Recently, a very interesting application of the centrifugal 
multistage turbomachine has arisen: the combination of a com- 
pressor stage with a turbine stage, Fig. 7. The machine looks like 
an ordinary centrifugal compressor, but with a rotating diffuser 
Both turn in the same direction, the diffuser at lower rpm; the 
two shafts are usually independent. The first idea of such a 
machine and of its applications to the gas turbine seems to be due 
to Mr. F. A. M. Heppner,* but no experimental work seems to 
have been done by him. The author is grateful to Mr. A. R. 
Howell of the British NGTE for the first indication, and to Mr. 
W. E. P. Johnson of Power Jets, Ltd., who, with his usual kind- 
ness, provided copies of the specifications. Recently, a Swiss firm 
of Diesel-engine manufacturers, Saurer of Arbon, has come quite 
independently and undoubtedly without knowledge of the 
Heppner patents, on the same idea and has developed some very 
interesting turbomachines which have given excellent results. 
These now have been used in a Saurer gas turbine at present under 
test. 

The rotating diffuser compressor (for the machine is essentially 
a compressor ) is based on the following considerations: A centrifu- 
gal compressor transforms the input energy into pressure partly 
in the rotor, mainly due to the centrifugal field, and partly in the 
diffuser, by slowing down the very high absolute velocity leaving 
the stator. The compression in the rotor is effected very efficiently 
while the diffusion process is connected with considerable losses. 
These are even greater in modern high-speed machines as the 
absolute velocity leaving the rotor is supersonic, so that the dif- 
fuser blade tips work at supersonic or sonic velocity. The losses 
in the diffuser and exit volute are the main reasons why the 
centrifugal compressor is not as efficient as it should be. In 
general, about one half the theoretical pressure rise is in the rotor 
and half in the stator. In the rotating-diffuser machine, the 
stator energy, instead of being inefficiently diffused into pressure, 
is efficiently transformed into mechanical energy. The compres- 
sion ratio obtained is smaller, but the efficiency of the machine is 
higher; and, as will be seen, even if the rotor leaving velocity is 


* British Patents 536,238, of November 6, 


1939, and 548,180 of 
March 26, 1941 
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The tota! theoretical! energy input in the rotor is 


of which half 


| 
| 


is transformed into pressure in the rotor, the other half is available 
in the stator as kinetic energy. If the diffuser rotates (in the 
- same direction as the rotor) with a velocity u, = fue < we, the 
relative inlet velocity w, is smaller than ¢; if A = r2/r: > 1 is the 
radius ratio of the rotating diffuser, then uz = Au, = EAu. For 
practical reasons, vu, < ue as, owing to its shape, the diffuser can 
resist centrifugal stress less easily than the rotor. Reasonable 
values are 


A= 13-17; —=06—03; AE = 0.7 —08 


The theoretical energy converted into work in the diffuser is, a* 
in Equation {1} 


1 
Hy = (Matar Uae) = (eur Nev) {19} 


‘we Must be small to reduce the energy remaining to be converted 
into pressure in the stator volute. It is also preferably positive 
(directed toward the sense of rotation) to decrease deflection in 
the rotor. 

If cus = pe, with wp = 0.1 0.5, and remembering that 
Cur = Mo, then 
supersonic, it strikes the diffuser blade tips with subsonic velocity = 
owing to the relative motion. wl 

For simplicity’s sake, a rotor of the usual type with radial exit i goers me; 
vanes and axial absolute entry velocity will be considered. The 
radial clearance between rotor and rotating diffuser is considered The ratio between diffuser energy and total energy input (which 
negligible (dy = d,) so that the absolute velocity leaving the rotor is really a power factor) is 
¢o is the same as the absolute velocity entering the stator ¢,, Figs. 7 
and 8. Only the theoretical pressure heads and velocities will be Je , . (21) 
considered. For this type of rotor 


Hyp = — 
g 


The theoretical energy convertible into pressure i 
ue 
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Cur = = Cor = = Ale 


No = Coo = Uo tan Ae 


consequently 
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Equation [21| connects f,, &, A, and w; in general f, and X are 
given, and £ and uw chosen afterward. Usually co and wo are 
superapnic; it is then desirable that w, should be subsonic, with a 
Mach number of 0.8 or smaller. 

wy? + — = [tan® ay + (1 — 
hence 


= ¥ tan? a + (1 &)? 


[23] 
uo 
permits choosing the diffuser-tip Mach number as a function of 
£ Generally ay is small, a = 15° 20°, and tan? ay can be 
neglected in the first approximation, so that the reduction is 
roughly proportional to 1 —- £. If it ix assumed that the meridian 
component ¢m decreases proportionaliy to the diameter (i.e., that 
the width b of the diffuser varies with the specific volume, the 
variation is very small, because the diffuser transforms kinetic 
energy and not pressure energy into work, so } can be assumed 
constant), then Cn: = ¢m/A = Cmo/A. 
It can easily be seen that, in this case 


2 tan 


cot By = tan(* 3.) NCEA 


tan ay 


Ax 6 = (w/2 B,) + (w/2 B.) is the deflection in the diffuser, 
it will be seen that this increases with increasing A and with de- 
creasing ay and yw; & has little influence. Term 6 is generally 
attention must be paid that it should not be too 
large. Figs. 8(a) and 8(b) shows two diffuser diagrams for the 
same rotor, with uw = 1300 fps and a = 17 deg; the velocity of 
sound at the diffuser tip is about 1200 fps. Fig. 8(a), with f, = 
0.3 and X = 1.35, gives — = 0.6 and uw = 0.37. Fig. 8(b) with 
f, = OAS and A = 1.7 gives & = 0.5, uw = 0.425; it will be seen 
that small differences in the diagram give large differences in the 
power factor and that w; is subsonic in both. 


rather large; 


This type of rotating diffuser compressor can be used in a gas 
turbine to obtain all the useful power from the diffuser, which 
acts as a rotary torque converter, while all the heat energy of the 
gases goes from the primary gas turbine to the compressor rotor. 
In this case f, is fixed by the cycle conditions and is large, f, = 
0.28 —0.4. But the diffuser also can be made to supply only part 
of the useful power, the rest being provided by a special gas-tur- 
bine stage, mechanically connected with the diffuser. 

This second solution gives a higher efficiency but is more com- 
plicated. In this case, f, is small and can be chosen at will. In 
both types, there are two main advantages; the compressor ef- 
ficiency is much higher than it would be with an ordinary centrifu- 
gal compressor, and the torque characteristic of the engine is 
excellent, because a slowing down of the useful power shaft, that 
is, of the diffuser, increases the compression ratio. Conse- 
quently, this type of gas turbine seems very suitable for traction 
purposes. 

It must be noted that, if the diffuser is slowed down relative to 
the rotor, u; decreases, but the angle 8, remains constant, hence, 
Cu: Will decrease. When cx: becomes negative, unless special pre- 
cautions are taken in the design of the volute, the volute ef- 


ficiency falls rapidly, because the air goes the wrong way round. 
It can easily be seen that cy:/u: = w/AE gives the maximum per- 
centage range of diffuser velocity variation before the inversion 
in the volute takes place. 

If Equation [20] becomes zero or negative, that is, if Au > 1, 
the rotating diffuser gives no power or absorbs power. Both 
cases are interesting, the first because it permits a decrease in 
diffuser-tip Mach numbers, the second because it gives a higher 
compression ratio than an ordinary compressor for a given maxi- 
mum value of uw. However, in these cases, the rotary-diffuser 
machine is purely a compressor, and lies outside the scope of this 
paper. The counter-rotating diffuser in a centrifugal compressor 
with high Mach numbers seems to show little promise, because the 
relative velocity at the diffuser tip becomes greater than in an 
ordinary compressor. The only application might be for com- 
pressing hydrogen, helium, or other gases having a very high 
velocity of sound. 


Discussion 


ApeNstept.t The writer's principal interest is 
in the materials angle of this problem; therefore, answers to the 
following questions concerning materials would be appreciated: 


1 How high are the maximum stresses due to bending to be 
expected on the edges of the blades of such a radial-turbine de- 
sign? In some practical gas-turbine designs of today, we go to 
gas temperatures of arproximately 1400 to 1500 F. It is possible 
that at these temperatures the permanent bending stresses may 
involve somewh&t of a problem. 

2 The writer is greatly interested in the information concern- 
ing the rotating diffuser, especially since he happens to know 
that at the present time in this country work is under way on a 
similar compressor with a rotating diffuser. Compressor im- 
pellers of normal reciprocating engines (materials of aluminum 
alloy) sometimes show creep on the circumference of the disk or 
on the shroud, when operated at high circumferential speed (450 
m per sec). For the rotating diffuser under certain operating 
conditions, similar temperatures and maybe higher stresses would 
be expected. Would aluminum alloys be satisfactory for this 
part or would steel be necessary, since the stress-temperature 
level is too high for aluminum? What material was used in 
Switzerland for this part? 


W. T. von per Nuewi.’ Stress problems in hot radial-type 
turbine wheels are most important. It will probably require 
further extensive studies before these problems, e.g., thermal 
shock, cooling of the wheel and stress reversals find full answers 
However, there seems no need for being more concerned than 
one was or is with axial type wheels where, as is known, wheel 
cracking in turbosuperchargers was almost common (maybe 
still is). Gas turbines of the radial type at AiResearch having 
passed Government qualification testing and hundreds of start- 
ing cycles demonstrated reliability. Due to the very few years 
that this type has been under development, there are, of course, 
no ten-thousand-hour runs finished as yet. 


* Dayton Ohio. 

* Project Engineer, heading the Gas Turbines Project of AiKe- 
search Manufacturing Company, a division of the Garrett Corpo- 
ration, Los Angeles. Calif. 
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AvTHor’s CLOSURE 

Answering first both discussions as regards stresses in the 
turbine, there is no doubt that the crucial problem lies in keeping 
creep and permanent bending stresses low. Very accurate 
stress analysis is necessary not only for the disk but also for the 
blades, taking into account the local stresses at the junction be- 
tween blade and disk, where small fillet radii can often not be 
avoided. But, particularly for large industrial machines where 
there'are no sharp limitationsin radial size, the paper shows that the 
stresses can be reduced by an increase of diameter. Dr. von der 
Nuell’s experience with high-velocity high-temperature wheels is 
very encouraging. Although the AiResearch turbines are, of 
course, single-stage, the shape of the blades is very similar to 
that of the proposed multistage wheel. In the oral discussion, 
the figure of 1400 ft/s at 1400 F has been quoted as having proved 
quite safe under long and repeated tests. This is most satis- 
factory; the more so, due to the small diameter of the turbines 
tested, which, as shown in this paper, increases the maximum 
stresses. In an industrial turbine, 850 to 950 fps at 1400 F 
degrees would be the maximum required without cooling. 

Coming to Dr. Adenstedt’s question about rotating diffuser 
compressors, there is no doubt that this type is raising much 
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interest. To my knowledge, at least two U.S. firms are studying 
this problem, and there are perhaps more. The creep problem 
in this type of compressor is, on principle, less serious than in ordi- 
nary centrifugal compressors for the reason that, at a given periph 

eral speed of the rotor, the compression ratio is necessarily 
smaller with the rotating diffuser, as some of the energy input in 
the rotor is taken out of the diffuser in the form of mechanical 
energy; also the adiabatic efficiency is higher, so that the maxi- 
mum temperature is certainly lower than in an ordinary compres- 
sor. 

On the other hand, the shape of the rotating diffuser is more 
awkward than that of the rotor, and care must be taken in its 
design. But, if the tip peripheral speed of the diffuser is kept not 
higher than 80 per cent of the rotor tip speed, there should be no 
essential difficulties as regards stress. 

The gas turbine using a rotating diffuser compressor is most 
interesting and promising, particularly for traction as, if prop- 
erly designed, it can show most favorable torque characteris- 
tics. But there are hidden snags in this cycle, and careful study 
is necessary if all the advantages of this type of turbine are to be 
utilized to the full. But this is another story and will have to 


be told in another place. 
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Review of Optimum Design of Gas-Turbine | 


Regenerators 


abe 


This paper summarizes to simplify 
the design and selection of the most suitable regenerator 
for a particular gas-turbine application. There are pre- 
sented the criteria to be applied for the case of shape, : 
volume,weight of surface area being the principal limita- 
tion on design. The distinctive features of bare-tube 
design and of extended-surface design are outlined. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A = heat transfer area, ft* 
= factor in determining fin effectiveness, a = (2h /kt)®* 
= wetted perimeter, ft 
= specific heat at constant pressure, Btu/(Ib F) 
= air or gas capacity rate, C = We,, Btu/(hr F) 
= constant related to j(f/2), a function of tube spac ing ’ 
for cross flow = [j/(f/2)] 
constant re lating performance inside to outside of 
_ tubes for cross flow; the relationship involving C; 7 we 
is given in Equation [17] po 
as equivalent diameter of passage: For flow through 
2D, + Dz) D, + Dy 


For flow parallel to outside of tubes 
(square pitch) 


em) 


(equilateral triangle pitch) 
aA 


3 


width of rectangular passage, ft 

height of rectangular passage, ft 

inside diameter of round tubes, ft 

outside diameter of round tubes, ft 

friction power (in reference 3 expressed as hp/ft*), 
ft Ib/(hr) (ft?) 


(WIA) 


2ap? 


= AP’(W 


F = ratio of design factors, dimensionless (see text) 
f = friction factor, see dimensionless groupings 
G = mass velocity, lb/(hr ft?)G@ = Voor = V/v 


1 Consulting Engineer, Worthington Corporation. Mem. ASME. 

Contributed by the Gas Turbine Power and Heat Transfer Divi- 
sions and presented at the Annual Meeting, Atlantic City, N. J., 
November 25-30, 1951, of Tae American Soctety or MecHANIcAL 
ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be, 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Sep- 
tember 18, 1951. Paper No. 51—A-107. 


welt; 


(At,,), 
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on 

mass velocity at minimum opening between tubes, 
Ib/(hr ft*) 

proportionality factor, g = 4.17 10° lb ft/ # hr? 

unit conductance for thermal convection heat trans- 
fer, Btu/(hr ft* F) 

heat-transfer factor, see dimensionless groupings 

thermal conductivity, Btu/(hr ft* F/ft) 

constants whose values are given in Equations (11), 
{12}, and 

flow length, ft 

length of passage for flow of air, ft 

length of passage for flow of gas, ft 

length of assembly of passages in no-flow direction for 

cross flow plate-fin type exchanger, or length in 

no-flow direction for tubular exchanger, ft 

dimension in direction of stream flowing across out- 
side of tubes, ft 

length of tubes, ft 

exponent in expression for change of f with Nx, 

exponent in expression for change of j with Nx, 

number of tubes in direction of flow across tubes, 
dimensionless N = L,/S, 

number of transfer units, see dimensionless groupings 

pressure, Ib /ft* 

pressure drop, ft of fluid 

pressure-drop ratio, dimensionless 

gas constant; for air R = 53.3 ft #/(lb deg F) 

exponent in expression for change of h with EF, 

—~n)/(3 — m) 

hydraulic radius, ft 

free flow area, ft? a 

tube-spacing ratio, center to center, in direction 
normal to gas flow, dimensionless 

tube-spacing ratio, center to center, in direction of 
gas flow, dimensionless 

temperature, R 

temperature, F 

thickness of fin, ft 

log mean temperature difference, F 


r= (1 


I(t), 


(ts), ts) 


(te), — (th), 
mean effective temperature difference to be 


determining efficiency for cross flow heat exchang- 
ers, F 


Mt. = ¥(Ats) 
At, = (At,), + (At), 


mean effective temperature difference between air 
and metal wall, F 


(At,,), = mean effective temperature difference between gas 


and metal wall, F 


* 
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6t = change in temperature of fluid going through re- NTU, = this is the NTU for the “cool” air side of core j 
generator, F 
NTU, nh. A, C, = jo(Np,)~ nA s 
U = unit over-all thermal conductance, Btu/(hr F ft?of A) NTU, = this is corresponding NTU for “hot” gas side of core 
V = velocity of fluid, at average air or gas temperature, 
ft/br NTU, = my = (A/S) = 
» = specific volume, at average air or gas temperature, — : 
ft'/Ib Np, = (c,/k), Prandtl number, a fluid property modulus 
W = flow rate, lb/hr Ne, = (DG/p), Reynolds number, a flow property modulus 
x, = effective length of fin, ft 4 characterizing “turbulence” 


Y = correction factor to apply to log mean temperature Ny, = (h/Ge,), Stanton number, a heat-transfer modulus 
difference to obtain effective temperature differ- 
ence, dimensionless Subscripts: 


. c¢ = cool air side condition 
= = hot gas side condition 
Values of Y are summarized on p. 147 of ref. 10 ; | = condition on inside of tube 
6, A = prefixes denoting difference = condition on outside of tube 
¢ = heat-exchanger effectiveness, a function of NTU, 
C,/C, and flow arrangement, dimensionless (see 


2 = fluid condition at exit of heat exchanger 
nae 4 Fig. 1) 


= fluid condition at entrance to heat exchanger 


Miscellaneous: 


= (te), — (had, = X of McAdams (by definition) 


(th) (4) lb = pounds mass in distinction to 
# = pounds force 
n = combined fin and metal-wall effectiveness, dimen- 


INTRODUCTION 
sionless 


D D ~ The fuel consumption of the gas turbine can be reduced sig- 

=aliry n=, ( : ) + 1.00 ( : ) nificantly by means of a regenerator to preheat the high-pressure 
Di + Ds D, + D: air before it enters the combustion chamber. Thus part of the 

: n, = fin effectiveness, dimensionless oe heat which otherwise would be lost in the turbine discharge gas 

° > is returned to the evcle. In the light of the considerable premium 

tanh az, a a associated with obtaining the best design of this regenerator, 
= ar, Fire ee several papers on this subject have appeared recently. One ap- 
oe Toman taken by London and Kays (1)* and (2) and by Kays, 


" 


w= absolute viscosity, th /(hr ft) rey | London, and Johnson (3), is to use compact surfaces having a 
p = fluid density, Ib /ft® 7 “ee 5. relatively large surface area per volume of core. While such 
designs reduce the volume of the heat exchanger, they call for 

large frontal areas which result in awkward shapes. In order to 

1/S = ratio of surface area to net open area. From defini- overcome this difficulty associated with compact surfaces, Lon- 
tion of D,, A/S is related to length of flow path by — don and Kays (4) delineated the requirements of a system of heat 

‘ exchange using a circulated liquid to couple two independent 

A/S = 4L/D, liquid-gas heat exchangers. Then each unit could readily be 

designed for large frontal areas and short flow paths, and would 
be similar in construction to conventional radiators used with 


A/S = # N(S;/D, — 1) liquid-cooled internal-combustion engines, 


Dimensionless groupings: 


For flow across outside of tubes 


The other approach to the problem of obtaining the most ef- 
= Fanning friction factor. The f ver- fective wegresmaner possible within sot limite a reap weight, 

sus Np, plot defines friction char- volume, or shape is to design for the optimum ratio of surface 

astaiaiic dt tha tae area for the high-pressure fluid to that for the low-pressure fluid, 
or for the optimum ratio of flow areas. Messinger (5) considers 
the case of finned tubes, Shepherd (11), Schmidt (6), and Roh- 
senow, Yoos, and Brady (7) the case of bare tubes in counterflow 
exchangers. The author (8) has presented the optimum ratios 
for plate-fin crossflow and bare-tube crossflow arrangements. 
McAdams? outlines the procedure for gas-to-gas heat exchangers 
= UA/Com-number of core “heat-transfer units,” of shell-and-tube construction. 


AP"(p)? 
(A/S) 


= generalized heat-transfer grouping. 
This factor, j versus Vp,, defines 
heat-transfer characteristic of 
surface 


a dimensionless expression of “heat-transfer size”’ Good design involves both the selection of the most suitable 
of core. Ratio of heat-transfer rate to heat-flow surface and the utilization of that surface most effectively. The 
rate is equal to ratio of temperature change of — Purpose of this paper is to compare the several types of heat- 
one fluid to temperature difference between the transfer surfaces or arrangements and to present the optimum 
two fluids relationships applicable to each type. 

temperature change of air * Numbers in parentheses refer to the Bibliography at the end of 

the paper. 
over-all mean temperature difference * Reference (10), pp. 363-367. 


Ha 
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Generar Design RELATIONSHIPS 

The discussion will be limited to the simplified case, applicable 
to most gas-turbine cycles, that the mass flow and the specific 
heat of the fluid on one side of the heat exchanger are essentially 
equal to the mass flow and specific heat of the fluid on the other 
side. 

The heat-transfer performance of the regenerator will be de- 
fined by NTU, number of heat-transfer units, which is the term 
applied to the ratio UA /Cmin which is related to the temperature 
conditions by 


UA/Cas « Temperature change of one fluid 


Over-all mean temperature » difference’ 
between one fluid and the other 


Hence 


The convention is to relate the N7T'U to the temperature change 
of the fluid having the smaller heat flow so that the value used for 
NTU is the higher one. For the gas-turbine regenerator the 
mass flow and heat capacity of the cold air are slightly less than 
those of the hot gas so that the N7'U will be related to the cold air. 
However, this distinction is in a sense academic because for the 
purpose of the present analysis the mass flow and specific heat 
of the two fluids have been assumed equal. 

The relationship between NTU and regenerator effectiveness 
is shown graphically in Fig. 1 for the case of counterflow, single- 
pass, and multipass crossflow. 


MULTI-PASS GROSS-COUNTER 
FLOW EXCHANGER «| 
UNMIXED Passes 


“(We) 
COLD FLUID 


COUNTERFLOW - 


EFFECTIVENESS 


NO. OF UNITS, 
Fie. 1 Protror NTU Versus Excuancer Errecriveness 


formance of the hot and cold sides of the regenerator for which 
the derivation follows: 


Over-ALL Revationsuirs (ComsBinep Errect or Hot anp 


PASSAGES ) 


The over-ail resistance to heat transfer, 1/U A, is the sum of the 
individual resistances. For gas-to-gas heat exchangers the sig- 
nificant resistances are the gas films on the two sides so that the 
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Dividing the denominator of each term by We, = (We, = 


(We,). 


1 
UA/We,  (hA (hA/We,), 


which can be expressed in accordance with the original definition 
as 

— 
NTU NTU, NTU, 

The parasitic losses due to pressure drop in the regenerator 
have an effect on the cycle proportional to the sum of the in- 
dividual pressure-drop ratios 


AP/P = (AP/P), + (AP/P), 


or in terms of the total power loss 
(W) (AP/P) = (W)(AP/P), + (W), (AP/P), 
INpIvipuAL ReLationsuips (Errner Hor Sipe or Sipe) 


For any surface the individual NTU and the individual AP/P 
terms can be expressed as 


NTU, = jx (A/S) (Np,) 72/3 {8} 


An equation comparable to Equation [8] applies to NTU, 


(A/S), 
2¢ Pp, 


The relationship between the two terms is obtained by combining 
Equations {8} and [9] 


(A/S), 


AP/P) 
2g 


(9) 


(G,)? (Np,)” 


The ratio j/(f/2) is from theoretical considerations never 
greater than unity. Hence Equation [10] with j/(f/2) equal to 
unity expresses for the ideal regenerator the maximum NTU that 
can be obtained for a given pressure drop, assuming that space 
limitations determine the flow rate of the fluid. Conversely, 
Equation [10] sets the minimum cross-sectional area required to 
obtain a given NTU for a maximum allowable AP/P. Where 
cross-sectional area is not restricted there is no particular ad- 
vantage to a high value of j/(f/2). 

For the actual regenerator the ratio of j/({/2) is less than unity, 
but its value is reasonably constant for a particular type of sur- 
face. Hence Equation [10] is useful for expressing the rela- 
tionships among NTU, AP/P, and G for a particular regenera- 
tor design. 

For a given surface, j and f are functions of Ng, and over the 
range of interest one may express the relationship as 


= (hi) ( 


{10} 


Ne ) 


j = (h/c,G) 
= (ke) 


(APP) (RT) (0)? 

(G*/2g) (A/S) 
where the constants k, and k; and the exponents m and n de- 
pend on the type of surface and upon the nature of flow (whether 
turbulent or laminar). 
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TRANSACTIONS 


For a given heat-transfer duty, the surface area required is 
inversely proportional to A, the local heat-transfer coefficient 
The relationship between Ah and the friction power EF expended 
is obtained from Equations {11} and {12} as 


h = (hy) Ce, (Ey (29) 


where 


E = (AP/P) (RT) (W/A 


{ baponent r= (1 


ky (D/py 


pect! Constant ky = 


The following generalizations applicable to flow in one set of 
passages may be deduced from Equations [10] and [13], assum- 
ing a fixed NTU, fixed MP/P, and particular fluid properties: 
Minimum cross-sectional area is required for the type of 
surface having the highest value of j/(f/2). 

(6) Minimum surface area is required for the type of surtact 
having the highest value of h for a given value of E and p, hence 
in general, the highest value of ky. 


(a) 


Inasmuch as the regenerator has two sets of passages both 
containing fluids, these generalizations 
must be modified to allow for differences in density, type of 
surface, flow area, and surface area for the two fluids. Further, 
allowance must be made in the design for the effects of the flow 
arrangement on performance. As shown in Fig. 1, the effective- 
ness for a given N7'U’ is less for crossflow arrangements than for 
counterflow 


relatively low-density 


Since in calculating the design it is seldom possible to arrive at 
exactly the desired values on the first trial, the following re- 
lationships are presented, which apply to a given design: 

If the pressure-drop ratio is fixed, and it is desired to change the 
value of N7'T’, then the surface area for a given heat-capacity 
flow is affected as follows 


1/We, a(NTU for constant AP /P | 


Conversely, if the NTU 
and pressure drop ratio is 


is fixed, the relationship between aren 


1 We, (for constant NTT 


Combining Expressions and [146] and inserting constants, 


one obtains 


NTU = ky [CAP/P) (p)™ (2a) { 15! 
which is essentially just another way of expressing Equation [18 
since NTU’ is by definition (A) (4 We 

These relationships are derived from bquations [11], [12], and 
15). A thermodynamic analysis of the optimum ratio between 


N70 and AP /P is given by MeClintock (12) 
COMPARISON OF SURFACES AND ARRANGEMENTS 


In order to simplify the comparison of each type of surface and 
arrangement, the peculiar features of each are summarized. 
Shell-and-T ihe Construction —Bare Tuhes 
Counterflow With Both Fliads Flowing Parallel to Tubes 


Cross-sectional area is smallest for this design because: 


(a) 


1 Ratio of j/(f 2) for flow parallel to smooth surfaces is close 
te unity 

2) Entire cross-sectional area except for the small space taken 
by tube walls is available for flow 

Surface area is larger (perhaps double) for flow past smooth 
surfaces than for flow past interrupted surfaces such as short 
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strip fins or flow across tubes because heat-transfer coefficient for 
a given friction power is low. For this design the minimum sur- 
face area is obtained when the ratio of flow area for the fluid 


flowing on the outside of the tubes to that for the fluid flowing in- 


exponents m and n in Equations [11] and [12] 
to 0.2. The ratios given by Equation [16] 
were derived in similar manner to those for crossflow tubular 
The values of the ratio ob- 


{16} 


for the case of the 
being both equal 


design presented in reference (8). 
tained by Equation [16] are close to those obtained from the 
equations of Schmidt (6). 

For the high-pressure fluid on the outside of the tubes, Equa- 
tion [16] gives a flow-area ratio which is difficult to obtain in a 
practical unit because of the extremely close tube spacing re- 
quired 

For the high-pressure fluid inside the tubes the optimum flow- 
wrea ratio usually can be achieved with a straightforward design 
The significance of the optimum for the case of p,;/p, equal to 8 is 
illustrated in Fig. 2. The dashed line shows the tube spacing in 
terms of tube diameters, assuming the ratio of tube OD to TD of 
1.1, and an equilateral-triangle pitch arrangement. 


| 


ORE WEIGHT) 


"NUMBER OF” 
TUBES | 


¢ 


“slow AREA | 

TOTAL F_OW 
(Se+S$))- 


+-—4-—4 


} 


4 
4 
= 
a 
z 
> 


URFACE AREA) 
SURFACE AREA, 
ALSO CORE 


+---4 


8.0 Ti/T. = 10 


Frow Area Ratio, S,/S; on 
DIMENSIONS 


Case of py /p. = 


or REGENERATOR 


For minimum volume the ratio of S,/S, as calculated from the 
equations of Schmidt (6) is unity or slightly less for the case of 
the high-pressure fluid inside the tubes. Generally the designer 
will be limited by the requirement of holding some minimum 
ligament in the tube sheet. 

(h 

Cross-sectional area is largest for this design because 


Crossflow: 


| The area for flow on the outside of the tubes is limited by 
the minimum section between adjacent tubes in each row. Hence 
a large fraction of the volume on the outside of the tubes is not 
available for flow. 

2 Ratio of j/(//2) is relatively low except for the case of 
closely spaced tubes. For closely spaced tubes the area for flow 
is a small part of the total cross-sectional area so that the first 
explanation is the more important. The value of j/(f/2) is given 


GMG/2) = C/N 


= 
4 
4 
TENGTH OFT 
25-5 
| 
= 
a 
= 


i... 
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where Cy is a function of tube spacing. Values of (, are shown as 
Figs. 8 and 4 of reference (8) 

Surface area is less than for the case of the countertlow ar- 
rangement because the heat-transfer coefficient on the outside 
of tubes for flow across tubes is higher for a given value of & 
than for flow parallel to tubes, 
broken line for the case of flow across '/-in-OD tubes arranged 
in line, with spacings of '/i. in. between tubes in the direction 
of flow and ', in. transverse to flow. The relationship between A 
and E for flow through the '/;-in. tube is essentially the same as 
the curve for the plain fin, 5.3 fins to the inch, PF 5.3. 

The advantage of the crossflow arrangement, besides the 
higher heat-transfer coefficient, is simplicity of ducting. How- 
ever, as shown in Fig. 1, the effectiveness for a given NTU is 
ippreciably less than for counterflow, unless multipass arrange- 
ments are used. In form comparable to Equation [16], the opti- 
mum ratio of flow areas ior each pass, whether single pass or 
multipass, is given by 


Ss G C; ) on “ an 


The values of C; for different tube configurations are given in 
reference (8). For flow across in-line tubes or closely spaced 
staggered tubes C; may be taken approximately as 3.3. A value 
of Reynolds number for flow on the outside of tubes must be 
assumed, However, since it enters only to the 0.037 power a 
single trial is usually adequate. 

With crossflow arrangement the designer can vary the ratio of 
flow areas without changing the tube spacings, since 


S,/S, = (L,/L,) (D,/D;? (S7/D, 1) (S,/D,) . 118] 


For minimum volume of core the tubes are spaced together as 
closely as possible, minimum value of S;/D, and S,;/D,. Then 
the ratio of dimensions L,/L, is set to give the optimum ratio of 
S, and S,. 

The effect of changes in the ratio S,/S,; on regenerator surface 
rea will be approximately the same as shown in Fig. 2 for the 
counterfiow unit. However, the number of tubes, volume of core, 
length of tubes, and free-flow area are affected not by the ratio 
S,/S, but instead by the tube spacings, S,/D, and S,/D,. 


Krtended Surface— Plate and Fin Construction 

(a) Dimensions Set: 

The choice of surface determines whether one obtains a unit 
of low weight or one of high NTU for a given AP/P. The re- 
lationships for the ideal regenerator to fit into the space defined 
by LL, and L,, have been derived by the author (8). The 
optimum ratios so derived result in the relationship of maxi- 
mum \7U° attainable to anv value of AP/P. It is assumed 
that smooth, continuous fins having a value of j/(f/2) = 1.0 
are used for both hot and cold passages. The equations given 
in reference (S) may be modified to the form previously used in 


this paper 


For counterfiow arrangement the values of L, and L, are equal. 
The values of j and f for flow parallel to smooth surfaces depend 
on the aspect ratio of the passages. 


{19} 


For aspect ratios approach- 
ing unity the performance is the same as for flow through tubes, 
Values of ) (f 2) for several continuous fin arrangements are 
given in Fig. 3. In the turbulent region exponents m and n may 
be taken as 0.2 and for this case the over-all relationships among 
the several terms are given in (8) as 


AP/P, NTU, (Dry _ (°) ) (ry 
MTU, (Pi L 


N OF GAS-TURBINE REGENERATORS 

The ratio of surface areas to give the foregoing ratios of APP and 
NTU is 


A./Ay = (G./G,)** (Ly/L, (21) 


ln the actual regenerator in contrast to the ideal regenerator, 
the values given in Equations {20} and [21] may not be realized 
because of low fin effectiveness, or because performance of the 
fin pattern indicated by the design calculations happens to give a 
value of j/({/2) much less than unity. For practical reasons the 
design may not be acceptable because of excessively close fin 
spacing, or excessive surface area and hence, weight and cost 
Therefore one must usually accept a lower V7 or a higher 
AP/P. If friction power is not critical then surface area can be 
reduced by choosing a fin pattern having a high value of A for a 
given friction power. If friction power is important, then the 
selection is made from those fin patterns having relatively high 
values of j/(f/2). The performance of several compact surfaces 
is shown in Figs. 3, 4, and 5, giving values of j/(f/2), BE and h, 
for different values of G. The curves have been plotted from 
data taken from reference (3). 

It should be noted that with plute-and-fin construction in con- 
trast to bare-tube design, the ratio of the surface areas A, /A, and 
the ratio of the free-flow areas S_/S, can both be varied to meet 
the desired performance requirements. 

(b) Dimensions Not Set 

For minimum volume, without regard to shape, one selects a 
surface having a large surface area per unit volume and having 
a high heat-transfer coefficient for a given friction power. Kays, 
London, and Johnson (3) have plotted the heat transfer per unit 
volume against friction power for several compact surfaces. 
With such a plot, selection of a suitable surface ix readily made 
Then for the particular surface, sinee the ratio of volume to 
area is fixed by the core pattern, the optimum ratio of flow 
areas to give minimum volume is the same as for minimum surface 
area, The equations are presented in the following paragraph. 

The optimum conditions for minimum surface (minimum 
weight) have been analyzed by Van Le (9). It is assumed that 
there are no limitations imposed on the shape or volume of the 
regenerator. For the particular surface pattern selected the 
following ratios result in the minimum surface area 


; dD, M, T, 


and 


where F is given by 


We] {= 2 
Dou T 


(24) 


The values of NTU and heat-transfer coefficients are also related 
by 


Fe NTU,/NTU, = 25! 
The foregoing assumes that values of the exponents m and n are 
the same for both sides of the regenerator, 

The selection of surface to use will be from those having a high 
value of / for a given value of E 


Extended Surface—Liquid-Coupled Arrangement 


The case of designing for minimum volume without regard to 
shape often results in large frontal areas with short flow paths. 
For the large flows which obtain on gas turbines this may result 


in an awkward shape. Hence it is usually necessary to design 
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SUPPLEMENT TO FIGS. 3, 4, AND 5 
Description of surfaces 

Area 
Surface, Hydr. Plate Louver Louver Fin volume, 
fins /in, radius, ft spacing, ft length, in. gap, in. thick, in. sq ft/eu ft 


Puain Pirate Fin 
001495 0.0208 
Lovuverep Fin 
00365 0.0208 0.375 
00253 0.0208 0 250 
00253 0.0208 0 375 
Fin 
00217 0.0345 0.125 


00361 0 
00350 0299 } 0 
00358 Tube cross section 0.144 X 0.302 


(flow through tube) 
FT-2 

(flow across tube) Arranged in staggered pattern 


00358 Tube outside cross section 0.127 xk 0.315 


. 
| 
Yi / | Swe, / 
‘ 4 / | | | 
1 
= 19 86 0.006 561 
6.06 55 0.006 256 
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for the condition that the dimensions are set to some limits. 
The attractive alternative suggestion has been proposed by 
London and Kays (4) of using a liquid-coupled system with two 
heat exchangers, one for the air and one for the gas. The analysis 
to determine the ratios which give the minimum surface area or 
the minimum volume are the same as for the previous case of 
extended surface—-dimensions not set. The equations presented 
are for the case of the exponents m and n being the same for the 
hot and for the cold passages. 

The analysis has not been made for the case of different ex- 
ponents except for the crossflow tubular arrangement having ex- 
ponents of 


Flow inside tubes m = 0.2 n=0.2 r=(1—n)/(3 — m) =0.286 


Flow across tubes m = 0.13n =0.4 r=(1—n)/(3—m) =0.209 
Since the form of the equation expressing optimum relations for 
this case is similar to that for the case of exponents being equal, 
the method of analysis given in reference (8) can be extended 
readily to apply to other arrangements having different exponents. 


CONCLUSION 


From the several types of equations presented one can approxi- 
mate the relationships to be considered for heat-transfer ar- 
rangements differing from those presented. 

The author hopes that the material offered will enable the de- 
signer to reduce the number of trial-and-error calculations re- 
quired to arrive at the final design. It is his belief that a knowl- 
edge of performance of the ideal regenerator or the optimum de- 
sign serves as a guidepost, showing the direction and extent to 
move in order to obtain a desired change. 
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Discussion 


R. L. Warre.aw.* This paper provides a valuable step for- 
ward in this field, in that it offers specific methods of designing 
for various criteria, such as, minimum volume, minimum surface, 
minimum weight, and so on, as well as for different types of ex- 
changers 

However, cne of the most important design criteria appears to 
be missing in evaluations offered to date, that is, cost—-for the 
best investment is not necessarily synonymous with minimum 
surface in either type of heat exchanger. 

If the gas turbine is to come into general commercial use, the 
heat exchanger, which for a given power loss and effectiveness is 
most economical to manufacture and operate, will be favored, In 
any case it must be designed to meet specified service conditions 
This is particularly true for regenerators for locomotives, ships, 
and other cases where space or weight are at a premium. 

In some recent studies made on shell-and-tube-type gas-turbine 
1.8, 
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regenerators, we adopted the initial approach of ing that 
cost was roughly proportional to surface required. For each of 
several tube diameters, we derived the combination of pitch, 
number of tubes, and Jength that would give minimum surface at 
the design effectiveness and power loss, and plotted these against 
tube diameter, Fig. 6 of this discussion. Thus each point on 
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cox Company, Alliance, Ohio, 


‘ % 
f 
7 
=) 
SASIC 
{ 


TRANSACTIONS OF THE ASME 


the curves at a given tube diameter is a condition for minimum 
surface at that diameter, and the curves give us the diameter at 
which this minimum surface itself becomes a minimum, evidently 
at about '/, in. OD. However, applying known tube costs to 
this situation, plus costs of rolling-in ends, premium cost of excess 
lengths, and so on, we get a cost curve as shown, where the mini- 
mum is now at about 1'/,; in. or even larger tube diameter. This 
radical change in design considerations derives from basic eco- 
nomics of tube manufacturing as shown in Fig. 7, herewith, 
where cost per square foot falls rapidly with increase in diameter. 
The advent of a radically different and inexpensive method of 
securing tubes in tube sheets could bring the minimum total cost 
into the small-tube region, i.e., less than '/, in. OD, since in this 
region the cost of securing tubes by present commercial methods 
is greater than the cost of the tubes themselves. 


COST PER LB. COST PER FT 


i ive 2 
TUBE DIAMETER IN INCHES 
7 Cowr Caaractertstics or Heat- 
Excnancer Tuses 


In the field of plate-type heat exchangers with and without ex- 
tended surface, we find the following to be true: By using ex- 
tended surfaces of various types, each with a fin efficiency of 75 
per cent, the total surface (base + extended) required in a plate- 
type exchanger is almost constant. This in turn leads to the 
basic economic principle for extended surface that, except where 
the extended surface can be furnished at the same or less cost as 
the same area of additional base surface, the extended-surface heat 
exchanger always will be more expensive than the flat-plate 
heat exchanger to do the same job. This prineiple rules out a 
great many types of extended surfaces being proposed, except for 
aircraft or other applications where weight or volume is more im- 
portant than cost. As a result, we have found only one or two 
types of extended surface currently meeting this requirement, 
their chief merit being that they can be applied simultaneously 
and at the same speed as the base surface—tube or sheet—can be 
manufactured. 
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With the foregoing principle in mind, we made introductory 
studies of flat-plate heat exchangers to do the same job at the 
same effectiveness and power loss as the shell-and-tube design 
mentioned previously. For each of various assumed total chan- 
nel widths, we calculated length, flow area, and air-to-gas chan- 
ne! width ratio at which the total surface required is a minimum. 
Plotting these minimum values against total channel width gave 
the curves shown in Fig. 8, herewith. We did not go so far as 
a cost study in this case, although it is apparent that here cost 
should be more dependent upon surface alone. 

An interesting point of comparison between plate-type and 
shell-and-tube-type heat exchangers arose even from these intro- 
ductory studies. The minimum basic surface required in each 
case was practically the same. Now we observe that the mini- 
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mum total cost of the shell-and-tube-type heat exchanger (i.e., at 
1'/, in. OD or greater) is about twice the cost of the minimum 
(ie., '/, in. OD) surface for the same duty. Hence it follows 
that if a plate-type heat exchanger can be built for less than twice 
the cost of its plate surface reckoned in '/; in. OD tubes, it should 
cost less than a shell-and-tube-type heat exchanger for the same 
duty. 


\uTHoR’s CLosuRE 


In essence, Mr. Whitelaw’s proposition is that the over-all 
optimum design must include the factor of cost. The author 
concurs with this view. However, the subject of cost is de- 
serving of a paper in its own right and it is the hope of the author 
that someone will study a variety of heat-transfer surfaces with 
respect to cost as Kays, London, and Johnson (3) did with 
respect to thermal performance. 
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The present paper is primarily concerned with the most effec- 
tive use of a given surface. For example, while an analysis such 
as Mr. Whitelaw’s might show that regenerators built with 1'/,-in. 
diam tubes would have the lowest cost, the most effective use of 
this surface would be dictated by the analysis given in the present 


 ~paper. 
This analysis guides the designer in establishing the optimum 


tube spacings, number of tubes, length of tubes, and flow ar- 
rangements for the 1'/,-in. diam tubes. 

As experience is acquired in the design, construction, and op- 
eration of gas-turbine regenerators, more exact data and criteria 
will become available. In the present paper the author has at- 
tempted to summarize and correlate design information cur- 
rently available. 
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Speed Cascade 


By F. H. KEAST," MALTON, ONTARIO, CANADA 


This paper describes a cascade wind tunnel used by the 
author since 1948. Such auxiliary equipment as an auto- 


probe are described. Some results are presented with a 
method of analysis for turbine cascades which converts 
the cascade results into a turbine-performance chart. 
The existence of a critical load factor results from this 


= traverse and recording gear and a wedge-shaped 


INTRODUCTION 


“NOR axial-compressor and turbine the and 


least costly tool for acquiring basic information is the cascade 
wind tunnel. In essence this consists of a number of air- 
foils of constant cross section equally spaced in a rectangular slot 
which is connected to a supply of air. Traverses are made to de- 
termine the drag and turning effect of the airfoil cascade. Al- 


4 


_ though it has its limitations in that it provides information pri- 


: marily only on the two-dimensional performance of the cascade 
this does give the essential starting point for a compressor or 
turbine design and, later, when the complete compressor or tur- 


bine is tested, it gives a background of information against which 


_ the three-dimensional effects may be assessed as deviations from 
the two-dimensional performance of the bls blade sec- 
tions. 

Description OF APPARATUS 


The rig described was designed in 1947, and first put into opera- 


tion in 1948. The air supply immediately available was 15 lb per 


sec at a pressure of 100 psig. The simplest method of using this 


a supply was to design a blown tunnel similar in principle to the 


C. A. Parsons No. 2 tunnel.?- The blown tunnel and sucked tun- 
nel have their advantages and disadvantages. The sucked tunnel 
has the advantage of giving clean entry conditions to the cascade 
with negligible turbulence and thin boundary layers on the guide 
- walls. With the blown tunnel many precautions must be taken to 
achieve this and, in addition, the source of high-pressure air 
usually contaminates the supply with oil. On the other hand, the 
q blown tunnel discharges from the cascade into the room so that the 
outlet traverse gear is accessible. For the suction tunnel the 
exit air from the cascade must be led to the pump inlet. This in- 


- volves discharging into a large tank or the use of side walls which 


q 


cooler 


are undesirable since they influence the air-outlet angle. In 
either case the outlet transverse gear has to be sealed and is less 
- accessible. With the air supply available and using a blown 
tunnel, some measure of independent control of Reynolds and 
Mach numbers is possible by adjustment of the compressor after- 
These considerations led to the choice of the blown tunnel. 
The pressure was more than adequate to study cascades up to 
their choking limit. In fact, to simplify the structural design of 


1 Chief Aerodynamicist, Gas Turbine Engineering Division, 
Roe Canada Ltd. 

?“Fluid Dynamics of Axial Compressors,” by A. R. Howell, 
Proceedings of The Institution of Mechanical Engineers, vol. 153, 
1945, p. 441. 

Contributed by the Gas Turbine Power and Aviation Divisions 
and presented at the Semi-Annual Meeting, Toronto, Can., June 
11-15, 1951, of Tae American Society or MecHantcat ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME rs, April 18, 
1951. Paper No. 51—SA-31. 
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the tunnel an upper limit of 30 psig was chosen for the inlet pres- 
sure. Operating at this pressure and with suitable air tempera- 
ture, adjustable by the compressor aftercooler, the air supply can 
choke a hole of approximately 30 sq ia. This was then chosen as 
the outlet area of the tunnel, being 12 in. long and 2.5 in. high 
With blades of 0.8-in. chord this gives an aspect ratio over 3 and 
with a pitch/chord ratio of 1.5 allows 10 blade pitches to be ac- 
commodated. This was regarded as the minimum required to 
avoid end effects due to the wall boundary layer on the end 
blades of the cascade. In normal operation with turbine cascades 
with lower pitch /chord ratios about 20 blades are used. 

Previous cascade results’ indicate a critical Reynolds number 
for compressor sections between 100,000 and 350,000, its actual 
value being largely dependent on the turbulence factor of the 
tunnel employed. As the turbulence factor of a blown tunnel is 
likely to be high* the critical value for the tunnel described here 
probably will be closer to the lower figure quoted. For turbine 
cascades in blown tunnels the value is approximately 150,000,‘ 
which for a blade of 0.8-in. chord is attained at a velocity of 350 
fps assuming standard density. Above this critical value the 
effect of further increase of Reynolds number is small. Since the 
compressor and turbine of a typical jet engine operate in the nor- 
mal running range above the critical Reynolds number except at 
extreme altitude, the high-speed range of cascade tests on the 
tunnel should be directly applicable. Simulation of conditions at 
extreme altitude and high Mach number is beyond the scope of 
the present tunnel. 

Air enters the rig through filters and a control valve into a 10- 
in-diam pipe containing two screens and a honeycomb straight- 
ener. A transition section with a contraction ratio of 1.8 leads 
the air to the rectangular section formed by fixed top and bottom 
plates with movable side walls. A further contraction occurs at 
the variable side walls of ratio 1.5 when the cascade has zero air- 
inlet angle and 4.3 when the inlet angle is at its maximum value of 
70 deg, all angles being measured from the normal to the plane 
containing the leading edges. As the side walls move they cause 
two disks at top and bottom to rotate; the cascade, mounted in 
end plates fixed to the disks rotates with them. In this way the 
incidence of the cascade may be varied even with the rig in opera- 
tion. Fig. 1 shows the outlet end of the rig with its cover plate 
removed so that the cascade is visible. The transverse probe 
normally moves in a slot in the cover plate. 

Originally, provision was made for boundary-layer suction ap- 
plied by an ejector through porous metal inserts on the top and 
bottom plates immediately upstream of the disks holding the 
cascade. The boundary layers, however, were too thick for suction 
to be a sufficient remedy, and the suction plates were replaced by 
slots which permitted high-pressure air taken from the supply 
upstream of the main control valve to be injected into the 
boundary layers. Fig. 2 shows the improvement in the entry 
profile as a result of this. The amount of air injected varies, of 
course, with different operating conditions. The correct amount 
is arranged quickly by evening up the total head profile, indicated 
by a 5-point yaw-insensitive rake placed at the outlet of a blade 
passage, about halfway between the traversed blades and the 


“The Present Basis of Axial Flow Compressor Design, Part 1," 
by A. R. Howell, ARC R & M 2095, June, 1942. 

“The Performance of Axial Flow Turbines,” by D. G. Ainley, 
Proceedings of The Institution of Mechanical Engineers, vol. 159, 
1948, p. 230. 
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Laver 
end blade of the easeade, The existence of the wall boundary 
laver is much more important for compressor cascades than for 
turbine cascades owing to the adverse pressure gradient with the 
former. Even the large difference between the inlet profiles 
shown in Fig. 2 made little difference to the traverse results for 
turbine easeades wiih a fairly high degree of reaction. 

The entry Mach number is adjusted by means of a simple 
machmeter operating on the nomogram principle, The nomogram 
chart is printed on a sheet of paper stretched between two rollers 
behind two manometer tubes, one of which reads the total head 
pressure recorded by an upstream probe, the other the average 
static pressure read from holes on the top rotating plate imme- 


one roller to the other by the operator until its zero line coincides 
with the mereury level of the statie-pressure manometer. The 
Mach number is then read from the paper chart at the mercury 
level of the total head manometer. 

The outlet instrumentation is remotely operated from the ob- 
~ervation room, and the readings ef total head and vaw are re- 
corded automatically. Fig. 1 shows details of this. It will be 
seen that the probe is mounted in a motorized traverse gear, its 
position at any time being indicated by a selsyn motor which 
transmits to another selsvn acting as driving motor to the cireular 
recording table shown in Fig. 3. The probe shown is of the three- 
hole yaw type, the pressures of the yaw detection holes being 
taken to the balance capsule. Any pressure difference between 
the two holes causes movement of a diaphragm which thereby 
alters the capacity balance of a bridge cireuit. Balance is then 
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_ automatically restored by rotation ef the probe by a 2-phase 110- 
volt Deh] motor, driving through a cable. At the same time a 
selsyn transmits the probe angle to the yaw pen of the recorder, so 
that radial movement of the pen is proportional to the change in 
probe angle. Simultaneously, the central hole of the probe trans- 
mits the total head pressure to one of the tubes of a recording 
manometer. The left tube uses mercury for high Mach number 
traverses while the right tube has Miriam fluid of specific gravity 
3 to increase the accuracy for low-speed work. A photoelectric 
cell with its own light source on the opposite side of the manome- 
ter tube is arranged so that it follows the fluid level. 

The method chosen for this was to amplify the 60-eyele current 
emitted by the photocell, resulting from the fluctuating intensity 
of the lamp which is supplied from the a-c mains through a half- 

rectifier. The amplified current is then mixed with « 

similar current which is out of phase. The resultant current 
therefore suffers a phase change between full illumination of the 

The cur- 


rent is fed to one of the stator windings of another Deh! motor 


wave 


photocell and complete obstruction of the light source. 


which rotates either clockwise or anticlockwise depending on the 
phase, and this in turn raises or lowers the photocell until bal- 
in this case zero current-—is achieved. The rotation of 
this motor is transmitted as before by selsyns to the total head 
pen of the recorder 


ance 


Both the yaw and total head pens are 
equipped with wheels taken from Amsler planimeters and driven 
by the rotating chart table so that they integrate the reading» 
over the complete blade pitch. Usually three blade pitches ar: 
traversed and the taken. It has been found that an 
average traversing rate of | ipm is yormally possible before in- 
accuracies due to the response rate of the equipment appear. The 


mean 


operator sees the traverse results being traced on the recorder and 
may increase the traverse speed in the wake-free distance be- 
tween blades and reduce it as soon as the pens begin to register a 
wake. 

Fig. 4 shows a typical traverse in which, for the sake of com- 
parison, the vaw trace has been superimposed onto the total head 


Teavernse Reeorp 
Actually, corresponding pomts are on opposite sides of the 
center on the same diameter. The use of this traverser and re- 
corder increased the productivity of the tunnel by a factor of about 
8. With this rate of accumulation of data the limiting featur: 
then becomes the computing time necessary for its analysis. 


trace. 


For this reason the data are transferred to punch cards and all 
processing, including instrument corrections and final analysis, ix 
done on standard International business machines 

The cylindrical three-hole yaw probe was originally chosen as 
the standard probe for its robustness. It has the disadvantage, 
however, that in a flow with a tota! head gradient it has an error in 
its vaw indication as it must be turned at an angle to the flow in 
order to balance the pressures in its yaw holes, This also causes 
an error in the total head reading. To check this, traverses were 
made of a two-dimensional jet from a rectangular hole. It was 
found that the error in total head reading could be accounted for 
almost exactly by the amount of lateral movement of the total 
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head hole due to the rotation required to balance the yaw holes, 
This amounts to a distance of r sin 6, where r is the radius of the 
probe and @ the angular error. The error in mean yaw indicated 
is small since the error in entering a wake is opposite in sign to the 
error in leaving the wake, and, for a symmetrical wake, these 
eancel each other. However, the error in total head is additive 
and the effect is to reduce the mean loss indieated. However, this 
may be reduced to a negligible amount by rotating the probe 
about an axis through the total head hole. 
convenient, 

Another disadvantage of this type of probe is that its critical 
Mach number oecurs at about 0.55, making it unsuitable for the 
measurement of static pressures above this value owing to the 
large corrections involved, 


This is not always 


For caseade traversing this is not 
serious since the statie pressure at the outlet is assumed to be 
atmospheric, but for other applications, such as compressor 
traversing, this would be more important. 
therefore has been replaced by a 


This type of probe 
wedge-shaped —three-hole 
probe as shown in Fig. 5. 

By use of this probe errors in yaw are reduced greatly since the 
vaw holes are pow closer together and the error in total head asso- 
ciated with this is thereby also reduced. The probe also has good 
characteristics at high Mach numbers and, when calibrated, gives 
an accurate value of static pressure. The actual position of the 


Fic. or 30-Dec Prose 
(Pressure distribution of cylindrical probe shown as comparison ) 


possible to manufacture many probes with almost identical cali- 
bration. 

Fig. 5 shows the pressure distribution around the two types of 
probe, from which it can be deduced that any error in positioning 
of the hole designed to read free-stream static pressure causes a 
difference in pressure about 16 times as great with the cylinder as 
with the wedge, whereas the sensitivity to vaw is greater in the 
case of the wedge. 
measures the average static pressure to within 1.5 per cent when 
used for a wake traverse of a turbine caseade at an outlet Mach 
number of 0.8 and was even closer at lower Mach numbers. 


Tests have shown that the probe illustrated 
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The application of punch-card methods permits the analysis of 
results to be carried further than normally is considered practical 
with so large a volume of data. Results, as usually presented, go 
no further than to show the pefformance of the cascade. In use 
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in a turbine the value of any cascade depends on a combination 
of its loss, stagger, incidence range, Mach-number effects, and so 
For instance, the loss itself is not a true measure of the value 
A cascade with a higher loss also may give a higher 
lift, so that the loss in proportion to the capacity for doing work is 
a better measure of value. By an analysis presented in the Appen- 
dix, the results can be converted into a form which shows the tur- 
bine performance which would result for any given cascade. In 
the absence of definite data on the three-dimensional effects the 
only loss considered is the two-dimensional loss as derived from 


on, 
of a cascade 


the cascade test 

The nozzle loss also has been omitted, but when sufficient data 
are available, this may be included, as the analysis does define the 
required nozzle-operation condition. A loss of complete general- 
ity occurs since it is found necessary to fix the ratio of blade speed 
to the square root of turbine-inlet temperature. However, it is 
found that this parameter has not too important an effect on the 
comparison, and its neglect is quite justifiable for the normal 
range of design operating conditions, 

One convenient feature of the use of punch-card methods is that 
if any new specific turbine design is required having a value of 
this parameter largely different from the one chosen for the gen- 
eral analysis, allrelevant cascade results can be recalculated quickly 
on the new basis. The most important parameter is the ratio of 
work to the square of the blade speed, which is used nondimen- 
sionally as the abscissa of the plot. Next in importance is the mass 
flow which unit height of the blade will pass, since, if this is low, 
a large blade length will be required. This is used, again in non- 
dimensional form, as ordinate. 

Fig. 6 is an example of the plot which shows the blade inci- 
dence, efficiency contours, and the angle of swirl required at exit. 
Che nozzle-outlet Mach number also may be included on the plot 
but has been omitted in Fig. 6 to avoid undue complication of the 
diagram. The angle of swirl is important since there is a limit to 
this value above which it is found necessary to add an outlet 
stator to the turbine. In the case of a multistage turbine this re- 
striction applies only to the last stage. If, from these plots, we 
extract values of efficiency for a given incidence, we find that when 
plotted on log-log paper in the form illustrated in Figs. 7 and 8, a 
definite break is found for each cascade section. 

Fig. 7 shows such a plot for an impulse type of cascade, which 
may be compared with Fig. 8 which gives the plot for the same 
section operated as a reaction cascade, It will be seen that a 
greater range of incidence at high efficiency is possible with the 
reaction type of design and that the break when it occurs is much 
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less catastrophic in this case. The lines after the break should not 
be extrapolated since their end points represent choking of the 


cascade. The ordinate in this plot is actually the eticiency minus © 


9 so that efficiencies below 90 cannot be represented, and any 
efficiency line which closely approaches 90 must have a slope ap- 
proaching infinity. The fact that the lines below the break value 
of the work factor show no tendency to fall at the loweet values of 
the work factor indicates that the test points from which the plot 
was made did not fall below the critical Reynolds number. Con- 
sidering Fig. 7, it is obvious that for this particular section a use- 
ful gain in efficiency would result for a turbine of work factor 5.5 
by making it a two-stage rather than a single-stage turbine 
thereby halving the work factor, and that no significant increase 
of efficiency would result by the use of a three-stage turbine. 
Fig. 9 is a comparison of the 98 per cent efficiency curves of 
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A, Inlet blade angle 60 deg; thickness ‘chord 0.13 an 

B, Inlet blade angle 55 deg; thickness/chord 0.13 > 

(, Inlet blade angle 50 deg; thickness /chord 0.13 

DD, Inlet blade angle 60 deg; thickness /chord 0.16 
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CoMmPARISON OF 98 Per Cent Errictency Contours ror 
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some representative cascades. Curves A, B, and C are for cas- 
cades of thickness/chord ratio 0.13, all having a parabolic camber 


line and the same blade-outlet angle of 55 deg. They differ only | 


in their inlet angles which are 60 deg, 55 deg, and 50 deg, respec- 
tively. It will be seen that, for the same work factor, the cascades 
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pass greater mass flow as the inlet angle is reduced. This means 
that for given turbine-inlet conditions the lower curves will re- 
quire a greater blade height. If stresses and blade temperatures 
are limiting, it is advantageous to use the cascades giving higher 
values of the mass-flow parameter. However, the smaller blade 
height has the disadvantage of introducing higher three-dimen- 
sional! loss and a greater exit velocity, which will result in higher 
exhaust loss. As soon as reliable data for the prediction of such 
effects are available they should be used to modify the charts for 
any specific turbine to present a truer picture. The circled points 
on the curves indicate where the curve for 5-deg outlet swirl from 
the turbine cuts the efficiency contours. The parts of the contours 
to the right of these points therefore must be assessed with this in 
mind. Curve D is for a cascade similar to that of curve A but 
having a thickness/chord ratio of 0.16. In this case the thicker 
profile improves the shape of the passage between adjacent blades 
so that the 98 per cent efficiency contour extends over a greater 
range. 

Fig. 10 summarizes the results obtained to date on this rig for 
turbine cascades at an outlet Mach number of 0.90. It will be 


seen that the main variable influencing loss is the degree of reac- 
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tion, or the ratio of the outlet flow area to inlet flow area of the 
cascade, For a given cascade, positive incidence has the effect of 
increasing this ratio and the resultant increase of loss is shown 
clearly in Fig. 10. However, the increased incidence permits a 
higher work factor so that the effect on turbine efficiency is not as 
great as the effect on the cascade loss and graphs such as Fig. 6 
must be used for a proper evaluation of this factor. 
CONCLUSIONS 

For a full appreciation of the merit of any cascade, it is neces- 
sary to make a comparison on the basis of the efficiency which 
ean be achieved by this cascade when operated as a turbine, and 
for specific turbine designs a satisfactory method has been evolved 
to make such a comparison. It is essential that methods should 
be evolved of incorporating the three-dimensional effects into 
such an analysis to give the true picture. The use of punch-card 
methods is highly recommended for the type of analysis presented 
in this paper. 
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The following nomenclature is used in the Appendix: 


TESTING TECHNIQUES 


turbine annulus area, sq ft 
specific heat of gas at constant pressure, CHU /lb deg C 
gravitational constant, fps per sec ; 
turbine work, deg C 

mechanical equivalent of heat, ft-lb/CHU 
weight flow through turbine, lb per sec 
total gas pressure, psf 

static gas pressure, psf 

gas constant = c, — c, CHU 
total gas temperature, deg K 
static gas temperature, deg K 
blade speed, fps 

gas speed, fps 

angle relative to rotor or cascade blade, deg 
ratio of specific heats = C,/C, 

gas density, pef : 
outlet swirl angle relative, deg 
cascade profile efficiency (adiabatic pects 
equivalent turbine profile efficiency (adiabatic) 
temperature equivalent of blade speed, deg C 
temperature equivalent of gas — deg C 


ubscripts: 


rotor inlet plane 
rotor outlet plane 

axial 

whirl 


Ib deg C 
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a ~ Referring to Fig. 11, expansion in caseade is given by line 


A-D. 
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Fig. 11 Caseape To Tursine-Conversion Diagrams 


Define cascade efficiency 


As a turbine the expansion is the line E-D, and define turbine 
efficiency 
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The values of 9,, Va/Vn, sin a are found from cascade tests. 


The only unknown is U/V,. and this is found from the cascade 
Mach number, Vy, 
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From this quadratic « series of values of U/V, may be found by 
substituting a series of values of 7/8, equal to that for the tur- 
bine design in which the caseade is to be used. Knowing UV, 


1952 


and V,,/V, a value of U'/V2 can be calculated and substituted in 
Equation [1]. A value of y = 1.4 is used so that the results 
refer to a cold-air turbine. However, for the value of 79/0, 
estimated from the turbine design the value of ¢, for hot gas is ; 
used. 

The two other important values to be calculated are (a) the 
work done and (6) the mass flow. 

For the work done, H, deg C, we have 


UV + Vie) 


gle, 


UVa sina + 
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sin + sin a) 


For the mass flow, VM, we have 
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Expressions also may be derived for the outlet swirl angle y 
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The Mach number at the turbine nozzle outlet may also be 
evaluated 
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Discussion 


W. B. Bricas.* Tunnel Design and Operation. A caseade-tun- 
nel design having air flow with negligible turbulence is listed as 
being advantageous and it is in some ways, but it is well to point 
out that low turbulence has the overpowering disadvantage of 
delaying transition on the surface of the blades and causing them 
to perform much differently than they would in a high turbulence 
machine such as a rotating turbine. A high turbulence level will 
create a thicker boundary layer on the inlet walls but methods of 
controlling the boundary layer ahead of the blades, such as suck- 
ing or blowing, are available for incorporation in a tunnel design. 
So, since one is primarily interested in duplicating the per- 
formance a blade will give when used in a turbine, the use of 
highly turbulent air will produce the most natural, two-dimen- 
sional boundary-layer behavior. 

It is questionable that a tunnel designed with an open jet be- 
hind the cascade allows the measurement of the true outlet angle 
more correctly than will one with side walls. It does afford 
greater accessibility. However, two-dimensional tunnels cus- 
tomarily employ outlet side walls and, by utilizing adjustable 
flaps which the operator positions to equalize the static pressure 
parallel to the caseade axis, they simulate an infinite cascade to 
obtain the true angle. 

The novel feature of the cascade tunnel reported by the author 
is the control of the side-wall boundary layer by injecting air to 
energize the low-momentum region near the wall. Blowing is 
often employed to prevent or delay separation but is seldom 
thought of as a tool to achieve the thinner boundary layer that is 
reported in Fig. 2. Suction is most commonly thought of as an 
effective method for this. It not only requires less power but 
does not introduce jet boundaries which must intermingle 
smoothly in a short distance to achieve the uniform inlet-velocity 
profile desired. An elaboration of this blowing feature would be 
most interesting. A description of such items as the design and 
location of the slots, how many slots were used, and the way the 
uniformity of flow through them is controlled, what per cent 
of free-stream air was required, and how the quantity varied with 
free-stream Mach number, how the secondary losses through the 
cascade are affected by the blowing, and so on, would be most 
valuable 

Instrumentation. The use of a combination probe for measuring 
total pressure, static pressure, and yaw in one instrument and 
the reported automatic recording device are quite ingenious. The 
claims made for the instrument, however, are far stronger than 
seem justifiable. To combine the measuring of more than one 
quantity in a single probe is to compromise the accuracy of measur- 
ing each quantity. An error no greater than 1'/: per cent in 
measuring static pressure at 0.8 Mach number would be exceed- 
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ingly good for a sharp wedge having a very small included angle 
and measuring static pressure only. The interpretation of Fig. 5 
must be that the decreased sensitivity to hole location is con- 
comitant with decreased sensitivity to angle of yaw, hence less 
accurate, angle measurements. The use of a combination in- 
strument in this application seems to decrease unnecessarily the 
accuracy of measurement because a second probe could be tan- 
dem-mounted in phase in the survey slot a blade or two displaced 
to record one of the quantities on the data table. 

The automatic recording device is similar in concept to ones 
that are commercially available from various companies such as 
the X-Y Recorder (rectangular co-ordinate) made by Leeds and 
Northrup. 

Proposed Method of Analysis. The author's introduction of 
“work factor” and “flow factor” makes a good point in that a 
turbine must be evaluated on the basis of the work it performs, 
not on the basis of its losses alone. H. Constant, in a discussion 
of Howell’s paper,* recorded the degree of advancement of present- 
day analysis when he stated that it is relatively simple to predict 
compressor or turbine performance, neglecting losses, from two- 
dimensional data. However, he says, the most important factor 
is the behavior of the losses. The analysis presented neglects 
major losses, which is pointed out. But the claims for the utility 
of the method seem to be in no way substantiated by the materia] 
presented. The assumptions of Fig. 11, used to define cascade 
and turbine efficiencies, are quite debatable. A different assump- 
tion such as both machines having the same polytropic expansion 
would be as good, but it would give different results. The value 
and the extent of the applicability of the method can be ascer- 
tained only when a comparison of results from a rotating cascade 
with the predicted values can be made. It will be very valuable if 
such material can be presented at an early date. 

It might be remarked that the behavior shown in the curves of 
Figs. 7 and 8 is corroborated for impulse and reaction blades in a 
paper by E. R. G. Eckert.?_ Eckert’s conclusion is that the greater 
range of incidence at high efficiency available with the reaction 
type of blade is a direct function of the leading-edge radius. 


D. G. Traver.* The description of the cascade stand is a wel- 
come addition to the literature. Several of the testing techniques 
are novel. The dimensions of the wedge probe would be of in- 
terest since the author states the yaw holes are closer together in 
his wedge probe than in his cylindrical probe which appears to be 
about 0.100 in. OD. 

Perhaps some of our cascade philosophy would be of interest. 
We have tested with cascades of blades of the same size as A. V. 
Roe now uses. This was abandoned in favor of low-speed testing 
and a new cascade stand was built utilizing larger blades of 3 to 
in. chord. 

We preserve high Reynolds number but sacrifice high Mach 
number. We feel that Mach effects are negligible, particularly 
since our current commercial gas turbines operate below M = 
0.6. This may have to be revised in the future when the operating 
Mach number will be higher. 

The four times larger blades result in proportionately larger 
wakes. However, we increased total head-probe size by a factor 
of 2 (thereby reducing the dynamic response time) and still have 
one half of the previous probe diameter to wake-width ratio 


*The Aerodynamics of the Gas Turbine,” by A. R. Howell; 
discussion by H. Constant, Journal of the Royal Aeronautical Society 
London, England, vol. 52, 1948, p. 353. 

7 “Conclusions From Interference Measurements as to the Form to 
Be Given Turbine Blades,” by Ernst R. G. Eckert, from the re- 
ports of the Lattice Conference in Braunschweig, Germany, March 
27-28, 1944, NACA Rej. TM. 
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This probe to wake size effect was the cause of much concern 
about the validity of our cascade data. In traversing a pressure 
gradient a total head pressure probe does not read a point pres- 
sure, but owing to the finite hole diameter, reads an integrated 
pressure of the gradient existing over this diameter. The severe 
wake gradient found at the trailing edge is of course attenuated 
with distance, and due to the foregoing sources of error we now 
traverse physically larger wakes at a half chord length down- 
stream. 

The blades are large enough to permit extensive instrumenta- 
tion to obtain the circumferential pressure distribution. This 
correlates blade performance with pressure distribution, and it is 
possible to locate regions of adverse gradient and to modify the 
local blade shape to improve performance further. 

Given an inlet and discharge angle, we design a blade shape on 
a wire flow-net plotting device to give a prescribed pressure dis- 
tribution. We attempt to realize maximum pressures over as 
large a percentage of the blade surface as possible and to minimize 
or prevent separation at the nose and at the vicinity of the trailing 
edge. We feel that better results are obtained, both en short- 
term and long-term results, from designing a family of blades on 
the basis of a previously selected pressure distribution than from 
designing on the basis of a selected mathematical family of camber 
lines combined with a blade-thickness schedule. 

No mention is made of measuring upstream yaw angles. Owing 
to the oblique angle of the cascade with reference to the air direc- 
tion, there may exist a deviation between a geometric inlet angle 
and the actual air direction. Such a measurement must be made 
slightly upstream of a cascade to avoid the pronounced local de- 
fleetions of the air stream at the nose due to circulation. This de- 
flection angle would be of more importance in evaluating com- 
pressor cascade results, due to their lower air turning angle than 
that of turbine cascades. 


Autuor’s CLOSURE 


The author is in agreement with Mr. Briggs that the turbulence 
of the blown tunnel may be an advantage. This is illustrated 
by the tunnel described in the paper, where no disconcerting 
Reynolds-number effects occur even at the lowest Mach numbers 
employed, these being around 0.4. Outlet side walls were con- 
sidered when the tunnel was designed but the extra complication 
of manipulating them to equalize the outlet static pressure 
decided us in favor of using more blades instead and accepting 
the resultant reduction in scale 

Suction of the inlet boundary layer was designed into the rig 
but reference to Fig. 2 of the paper will show that, with the bound- 
ary-layer thickness encountered, the mass of air which would 
have to be sucked would have been prohibitive. It was decided 
that it would be easier and more effective to “fill up the hole.” 
Perhaps the closest parallel is the type of ejector where the 
primary air is introduced at the wall, the so-called annular ejector. 
The boundary-layer injection slots stretch from wall to wall on 
top and bottom plates about 1 ft upstream of the cascade. They 
are curved converging passages discharging from two relatively 
large plenum-chambers, their outlets being flush with the plates 
and directing the air almost tangentially. The total injected 
mass flow is roughly 25 per cent of the total flow and is introduced 
equally at top and bottom. This percentage does not change 
much with Mach number but varies with the tunnel-angle set- 
ting (about 20 per cent at zero angle up to 28 per cent at the 
70-deg setting). The most important effect on compressor 
cascades of improving the inlet profile is to increase the turning 
angle (by as much as 5 deg in some cases). 

The author cannot agree with Mr. Briggs’ comments on instru- 
mentation. The measurement of static pressure requires yaw 
measurement taken simultaneously in order that the probe shall 
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be aligned correctly with the local air flow. It is an extremely a : 
doubtful assumption to say that wakes from blades one or two | 
pitches apart are sufficiently similar to allow a yaw measurement 
in one wake to control the alignment of a probe in ee, 
especially in view of the large rate of change through the wake ~ - 
The auther regrets misinterpretation of his statement on the 
accuracy of the wedge-type probe. The probe is first calibrated = 
in a wind tunnel to determine a Mach-number correction factor to — 
be applied to the static pressure. After this calibration factor — 
has been applied to the results of a wake traverse, the remaining _ 
discrepancy, attributable to the presence of the wakes, is 1.5 per 
cent at an outlet Mach number of 0.8. : 

It is believed that Mr. Briggs also has misinterpreted Fig. 5 — 
and an example is given here to clarify any doubts on this score. — 
Take the wedge-shape probe with holes located at S/AB = 0.25. 
Fig. 5 shows that a rotation of the probe through 20 deg, i.e., from — 
+10 to —10 deg incidence, changes the pressure coefficient 
from +0.5 to —1.0. Tests with the cylindrical probe show | 
that a rotation of 30 deg is required for an equivalent change in — 
pressure coefficient. On the other hand, for probes with the 
same value of the characteristic dimension (the length of the 
wedge side for the wedge probe, the diameter for the cylindrical 
probe), Fig. 5 shows the cylinder to have a much steeper variation — 
of pressure coefficient with the surface distance S from the leading | 
edge. 

The choice of a polar plotting table rather than ene working 
in rectangular co-ordinates was to simplify the integration mecha-_ 
nism 

As pointed out in the paper, the analysis is limited in that it is” 
based on two-dimensional losses only, but one thing is fainly 
certain—that if the charts show that a turbine has a narrow. 
operating range on the basis of the two-dimensional loss alone, — 
it will not be any better with three-dimensional losses included, 
so that we can weed out, even from these limited charts, the really | 
bad Admittedly, a different definition of turbine effi- 
ciency would give different numerical answers, but it is doubtful 
whether it would alter the relative values of the comparison of — 
two turbines. One refinement which might be added is the in- 
clusion of a fraction of the dynamic head at outlet to represent: 
the loss in the exhaust system. In this way the total-to-static 
efficiency used here could be converted to a total-to-total effi- 
ciency which is the other generally accepted efficiency. 

Our tests on turbine cascades, using identical blades but at_ 
increased reaction, show the characteristic increase of incidence 
range even though the leading-edge radius remained unaltered. 

Mr. Traver has contributed some interesting points in his 
discussion. He is fortunate in being able to neglect Mach number | 
in the commercial gas turbines, but this is a difficulty which the 
designer of aircraft turbines cannot ignore because of the neces- _ 
sity of a compact high-output engine. The author, however, _ 
disagrees with a general statement that Mach-number effects 
below M = 0.6 are negligible if this quoted value refers to the 
inlet Mach number. A reaction blade with a ratio of inlet area : 
to throat area of about 1.2 will choke at an inlet Mach number 
less than 0.6. In our testing, we recognize that our measured — 
loss values are not the true loss because of probe error in a total — 
pressure gradient but feel that they give, nevertheless, the proper 
relative results in a comparison of different cascades. Traverses 
have been made at a series of different distances downstream of 
the blades and have supported this contention. In particular, it 
was found that the measured flow angle changed very slightly 
with distance downstream except in the immediate vicinity of 
the trailing edge. This is reassuring as the problem of match- 
ing stages in a multistage compressor is much more depend- 
ent on a knowledge of the direction of exit flow than it is on 
obtaining a true value of the two-dimensional loss. a. 
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The design of blades for a predetermined pressure distribu- 
tion is fine providing that the time to do this is available, which 
we usually find is not the case since schedules have to be met. 
The other prerequisite is that the best form of pressure distribu- 
tion is known. In the absence of Mach-number effects a uniform 
pressure over most of the suction surface gives a high lift coeffi- 
cient and high critical Mach number, but this type of distribution 
leads to catastrophic deterioration in performance as soon as the 
critical Mach number is exceeded. A peaked distribution suffers 
an earlier critical Mach number but the slower rise in loss allows 


it to be operated to considerably higher Mach numbers, For 
compressors this avoids marked deterioration in altitude per- 
formance. 

In answer to the question of probe size, the comparisons were 
made with probes having the same projected frontal area. The 
cylindrical was 0.125-in. diam and the 30 deg angle wedge probe 
fitted within a circumscribing circle 0.250-in. diam. The holes 
were 0.08 in. apart for the cylindrical and 0,036 in. for the wedge. 

Corrections for upstream yaw angles are applied to our cascade 
results. 


wee 


i 


4 


| 


+ 
i 
i 


Life of High-Speed Ball Bearings 


By A. B. JONES,' NEW BRITAIN, CONN 


and hence reduces bearing life. In an angular contact 

bearing operating under thrust load, centrifugal loading of 
_ the balls produces a higher operating contact angle for the 
- inner race than the outer, thus affecting the relative 
probabilities of failure of inner and outer races and hence 
must be considered in calculating bearing life. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


» 
number of balls 


ball diameter, in. 

pitch diameter, in. 

rpm of inner ring 

external radial load, Ib 

radial-load-distribution factors: 

external thrust load, Ib 

load on heaviest loaded ball due to static radial load, 
Ib 

load on a ball at co-ordinate yg due to static radial 
load, Ib 

ratio defined by Equation [3] 

centrifugal force on ball, Ib 

outer race ball load for basic dynamic capacity, Ib 

inner race ball load for basic dynamic capacity, Ib 

capacity of outer race 

capacity of inner race 

capacity of complete bearing, Ib 

subscripts referring, respectively, to 
force and static loading conditions 

life 

initial or design contact angle 

contact angle under static thrust, 7° 

outer race operating contact angle 

inner race operating contact angle 

normal approach of ball to outer race, in. 

normal approach of ball to inner race, in. 

deflection constants depending on race curvatures 
and material 

outer and inner race curvature factors, respectively 

race-curvature radius + ball diameter 

relative axial displacement of outer and inner rings, 
in. 

angular co-ordinate 


centrifugal 


INTRODUCTION 


As the result of many years of co-operative effort and research 
by the ball-bearing industry, the Anti-Friction Bearing Manufac- 
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turers’ Association published the “Standardized Method for 
Evaluating the Load Ratings of Annular Ball Bearings” (1)* in 
1950. This method, which is (1951) the basis for the catalog 
load ratings of most of the major ball-bearing manufacturers, ix 
built upon the statistical theory of rolling-bearing endurance de- 
veloped by (2,3) G. Lundberg and A. Palmgren. 

Briefly, the Lundberg-Palmgren theory is based upon (4, 5) 
Weibull’s findings that the strength of a material is dependent on 
the magnitude of the stressed volume and on a statistical formula 
for the dispersion in the lives of similar bearings tested under 
similar conditions. In the Lundberg-Palmgren theory the stress 
considered decisive in causing fatigue failure is taken as the 
shear stress amplitude calculated in a plane parallel to the roll- 
ing direction and below the surfaces of the rolling elements. 
The carrying capacity of a complete bearing is shown to be a 
statistical function of the capacities of the components for a 
preassigned probability of survival and for a distribution of load 
among the rolling elements determined from the design con- 
figuration and the magnitude and direction of the applied load. 

In modern, high-speed ball bearings, such as are used in jet 
engines, the original premise of the Lundberg-Palmgren theory 
that the load distribution is independent of the operating speed 
is departed from. In many instances centrifugal forces acting 
on the balls in a high-speed bearing give rise to load distributions 
which are appreciably different from those occurring under static 
loading and which cannot be neglected. Consideration of these 
forces may result in operating characteristics and bearing lives 
appreciably different from those caleulated by conventional 
means. 

This paper extends the Lundberg-Palmgren theory to include 
the effect of centrifugal ball loading on the performance and life 
of high-speed ball bearings. Two particular cases are investi- 
gated: (a) a radial ball bearing under pure radial load, and (6) 
an angular contact bearing under pure thrust load. 

Although exhaustive test series of high-speed bearings for pur- 
poses of checking the theories advanced in this paper are not pres- 
ently available, there are indications from currently classified 
projects that the predictions of high-speed bearing endurance 
made in accordance with these theories are substantially correct 
when satisfactory mounting, lubrication, and cooling are as- 
sured. 


Turoretical DEVELOPMENT 


(a) Deep Geoove Radial Ball Bearings Under Radial Load. 
Fig. 1 illustrates the distribution of ball loads around the pitch 
circle of the deep groove radial ball bearing under an external, 
radial load. One half of the pitch circle is under load. 

Under static load the load on any ball within the loaded zone is 


Py = cos’ * for 


The maximum ball load is related to the external radial load by 


P (2) 
Neglecting a second-order disturbance of the inner-race load 
distribution, the effect of centrifugal force acting on the balls is 
to produce additional loading of the outer race. 


* Numbers in parentheses refer to Bibliography at end of paper. 
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Then the distribution of ball load around the outer race is as 
shown in Fig. 2. 
The centrifugal force per ball is referred to the maximum ball 
load through the ratio F, such that 
(CF) © FP max. . 


for steel balls. 


Since the outer-race ball load varies with the angular co-ordi- 
nate yg, determine the equivalent mean ball load for the outer 
race such that 


= + F) for 


for 


7’, can be related to Posy through Js so that 
= J 


Values of J; are plotted in Fig. 3 as a function of F. 

Setting the external radial load equal to the capacity of the 
outer race, using Equations [2] and [8], the expression for 
the outer race capacity is written 


The capacity of the inner race is, in accordance with equation 
90 of reference (2 


In accordance with equation 115 of reference (2) the ball load — ; 


for the basie dynamic capacity is, for outer and inner race con- _ 
tacts, respectively 


on 


l 


1,39 
2, ) an) 
1 


yds 
where 


= 
A = a constant depending on material +; 
y = d/E for radial bearings 


The substitution of Equations [11] and [12] into Equations 
{9} and [10} using J, = 0.2288 vields 


1,72 ( ‘ 
( ‘) = 1.779 J; —1 i} .. [13] 
C, 1+ y¥ 1) 


In accordance with the Lundberg-Palmgren theory the ca- _ 
pacity of the complete bearing can be stated in terms of the inner 
race capacity, through 


=|1+ 
If centrifugal force is neglected the value of J; becomes 0.5875. 
Consideration of centrifugal force increases the value of J;. Since 


the capacity of the bearing is proportional to g it is possible to 
calculate g with J; = 0.5875 and again with the value of J; as 
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dic tated by the centrifugal-force effect. Call the former g, and tB oy (CF)n 


Since bearing life is proportional to the cube of the dynamic 
capacity the life, when centrifugal force is considered is ) coe Bie ( ) 
= (f, +h — 1) cos 8’ 


Combining Equations [19] and [20] and using Equations [17] 
and [18], one obtains 


| (f, +f: — 1) cos B’ — (f, — 0.5) cos Bi = 

(CF )n 
we Ko cos Bie E Bw T | 


r)| 
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where Ll, is the lite by conventional means 
without consideration of centrifugal force. RACE CURVATURE DUE TO (CF) 
(b) Angular Contact Ball Bearings Under Pure Thrust Load. AND THRUST LOAD 
Assume that the bearing under consideration is maintained in situ ; 
solely by an external thrust load and is not prevented from seek- 
ing its own axial position of equilibrium. Assume also that the CENTER OF BALL 
initial or design contact angle of the bearing after mounting is 
B’. After the application of an axial thrust load T, the static POSITION OF NAR 
contact angle increases to 8 due to elastic deformations. RACE CURVATURE CENTER 
If the inner race of the bearing is driven at high speed, the cen- a : BEFORE APPLICATION OF 
trifugal loading of the balls imposes additional forces on the 3 | ‘ STATIC THRUST AND 
races, In order for equilibrium to exist a relative axial shift of : CEFORE WINER RACE 
the inner race with respect to the outer must occur. The oper- 
ating contact angles at inner and outer races are then different 
shown in Fig. 4. 
Fig. 5 shows the relative position of inner- and outer-race 
curvature centers when equilibrium is attained under thrust load 
at high-speed rotation. YX is the relative axial shift of inner race 
with respect to the outer required for equilibrium. This is dif- RACE CURVATURE 
erent than the normal axial deflection encountered under static 
thrust load and may become negative if thrust load is low and Fie. 5 he 
In Fig. 5, 6, and 6; are the normal approaches of the ball to 
outer and inner race, respectively, due to elastic deformation at 


= the ball contacts 
é. K, (. T 
d \n sin Bi, : 
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Average values of K, and K;, for steel balls and races are given 
in Fig. 6. 
- Fig. 7 shows the equilibrium of forces acting on a ball. From 
Figs. 5 and 7 one obtains 
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angle under thrust, 8, and may be used to determine the latter. 
Also, for this particular case, Fig. 9 enables a rapid solution 
of Equation [21] and may be used to determine §;,, directly. 
Having determined the dynamic contact angles the calcula- 
tion of bearing life is possible. 
In accordance with equation 80, reference (2), the thrust 
capacity of a race is given by 


C = Pn sin (8, Bi, Bu) 


where the value of P is obtained from Equation [11] or [12] for 
outer and inner race, respectively. 

Assigning the subscript , to the case where centrifugal force 
is considered, and the subscript 4 to the case where centrifugal 
force is not considered, one may establish the following ratios 


The centrifugal foree per ball is computed from ‘) sin By ES I | pe ( 


2 sin 1) 
(CF) = 5.257 107 EN? om (22 
E 
Y vi 

6 being the angle developed by a static thrust load T and com- € + Yo + ¥i 
puted in accordance with reference (6). 

For a given value of (CF)n/T7,, the value of outer-race oper- 2f 
ating contact angle, ,,, to yield the desired value of 7'/(nd?) can ( ‘) = [ ——" | ( 
be found from Equation [21] by successive approximation Cha JAB 
determined the value of 8, is given by Equation 


dye 
The magnitude of the dynamic axial shift, X, is given by ii my 


Yad 0.5 + ah (, x) | si B,. 


(, sin x) | ain Br. 


(fe +f 1) sin 8 (23) 
Most jet-engine thrust bearings in use today are designed with me ates Te aire 
fe = 0.52, f, = 0.51 and B’ = 20 deg. For this particular case, 
Fig. 8 shows the relation between 7'/(nd*) and the static contact 
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Then, in accordance with Equations (14) and [15], the capacity 
for each condition is 


cal 
is related to through 


(: ( 2+ 2y 
2+%+7) 


Then the life when centrifugal force is considered may be ex- 
pressed in terms of the life calculated without consideration of 
centrifugal force by 
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Radial Bearing Under Radial Load. Fig. 10 shows the rela- 
tion between the life for 10 per cent failure as calculated by con- 
ventional means and with consideration of centrifugal force for a 
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209 size deep groove, radial bearing under 400 Ib radial load and 
at various speeds. 

Angular Contact Bearing Under Pure Thrust Load. Fig. 11 
illustrates the effect of centrifugal force on the operating contact 
angles of outer and inner races of a 214 size angular contact bear- 
ing operating at 10,200 rpm under various thrust loads. 

Fig. 12 shows the static axial deflection and the dynamic axial 
deflection at 10,200 rpm under various thrust loads. 

Fig. 13 shows the relation between 10 per cent failure life as 
calculated by conventional means and with consideration of 
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Discussion 


Tuomas Barisu.? This thorough technical analysis of the 
_ effect of centrifugal force on the life of high-speed bearings con- 


stitutes a complete solution of an important facet of this prob- 


lem, now becoming of great interest because of the demands for 
gas-turbine bearings. 


* Consulting Engineer, Cleveland, Ohio. Mem. ASME 
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TRANSACTIONS 


This is a long advance from the rule-of-thumb method used 
about 1925, giving the limiting speed of a ball bearing as that 
point where the centrifugal force per ball was 50 Ib regardless 
of size. The author has stated the complete theory for caleu- 
lating the effect of this centrifugal force per ball on bearing per- 
formance but has carefully avoided the resulting conclusions and 
practical considerations in ball-bearing usage. They deserve dis- 
cussion: 


1 Using the author's example and Fig. 10 of the paper, we 
take the 200 size at 30,000 rpm, near its maximum allowable 
The current limit is supposed to be DN = 1,500,000, 
which would give 33,300 rpm. Even at that speed, the bearing 
capacity is reduced only 15 per cent by the centrifugal force of 
the balls 

2 Next is the effect of the author's theory on the constantly 
arising question of whether to use the heavier series with larger 
balls for the very highest speeds. Compare the medium series 
size 309 which has the same shaft but larger balls. The theo- 
retical capacity is about 50 per cent over that of the 209, and 
hence is still preferable even after taking off the effect of eentrifu- 
gal force 


speed 


This is expecially so if the larger series permits a smaller shaft 
size with much reduced ball speed for these extreme speed con- 
ditions. Shafts should be as small as possible at the bearings 

3 The effect of the centrifugal force at the balls is not the 
only consideration that limits high-speed performance, 
«a small part of the total problem. 


It is only 
For example, at 30,000 rpm, 
an eccentricity of only 0.0002 in. would give a radial load of 5 
times the weight; especially bad when operating over the first 
critical because then the resulting vibration is not so noticeable, 
and the outer-race eccentricity and looseness contribute. 

4 The author's Fig. 15 indicates that for thrust load, the cen- 
trifugal force on the ball increases the bearing capacity for all but 
the very lightest loads. No doubt this conclusion results from 
the fact that the contact angle on the inner race is increased. 
This is a startling observation and infers that the bearings should 
have had higher contact angles for the lower speeds. 


5 Actually, pure thrust load rarely exists. Even a small 
radial load or radial displacement plays havoe with high-speed 
hearings owing to a further development of the condition out- 
lined by the author. The contact angle on the ioner race, angle 
B,, in Fig. 7, changes a relatively large amount from the top to 
the bottom of the bearing. This induces large changes in ball 
speed, and in extreme cases, makes the ball ride over the edge of 
the inner ring. Rapid failure results, and for that reason even 
smaller angles of contact are desirable for these very high speeds. 

6 This condition becomes critical on the idle row of a pair of 
duplex ball bearings mounted opposed, as indicated by the very 
low life shown in Fig. 13 for loads near zero. In faet, this con- 
dition has caused definite failures and makes such a combination 
impractical with certain increased axial loosenesses. The geom- 
etry for solving this problem was reported in a recent paper.‘ 

7 The author's theory indicates certain possible changes in the 
internal bearing design to make them better for extreme speeds 
for example, closer curvatures at the outer-ring contact would 
reduce the harmful effect of the centrifugal foree on the bearing 
life. Here again considerations point 
Flatter curvatures would show less heat and less sensitivity to 
change in contact angle 


practical oppositely. 


The author should be encouraged to continue this valuable 
type of work in improving the performance of high-speed turbine 
ball bearings, and in understanding how they act. 


* Ball Bearing Geometry.” by 
February, 1951 


Roy Krouse, Mactine Design, 
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F.J.Garnsartno” This paper presents an interesting and use- 
ful extension of the principles of bearing fatigue based on the Wei- 
bull theory of statistical strength of materials as adapted to bal! 
bearings in a paper by G. Lundberg and A. Palmgren.* These 
principles are now finding wide acceptance and use in the ball- 
bearing industry. However, the constants derived in the eriginal 
paper, on the basis of experiments on bearings made of Swedish 
steel, and accepted for use in the present paper, differ somewhat 
from those derived from similar tests run on bearings made of 
domestic steels 

The B-10 life of bearings, that is, the life at which 10 per cent of 
the bearings in a test lot have failed, is generally taken as 20 per 
cent of the average life. If this figure is accepted, and there is 
considerable test evidence confirming it, the exponent of the life- 
distribution curve should be ‘/; rather than the '®/, accepted in 
the present paper. Similarly, a summary of load-life tests on a 
large number of domestic bearings indicates that the life varies 
inversely with the fourth power of the load rather than inversely 
with the third power as assumed in this paper. These domestic 
tests imply considerable changes in many of the equations of the 
paper. For example, the exponents of Equation [5] would be- 
come and rather than and respectively 

The paper gives a method for computing expected life when the 
bearing operates either under pure radial or pure thrust load. It 
is to be hoped that the author ultimately will be able to modify 
this method to include the more geners] case of combined load. 

Irwin.’ This paper constitutes a tangible, worka- 
ble summary of one of the factors which will contribute to, or 
prevent, satisfactory life in high-speed bearings. The problems to 
which this theory is applicable are increasing in number and sever- 
ity with the development of aircraft gas-turbine power plants. 
Frankly, the requirements which we are required to meet are be- 
coming so increasingly severe that without such theoretical data 
as included in this paper, we will soon be lost. Another factor 
which makes this work of extreme importance is the customer 
interest shown in the design factors which control bearing per- 
formance and which factors were formerly the responsibility and 
prerogative of the bearing manufacturers. Our customers are 
becoming increasingly inquisitive and critical regarding the meth- 
ods used in designing bearings. This is, indeed, a healthy con- 
dition, since the further development of this inquisitive attitude 
can lead to closer co-operation between the bearing manufacturers 
and their customers. We all know that the bearing engineers, in 
the past, have been hampered by lack of information from the 
equipment designers. The presentation of such theoretical work 
as is here represented can arouse further interest on the part of 
users of ball bearings in the theory on which their bearings are 
hased. 

The treatment of the subject matter is practically identical to 
a paper*® prepared by the author while with the writer's company. 


The formulas for calculation of life (with consideration of cen- 


trifugal loading) are identical in the original work and in the 
present paper. We have been using this theory for over 2 years 
and have checked critical high-speed bearings by this theory. It 
is too early to evaluate the results or the limitations of this theory 
as reflected in practical experience. 

The incorporation of this theory in the design of a bearing 
affects race curvatures, shoulder heights, and initial contact 


* Chief Engineer, New Departure. Bristol, Conn. 

* Reference (3), author's bibliography. 

* Assistant Chief Engineer, Aircraft and Special Projects, Marlin- 
Rockwell Corporation, Jamestown, N.Y. 

* The Dynamies of High Speed Ball and Roller Bearings.’ by 
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angle. The bearings which we have designed, and subsequently 
checked by means of this theory, have not failed because of the 
increase in contact angle on the inner race and decrease of con- 
tact angle on the outer race. It is difficult to evaluate the effect 
of this theory on bearing life because, invariably, high-speed bear- 
ings, in which the centrifugal-force effect is a critical factor, are 
very difficult to lubricate, and usually the life of the bearing is 
prejudiced by the |ubrication, or lack thereof. 

Mr. Lundquist, in working with this theory, has fou 1 certain 
variables to be of importance. We have found that it .s possible 
to select race curvatures and initial contact angles to control the 
result to be obtained by this theory in such a manner as to obtain 
optimum bearing configuration and performance. 

The operational characteristics which determine the influence 
to be exerted by this theory on bearing design are speed and 
thrust load, and initial contact angle. Fig. 14 of this discussion 
demonstrates the results of varying speed on a 214 size bearing, 
subjected to thrust loads of 1000 Ib and 6000 Ib. It will be noted 
that under heavier loads the centrifugal-force effect increases the 
caleulated life, while at reduced thrust loads, the increased speed 
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seriously reduces the theoretical life to be calculated for high 
DN-values. The reason for an increase in theoretical life is 
found in the reduction of loading on the inner race, which is 
usually the more highly loaded bearing element. Therefore the 
centrifugal force will increase the calculated life until the endur- 
ance factors of the two races are equal. Beyond this point the 
life will be decreased, owing to the lowered endurance of the 
— outer race, while that of the inner race continues to increase, 

In summary, the theory here presented is a valuable, usable 
contribution to the bearing art. In some cases, consideration of 
the theory reduces the life originally calculated for the bearing, 
and in other cases, it increases the life calculated. 

It is difficult to evaluate this theory because of the other fac- 
tors which prejudice the life of high-speed bearings in the types 
of application in which they are being increasingly used. We 
have started the application of the theory and expect that time 
will produce operational experience data which we permit us 
better to evaluate the validity of the theory. 


G. LunpBere® anp A. Patmoren.'® The theory worked out 
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by us, and on which the author has based his deduction, is valid 
at such rotational speeds where centrifugal forces and gyratory 
moments are negligible. The applicability of our theory at 
extreme speeds has not been discussed by the author. 

The main effect of the centrifugal force without doubt is an 
increase of the loading on the balls but there are also other ef- 
fects, 

At radial loads on deep groove ball bearings, the motion of 
the bearing elements is not changed essentially by the centrifu- 
gal force. But on account of elastic deformation, at higher 
speeds, there will be a diminution of the loaded zone of the cir- 
cumference of the inner ring. As the author’s theory does not 
take this fact into consideration, there is to be expected in reality 
a somewhat greater reduction in life on account of the centrifugal 
force than he shows. 

At thrust loads on angular contact ball bearings the centrifu- 
gal force also will influence the rolling conditions. The cage 
speed and thus the number of repeated stresses will be influenced 
to some extent. 

No regard has been given to the gvratory moments appearing 
at high speed when the contact angle of the balls 9 is not zero. 
These moments raise frictional forces which, to a certain extent, 
will influence stresses as well as the equilibrium conditions 
Extra friction also may develop if the spin of the balls (around an 
axis normal to the contact surface) in some way or other is dif- 
ferent from that at low speed. Even for angular contact ball 
bearings there is thus to be expected « shorter life than that eal- 
culated by the author. 

Combined thrust and radial load has not been treated. 

The approximations introduced are perhaps, at least in part, 
not to be avoided at the present level of the science. Especially 
regarding the gyratory forces, however, these approximations 
may be of such a magnitude that they should have been men- 
tioned. 

With this formal reservation we consider the author's deduction 
correct and of great merit, and also well adapted to deepen our 
knowledge about the performance of high-speed ball bearings. 
A. R. Spteacer."! The author discusses the effect of centrifu- 
gal forces of balls in a ball bearing running at the higher speeds. 
He evaluates this effect both on the bearing load carrying capacity 
and on the contact angles of an angular contact bearing. 

In regard to the effect on capacity, the writer feels that this is 
secondary in importance. To quote Boyd and Eklund:"* “In 
none of these first tests was there any indication that fatigue of 
the ballx and races, the factor which limits life, was present but 
that life was being determined by eage wear, ball wear, race 
wear, ete.”” A paper by Macks, Nemeth, and Anderson" as well 
as one by Phillips'! seem to be well in accord with that statement. 
As a matter of fact, practically all investigators have come to the 
conclusion that the critical factors at the higher speeds are (a) 
cage failure, (b) heat dissipation, (¢) lubrication. 

Conceive a bearing at these higher speeds in which the balls 
of America, Lancaster, 
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move at uniform speed. It is obvious that the cage would have 
very little work todo. It follows that heat dissipation and lubri- 
cation would not be as exacting as present experience indicates. 
Something happens that throws the balls out of equilibrium. 
Consequently, they jam against the cage pockets causing ex- 
cessive heat. 

The lubricant is then called upon to cope with these conditions. 
It is true that at the higher speeds, the lubricant itself creates 
problems. Its churning action and its viscosity generate heat 
and consume power; its propagations to the locations needed 
becomes extremely difficult because of windage and turbulence. 
The frictional forces of the bearing and lubrication form a vicious 
circle from which the investigator seeks the best compromise. It 
must be agreed that as the frictional forces operating in a 
bearing are diminished, the lesser the difficulty with lubrication 

It appears to the writer that no investigator, so far, has at- 
tempted to get at the root of the trouble—-the disturbance of the 
ball motion. The author calls our attention to the change of con- 
tact angle by centrifugal forces of the balls. Consider the kine- 
matic results as shown in Fig. 15, herewith. It is obvious from 


RACE 
Contact ANGE 


the position of the instantaneous axes of rotation of the balls 
that the bearing must operate with undue friction at the contact 
areas. Furthermore, the two normal forces at these contact areas 
ean only be held in equilibrium by friction at these areas. 
Since frictional forces are always unstable, the balls tend to shift 
from their regular path. ‘The question is not just of spinning but 
of improper location of the instantaneous axes, At ordinary 
speeds these considerations are of no consequence. At the 
higher speeds their effects are considerably magnified. 

There is another factor which produces similar results, namely, 
the curvature of the races. Test results on a No. 208 bearing 
illustrate the point as shown in Table 1 of this discussion. 


TABLE 1 TEST RESULTS ON NO. 208 BEARING 
-~Race curvatures, per cent 
Outer race 


~Contact angles, deg— 
Outer race Inner race 
51 28° 
80 q 21° 
MM = 


Inner race 


Nores: Race curvatures are given in percenta, 
Thrust load, 100 Ib; speed 1200 rpm 
ls —negligible. 


of the ball diameter. 
The effect of centrifugal force of the 


The race curvatures are exaggerated purposely to bring out 


clearly the effect. Here again, it may be seen that the instantane- 
ous axes of rotation of the balls are not located for pure rolling 
and that the balls are unstably held in position by friction at the 
contact areas of the races. 

If we were to venture into the realm of speculation, we would 
say that the race curvatures should be something other than 
circular to achieve more stability of the balls in the higher speed 
range. 


JULY, 1952 

The problem is not an easy one. Consideration must be given 
to practical means of reproducing such noncircular races. For 
circular races the best compromise is to achieve equal contact 
angles for both inner and outer races with consideration of the 
effect of centrifugal forces. 

The author should be complimented for his excellent paper. 
He alluded to one of the disturbing influences of the ball motion. 
The writer hac indicated another. There are many others 
which cannot be discussed adequately here. It is hoped that 
these comments will stimulate more efforts along the lines of these 
comments. 


AvurHor’s CLosuRE 


Regarding Mr. Barish’s comments, it is not possible to state a 
hard and fast rule as to whether or not the heavier series bearings 
are preferable to the lighter series bearings when operating 
speeds are high. The choice depends on the load as well as the 
speed and each application must be considered separately. 

Fig. 13 in the paper plots the ratio Lg/L, against. thrust load 
for a particular speed. Conventional calculations without con- 
sideration of centrifugal foree would indicate that L, tends to 
infinity as the thrust load approaches zero. The application of 
the ratio Lp/L4 to L4 would show that Lg tend. toward a finite 
value as thrust load approaches zero. This finite value is the 
maximum for the particular speed concerned. Lg is a con- 
tinuously decreasing function as thrust load is increased at con- 
stant speed. 

Mr. Garbarino, in his comments, questions the validity of cer- 
tain exponents appearing in the derivation of the basic Lundberg- 
Palmgren theory (2, 3). It was not the author's purpose, in the 
present paper, to examine the validity of these particular ex- 
ponents, but rather to extend the theory originally derived by 
Drs. Lundberg and Palmgren to a particular case which they did 
not treat, namely, that of high-speed rotation. 

Mr. Irwin states that, at constant thrust load, centrifugal 
force tends to increase the life calculated by conventional means 
until a speed is attained at which the endurance factors (lives) 
of outer and inner races are equal and that a further increase in 
speed will result in the reduction of the ratio Lg/L4. Since the 
probability of the survival of the bearing is the product of the 
probabilities of survival of the components, the maximum value 
of Ly/L,4 will occur when the product of the probabilities of sur- 
vival of outer and inner races are a maximum. It does not 
necessarily follow that the lives of the components are equal at 
that time. 

The comments by the authors of the basic theory, Drs. Lund- 
berg and Palmgren, are especially appreciated. The author 
felt that it was inadvisable to attempt to evaluate the effect. of 
gyroscopic moments since very little is known regarding the 
effect of tangential stresses at the pressure surface on fatigue life. 
Similarly, the case of combined radial and axial load was not con- 
sidered because of the difficulties in evaluating the effect of 
widely varying ball transational velocities on separator per- 
formance. 

Mr. Spicacci’s comments regarding cage failure, heat dissipa- 
tion, and lubrication are well taken. Theoretical life resulting 
from computation can only be attained if mounting and lubrica- 
tion are adequate and operating temperature is satisfactorily 
controlled. 

Mr. Spicacci’s measurements of contact angles in a 208 bear- 
ing under 100 Ib thrust load at 1200 rpm are interesting. Mr. 
Spicacci has since told the author that the bearings in question 
were run dry for purposes of developing visible paths in race- 
ways. 

The differences in contact angles between outer and inner races 
undoubtedly result from friction forces developed at the pres- 
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sure surfaces due to sliding and spin. When the inner race has 
a very close curvature and the outer race a very wide curvature, 
all the spinning occurs at the outer-race contact. As the balls 


_ roll around the outer race, spinning about the normal to the outer- 
race contact at the same time, a frictional force at right angles to 


the direction of rolling is induced tending to reduce the outer- 
race contact angle. The reaction at the inner race tends to in- 
crease the contact angle on this member although no spinning 
occurs here. If the curvatures are interchanged the reverse 


occurs. If the outer and inner-race curvatures are nearly the 
same, the difference in the torques required to spin the ball on 
outer and inner races is greatly reduced and the forces on the ball 
at right angles to the rolling direction are correspondingly re- 
duced. The lack of lubrication and the very low thrust em- 
ployed in Mr. Spicacci’s experiments greatly exaggerate this 
effect. The author does not believe it to be of great importance 
where lubrication is good and loads are heavier as is the case in 
most applications, 
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Characteristics of Cvlindrical 


~ Roller Bearings at High Speeds 


By E. F. MACKS,' Z. N. NEMETH,? ano 


‘The of bearing operating temperature is dis- 


3 cussed with regard to bearing operating limitations. The 


> polated bearing knowledge. 


safety. 


_ jet service is at about 220 fps. 


ing is to about 120 fps. 


extent of the effects of various operating variables upon the 
bearing inner-race and outer-race temperatures is shown. 
Test-rig results as well as turbojet-engine data have been 
generalized by of a ling correlation analysis so 
that the designer may predict either the inner-race or the 
outer-race bearing temperature from a single curve, re- 
gardless of whether bearing speed, bearing load, oil flow, 
oil-inlet temperature, oil-inlet viscosity or oil-inlet velocity 


_ vary over wide ranges. 


INTRODUCTION 


HERE is a distinct need for research information on high- 
speed bearings inasmuch as turbojet-rotor shafts are pres- 
ently equipped with bearing systems designed from extra- 
This fact has accounted for nu- 
merous turbojet-engine bearing failures. Other high-speed bear- 
ing systems are designed just to operate—there is little factor of 
To make things more interesting, the operating condi- 
tions of turbojet-rotor bearings are being extended rapidly to 
higher surface speeds and higher temperatures to permit the de- 
sign of more efficient engines. 

The rolling-contact bearing is used in present-day turbojet 
engines because it has certain advantages over the hydrodynamic 
bearing for this application. These advantages are, primarily, 
its lower starting torque and its comparative insensitivity to oil 
interruptions. 

The region of bearing knowledge with respect to bearing sur- 
face speed for both the rolling-contact and the hydrodynamic 
bearing types is shown in Fig. 1. The present maximum turbo- 
The maximum service under con- 
sideration by designers is at about 500 fps. The dotted line on 
the left indicates the surface speed of an automobile-wheel bear- 
ing when the car is traveling at 80 mph. 

The region of present knowledge of the rolling-contact bear- 
It is evident that extrapolation of pres- 
ent knowledge has been required to design current engine bear- 
ings. The NACA research on roller bearings, which is nearing 
completion, is to 290 fps, well beyond present maximum turbojet 
service. The NACA is now extending its research to the region 
above 300 fps. 

The region of present knowledge for the hydrodynamic bearing 
extends to a point at about 210 fps. The NACA is conducting 
research in the region above 210 fps. In addition, we are attack- 
ing the previously mentioned disadvantages of the hydrodynamic 
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bearings. Just how far into these regions the NACA can obtain 
research information successfully, and thereby extend the oper- 
ating limits.of bearings, depends entirely upon ingenuity and re- 
sourcefulness in employing all the concepts of friction, hydrody- 
namics, and heat transfer. 

The turbine wheel of a turbojet engine is supported generally 
on a roller bearing to allow for thermal expansion of the shaft in 
the axial direction. Fig. 2 shows a particular design of high- 
speed roller bearing. In order for any bearing to function, it 
must operate at an equilibrium temperature below the temper- 
ing temperature of the bearing steel and below the breakdown 
temperature of the lubricant. Therefore a safe balance must 
be maintained between the heat input and the heat removed. 
Therefore the operating temperature of the bearing has been 
chosen as the over-all criterion of bearing operation. id 

Heat is generated within the bearing by friction at the bearing 
surfaces which are in sliding and rolling contact as well as by 
churning of the oil by the moving parts. Heat also enters the 
bearing by conduction through the shaft, by conduction through 
the housing, and by radiation and convection from the surround- 
ing environment. 

To maintain a safe equilibrium bearing operating temperature 
this “bearing heat” must be removed. For high-speed bearings 
the lubricant removes a major part of this heat. Thus the func- 
tion of the lubricant has been extended to include cooling, as well 
as lubricating. In the research to be discussed the study has been 
limited to lubricating and cooling conventional types of roller 
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bearings in which the heating of the bearing occurs only by the 
friction and churning within the bearing. 

Bearing speed, bearing load, and cage design have been investi- 
gated as these variables affect the heat generation within the bear- 
ing. Oil flow, oil-inlet temperature, oil-inlet velocity, oil-inlet 
viseosity, and oil-inlet distribution also have been investigated 
as these variables affect the heat removal from the bearing. 


Test Equirment Procepure 


The bearing rig, Fig. 3, used for this investigation is described 
fully in reference (1).* Briefly, the test bearing was mounted on 


DRIVE MOTOR 


SPEED INCREASER 


TEST BEARING 


30 


200 
TEMPERATURE, °F 
Pia. 4) Assonore Viscosrry of Five Oris 


one end of the test shaft, which was supported in cantilever fash- 
ion so that component parts of the bearing and the lubricant 
flow could be observed during operation. Radial load was ap- 
plied to the test bearing by means of a lever and dead-weight 
system in such a manner that the outer race of the test bearing 
was essentially unaffected by small shaft deflections or by small 
shaft and load-arm misalignments. 

The test bearings were 75-mm-bore 130-mm-OD cylindrical 
roller bearings (size 215) of the type used currently as the turbine 
roller bearing of turbojet engines. The bearings were equipped 
with one-piece inner-race-riding bronze cages. 


+ Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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Five oils of widely different viscosities were used in the investi- 
gation. The viscosity-temperature characteristics of each of these 
oils are given in Fig. 4. The majofity of the data to be presented — 
were obtained with oil C. 

So as not to complicate the situation, the data to be presented 
have been selected to show the effect of a single operating varia- 
ble upon the bearing operating temperature —all other operating 
variables remaining constant. 


EXPERIMENTAL Resuuts 


Effect of Veriables, The bearing operating temperature that is 
shown plotted against the operating variable in the following 
figures is that temperature (either the inner or outer racé) which 
we feel best illustrates the effect of the variable under discussion. 

Speed. The effect of speed on bearing operating temperature 
is shown in Fig. 5 where bearing operating temperature is plotted 
against bearing surface speed. It is seen that the bearing tem- 
perature increases approximately linearly with an 
in speed over the operable range of bearing speeds, If the bearing 
peed is increased beyond a critical value, indicated by the dotted 
the bearing will not reach an equilibrium operating tem- 
perature. This indicates an incipient bearing failure. We have 
found that these high-speed failures usually occur as surface 
damage at the cage locating surface in presently designed high- 
speed roller bearings. 

Load. The effect of load on bearing operating temperature : 
for both an inner-race-riding and a roller-riding cage-type bearing 
is shown in Fig. 6 where bearing operating temperature is plotted 
against bearing load. It is seen that there is little change in bear- 
ing temperature with a decrease in load down to about 300 Ib 
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_ (IRRCTB will be used hereafter). 
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Also, there is little difference in the operating temperature of each 
_ bearing type in this load range. Below 300 lb load, however, the 
temperature of the roller-riding cage-type bearing, (RRCTB will 
be used hereafter), decreases rapidly as contrasted to the tem- 
: perature decrease of the inner-race-riding cage-t ype bearing 
It is to be noted that these 
The differenge in the oper- 
investigated 
can be explained on the basis of the different amounts of heat 
generation at the cage-contacting surfaces as influenced by the 
_ roller slip between the rollers and inner race. _ This roller slip was 


_ data are given for very high speeds. 


_ discovered in the course of the investigation. 


_ The dotted line indicates the gravity load acting on the turbine 
roller bearings in a conventional turbojet engine. Aircraft 
: maneuvers increase the loads to the region above 400 lb. This 


low-load region is of interest since the shaft-stiffening bearings of 


certain turbojet engines operate at very light loads and high 


q speeds, Considerable service trouble at this bearing location 


has occurred owing to raceway scuffing. While this trouble has 


been encountered with both bearing types, the RRCTB is seen 


to have inherent advantages for this particular operating condi- 
_ tion due to its lower operating temperature. The RRCTB there- 
fore better lends itself to development for the solution of this 
particular bearing problem. It is of interest to note that the 
outer-race-riding cage-type bearing (ORRCTB) also will show a 


increases, ‘ 
Roller slip as influenced by speed, load, and cage type is shown 


in Fig. 7.’ The curves in Fig. 7 are for relatively new bearings. 
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(Load, 7 and 1113 Ib; oil flow, 2.75 Ib per min; oil-jet diameter, 0.089 in. ; 
oil-inlet temperature, 100 F.) 


particularly at the higher DN-values. The general trend of these 
curves, however, indicates an increase in slip with increase in 
speed, and a decrease in slip with increase in load. Under cer- 
tain operating conditions (low D\-values) the cage speed of an 
IRRCTB is greater than the theoretical cage speed indicating 
that friction at the cage-locating surface is the cage driving force 
which overcomes the roller friction between the inner race and 
rollers. This result was not observed for an equivalent bearing 
having a roller-riding cage. 

Fig. 8 serves to explain the difference in the amount of heat 
generated in each of the cage-type bearings investigated when 
roller slip occurs. A roller-riding cage-type bearing and an inner- 
race-riding cage-type bearing are showneach with no roller slip and 

: each with 50 per cent roller slip. In a bearing having a roller- 
riding cage only one source of cage friction exists, and that is be- 
tween the cage pockets and rollers. In a bearing having an inner- 
race-riding cage, however, sliding friction oceurs at the surfaces 


between the cage and the inner race, as well as in th e roller pockets, 
For this illustrative purpose round numbers will be used. The 
case when no roller slip occurs will be discussed first. For each 
bearing type, when the shaft speed is 20 rpm, the roller speeds 
about their respective axes will be about 80 rpm, and the cage 
speeds will be about 10 rpm. In the case of the RRCTB, the 
cage frictional heat is proportional to the load in the cage pockets 
times the relative speed between the surfaces of the roller and the 
surface of the cage pocket. 

In the case of the inner-race-riding cage, the same relative 
speed occurs in the cage pockets as for the roller-riding-cage, but, 
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in addition, a relative speed of 10 rpm occurs at the cage-locating 
surface. ‘ihe loads at the cage pockets are not known. How- 
ever, these two bearing types have about the same operating tem- 
peratures under vertain equivalent operating conditions (see Fig. 
6). This indicates that the heat generated in the cage pockets 
of the RRCTB is about equal to the sum cf the heat generated 
in the cage pockets and at the cage-locating surfaces of the 
IRRCTB. 

This apparent paradox is due to the fact that the loads in the 
cage pockets of the RRCTB are greater than are the loads in 
the cage pockets of the IRRCTB, since the cage of the RRCTB 
not only spaces the rollers but also supports itself at these sur- 
faces. However, in the case of the IRRCTB, the cage only 
spaces the rollers in the roller pockets, while supporting itself 
on the inner-race flanges. 

The case where 50 per cent slip occurs will now be discussed. 
For each bearing type the same amount of roller slip occurs be- 
tween the rollers and the inner race. Also, for each bearing type, 
the roller speeds about their respective axes will be the same, that 
is, about 40 rpm, and the cage speeds will be about the same, 
that is, about 5rpm. For each bearing, then, the cage-supporting 
load has decreased about the same amount, and the relative speed 
in the cage pockets also has decreased by the same amount. In 
the IRRCTB, however, the additional heat gene- 
rated at the cage-locating surface—for with roller slip 
the relative speed increases at this surface since the shaft 
speed remains constant while the cage speed decreases, It is be- 
lieved that this source of cage frictional heat accounts for the 
major part of the difference in the operating temperature of these 
two bearing types in the low-load, high-speed region of opera- 
tion. 

Oil Flow. The effect of oil flow on bearing inner-race operat- 
ing temperature is shown in Fig. 9. These data were obtained 
with the bearing lubricated with a solid jet of oil from a single oil 
jet as shown. The bearing operating temperatures were found to 
be minimum when the oil jet was directed perpendicular to the 
bearing face, that is, not at an angle into or with the direction of 
shaft rotation (2). The bearing temperatures also were found to 
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be minimum when the oil was directed at the cage-locating sur- 
face rather than at the cage or at the space between the cage and 
the outer race (2). 

It is seen that there is an appreciable decrease in bearing tem- 
perature with an increase in oil flow. A similar curve was ob- 
om 
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tained by Dawson (3) for ball bearings operating at high speed. 
This decrease in bearing temperature results so long as complete 
oil scavenging is maintained—-the oil must not be allowed to col- 
lect around the bearing and churn into a froth. Over the flow 
range where churning is allowed to occur without immediate re- 
moval of the churned oil—for example, as indicated by the dotted 
there may be an increase in bearing temperature with an 
This is a concept not entirely appreciated by 


curve 
increase in flow, 
many users of high-speed bearings. 

Oil Velocity. The effect of oil-jet diameter upon bearing oper- 
ating temperature is shown in Fig. 10 where bearing operating 
temperature is plotted against oil-jet diameter. These data are 
for a constant oi! flow of 4 Ib per min. It is seen that there is a 
decrease in bearing inner-race temperature with a decrease in oil- 
jet diameter. This effect is due to the increase in oil-inlet ve- 
locity associated with the decrease in oil-jet diameter at a given 
oil flow. This increased oil-stream velocity results in an increase 
in the film coefficient of heat transfer due both to the velocity 
effect and to the fact that the higher-velocity oil stream is better 
able to penetrate the windage barrier set up by the high-speed 
bearing components. 

Oil-Inlet Temperature. The effect of oil-inlet temperature on 
bearing inner-race temperature is shown in Fig. 11 where bear- 
ing operating temperature is plotted against oil-inlet tempera- 
ture. It is seen that bearing operating temperature decreases 
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approximately linearly with a decrease in oil-inlet temperature. 
This reduction in bearing operating temperature is appreciable. 

For example, for each 1 F decrease in oil-inlet temperature, the 
bearing temperature decreases 0.5 F to 1 F, depending upon the 
operating condition. 

Oil-Inlet Viscosity. The effect of oil viscosity upon the a e 
ing outer-race operating temperature is shown in Fig. 12 for oil- — 
inlet temperatures of 100 F and 205 F. The oils having the 
properties shown in Fig. 4 were used for the investigation. The 
bearing operating temperature is seen to be higher for a higher-vis- _ 
cosity oil at constant flow; therefore a higher flow of a higher- 
viscosity oil is required to maintain a constant bearing tempera- 
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ture. This is shown in Fig. 13 for a bearing outer-race-maxi- 
mum temperature of 240 F with an oil-inlet temperature of 100 
F. Data for oils A, B, C, and D were employed since the use of 
data for oil E would require the extrapolation of curves. To 
maintain a constant bearing temperature, the oil flow is approxi- 
mately a linear function of the oil-inlet viscosity at the inlet 
temperature over the range of viscosities investigated when the 
data are plotted on semilog paper. 


Ou-INver Dis 


The number of the oil jets, as well as their location, influence the 
distribution of oil to the bearing and, therefore, serve also to con- 
trol the bearing operating temperature. 

It has been found that no appreciable difference in maximum 
bearing operating temperature occurs when a single jet is indexed 
eircumferentially with respect to a unidirectional load acting on 
the bearing (4). The loads investigated were 368 and 1120 Ib. 
Furthermore, it has been found that the region of outer-race 
maximum temperature always occurs 60 to 120 deg before the 
oil-jet location in the direction of shaft rotation, and the region of 
minimum outer-race maximum temperature always occurs 60 to 
120 deg after the oil-jet location in the direction of shaft rotation, 
regardless of the relative location of the oil jet with respect to the 
load veetor. 

An evaluation was made of the cooling efficiency of various 
oil-introduction techniques. A comparison between a single oil 
jet, a radial hole in the outer race, and 12 jets is shown in Fig. 14 
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The 12 jets were spaced circumferentially about one side of the 
bearing. It is seen that for a given oil flow the 12-jet system re- 
sulted in appreciably lower bearing inner-race temperatures than 
did the other systems. Also, as one might expect, the tempera- 
ture variation about the outer race is much less for the 12-jet 
system. This circumferential variation was found to be but 5 
F for the 12-jet system, compared to 93 F for the outer-race hole 
and 35 F for the single jet. An outer-race circumferential tem- 
perature variation may cause an out-of-round of the outer 
race which might influence adversely the bearing performance 
and its reliability. 

A tremendous amount of test work is required to determine all 
of the effects of each variable. As one can appreciate, only a 
very small part of the total experimental work is included herein. 
Furthermore, in spite of all the testing anyone might do, the 
chances are small that any specific operating condition, which a 
designer may be interested in, will have been investigated. 
Therefore it is necessary to generalize the results so as to allow 
one to predict the bearing-temperature rise at any operating con- 
dition. 
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Tueory 


Dimensional analysis was employed to generalize the foregoing 
results, The general form of the solution and application of the 
results are given herein. Further details of the analysis are given 
in reference (4). 

The general equation relating all of the variables is 


ATC ,| PIXDN) ko dt 
(DNY ‘pe’ D’ DN’ pDDNY 


Ww a 
D’ D' 


wher: 


oar is some function Q of the several nondimensional quan- 
tities 
AT = temperature rise of bearing above oil-inlet temperature 
( = specific heat of oil at oil-inlet temperature 
bearing bore 
shaft speed 
mass density of oil at oil-inlet temperature 
viseosity of oil at oil-inlet temperature 
thermal conductivity of oil at oil-inlet temperature 
oil-jet diameter 
oil-inlet velocity (v is proportional to M/d*, where M 
is mass flow of oil) 
Ww bearing load 
7, ¥, 2 = space co-ordinates in temperature field 
n = number of oil jets 


ons 
_ As an approximation, the function Q in Equation [1) is as- 


sumed to be the product of the independent nondimensional 
"groups each raised to an empirically determined power. When 

written as a power function for a specific point on a specific bear- 
a and for a specific lubrication arrangement, Equation [1] may 


be simplified to 
k M ‘ 


arc _, DN) 

DN 
where A, g, r, , and ¢ are constants that may be determined em- 
pirically. The term containing W has been omitted from Equa- 
tion [2] because experimental results showed only a small effect 
of W on AT for the range of loads of interest, that is, about 300 
to 1100 Ib (1). 

For the oils used and for the range of oil-inlet temperatures 
investigated herein, the effects of specific heat, density, and ther- 
mal conductivity of the oils are small with respect to the effect of 
a change of viscosity. In addition, for a given bearing, the 
quantity D is fixed. For oil-inlet temperatures in the range 
100 to 205 F, and for a given bearing, Equation [2] may be sim- 


plified to 


M 
where B, a, b, e, and f are constants that may be determined em- 
pirically for a specific bearing system, 
Equation (3] is applicable in the determination of the rise above 
oil-inlet temperature of either the inner- or outer-race tempera- 
tures of any bearing system having jet lubrication. 
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(DN)* (3) 


APPLICATION or THEORY 


In order to apply Equation [3] to a specific bearing system, the 
inner or outer-race bearing temperatures for a number of repre- 
sentative bearing-operating conditions must be determined ex- 
perimentally. 

Outer-Race Cooling Correlation. The method of determining 
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the exponents of Equation {3] for the outer-race cooling correla- 
tion is given in reference (4). 
The cooling-correlation curve for the outer-race temperature 
is shown in Fig. 15. The slope of the solid straight line in Fig. 
15 is the constant B of Equation [3]. The significance of 


the scatter is illustrated by the broken lines on either side of the 


cooling-correlation curve. The dotted lines shown indicate a 
deviation of +5 F from the cooling curve at a DN-value of 
0.735 * 10%. This + 5 F spread decreases with an increase in— 
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(Surface speeds, 175 to 290 fps; oil flow, | to 8 lb per min; oil-inlet tempera- 
ture. 100 to 205 F; load, 300 to 1100 Ib; jet diameter, 0.023 to 0.129 in.) 


The estimated range of applicability of the cooling- correlation 
curve, Fig. 15, is as follows: DN, 0.3 X 10* to 1.2 * 10* (sur- 
face speeds 72.5 to 200 fps); load, 300 to 1100 Ib; oil flow, 2 
to 10 lb per min; oil-inlet temperature, 100 to 205 F; oil-inlet 
viscosity, 2 X to 470 X reyns; oil-jet diameter, 0.023 
to 0.129 in. (The oil-inlet velocity must be in the range 10 to 
150 fps, as determined from V = 0.0574 |. /d*| in order to stay 
within the range of oil-inlet pressures from 5 to 400 psi.) 

A similar cooling curve has been obtained for the bearing inner- 
race temperature rise above oil-inlet temperature (4). 


Comparison Wira Enaine Data 


A series of tests were completed with the rear turbine bearing 
of a turbojet engine instrumented to determine if the foregoing 
correlation also applied to engine-bearing data. Inner-race tem- 
peratures as well as outer-race temperatures were obtained. The 
outer-race cooling-correlation curve for a turbojet-engine bearing 
using the same exponents as were used for the test-rig bearing is 
shown in Fig. 16 along with the test-rig correlation previously 
presented. The engine correlation is seen to be fair. 

The cooling curve for the engine data lies slightly above the 
cooling curve for the test-rig data and has a slope of 3.66 X 10~¢ 
compared to a slope of 4.42 X 10~‘ for the test-rig data. The dif- 
ferences in level and slope of the outer-race cooling curves for the 
engine and test-rig data are due to the different heat-flow paths 
to and from the engine and test-rig bearings, and particularly to 
the external heat associated with engine operation. 

The ranges of variables for which the engine-cooling correla- 
tion curve was determined are as follows: Surface speeds, 108 to 
210 fps, oil-inlet temperatures, 100 to 210 F, oil flows, */, to 2 Ib 
per min, oil-inlet viscosities from 2 X 10-7? to 53 X 1077 reyns. 

A similar cooling curve has been obtained for the engine-bearing 
inner-race temperature rise above oil-inlet temperature (5). 


SuMMARY 


The high-speed aspect of bearings in general has been discussed 
so as to establish a perspective of where the problem stands with 
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respect to present and future service requirements. The signifi- 
cance of the bearing operating temperature was discussed with 
regard to bearing operating limitations. The extent of the ef- 
fects of speed, load, oil flow, oil-inlet temperature, oil-inlet ve- 
locity, and oil viscosity upon the bearing inner and outer-race 
temperatures was shown. It was shown that roller slip occurred 
in high-speed roller bearings, and that there is a fundamental 
difference in the operating characteristics of certain types of high- 
speed bearings heretofore considered to be essentially equivalent. 
Oil-inlet distribution also was found to be a significant factor re- 
garding the control of bearing operating temperature. The test- 
rig results as well as the turbojet-engine data have been gener- 
alized by means of dimensional analysis to allow the designer to 
predict the bearing-temperature rise from a single curve regard- 
less of whether bearing speed, bearing load, oil flow, oil-inlet 
temperature, oil-inlet velocity, or oil-inlet viscosity vary over 
wide ranges. 
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Discussion 


Artuur 8. Irwin.‘ This paper represents an interim report of 
the continuing work being done by the NACA, Lewis Flight Pro- 
_ pulsion Laboratory, which work is being followed closely by our 
organization. We feel that the fine laboratory technique applied 
by the NACA to all such problems can only result in a major 
advancement in our mutual knowledge of the solutions to the 
specific problems applying to aircraft gas-turbine work. 

The authors point out that the retainer guiding surface is one 
of the more critical points in such high-speed bearings. Their 
work on oil viscosity as related to bearing temperature and heat 
rejection must be considered on this basis. We must not select a 
bearing lubricant solely on the basis of ease of design of lubrica- 
tion-system components, adjusting the quantities and viscosities 
to suit this design convenience without realizing that the type and 
amount of lubricant is critical in determining whether the plain- 
bearing surface, represented by the retainer contact against its 
guiding surfaces, may be prejudiced by this selection. 

In fact, consideration of oil additives should be made primarily 
on the basis of improving the lubrication conditions at the rubbing 
contact of the retainer and its guiding land. Contemporary ex- 
perience indicates that the performance of a plain bearing, or a 
pair of mating gears, can be improved drastically by the use of oil 
additives. On the other hand, the present types of oils are 
apparently satisfactory for lubricating and cooling the rolling 
elements of antifriction bearings. 

We appreciate the complications involved in introducing into a 
test program of this nature, a variable such as that represented by 
retainer guiding-surface lubrication. It may be that a separate 
program or approach may be desirable in order to investigate the 
effect of various oils on retainer performance, but it is surely 
worth while in view of the authors’ statements regarding the 
critical nature of the retainer-guidance problem. 


R. W. Moran.® While the results of this paper are based on 
oil-flow jet lubrication for roller bearings, it might be interesting 
to know, with reference to Fig. 5, where bearing operating tempera- 
ture is plotted against bearing surface speed, somewhat parallel 
test results are being obtained with grease-lubricated ball bear- 
ings on high-speed spindles. However, our testing has been 
limited to a bearing surface speed of 160 fps. 

Our test of bearing temperature as a function of bearing-cage 
speed in feet per second, shows a curve which is linear and closely 
parallels the authors’ results, but shows approximately a 15 F in- 
crease in the bearing operating temperature. For the ranges we 
have tested, the lower operating temperatures shown in Fig. 5 
point out the importance of controlled oil flow. 

It is far too early to attempt to correlate fully the data obtained 
with grease lubrication. We merely wish to point out that the 
authors of this paper, in our opinion, have covered thoroughly 
the many factors which influence bearing operating temperatures. 
Our limited investigation indicates an agreement of the theory 
advanced by the authors for predicting bearing operating tem- 
peratures. 


E. M. Puuups.* Too little information concerning the limita- 
tions of the rolling contact bearing is available for engineering 
design. Because of the many advantages of these bearings in 
high-speed aircraft gas turbines, it is desirable that the designer 

* Assistant Chief Engineer, Aircraft and Special Projects, Marlin- 
Rockwell Corporation, Jamestown, N.Y. 

* Application Engineer, The Fafnir Bearing Company, 
Britain, Conn. 

* Aircraft Gas Turbine Engineering Department, General Electric 
Company, West Lynn, Mass. Mem. ASME. 
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have a good knowledge of the limitations of their use and a good 
understanding as to the best means of lubrication and the effects 
of the design modifications and other factors on temperature rise, 
on friction losses, and on life. While it cannot be expected that 
the gas-turbine designer will ever be relieved of the need for final 
testing of the adequacy of his bearings selections, an increase in 
available research data will eliminate some of the present esti- 
mating as to possible safe extension of his knowledge and some of 
the preliminary testing now necessary in connection with any ex- 
tended design. Such extension may be expected to become more 
difficult with the increase in design requirements for future air- 
craft gas turbines. 

The data reported in the paper can be obtained only from re- 
search testing made in special laboratory test equipment. They 
cannot be obtained from engine testing. Furthermore, successful 
bearing applications in engines come far short of giving satis- 
factory information as to limitations since no knoWledge of fur- 
ther extension in use is made available. Because of the many 
added factors present in the completed engine, it is not possible 
sufficiently to control conditions that are necessary for obtaining 
accurate test data. Also, because of the difficulties in making 
modifications, it becomes difficult to obtain any large amount of 
data in a reasonable time on actual gas turbines. 

The authors furnish much data on the effects of operating con- 
ditions, design, and lubrication on temperature rise in a roller 
bearing. Much of this is an extended application field needed for 
present and future design. For this information the designer is 
very grateful. He will find it not only directly applicable but also * 
of considerable aid in his analysis as to probable effects on life. It 
is to be hoped that these investigations reported will be extended 
and that much further research will be undertaken and reported 
80 as to increase the fund of information available to the designer. 
The field is very large, and the gains to be expected from these 
investigations are very great. Furthermore, the improvements 
in bearings resulting from them should prove valuable in other 
applications of rolling contact bearings and may well result in an 
extension of applications, 


H. R. Rock.’ We cannot help but feel that some of the data 
presented in the paper should have been based on more than the 
one run apiece which we have been given to understand was the 
case. 

Having run large numbers of bearings of all types over long 
periods of time, we feel it can be, in some cases, dangerously 
misleading to draw conclusions on the basis of one or two tests. 

Aside from this criticism, which we hope has by now been ren- 
dered null by further test work, we have the following comments: 


1 The fact that NACA found the roller-riding cage superior to 
land-riding is most interesting in the light of general experience in 
the high-speed field where roller-riding cages are usually, with 
good cause, considered unsatisfactory. The point would be very 
worthy of additional work. 

2 In Fig. 7 of the paper the extremely high cage slippages in- 
dicated are unbelievable. Under no conditions have we been able 
to measure slippage of anywhere near that magnitude. 

3 The nondimensional analysis of bearing data to predict 
operating temperatures, and so forth, is very interesting, but it 
would seem that the validity of any one analysis would be limited 
to the particular type and size of bearing upon which it was based, 
as well as to the various operating conditions. Based upon this 
premise, the value of the method appears somewhat doubtful. 

4 The use of many jets instead of one or two is admittedly de- 
sirable from the thermal viewpoint, but in order to keep down 

7 Analytical Design Engineer, Pratt & Whitney Aircraft, East 
Hartford, Conn. 
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the total oil flow, the jets would usually be of a size to create 
a clogging problem. 
5 It would appear that the direction of the jet, ie., perpen- 
dicular to bearing or pointed with or against direction of rotation, 
should depend upon the range of speed involved, 


In conclusion, let us express the hope that more and more test 
work will be done on many different types of bearings. 


V. M. Zwicker. The authors have covered well the charac- 
teristics of two types of roller bearings, namely, the RRCTB 
(roller-riding cage-type bearing) and the IRRCTB (inner-race- 
riding cage-type bearing), but they have omitted the third con- 
ventional type which is the ORRCTB (outer-race-riding cage- 
type bearing). Possibly the fact that the two types discussed 
are, for various reasons, generally used in turbo jet-engine designs 
may have placed the latter in a third order of importance with re- 
spect to these investigations. 

The ORRCTB has several advantages over the other two 
types. The greatest of these is the application and efficient use of 
the lubricant. Oi) applied by means of a single jet to the rela- 
tively wide space between the outside diameter of the inner ring 
and the inside diameter of the cage is considerably less difficult 
from the standpoint of targeting, particularly in comparison with 
the IRRCTB where the space may vary from the diametral 
piloting clearance to a completely closed position depending upon 
the instantaneous cage-locating point on the inner ring land 
Generally, the diametral piloting clearance of the IRRCTB is less 
than the orifice diameter so that under no condition can the entire 
oil flow pass through the bearing. That which does not piss 
through reduces the temperature of the entering side of the bearing 
and causes a temperature differential between the two sides, This, 
together with the 35 F temperature differential around the cir- 
cumference of the outer ring, may cause additional distortion. 

The path of the oil which enters the bearing is well illustrated in 
the authors’ Fig 2. It is noted that no oil is shown passing 
through the pilot clearance space on the side opposite the oil 
nozzle. The cage-piloting surface is one of the most critical in 
bearings of the race-riding type and frequently the point of incipi- 
ent failure can be located on these surfaces, particularly on the 
surface receiving the lesser quantity of oil. 

As pointed out previously, the oil has much less difficulty en- 
tering the ORRCTB and after it has entered it tends to flow 
radially outward between the outer ring bore and the cage outer 
surface on beth sides, and thus the most critical surfaces are lu- 
bricated adequately. This applies to both ball and roller bearings 
Tests indicate that the cage surface as well as the ring land is in 
better condition than equivalent surfaces in the IRRCTB opera- 
ting under similar environment, 

One of the principal objections raised against the ORRCTB is 
that the path of escape for the oil offers greater resistance to flow, 
resulting in higher bearing temperatures. The oil 
trapped, as it were, in the channel formed by the two-flanged 
outer ring, and is further confined by the small distance of the 
eage from the outer ring lands 

This claim may have some support in extremely high-speed 
applications, but for speeds on the order of present-day turbine- 
engine applications, and with proper flow and scavenging, tem- 
For the extremely high-speed 


becomes 


peratures do not become excessive 


applications some design modifications can be made if found nec- 
essary. Without any modifications in the conventional design, the 
greater resistance to flow of oil out of the bearing may even create 
a slight pressure at the entrance of the orifice which may be 
thought of as the space between the outer ring ID and the cage 


OD. Pressure oil to these plain-bearing surfaces is beneficial, but 
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certainly must not be obtained at the cost of the disadvantages 
incurred by flooding the bearing. 

The authors have discussed three methods of applying oil to the 
bearing —single jet, multiple jets, and a radial hole through the 
center of the outer ring. The first method is the most simple 
design, and therefore is used in the majority of applications, but 
as shown in the authors’ Fig. 14, it is not as good as the other two 
A fourth method is a single jet on either side, applied at the pilot 
surface, which probably could be classified as second in order of 
simplicity, and may well bring the temperature down below the 
bearing lubricated with the outer ring hole. Here again the 
ORRCTB lends itself to a more simply designed application since 
the single jet will provids adequate lubrication. 

Other desirable features of the ORRCTB are that the rubbing 
speed at the critical piloting surfaces is less and the contact area is 
greater. For a typical roller bearing similar to the one on which 
the authors tested the cage rubbing speed, neglecting slip, is 14.3 
per cent less if the cage is piloted on the outer-ring ID and the pro- 
jected area of contact is 26.8 per cent greater. Following the il- 
lustrations in Fig. 8, an ORRCTB would have lower rubbing 
speeds with higher slip. Using the authors’ value of 50 per cent 
slip, the relative speed between outer ring and cage is 5 rpm, but 
15 rpm between the inner ring and cage ID. With any degree of 
slip, conditions are less severe at the critical surfaces 

Based on all the advantages pointed out for the ORRCTB it is 
hoped that the NACA can arrange to test this bearing under the 
same conditions that applied to the other two. The results of 
such tests will be of great value to engine builders, 


CLosuRE 


In reply to Mr. Irwin we wish to state that we are in agreement 
with his viewpoint that an investigation of oil additives upon cage 
performance is a much-needed research program. 

We also have conducted research on a large number of bearings 
of all types and are in agreement with Mr. Rock that reproduci- 
bility of results is of paramount importance. In this regard the 
authors developed a “severity factor,” reference (1) of the paper, 
so that we might gain an insight into the effect of both the particu- 
lar bearing tested and its running time upon reproducibility of 
test results of several bearings. At the extreme speeds of the 
subject tests we have found that small differences of bearing 
geometry and running time are both significant regarding repro- 
ducibility of results. Having gained the foregoing background, 
we have conducted the research reported in the present paper 
with great care so as to avoid the possibility of drawing conclu- 
sions from too few data. 

The authors do not state that the roller-riding cage is superior 
to the land-riding cage. In fact, we reported exactly the oppo- 
site, reference (1) of the paper. We do, however, state that in 
the specifie region of low load and high speed the roller-riding 
cage, if developed further, might prove to be superior to the inner 
race-riding cage. We also state in the paper that this same 
improvement is to be expected with the outer-race-riding cage. 

As has been mentioned in the paper, cage slip is not repro- 
ducible. We feel that it depends to a great extent upon (a) 
operating internal-bearing clearances, (b) extent of roller skewing 
as caused by shaft deflection, runout, and so on, (c) vibration 
and damping characteristics of the shaft and bearing housing, 
and (d) surface finish. To substantiate our data we refer to the 
data’ of Messrs. Boyd and Eklund of Westinghouse Research 
Laboratories, who have found cage slippages of over 70 per cent 


* “Some Performance Characteristics of Ball and Roller Bearings 
for Aviation Gas Turbines,” by John Boyd and P. R. Eklund. 
Presented at the Annual Meeting of Toe American Society or Me- 
CHANICAL Enotnggrs, Atlantic City, N. J.. Nov. 25-30, 1951. 
Paper No. 51—A-78. 
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at DN values as low as 0.9 X 10%. If these dataare extrapolated 
to DN values in the neighborhood of 1.5 X 10¢ it is evident that 
cage slippages close to 90 per cent woul! be expected, 

We are pleased that the usefulness of the cooling correlation 
was questioned as there are probably many others in the field who 
are not familiar enough with dimensional analysis to realize the 
extent of ite usefulness as well as the limitations of this powerful 
research tool. We would like to answer Mr. Rock's question by 
summarizing the range of usefulness of dimensional analysis 
as applied to the subject case. 

Dimensiona) analysis tells the research worker and designer 
how to group the various variables entering the problem so that 
he is able to correlate results with a minimum of test data. Of 
utmost importance in deriving the dimensionless equation is to 
include all of the significant variables entering the problem. If 
the technique is employed correctly a correlation curve may be 
expected for the case considered over the range of variables en- 
countered. Obviously, for another case the same correlation 
curve cannot be used. The important things to realize are: 
(a) that @ correlation curve is possible with a problem as vastly 
complicated as a jet-lubricated roller bearing operating at ultra- 
high speeds in a jet engine; (b) what the significant variables are 
and how to group these variables so that for the present and as 
well as for entirely different applications the operating tempera- 
ture may be estimated over « wide range of operating variables 
with a minimum number of tests. 

Some readers may be concerned over the fact that they do not 
feel justified in using either the test-rig correlation curves or the 
engine correlation curves of the paper to design the bearings for 
their new engines or other applications. They are correct—they 
should net use the authors’ curves quantitatively —but the curves 
may be used qualitatively. Naturally, any designer would like 
to be able to predict exactly the bearing temperatures for a new 
engine which is in the development stage. In this respect, the de 
signer has a very real problem. To get an answer, however, the 
designer or his colleagues roust also do some testing. All we have 
done is to point the way. We have tried to anticipate the design- 
er’s problem and have tried to present him with an approach 
which we felt was far better than what has been heretofore availa- 
ble. For the designer to use the correlation analysis presented 
herein most effectively we recommend the following procedure 
for a specific hypothetical problem which we state as follows. 


Problem: 

To choose the oil, oil flow, oil-inlet temperature, and oil-jet 
diameter which will give a safe operating temperature of 325 F 
in a new high-power turbojet engine which is in the design state 
and which has a maximum bearing design DN of 1.5 * 10% The 
engine is equipped with three roller bearings of essentially the 
same bore. Single-jet lubrication is desired since it is less costly 
and requires minimum assembly difficulties and maintenance. 


Solution 

Step 1. The oil is chosen on the basis of military specification, 
say, for the present case, AN-++9 grade 1010 oil. The oil flow is 
chosen at first at 2 lb per min on the premise that the smaller the 
flow the less will be the cooler requirements which are critical in 
jet engines. The oil-inlet temperature is chosen at 200 F based 
on cooler and oil-stability requirements. The jet diameter is 
chosen at 0.050 in. based upon available pump pressure to give 
the desired flow. 

Step 2. The engine is built and a trial run is made at bearing 
DN values of 0.7 X 10%, 0.9 K 10%, and 1.1 K 10% The bear- 
ing temperatures are measured and Fig. 17 is plotted for, say, the 
outer-race Maximum temperatures for each bearing (inner-race 
temperatures also if data are available). 
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ove 

The curves in Fig. 17 are plotted as soon as the data are obtained 
It is evident for the subject case that the temperature of bearing 
6 will exceed 325 F if the engine is operated at bearing DN values 
much in excess of 1.1 X 10% Bearings 2 and 4, however, may 
~till be expected to lie in the safe region of operation at the higher 
DN values. The slopes of the curves are different due to the dif- 
ferent amounts of engine heat at the various bearing locations, 

Siep 3. After a thorough study of the situation the project 
engineer concludes for the particular case that the expedient 
procedure is to make but a single change, that is, to increase 
the flow to bearing 6 by increasing the oil-jet diameter. This 
involves no major changes in cooler design, military Jubrication 
specification, or pump design as pumps usually have extra capac- 
ity. From the cooling correlation equation for the outer-race 
bearing temperature rise 


Fie. 17 


(Tor To1) = B(DN 


) 


where B is the slope of the correlation curve for bearing 6, the 
required flow is at once estimated. Based upon engine oil pres- 
sure the jet diameter for this flow is chosen, and the flow corrected 
based upon the effect of upon (Tyg To,). Of course, any 
combination of T,,, d, w, and M could have been varied to give 
the desired results. 

The versatility of the cooling correlation analysis has thus been 
illustrated. Without it the designer would not have realized all 
the variables and their interaction upon one another, he would not 
have realized that a straight line would be expected with engine 
data using the same exponents as were obtained from test-rig data, 
and he would not have known what values of the exponents 
to assume. There are numerous ramifications of the foregoing 
applications, but we hope that by the single illustration we have 
shown the designer how he can save his company much time and 
effort by intelligent use of the cooling correlation presented herein. 

In reply to the question that the use of several jets would pre- 
sent a jet-clogging problem we believe that clogging would only 
be a problem in those engines not having filtered oil 

Regarding the direction of the jet relative to the bearing we call 
attention to reference (2) of the paper where this point is thor- 
oughly covered. 

In reply to Mr. Zwicker, we state that we are in agreement with 
his viewpoints on the ORRCTB, We have not placed this type 
in a third order of importance, but rather we are presently en- 
gaged in an extensive program to evaluate this cage-type bearing. 

With regard to the single opposed jets we call attention to 
reference (3) of the paper where this mode of lubrication is 
thoroughly covered. 

Regarding the fact that with any degree of slip the conditions 
are less severe at the critical surface of an ORRCTB than for an 
IRRCTB, we refer to the paper where this point is covered. 

The authors wish to thank the discussers sincerely for their 
time and effort taken to submit comments and criticisms. The 
remarks are valuable and are most welcome. 


er 
= 
42 
Prag 


i 


of 


a4 


& 
4, 


zontal. 


Angles for 


By M. F. SPOTTS,' 


For a machining operation, trial and error is ordinarily 
used to orient an inclined plane of a workpiece into the 
proper position on a machine tool. This process is waste- 
ful of time and often results in spoiled work. .This article 
attempts to correct the situation by describing in detail 
some simple mathematical methods for calculating the 
angles required to rotate the inclined plane into the hori- 
Numerical examples accompany all the mathe- 


matical developments. 


HIS paper deals with the machining of a plane surface 
that is part of a workpiece of irregular shape. By rota- 
tions through what are commonly called compound angles 
the surface under consideration can be oriented into position for 


machining. If the Cartesian co-ordinates for any three non- 


- colinear points of the surface are known, its location in space is 
determined. 
of any shape, consideration need only be given to the triangle 


Although the surface may be bounded by a figure 


P,\P2P; determined by the positions of the three known points 
Such a plane P\P,Ps, asa part of a larger workpiece, is shown in 


Fic. 1) Worxprece Wirs Surrace ro Be Macnixnep 

As an additional requirement, suppose that surrounding ma- 
terial obstructs any overrun of the cutting tool or grinding wheel 
across line P;-P; Not only must P,P:Ps; be rotated into the 
horizontal, but line P;-P: must be made parallel to the ways of the 
machine tool 

Since the locations of P,, P:, and P; are known, the locations 
of projections O,, O2, and O; upon the horizontal are also known. 
It is therefore necessary to deal only with the solid P,\P:P,0,0.0, 
in Fig. 1. 


MILLING MACHINE OR PLANER 


Suppose the work is to be done on a milling machine or planer 
equipped with an adjustable angle plate. Fig. 2 shows the work- 
piece in position with plane P,P,P; horizontal, and line P;-P; paral- 
lel to the ways of the machine. This figure shows that it is neces- 
sary to determine the values of the following angles: 

1 Professor of Machine Design, Technological Institute, North- 
western University. Mem. ASME. 

Contributed by the Production Engineering Division and presented 
at the Fall Meeting, Minneapolis Minn., September 25-28, 1951, of 
Tue American Soctety or Mecuanicat ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, July 
13,1951. Paper No. 51—F-19. 


¢ = angle between direction of hinge of angle plate and direc- 
tion of ways of machine 

6 = inclination of angle plate 

WV = angle between hinge and side 0,-O, of workpiece 


EVANSTON, ILL. 


Without loss of generality, the co-ordinates for P’,, P:, P; can be 
taken so that P, lies in the z, y-plane, P; lies in the y, 2-plane, and 
P, lies in the z, z-plane. In addition, side 0,-0, is taken parallel 
to the z-axis. Plane P\/?.P., when so located, is shown in Fig. 3. 


Workrtece Mounteo on Macatwe Prerara- 
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Some of the co-ordinates will be zero, as shown, and simplifications 
of the algebra will result. 

Line PH; is the intersection of a horizontal plane at eleva- 
tion z: with plane P,P:P;. Rotation about P-H, will bring 
P,P.P, into the horizontal; line P;-H; therefore must be paral- 
lel to the hinge of the angle plate and accordingly is marked 
“hinge” in Fig. 3. 

Line S,-H, in Fig. 3 is the projection of P-H, upon the z, y- 
plane. P,-M, is a perpendicular drawn from P, to S,;-H, ex- 
tended. Point M; lies directly above M, on the extension of 

The three angles ¢, 0, and W of Fig. 2 will appear at the loca- 
tions shown in Fig. 3. Angle ¢ is the angle between ?’.-H; and 
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P,-Ps, since, after rotation of the plane, these lines are respec- 
tively parallel to the hinge and to the ways. Angle M.P,M, or 
6 is the angle required to bring /’,P.P, into the horizontal; hence 
it is equal to the inclination of the angle plate. Angle p is the 
angle between P,-S,, or side 0,-0.2, and the direction of the hinge. 
(a) Solution by Use of a Tetrahedron. Fig. 4 shows the xz, y- 
plane in Fig. 3. Since the locations of points P,, S;, and R, are 
known, the various lengths on this figure can be computed easily 
by trigonometry. Angle ¥ can be found from the following equa- 
tion 


From Fig. 3 the following equation can be written for finding 6 


Angle y which is needed in subsequent calculations can be found 
from 


Consider tetrahedron P, — in Fig. 3 
= SMi= Pi 


When the first two of the foregoing equations are substituted in 
the third, the following equation for finding ¢ is obtained 
cos = cos cos ¥ 
Example 1. 


be as follows: 


Let the z, y, and z-co-ordinates for the three points 
P\(7.78, 4.32, 0), PAO, 4.32, 1.65), Po 1.97, 0, 3.36). 
Find the values of angles 8, and 

Solution 
In Fig. 5 


PR, = ((7.78 107)? + 4.322] = 7.24006 in. 


Q 


Gromerric ReLationsHips 


36.6325 ° 
0 596 6802 
0.802 4792 


= 0.7435456 


Inte 


ASME 


In Fig. 3 consider the similar triangles /’,H,H. and P,RP,. 
The following proportion can be written: 
PH, 
HH 


PA, = RP, = 3.36 = 3.55539 
NH, = P\H, sin 8 = 3.55539 0.596 6802 = 2.12143 
= Pull, cos B = 3.55539 0,.8024792 = 2.85312 
SN, = 77 2.85512 = 4.92688 


In Equation 
2.12145 
tan 
SiN, 4.92688 


= 23.2959° 
MP, = 2 sin = 7.78 X 0.3954798 = 3.07683 


wy 


= 0.4305837 


In Equation [2] 


zz 1.65 
“0 3.07683 


In Equation [3} 


ed y = 11.9740° 
In Equation [4) 
cos ¢ = cos W cos y = 0.918 4747 XK 0.978 2418 


= 0.898 4903 


¢ = 26.0397° 


Additional tetrahedron equations are given elsewhere.* 

(b) Solution by Analytical Geometry. Any equation of the first 
degree in x, y, and z represents a plane. Thus, if A, B, and C are 
not all zero 


{5| 


represents a plane 

Assume the plane is determined by the three points P,(2,, y, 
21), Ys, 22), and ys, 2s). The coefficients A, B, C, and 
DP ean be found by substituting the co-ordinates of P,, Ps, Ps in 
Equation [5]. Three equations in A, B, C, and D will be obtained 
which may be solved for A, B, and C in terms of D. When these 
are substituted in Equation [5], ) will cancel out and the equa- 
tion of the plane will result. 

Angle 8, which measures the inclination of plane P,P; with 
the , y-plane, can be found from the following equation 

cos = 16] 
+ VA? + F 
The sign of the denominator should be chosen so as to give a 
positive quotient since @ is an acute angle. 

Line PH, in Fig. 3 is the intersection of plane P\P:P; and 
The equation for line S;-H, can be found from 
Equation [5] for P,)P:P; by making the substitution z = 2». 
Division by the absolute term will put the equation in the follow- 
ing form 


plane z = 2s. 


2 Practical Shop Mathematies.”’ by J. H. Wolfe and E. R. Phelps, 
MeGraw-Hill Book Company. Inc., New York, N. Y., vol. 2, 1939. 
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Here a is the intercept on the z-axis and } is the intercept on the 
y-axis. Hence 
tan ¥ = {8] 
a 
Values for y and ¢ can be found by Equations [3] and [4], re- 
spectively. 
Example 2. Use the data of Example 1 to solve for the angles 
by the method of analytical geometry. 
Solution: The co-ordinates of the three points, when substi- 
tuted into Equation [5], will give the following equations 


7.78A + 432B + D=0 
4.32B + 1650 + D=0 
197A + 3360 + D =0 


These equations can be solved for A, B, and C as follows 
A = — 0.056 139D 
B = — 0.130 379D 
C= 0.264 704D 


When these are substituted into Equation [5] the following 
equation will result 


x + 2.322433y + 4.715151z — 17.812910 = 0 
8812775 


Substitution into Equation [6] gives 

4.715 151 
+ 2.322433? + 4715151" 
= 28,2081° 


6 


The substitution of z = 1.65 should now be made in the equa- 
tion for the plane to give the equation for line S,-H, in Fig. 4. 
The result can be written in the following form 


+ 
10.03291 4.32 


=1 


n Equation [8} 


al = = = 0.4: 

a 10.08291 
= 23.2959° 


Angle ¢ is found by Equations [3] and [4] as in Example 1. 

Application of either of the foregoing methods necessitates 
some preliminary calculations. The tetrahedron method re- 
quires the computation of certain lengths by trigonometry. The 
use of analytical geometry requires the solution of three simul- 
taneous equations. It would be highly desirable to have a pro- 
cedure by which angles ¢, #, and WY can be found by direct sub- 
stitution of the co-ordinates of the three known points. Such 
a method can be obtained by use of Euler’s angles as follows: 

(c) Solution by Euler's Angles. In Fig. 5 (a) let axes xz and y 
be fixed in space, and let axes x, and y, be attached to the body. 
Point P in the body has co-ordinates z, and y, with respect to 
axes x, and ™. 

Fig. 5 (6) illustrates the situation after the body, together with 
axes x; and y, has been rotated counterclockwise through angle 
yg. The relationship between new co-ordinates z and y and the 
old co-ordinates z, and y, is given by the following equations 

r= 7, cos — sin [9] 
{10} 


Fig. 6 illustrates similar operations of rotations of axes when 


y = sin g + COs 


od 


(a) 


Fie. 5 Rovation or Axes Two Dimensions 


ol 


‘conducted for three-dimensional space. As a first’ operation, 

axis z is held, and the system is rotated through angle ¢ into 

xunmz. The relationships between new co-ordinates z, y, and z 
and old co-ordinates 2, y:, and z is given by Equations {9} ‘and 
[10] plus the following equation 


Rotation or Axes -Turer Dimensions 


2 | 1 1} 

The second rotation consists of keeping Oz, fixed and rotating 
the system through angle @ into zay.2. For this rotation, the new 
co-ordinates will be z;, y:, and 2, and the old co-ordinates will be 
22, yx, and z. They are connected through the following equa- 
tions 


Zi = Ze... 
= y2 cos — sin 
ye Sin + 2: cos 6... 


For the third and last rotation, Oz is held fixed and the system 
is rotated through angle into New co-ordinates 72, yo, 
and 2, will be connected to old co-ordinates zr’, y’, and 2’ by the 
following equations 


m= 2' cos — y' sin 
2 = 2’. 


It is now necessary to express the new co-ordinate z in terms of 
the original co-ordinates x’, y’, and This can be done easily 
by taking Equation [9] and substituting previous equations as 
follows 


wT 
i} ) x, rag? 
~ 4 
(b) 
> | 
ne, 
Las 
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sin 
(x' cos — y’ sin cos 
(z' sin + y’cos P)sin cos + 2’sin sin 
z'(cos cos — sin cos sin —y'(cos ¢ sin 
+ sin ¢ cos 6 cos W) + 2’sin ¢ sin 6. 


Similar substitutions are carried out for y and z which give 


y = 2 (sin cos + cos cos 6 sin 


+ y'(—sin sin + cox cos cos Y) — cos sin8. [19] 


z = 2’sin O sin + y’sin cos + z'cos 0 {20} 
Angles y, 0, and ¥ of Equations [18], [19], and [20] are known 

as Euler's angles. The various axes and angles as they appear 

when applied to the machining problem are shown in Fig. 7. 


The co-ordinates z, y, and z of points P;, P:, and P; should be 
substituted into Equations [18], [19], and [20] and the resulting 
equations solved simultaneously for angles yg, 0, and 
ever, in general, it will be found more convenient to use the fol- 
lowing explicit equations for these angles: d 

When the body is located as in Fig. 3, the co-ordinates of the 
points will be y:, 0), 22) and 0, za). After 
rotation of surface P\P,P, into the horizontal, the z-co-ordinates 
for all three points will be equal. Substitution into Equation 
{20} will give 


- (21) 
.-[22] 
.-[23] 


= x, sin Osin + y sin cos 
= y sin cos + 2 cos 0 
= 2, sin Osin + @........ 


After the rotation that makes P;-P; parallel to the ways, the y- 
co-ordinates for P, and P will be equal. Substitution into Equa- 
tion [19} will give 
y = x(sin cos + cos cos 6 sin 
+ w(—sin sin + cos cos cos )........ [24] 

vy = ~(—sin ¢ sin + cos cos cos p) 

cos g sin 8........... . [25] 
Subtract Equation [22] from Equation [21] 

sin sin — 22 cos = 


Subtract Equation [22] from Equation [23] 


How- 


x, sin 6 sin — y: sin cos + (23 — 22) cos = 0. . [27] 


Equations [26] and [27] should now be combined so as to elimi- 
nate the last terms. The following equation results 


— 22) + sin sin — yz sin cos Y = 0. [28] 


tan = 
— 22) + 


Equation [26] can be rearranged as follows 


22 
= . 
sin 


tan 6 


Equation [25] should now be subtracted from Equation [24] to 
give 


cos + cos ¢ cos sin + 2: cos sin 8 = 0. . [31] 


r(sin 
or 


x, cos 8 sin Y + z sin 0 
. [32] 
cos 

Example 3. Apply the foregoing equations to the data of 
Example | and solve for angles g, 0, and y. 

Solution: The co-ordinates of the points will be P,(7.78, 
4.32, 0), P2(0, 4.32, 1.65), and P,( 1.97, 0, 3.36). 

Substitution in Equation [29] will give 


4.32 X 1.65 
7.78(3.36 — 1.65) + 1.97 & 1.65 
= 23.2959° 
sin Y = 0.3954798 
cos ¥ = 0.9184748 


tan y = = 0.4305830 


Substitution in Equation [30] will give 


1.65 

7.78 X 0.3951798 
@ = 28.2031° 

sin 6 = 0.4725984 

cos = 0,8812776 


tan 0 = 


Substitution in Equation [32] will give 


7.78 X 0.8812776 X 0.3954798 + 1.65 0.4725984 
7.78 X 0.9184748 


tang 


= —0,4885896 
¢ = —26.0397° 

Fig. 6 from which Equations [18], [19], and [20] were derived, 
shows a right-hand system of axes. The equations are equally 
applicable for left-hand systems. The axes in Fig. 7 are left- 
hand and on this basis W and @ are positive and ¢ is negative as 
indicated by the results given in the equations of the foregoing 
example. 

A slight modification of the foregoing procedure must be made 
if, instead of P,-P:, line P;-P; is to be made parallel to the ways of 
the machine. Let the body in Fig. 3 be rotated so that P, is 
on the z-axis; P; remains in the y, z-plane, and P; remains in the 
z, z-plane. Angle 8, as before, can be found by Equation [2]. 
Angle ¥, between the hinge and side 0,-0;, can be found from the 
following equation 


I= 
or 
| — 
\ = 
Ae 
= 
0 
4 
& 
4 
te 
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Angle y; can be found from the following equation git: aa 

We ae 

The solution by analytical geometry is similar to the first case 
mo considered 

Also from Fig. 3 <a _ ‘The Euler equations can be applied equally well when PP, 
= cos is made parallel to the ways. In Fig. 8 the co-ordinates of the 
points are x1, 0), PO, 0, and 0, 2). Elimination 

the same steps previously used will give 


MH 


tan = — wiles — 


Tate — — 21) 
The first two of the foregoing equations should be substituted — 
into the third equation to give x; sin p 


22 23 


Cos = cos cos .. [35] meu ~ 2? cos @ + (2, — 2s) sin 
Angle is the angle between the hinge and the ways. cos 
The Euler equations can be applied to the case where Pi-P; : 
is to be parallel to the ways of the machine. The co-ordinates, amare 
when the body is located as described previously, will be P, Suppose the work on surface P,/;P; is to be done on a shaper 
(x, 0, 0), PO, ye, 22), and Ps(zs, 0, z3). The Euler equations are instead of a milling machine. Fig. 9 shows the workpiece prop- 
manipulated by exactly the same steps as previously used, and erly mounted to make the surface horizontal and line P;-P; 
the following results will be obtained parallel to the ways of the machine. With the table horizontal, 
(A = y = 0), the body is first located so that line 0,-0, is parallel 
tan y = __ ta ; ‘ to the ways. Plane 0,0,P,P, will then be vertical. Rotation of 
Tizy — 221 — 2s) the rocker through a suitable angle y will make line P,-P; parallel 
~ to the ways. The box table is now rotated through angle A until 
tan = surface P, P,P; becomes horizontal. 
(1 — sin 
(2, — 2s) sin cos + 2; sin 0 


A third possibility to be considered is the case in which line P;- 
P, is to be parallel tothe ways. Fig. 8 shows the body located so 


Fic. 8 CHINING 


Fic. 9 Worxkrtece Mounrep on Preparatory to Ma- 
that P, is in the z, y-plane, P: is on the z-axis, and P, is located 
in the z, z-plane. Hinge P:-H; can be located by passing a hori- 
zontal plane through P:. Draw plane P;R:T: perpendicular to _ 
P:-H:. Angle @ will be the rotation about the hinge. Angle ~ 7 
y is the angle between hinge and side O,0, of the body, and ¢ is a 
the angle between the hinge and the ways. | ‘ 


The foregoing equations can be combined to give Fic. 10 Geromerric 
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The values of y and A can be found by reference to Fig. 10 
where the co-ordinates for ?, Ps, and P, are taken as in Fig. 3. 
Pass plane P2144 parallel to the y, z-plane and draw line FG 
parallel to the 2, yplane. Draw plane EFG perpendicular to 
Let be the trace of plane in the z, 2-plane. 
It ix parallel to line 7-7, Line B-F will be located at angle + 
with Pek. 

Angle y can be found by Equation [3). 
found by trigonometry 
for tetrahedron 


EF = PF cos Y 


PF 
1 = FG = 


tun € 


Length P;-F is easily 
The following equations can be written 


EF 
A= 
PG 


tat 


The first two of these equations should be substituted into the 
third one to give 


tan A = cos y tan € [43] 


Another equation for finding angle \ can be bad from analytical 
geometry. Pass a plane through line P\-P?; and FG. 
tion for this plane will have the form 


The equa- 


|44) 


The coefficients can be found by the method previously explained. 
Coefficient B, will come out equal to zero. Angle A, which lies 
between the plane of Equation [44] and plane P)P2Ps, is given 
by the following equation 

+ 
A? + C?X + VA*+ CP 


= 


[45] 


In the denominator, use the sign for each radical opposite to that 
of the corresponding D. 

Example 4. Find values of \ and y for the shaper. Data for 
the plane is the 


Solution: 


same as for Example 1. 


(LP) 
SP, 


5.81 & 1.65 
7.78 


GL 


= 1.23220 in. 


1.23220 = 2.12780 


_ = 0.2120823 


In Equation [43] tan X = cos y tan € 
= O.9782418 & 0.4925463 
= 0.481824 
A = 25.7261° 


To solve for \ by Equation [45], proceed as follows: 
Co-ordinates for P,, Ps, and F(1.97,0, 1.2322) should be substi- 
tuted into Equation {44) 


7.784: + 4.32B, +D, 
+10 
+ 1,2322C, + Dy = 0 


These equations are now solved for the coefficients 
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A, = — 0.1285545D, 

B, =0 

Cy = — 


When the values for Ay, B,, and C, are substituted into Equation 
{44], the resulting equation for plane P,P. can be written as 


x + 4.7151522 7.78 = 0 


The equation for plane as found in Example 2 is 


r + 2.322433y + 4.715152: 17.812910 = 0 


Substitution should now be made in Equation [45]. The value 


for the first radical of the denominator is the same as in Example 2 


1 + 4.715152 & 4.715152 _ 
= = 0.000 
5.350 359 12 4+ 4.715152? 
= 25.7262° 
“1 Ve 


A 
The paper shows that the application of simple algebra and 

trigonometry will give a direct solution to the problem of deter- 


mining the machining angles for an arbitrarily located inclined 
plane 


CONCLUSION 


Discussion 


RK. A. Kiutetarpr.’ This paper presents two interesting and 
useful problems that well illustrate the directness and brevity of 
“Descriptive Geometry” in completing solutions of three-dimen- 
We recognize that no matter what type of solu- 
tion is undertaken, we first must represent the spatial situation 
graphically. The author does this very adequately. If in terms 
of descriptive geometry we make a vertical Y, Z projection and a 
horizontal X, Y projection, we are in line with his orientation of 
the workpiece and have a representation which is readily drawn 
easily understood, and reveals the desired angles @, 6, w, y, A 
with a few additional constructions. These will be described. 

With the desirable speed and lessened labor of the graphical 
solution, there is loss in the accuracy of the result. However, 
many engineering problems do not require accuracy in excess of 
that obtainabie by graphical solution. 


sional problems, 


In those problems where 
precision is demanded in the results, Descriptive Geometry offers 
a quick method of obtaining a good first approximation or check 
on the calculations. In all space problems Descriptive Geometry 
provides an orderly analysis and representation to serve as a guide 
to the numerical caiculations. 

Milling-Machine Solution. Let the X, Y and X, Z projections 
of A-B represent the line of the ways of the machine, Fig. 11, here- 
with. 

Locate projections of P,, P:, and P, in the given position so that 

1 The three points have the given relative Z position (eleva- 
tion). 

2 The three points have the given relative XY position (along 
the direction of the ways). 

3. P,P: bears along the direction of the ways. 

1 The three points have the given relative Y position (hori- 
zontal and normal to the ways). 


Line S is a horizontal line (parallel to X, ¥) in the surface of 
P’ P>Ps and is always parallel to the hinge line. 

In the final position of the block, P;-P: is parallel to the ways. 
Thus the angle @ is the angle between P,)-P; and S. As S and P,- 


* Assistant Professor of Civil Engineering, Northwestern Univer- 
sity, Evanston, Hl 
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DET INITION OF AXES 


P, are coplanar, the angle between them in the given position is 
the same as the angle between them in the final position. The 
angle @ between S and P,-P; was found by constructing the true 
size and shape of triangle ?,MN. It is MP,N’. 

A projection of surface P,P:/’s on a plane, 7, perpendicular to 
S is a line labeled P,', P;’. The angle between P,’-P2' and the 
trace of # on X-Y reveals the angle 6. 

The hinge line (parallel to S) and 0,-O, are coplanar, and thus 
the angle between them is the same in the given position as in the 
final position. We recall that S is always horizontal and that 
O.-O; is horizontal in the given position. Thus the angle y is 
revealed between the given X, Y, projections of S and O,-O.. 

Shaper Solution. As line P,, P: is parallel to the X, Z-plane, 
we read the angle 7+ in that projection as angle P:P)0.. 

If the projections are changed to accomplish a revolution of 
surface P,P,P, through the angle y about the Y axis, the Y, Z- 
projection becomes a straight line connecting the coinciding Y, Z- 
projections of P, and P; with the Y, Z projection of P;. Such a 
Y, Z projection shows the relative Y and relative Z position of 
points P,, P;,and P;. It is constructed on the X, Y projection as 
follows: The relative Y , of P,-P; and P, is still the dis- 


PROJECTION 


Fie. 11 


tance already shown as the distance from /’, to P,-P, in the 
X, Y-projection, and the relative Z-position of P,;-P, and P, after 
revolution is shown as the distance from P, to P;-P; in the X, Z 
projection before revolution and is labelled d. The Y, Z pro- 
jection gives us angle A. (This process is often called “counter- 
revolution” and is so simple that the drawing details have been 
abbreviated. ) 


E. L. Buevt.* Some of the derivations stated in this paper 
may be regarded from other mathematical viewpoints. For ex- 
ample, the basic problem treated here is a transformation of co- 
ordinates, realized physically on the milling machine as a se- 
quence of planar rotations interspersed with arbitrary transla- 
However, the translations may be neglected in this prob- 
lem, since translations of the piece to be machined present no 
handling difficulty to the operator. Such a sequence of pure 
planar rotations, each succeeding one taking place about an axis 
perpendicular to that of the preceding rotation, may be expressed 


tions. 
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Northwestern University, 
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TRANSACTIONS OF THE 


conveniently in terms of matrices, as is shown in many texts.* 
Thus Equations [9], [10], and [11] of the paper may be con- 
densed into the single matrix equation X = ®X,, where 


cos — sin O 
and@® sing cos gO 
z a 0 0 1 


® is the matrix of the planar rotation through the angle g about 
the z-axis. Similarly, Equations [12], [13], and [14] may be 
written as X, = OX), where 


1 0 0 
0 cos 6 —sin 6 
0 sin@ cos@ 


the matrix of thesplanar rotation through the angle @ about the 
new z-(i.e., 2) axis, In the same way Equations [15], [16], and 
become = WX’, where 


cos sin 0 
sin cos 0 
0 0 1 


and V = 


The substitution expressed by Equations [18], [19], and [20] may 
now be carried out formally in terms of the matrix equations. 
Thus X =®OWX’, where care must be taken to preserve the order 
in which the matrices are written, since matrix multiplication is 
not commutative, Le., PO ~ Ob. (Physically this means that 
a rotation about the z-axis followed by one about the new z-axis, 
in general, does not yield the same orientation as a rotation about 
the z-axis followed by one about the new z-axis.) This equation 
indicates that the matrix R, of the resultant transformation 
which carries X’ into X is expressed by the product of the ma- 
trices of the successive planar rotations, i.e., R = ®OW, the order 
being the same as that in which these rotations are realized on the 
milling machine. The elements of R can be found by merely 
applying the rules of matrix multiplication to expand the formal 
product POW, and Equations [18], [19], and [20] may then be 
obtained by expanding the product RX’ and comparing its ele- 
ments with those of X. However, for the present purposes only 
the second and third rows of R need be obtained, since only the 
y and z-co-ordinates are compared in the derivation of formulas 
for ¢, 8, and W. (This is equivalent to the fact that no use is 
made of Equation [18}.) 

Equations [4], [35], and [43] also may be derived from spheri- 
cal trigonometry. If in Fig. 3 of the paper a sphere of arbitrary 
radius is drawn with its center at /’:, the lines P-H:2, PrP), anda 
line through P, parallel to S,-P; will intersect the sphere in three 
points which form the vertexes of a right spherical triangle. Its 
hypotenuse will be g and its legs will be y and y. Equation 
{4| of the paper is the known relation between these three parts 
of the right spherical triangle.6 The derivation of Equation [4] 
in this paper is essentially the standard method of establishing the 
relation in spherical! trigonometry. Equation [35] is obtained 
in the same manner as Equation [4]. 

To derive Equation [43] of the paper draw a sphere of arbi- 
trary radius with its center at G in Fig. 10 of the paper. The lines 
G-F, G-E, and G-P, will intersect this sphere in three points which 
also form the vertexes of a right spherical triangle. Its hy- 
potenuse will be €, one leg will be A, and the included angle will be 
y. Equation [43] is the known relation between these three 


See, for example, “Classical Mechanics,"’ by Herbert Goldstein, 
Addison-Wesley Press, Cambridge, Mass., 1950, pp. 99-100 and 
107-109. 

* See any text on spherical trigonometry; for example, “Elements of 
Trigonometry With Applications,” by D. R. Curtiss and E. J. Moul- 
ton, D. C. Heath & Company, 1942, p. 111, art. 66, equation [9]. 


ASME 
parts.’ It also may be regarded as the formula for rotating an 
angle €, in one plane into another plane making a known angle 
7, with the first plane.* 


Mario Marretiorr.’ The machining of surfaces located at 
compound angles is a problem encountered frequently in a ma- 
chine shop. The author should be congratulated for calling the 
attention of those interested in this problem by showing the 
various mathematical procedures which are available for its so- 
lution. 

Typical examples of surfaces inclined at compound angles are 
those which form the cutting end of single-point cutting tools, and 
those surfaces provided for locating inserted teeth in the body of 
face-milling cutters. Many other examples can be found in a 
large variety of component parts for all kinds of machinery. 

In order to machine these surfaces it is necessary to place them 
in a machine tool parallel to the direction of the path of the cut- 
ting tool. This is accomplished by tilting the part or workpiece 
in two directions at right angles to each other. 

] The values of these two angles are determined in relation to the 
manner in which the workpiece is placed and held on the machine 
selected for the machining operation 

In general, no distinction is necessary regarding the kind of ma- 
chine used. Whether it be a milling machine, a planer, or a 
shaper, the calculation of the angles of tilt is the same for all, 

Attachments incorporating means for tilting the workpiece 
either in one direction or two directions mutually perpendicular 
are often employed for holding the workpiece during the ma- 
chining operation. 

Consideration of rigidity of support and size of the workpiece 
may rule against the use of attachments. The workpiece is then 
placed direetly on the table of the machine, and the required 
angles of tilt are obtained by wedging or propping the piece at 
selected points, 

In any case, the mathematical calculations for the angles of tilt 
will be either simple or complex, depending upon the relative 
placement of the attachment and the workpiece or the workpiece 
alone. 

If, for example, the attachment and the workpiece are located 
as indicated in Fig. 2 of the paper, the required angles for setting 
the surface P,P:P; on the horizontal plane wilf be three. The 
various methods of calculations are shown by the author. This 
requirement is the same, regardless of the type of machine used 
and as long as the piece and the angle plate are located as shown 
in Fig. 2. 

However, a considerable simplification will result, and with 
improved accuracy of setting, by considering the advantage of 
placing the hinge of the angle plate parallel to the table’s ways, 
and by subsequently setting the line ?\-P: on the workpiece at 
right angles to the hinge. 

By tilting the angle plate to the angle made by the line P,-P, 
with the base line 0,-O, (which angle is usually given) the line 
P,-P, will be rotated into the horizontal position, This is followed 
by tilting the base of the angle plate (by wedging) at right angles 
to the line P,-P2, at an angle which is the resultant of the angle 
6 at which the plate was tilted previously, and the angle which 
the side P;-P,; makes with the base line 0,-O,. If the line P,-P, 
is perpendicular to F -P: no calculations are necessary, since in 
this case the angle of tilt for the base of the angle plate is the 
same as the angle between P;-P; and O;-Q,. 


’ Thid., Equation [6] or [8 

* See, for example, “Aircraft Analytical Geometry,” by J. J. Apala- 
tegui and L. J. Adams, McGraw-Hill Book Company, Inc., New 
York, N. Y., 1944, p. 16. 

* Development Engineer, Cincinnati Milling Machine Company, 
Cincinnati, Ohio. Mem. ASME. 
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SPOTTS 


Generally, PP; is not perpendicular to P\-P:. In this case 
the angle of tilt is different from the angle between P;-P, and 
0,-0;. The calculation of the angle of tilt can be performed by 
using Equation [43] of the paper 


ANGLES FOR MACHINING 


This illustrates the point that to locate sedate, 4 aoe 
inclined at compound angles the procedure is the same regardless 
of the kind of machine used. 

The author makes an interesting analysis of the mathematical 


The same procedure is used if the workpiece is placed on an 
attachment similar to that indicated by the author in Fig. 9 
which permits tilting in two perpendicular directions by means 
provided for this purpose in the attachment. 


methods for the solution of this problem. It is, however, neces- 
sary to point out that for shop use a more satisfactory approach 
is the simpler procedure exemplified by Equation [43] of the 
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By D. S. 


It has long been recognized in foundry practice that 
visual agitation or riling of molten metals susceptible to 
dross formation or gas absorption may affect casting 
quality adversely. Accordingly, flow systems are con- 
tinually being sought which permit the flow of quiet 
nonriled metal at controlled delivery rates. Some of the 
more fluid-dynamic properties of a molten 
aluminum alloy when flowing in sand ducts are reported 
in this paper. These were evaluated in the initial phase of 
an investigation to determine the effects of various con- 
figurations of casting flow systems upon casting quality. 


common 


NOMENCLATURE 


The following nomenclature is used in the paper: 


u = absolute viscosity 

density 

cross-sectional area of duct 

velocity 

pressure 

elevation change between reference sections 


total heaal available to system 
specific weight, molten alloy 
loss coefficient, bend 
loss coefficient, friction 


flow rate 

loss coefficient, entrance 

diameter or equivalent diameter of noncircular section 
length of passage 


INTRODUCTION 

A casting flow system for use in founding must (a) permit easy 
transfer of metal from the ladle; (6) carry the metal to the mold 
cavity in the desired manner; and (c) be economically feasible. 
Such flow systems are divided for convenience into several dis- 
tinct components as follows: 

1 A reservoir to receive metal from the ladle, the pouring 
basin. 

9 


2 A vertical duct to transport the metal to the lowest level 
of the flow system, the downsprue. 

3. A horizontal duct, the runner, to transport metal to the 
various points of entry, the gates, to the mold cavity. 

Although these components can be found in any flow system, 
the wide variety of cast shapes require many odd modifications 
in order to introduce metal into the mold cavity correctly, Fig. 1. 
For experimental analysis and the evaluation of flow properties, 
a simple system was selected. This system consisted of a pour- 
ing basin and single downsprue, termed the vertical component, 
and a single horizontal runner, termed the horizontal com- 
ponent, Fig. 2. Studies of more complex systems, while of 
foundry value, did not add to the basic metal-flow data and con- 
sequently are not discussed herein. 


' Metallurgist, Metallurgy Branch, Naval Ordnance Test Station 
? Head, Metallurgy Branch, Naval Ordnance Test Station. 
Contributed by the Hydraulic Division and presented ‘at the Heat 
Transfer and Fluid Mechanics Institute, Stanford, Calif., June 21 
22, 1951, of Toe American Soctery or Mecuantcat ENGINEERS. 
Nore; Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Janu- 
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Turoreticar CONSIDERATIONS 


It is generally accepted that molten metals are viscous fluids, 
and within limitations, behave as the more common viscous 
fluids. Certain properties such as viscosity, density, tempera- 
ture, surface tension, presence of solid and gaseous inclusions, 
chemical reactivity, surface contact angles, and so on, are com- 
mon with other fluids, but vary in degree. In some cases these 
properties conceivably could alter the observable flow phenomena, 
and consequently must be considered in the development work. 

If an acceptance of the ideal or perfect-fluid concept is made 
with molten metals, as is common with water in hydraulic 
analysis, the simplified equations of motion may be applied to the 
flow of the metal. It is known that the kinematic viscosities of 
molten metals at pouring temperatures are generally less than 
those of water, and thus the metals may be considered as fric- 
tionless fluids. Values for aluminum are given in Table 1. Then 
for adiabatic and isothermal flow conditions 

pA Vo = const {1} 


P 
+ gh, = const. 


‘draulics Applied lol 
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TABLE | 


VISCOSITIES OF MOLTEN ALUMINUM 


Kinematic 
viscosity, 
Temperature, stokes 


deg 


Reference 
0. 000" 


Flow data 
Ref. (8) 


0.01168 
0 00844 
0.0075* 
0.0057¢ 


Ref. (4) 


* Caleulated from absolute viscosity and density of molten aluminum 


For the specific application, these equations may be developed to 
show that 


V,? 
29 


For this analysis, the minor losses may be neglected since experi- 
mental accuracy does not permit their evaluation. 

If the system be divided such that the flow losses can be meas- 
ured and assigned to pertinent terms of the equations, it is pos- 
sible to evaluate a numerical value for the flow coefficients. Com- 
parison of such data with similar data for more common fluids, 
water, for example, will determine the accuracy of the method as 
well as reveal some concepts of the mechanism of metal flow 
Further use of such coefficients may be to predict metal-flow data 
for other systems, 


+ Ky + hminer H {4} 


EXPeRIMENTAL PRocepURE 


It was decided initially to confine all testing procedures to 
those reproducible with careful foundry techniques, Conse- 
quently, dimensional tolerances were greater than those common 
to rigorous laboratory practice, and experimental accuracy ac- 
cordingly reduced. Such tests, however, offer a more direct solu- 
tion to the foundry problems which motivated the investigation 
Generally, experimental shapes and sizes of the various compo- 
nents were held to those in keeping with foundry practice. Some 
shapes of special theoretical interest, admittably of questionable 
foundry value, were used. Changes in shapes and lengths of the 
system were required to isolate certain variables for equating to 
the loss expressions and the tests were conducted accordingly. 

A normal test is conducted as follows: 


| The dimensions of the pertinent parts are determined. 

2 Wooden patterns are constructed, 

3 The parts are molded with as exacting techniques as are 
practical, 

4 Prior to final assembly of the mold, sand dimensions are 
recorded 

5 The camera, thermocouples, receiving flask, and any special! 
equipment are located as required, the metal poured through the 
system, and necessary data recorded. 

6 A casting of the system is preserved for further observations 
and final dimensions. 


For each test, the weight flow rate, pertinent areas and lengths, 
metal-pouring temperatures, and photographs of metal flowing 
from the various systems are recorded. In addition, special tests 
were made to determine static pressures, metal and sand tem- 
peratures throughout various systems, and velocity heads with a 
modified Pitot tube. 

All testing was done with 356 aluminum alloy (7 per cent Si, 
0.3 per cent Mg, remainder Al). The flow systems were molded 
in a synthetic molding sand having an AFS fineness of 57 and 
containing 5.5 per cent southern bentonite and 3.2 per cent water. 


TRANSACTIONS OF THE 


The pouring temperature was held to a constant value of 1350 
F for all tests. 

The various parts of the flow system were studied individually 
and collectively. At least two tests were made of each part in 
the system to check reproducibility of results. The recorded 
data were averaged and analyzed in accordance with accepted 
hydraulie practice. 


ASME 


DeTERMINATION OF FLUID PROPERTIES 


Velocities. The average or flow-rate velocities were calculated 
for all tests from the measured area of the system, the flow rate, 
and the specific weight of the molten metal. This value was used 
for further calculations and for design purposes wherever the de- 
livery of a specified quantity of metal was desired. These values 
are recorded in the various tables. 

Some energy transformations and loss considerations necessitate 
a more exact knowledge of maximum velocities as compared with 
average. For measuring these velocities a modified Pitot tube, 


Fig. 3. was devised and located at the exit of a 40-in-long runner 


Fie. 3) Deraits or Prrot-Tuse AssemBLy 


this method are shown in Fig. 4 where the observed values are 
compared with those of water at the same Reynolds number. 
The velocities are expressed in this figure as the ratios of point 
velocities to average velocities for the same runs. 
a is commonly used to express this ratio. 
Additional velocity determinations were made from the tra- 
jectory of the metal stream as it exited from a horizontal system 
in jet form. While this method is not accurate for the systems 
tested, primarily because of the changing stream configuration, 
it offered a maximum and minimum velocity figure which could 
be compared with average velocities. This method was used on 
two of the systems for verification of other data. In the case 
of very smooth flow, the data taken by this method show an a of 
1.1 to 1.0, which indicated little velocity profile was developed in 
that system. The particular system had a 4-in. horizontal run- 
ner. 
Viscosity. 


The symbol 


An approximate determination of the viscosity of 
molten aluminum may be made by a comparison of the flow of the 
metal with the flow of water from the experiments conducted to 
evaluate an entrance-loss coefficient. The metal in this instance 
was allowed to flow from a reservoir wherein the head was held 
constant. The outlet was located in the bottom of the reservoir 
and was well rounded for best entrance conditions. The experi- 
ment with water was conducted in an identical system except that 
the materials were changed from sand to plaster and lucite. The 
apparatus may be likened to an unrefined Savbolt viscosimeter. 
Such a comparison gives a value of 2.3 centipoises for the viscos- 
ity of aluminum at 1350 F. Since the values of Nr approach 
30,000 for this system, the results cannot be considered valid 
as the flow is turbulent. 


However, the results are in good agree- 
ment with those given in the literature, Table 1. 
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Reynolds Number. Reynolds number, as calculated from the 
relationship Na = pV D/y, varies from 11,000 to 48,000 at differ- 
ent portions of the systems. As used herein, D consists of the 
diameter of the circular section or 4 times the hydraulic radius 
of a noncircular section. 

Pressure Measurements, To obtain quantitative values of high 

and low pressures, small-diameter risers, open to the atmosphere, 
- were molded into the system such that the lower end was in con- 
tact with the metal stream. The diameters of these risers were 
varied until a size was found that permitted the metal to reach 
equilibrium under the static forces prior to solidification. The 
metal in the riser could be checked while liquid, during the pour, 
and recovered after solidification for verification. Such a tech- 
nique will not measure negative pressures. Data thus recorded 
were employed in the computation of friction factors and in the 
- comparison of the various systems. 
Flow Losses. The flow-loss factors were found for each sys- 
- tem by determining the total loss and the number of sources of 
loss. By starting at the pouring basin and sprue entrance, find- 
ing their losses and then adding separate increments to the sys- 
tem, it was possible to evaluate the losses in each portion. 

The entrance-loss coefficient K, was determined by evaluation 


of the efficiency of a square cross section vertical outlet from the 
pouring basin. The area of the pouring basin at this section was 
a minimum of 30 times the outlet area. The data are plotted in 
Fig. 5 which shows the discharge coefficient for various radii of 
curvature of the outlet. At the wptimum point, 1'/, in. radius, 
the discharge coofficient is 0.86. This represents a head loss of 
0.35 : or K, = 0,35 
For the sharpentrance, the head lossequals 
ya 


For the latter case the coefficient of discharge = 0.67. Daugh- 
erty (1)? lists a coefficient of discharge for water in a similar sys- 
tem of 0.622. 

The addition of a downsprue to the pouring basin adds addi- 
tional losses to the system, the primary one being a frictional loss. 
This loss may be evaluated by measuring the flow retardation 


* Numbers in parentheses refer to the Bibliography at the end of 
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caused by the addition. Frictional resistance to flow is propor- 
tional to surface area, other factors remaining constant. Ac- 
cordingly, sprues of different cross-sectional shapes, but with 
equal heights and exit areas, were used in the flow tests. For 
each of the common shapes, circular, square, rectangular, and 
slot type, flow rates were measured, and friction factors were 
calculated where possible. 

Two general types of sprues were used in the various shapes. 
One of these types is tapered according to the acceleration of the 
metal and the other is the constant-area sprue of extreme foundry 
popularity. From Equations [1] and [2] it can be shown that 
by allewing for the increasing velocity of the metal, that is dimin- 
ishing the area toward the exit, the sprue can be kept full, will 
flow quieter, and will exert a positive pressure upon the sprue 
walls. In this type of sprue, wherein sand-metal contact exists 
throughout the entire length, a valid friction factor can be deter- 
mined. These factors are tabulated in Table 2 for the previ- 
ously mentioned shapes. Data are not included for the constant- 
area sprues. In this type of sprue the metal breaks away from 
the sprue walls and falls as a free stream from some undetermined 

rABLE 2 FRICTION FACTORS FOR DOWNSPRUES 
(Tapered sprues, rounded entrance) 


Head losses, 
-~Areas,*— Velocity,® Friction? 
oq in. ips 
Shap Ent. Exit Exit Total 
Round 0.838 0.40 106 3.! 
Square (1:1), 0.90 0.42 
0.74 


0.38 ST 8.4 
0.79 1 


slot (214i) 0.37 70 1 
* Areas’ Measured from patterns 
© Velocities at exit: Calculated from measured flow rate, area, and density 
of molten metal. 
i 2 
© Head losses: Total loss is equal to H (As = v) , where H = 18 


in. of aluminum in all cases. 
(Ar entrance V)? 


(entrance loss) 


Entrance loss = 0.35 


Friction loss = (head loss) 


4 Frietion factor = f = friction loss * where D and V are averaged 


over sprue length L. 13 VP 
point below the sprue entrance. Thus, for the greater portion of 
the length of the sprue, no frictional resistance exists. 

Flow-rate data are presented for the various shapes of the two 
type sprues in Fig. 6. A coefficient of discharge, or ratio of actual! 
to theoretical flow rate, is used as the ordinate to eliminate smal! 
area discrepancies in the models. The abscissa is the total sur- 
face area of the sprue. Generally, with tapered sprues of angular 
eross section, the discharge varies linearly and in proportion to 
The circular sprue deviates from the linear 
rélationship and is more efficient. It is apparent that the con- 
stant-area sprues are less dependent on surface area. This is 
readily explainable since the entrance area controls the flow rat« 
of this type of sprue and the effective head is the depth of the 
pouring basin, 5 in. for all tests. 

Photographic evidence verified the supposition indicated pre 


the surface area. 


viously that the flow characteristics in a tapered sprue are supe- 
Additional information rela- 
tive to the behavior of metal in these two types of sprues was ob- 
tained from statie-pressures and sand-temperature measurements. 
The tapered sprue registered positive pressures throughout its 
length while the constant-area one required severe choking at its 
base to maintain positive pressures. Sand-temperature meas- 
urements around the tapered sprue indicated a positive metal- 
sand contact because of the regular rate of heat transfer. When 
the constant-area sprue was used, the contact was intermittent 
as indicated by a low and irregular rate of transfer. 


rior to those of a constant-area sprue. 
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The increased efficiency in flow of the round sections can be 
explained by a temperature traverse of the channels. A tem- 
perature drop of about 100 F was recorded in the corners of 
the angular sections. At the pouring temperature, such a de- 
crease means a tripling of the viscosity. Additionally, recovered 
castings indicated some solidification had occurred during the 
pour, partially obstructing the corners. The total effect is of the 
proper magnitude to cause the observed decrease of flow rate in 
the angular channels when compared with circular. 

At the bottom of the downsprue the direction of metal tlow 
must be changed by 90 deg in order to flow into the horizontal 
components, Such a bend can produce considerable riling in the 
stream and so several types of bends which could be made in 
molding sand were evaluated, 

Two types of bends used in the aluminum study that lend 
themselves more readily to analysis and comparison are the sharp 
90-deg and the smooth radius bends. The former is a simple 
vertical 90-deg, effected in green sand by molding the downsprue 
normal to the runner and in contact with it, while the latter is a 
core insert fitted to the sprue and runner. The radius of curva- 
ture of this bend was selected to give a minimum critical length 
with the velocity and diameter required from flow-rate criteria 
In addition to these bends, others of foundry interest, which can 
intermediate, tested. Of the additional 
bends, the large or surge sump warrants additional comment. 


be considered were 

Observed losses in the sharp 90-deg and smooth radius bends 
may be used to evaluate the bend-loss coefficient K,. The head 
loss in the sharp 90-deg bend is equal to 1.8 V?/2g and in the 
smooth radius bend,0.4 V2/2g. Hydraulic systems (2,3)show that 
similar bends have loss coefficients of 1.8 and 0.6 to 0.9, respec- 
tively. Losses in the surge sump are comparable to those ob- 
served for the sharp 90-deg system; however, fiow from this 
bend is smooth and quiet. Analysis of the bend reveals an exit 
loss from the sprue to the sump, although its magnitude is small, 
and an entrance loss into the runner which is of more impor- 
tance. The head loss in this latter case could be as great as 
0.5 V?/29g. The over-all bend-loss factor then should be high. The 
loss factors for this and the other bends tested are reported in 
Table 3. 
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TABLE 3 


sump 
Single 
Double curved 
Radius bend 


Measures from top of runner to height of metal in pouring basin 
€ “aleulated from area, flow rate, and density of molten metal. 
*, 4 Calculated from measured area and law of continuity. 
* Head is distributed as follows: 


1 Lost at sharp sprue entrance = 1.2 


13 
2 

0.9 29 (V* — average of entrance and exit 
0.7 2% 


(V = velocity at exit). 


Lost in sprue friction = 0.02 


Lost in runner friction = 0.04 
Velocity head = 1.0 4 
Found by difference from available head. 


Calculated from head lost = Ko iV 


(V = velocity in runner) 


= velocity at bend). 


TABLE 4 FRICTION DETERMINED | 
GRADIENT IN HORIZONTAL RUN 


ape 


FROM PRESSURE 
NER 


Veloce ity, Friction 


L 
im. Al factor, * 
Shape i f 
Round 
Trapezoidal. . 
Trapezoidal ... 
Rectangular (4:1) 0.80 
Slot (8:1) 0.48 


Dor 
0.91 
0.83 
0.95 


0 02 
0 04 
0.04 
0.04 
0.06 
0.04 
‘ Areas: Measured from castings of systems. 
» Velocities at exit: Calculated from measured flow rate, area, and 
density of molten metal. 
© Pressure gradient: Calculated from measured static pressures in runner 
and length of runner. 
4 Equivalent diameters: 4 (epene-sectinnnt = 
perimeter 
AP 26D 
L vt 


The runner friction-loss coefficient was evaluated from the ob- 
served pressure drop in horizontal runners, varying in length 
between 40 and 65 in. Runners of various cross-sectional shapes 
were used. The factors, which were evaluated, varied from 0.06 
for a slot-type runner to 0.02 for a round and are tabulated in 
Table 4. The over-all average for all systems was approximately 
0.04. From these values, estimates of the effective surface rough- 
ness may be made for comparison with hydraulic systems at the 
same Reynolds numbers. Reference (2) shows that the 
relative roughness‘ of circular pipe containing water flow- 
ing with similar friction factors and Reynolds numbers 
varies from 0.00001 to 0.03. These values range from 
those found for very smooth pipe to riveted and con- 
crete pipe. Since flow above an Nr of about 10,000 ix 
considered in the “rough zone,”’ wherein the friction fac- 
tor becomes a function of surface roughness, a better 
agreement of friction factors would be expected. How- 
ever, some factors that occur under the test conditions 
conceivably contribute to the observed scatter. Among 
the most important are runner length, bend effect, and 
the solidification of the surface layer of molten aluminum. 

By design necessity, the test work was conducted with 
runners wherein bend-induced flow distortions existed, re- 
sulting in pressure fluctuations, varying with the type of 
bend used. Runners of sufficient length to quiet this dis- 
turbance and still permit measurement of the pressure 
gradient are impractical in a foundry application and 
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Head distribution’ 


unner 


ity (4) 
0 


Frie- 
tion (3) 


Bend (5) 


would not reproduce the conditions which were under investiga- 
tion. Additionally, the surface of the ducts could vary from the 
roughness of the molding sand to a very smooth tube of solidi- 
fied aluminum. The reported friction factors are indicative of 
observed flow losses under the desired conditions. i 


Heat Losses 


The general energy equation as used herein was developed for 
adiabatic and isothermal conditions. Obviously, when molten 
metal is poured through wet sand at room temperature, some 
heat will be transferred to the walls of the ducts. This will result 
in a lowering of the temperature of the moving fluid, with ac- 
companying changes in its energy content. The heat loss of the 
metal during the pouring period was experimentally determined 
to amount to approximately 2000 Btu or 1 per cent of the heat 
content of the melt. This value was obtained by recording en- 
trance and exit temperatures while pouring approximately 250 
Ib of metal through the system, Fig. 7. 

As a verification of the heat-loss figures, the heat gain by the 
sand was measured. Thermocouples were placed at varying 
distances from the sand-metal interface. Generally, it was found 
that the temperature at the metal-sand interface was 1000 to 
1100 F, and decreased nonlinearly from the surface. The first 
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FROM RUNNER, 


" 12 
1/64 mones 


Sanp Temprrature During Pour 


‘sin. of sand shows a rather steep temperature gradient with a 


gradual shallowing to 212 F at ®/i¢in., Fig. 8. At '/, in. from the 
interface, only a slight rise above room temperature was recorded, 
indicating the steam which passed the */,-in. thermocouple had 
recondensed in the Integration of the heat gain 
of the sand and moisture gave approximately 2000 Btu which is 
in close agreement with the heat lost by the metal. Accordingly, 
since the flow-rate data ean only be reproduced with an accuracy 
of about +5 per cent, the 1 per cent heat loss was ignored, 


cooler sand. 


INTERPRETATION OF Data 


Since molten aluminum is opaque in appearance, dyes and 
other aids cannot be used to study stream patterns or internal 


CAL SYSTEMS 


riling. Transparent containers are not practical so the metal 
cannot be observed in the sprues and runners used to transport it. 
Accordingly, the photographic studies are limited to the ob- 
servation of one or more free surfaces. 


Photographic exposures were usually 50 microsec in duration. 


This exposure was varied only for special purposes. The short 
exposure was necessary to arrest all details of motion of the 
stream. From the configuration of the free surface, conclusions 
can be made regarding relative degrees of agitation resulting 
from the flow system being examined. Photographs were taken 
at various portions of the system by opening or cutting into the 
mold. 

Fig. 9 illustrates two cases of flow from the vertical systems. 
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The flow from the tapered sprue is emooth with the sprue running 
full. The flow from the constant-area sprue shows the agitation 
of free fall and is not in contact with the walls of the sprue. Addi- 
tional information relative to the two types of sprue is revealed 
in Fig. 10 which shows the first metal through the sprues. The 
tapered sprue flows continuously from the first instance, while 
the constant-area one is interrupted. 

The appearance of the metal after adding two types of vertical 
‘W)-deg bends to the tapered sprue is shown in Fig. 11. The sharp 
(0) deg (left) has a head loss of 1.8 V2/2g. The smooth 90-deg bend 
has a head loss of 0.4V?/2g. The greater head loss in the former 
case is shown as agitation revealed by surface high lights. 

The effect of enlarging the horizontal segment of the system 
is shown in Fig. 12. Here an area enlargement of 1 to 2 from the 
vertical to horizontal was made. The flow in one case fails to 
fill the enlarged portion of the system and in the other is very 
riled. Extreme degrees of riling are caused by some configu- 
rations of the vertical sprue-runner bend. It was not possible 
with techniques used to evaluate rational loss coefficients for 
these enlarged bends, 


APPLICATION 

These data may be used by the foundry metallurgist or engi- 
neer to effect more precise control in the rate and mechanism of 
filling a casting. Generally, the engineer will be required to 
select a pouring basin, downsprue, runner, and gating network 
according to the requirements of the casting. 

It was found in the study of the vertical system that if it were 
designed according to Equation [3] where V = V 2h, quieter 
and more uniform flow resulted. Free fall and its accompanying 
agitation were eliminated and gas absorption was minimized be- 
This equation sets a minimum 
size for the pouring basin related to the required flow rate. 
Under actual conditions, a basin designed exactly according to 
the equation proved too small for proper operator control, so in 
practice a much larger one is resorted to, Since shape has little 
effect, the selection of a basin is relatively simple. More careful 
consideration must be given to the sprue. The exit area is de- 
termined from Equation [3] using the required delivery rate and 
the available head. The entrance area is determined similarly 
excepting the head existing in the pouring basin is used. If small 
highly efficient sprues are required, the round or square shapes 
If the vertical section is great, and high metal 
velocities with sand washout are anticipated, a sprue with a high 
friction loss such as the slot type would be selected. 


cause of positive static pressure. 


would be selected. 


The selection of the runner and gates can be made from the 
tables and casting requirements. Excessively large runners re- 
sult in agitation while small ones retard the flow and cause 
high metal velocities with mold cavity riling. The use of 
special shapes, slot type, and so on, are justified in some 
applications. 

The joining of the vertical and horizontal sections can be ac- 
complished with any of the bends studied. The flow losses can 
be anticipated from the loss coefficients. To insure freedom from 
metal agitation, the use of the smooth bend or surge sump is 
recommended. 


CONCLUSIONS 


Data obtained from the flow of molten aluminum alloy in 
foundry sand has shown that many common hydraulic flow 
coefficients may be used to interpret and predict the flow of 
molten metals with but little error. Thermal and other factors 
peculiar to the molten metals require some consideration in the 
interpretation of the flow data and resulting design fac- 
tors. Basically, however, flow mechanism and properties are 
the same. 

Accordingly, the foundry metallurgist or engineer may borrow 
a vast backlog of working knowledge from the science of hydrau- 
lies and apply such information to the solution of his metal-flow 
problems. 
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Measurement of Hydraulic-Turbine V ¥ tbr 


By JOHN PARMAKIAN’ ano R. S. JACOBSON," DENVER, COLO. 


This paper describes a test program used to measure and 
_ eliminate the vibration which had produced extensive 
cracking in the blading of a slow-speed, 40,000-hp hydraulic 
turbine. Strains, accelerations, and pressures were 
- measured at various locations on the turbine runner 
while the unit was in operation. The instruments used 
for these measurements were of the resistance type. 
Instrument signals were transmitted through collector 
rings and brushes to direct-writing oscillographs. The 
vibration was eliminated successfully by an inexpensive 
modification of the runner blading which is described in 
the paper. 


INTRODUCTION 


stream from Hoover and Davis dams. It is essentially a run- 

of-the-river plant and consists of four 30,000-kva generators, 
each of which is coupled to a 40,000-hp hydraulic turbine. These 
turbines are designed to operate at a speed of 94.7 rpm under an 
effective head of 80 ft. The turbine runners, shown in Fig. 1, are 
_ of the Francis type and have 15 blades, These runners are 14 ft 
in diameter and weigh about 60 tons each. 


P ARKER Power Plant is located on the Colorado River down- | 


Operatine History 


The generating units of this power plant were placed in opera- 
tion during late 1942 to early 1943, and for the next three years 
they contributed greatly to the war effort. During this operating 
period, considerable vibration of the units was felt especially at 
the higher gate positions, but this condition was not considered to 
be too serious at the time. In 1946 a thorough inspection of the 
units revealed the runner blades were cracking badly. The 
length and location of the cracks varied somewhat among the 
four units, but the cracking appeared to be greatest in unit No. 1 
at the junction of the blades and the crown. Some of these 
cracks are shown in Figs. 2, 3, and 4. 

On unit No, 1, the cracks were repaired by welding in May, 
1946. In October, 1947, an inspection of this unit revealed that 
_ the blades had cracked again, in and near the welded regions. This 
runner was repaired again in November, 1947, and from then un- 
til the middle of 1949 various methods were tried to eliminate the 
periodic runner vibration and cracking of the runner blades. For 
_ example, compressed air was forced into the unit at the lower 
seal chamber, upper seal chamber, and even mixed with the water 
in the scrol] case upstream from the stay vanes. In addition, the 
leading edges of the runner blades were sharpened, and alternate 
pairs of blades were braced with struts near the mid-length of the 
_ blades. However, these measures were not effective in eliminat- 
ing the vibration and progressive cracking of the runner blades. 

A spare runner was not available at the plant until November, 
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1950. Therefore, in order to npinimize the danger of a possible 
complete failure of the runners during the interim period, the 
maximum turbine-gate openings were restricted to 0.80. 


DEVELOPMENT oF INSTRUMENTS 


In order to measure the pressure changes on the surfaces of the 
runner blades and streamlined water passages, it was necessary to 
develop a button-type pressuze cell which could be recessed into 
the surfaces of the water passages as shown in Fig. 5. The design 
of this pressure cell was improved constantly as deficiencies 
showed up during the testing. The final design, shown in Figs. 6 
and 7, consisted essentially of a thin diaphragm 6n which the pres- 
sure acted. Pressure changes on the diaphragm were then sensed 
as bending strains by SR-4 type strain gages located inside the 
pressure cell, Calibration and frequency-response curves for one 
of these pressure cells are shown in Figs. 8 and 9, respectively 

Changes in strain on the surfaces of the runner blades were 
measured directly with SR-4 strain gages which were cemented to 
the runner blades. In order to protect these strain gages from 
the action of the water, they were waterproofed with a tar com- 
pound and then sealed with a brass receptacle placed over the 
strain gage. 

One of the most difficult problems associated with these tests 
was that of obtaining data from the rotating runner. For the 
instruments located on the rotating runner, the gage leads were 
drawn through copper tubing on the back face of the blading to 
the fairing cone and then upward through the center of the tur- 
bine shaft and out of a hole in the shaft to the turbine pit. In or- 
der to transmit the instrument signals from the rotating runner 
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shaft to the recording oscillographs, a slip-ring brush assembly was 
developed as shown in Fig. 10. The rings consisted of silver- 
plated copper strips which were insulated from the turbine shaft 
by layers of cellulose acetate. Four silver graphite brushes per 
ring were connected in parallel in the brush assembly to minimize 
the effect of contact-resistance changes when the runner shaft was 
rotating. The recording apparatus, which is shown in Fig. 11, 
consisted of strain amplifiers and direct-writing oscillographs, 
manufactured by the Brush Development Company. The gage 
leads from instruments located on nonrotating members passed 


through tubing and were connected directly to recording oscillo- 
graphs on the outside of the unit 
First Program 

In the spring of 1950 it was decided that unit No. | of this 
plant could be spared for approximately 50 hr over one week end. 
During this period a series of vibration tests were performed to 
determine the source of the runner vibration, The measurements 
taken consisted of oscillograph records of the changes in pressure 
and strain at various locations inside the unit. The location of 
instruments is shown in Fig. 12. Instruments were located at 
the turbine inlet, stay vanes, wicket gate, various locations 
on the turbine runner, upper and lower seal chambers, and in 
the draft tube. 

A summary of the significant results of the analysis of the first 
field tests is as follows: 


(a) For the pressure-cell locations at the leading edge of the 
runner blades, periodic impulse excitation due to the action of 
the streams (formed by the guide vanes and wicket gates) 
striking the blades could not be detected. 

(b) For the pressure-cell location at the trailing edge of the run- 
ner, large pressure changes of the impulse type were recorded at the 
higher gate positions, The amplitudes and frequencies of the 
indicated pressure varied somewhat with the gate position, but 
there was a significant indication of periodicity of these pressure 
changes (see Fig. 13). 

(c) For the other pressure-cell locations on the unit there were 
no significant differences in the records as the gate openings were 
varied. 


Anatvysts or Test Resutts 


The theoretical considerations involving impulse excitation of 
turbine runners are usually associated with the pressure impulses 
exerted on each turbine blade by the action of each of the partial 
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streams which are formed by the space between the wicket gates. 
Prior to passing the leading edge of the turbine runner, these par- 
tial streams are conducted into the moving ring of water down- 
stream from the wicket gates and tend to rejoin within this re- 
gion. The oscillograph records of the pressure changes at the 
leading edge of the runner blades indicated that periodic impulse 
excitation due to these partial streanis was not present. Hence 
the annular water ring between the wicket gates and the sharp 
leading edges of the runner blades is sufficient to break up the 
pressure-impulse effect of the partial streams. 
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The most probable source of excitation of the runner at the 
higher gate positions appeared to be associated with the shock 
type pressure changes which were recorded at the trailing edge of 
a runner blade. The phenomena producing these pressure 
changes are not fully understood at present as there is difficulty 
in distinguishing between cause and effect. However, exciting 
forces acting on the runner blades which can produce pressure 
changes of this type may result from either or both of two causes, 
namely, vibration of the runner blades due to vortex formation 
near the trailing edges of the blades or vibration of the runner 
blades resulting from high-velocity flow and an inadequate tor- 
sional rigidity of the blades. 

The first type of self-induced vibration might be described in 
the following manner: The trailing edges of the runner blades are 
not streamlined but end abruptly at a thickness of 1 to 1'/; in 
There is a minimum velocity of water through the runner associ- 
ated with the shape of the blades below which periodic vortexes 
are not produced. However, when this critical velocity is ex- 
ceeded, the streamlines no longer hug the blades, and vortexes 
form in the wake. The action of the vortexes imposes periodic 
transverse forces on the runner blades and causes them ‘o vibrate 
across the streamlines, 

In explaining the second type of self-induced vibration for high- 
velocity flow the effect of turbulence is considered to be negligible. 
For a given position of a runner blade with respect to the velocity 
of flow, a hydrodynamic force and a twisting moment are exerted 
on the face of the blade. If the torsional rigidity of the blade is 
low, the blade will twist appreciably, and the twisting moment 
and hydrodynamic force acting on the face of the blade will 
change, increasing for one direction of motion and decreasing for 
the other direction of motion of the blade. Energy is thus sup- 
plied from the flow of water to sustain the vibration of each blade. 

As a result of these studies and tests, it was recommended that 
when field conditions permitted, alterations be made at the trail- 
ing edges on one of the existing runners. 
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During the period from October 4 to October 24, 1950, when 
field conditions permitted, additional vibration tests of various 
types were conducted on unit No. 1. During this period accelera- 
tions, strains, and pressures were measured on turbine blade No. 2 
which was the only uncracked blade in the unit. The locations 
of the instruments are shown in Fig. 14. The accelerometer used 
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during these tests was of the unbonced strain-element type, 
manufactured by Statham Laboratories Inc., Beverly Hills, 
Calif. It was enclosed in a waterproofed brass case and at- 
tached to the blade. 

The instrument records are shown in Figs. 15, 16, and 17, and 
the results of the measurements as plotted against gate opening 
are shown in Fig. 18. The accelerometer and strain-gage records 
indicate the same general pattern with the principal component 
of vibration of 55-57 cycles per see reached near the 0.80 gate po- 
sition. The pressure-cell record indicated a small component of 
55-57 ey cles per sec near 0.80 gate. 

From October 25 to November 5 the trailing edges of all 15 
runner blades were chipped and ground along their entire length. 
The original and final cross sections of a typical blade at the trail- 
ing edge are shown in Fig. 19. 

Accelerometer readings were again taken at blade No. 2 when 
the unit was placed back in operation. These records are shown 
in Fig. 20. A comparison of the acceleration records of blade No. 
2 before and after the modifications for all gate positions is shown 
in Fig. 21. It is apparent that the vibration of the blading has 
been drastically reduced. 

A summary of the conclusions drawn from the second field 
tests is as follows: 


(a) The modifications at the trailing edge of the runner elimi- 
nated the periodicity of the turbine-blade vibrations and reduced 
the vibration accelerations of the blading to small fractions of 
their previous values. 

(b) The modifications also increased the power output of the 
unit for all gate positions with an increase of 6.5 per cent in the 
maximum output of the turbine unit. 


Mopirication oF Orner Units 


Turbine-runner modifications on the remaining three units 
were started on January 9, 1951, by government forces and com- 
pleted on February 16. These modifications were effective in 


eliminating the periodic vibrations of all turbines. An inspection 
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of all four runners in May indicated that no further cracking of 
the runner blades had occurred during the 5-month period and 
‘ that there was a negligible increase in the cavitation of the blad- 
Ovrecton of 
or TatL-WATER SuRFACE ELEVATION ON TURBINE VIBRA- 
TION 


Fig. 19 Cross Sretion or anp Moptrication oF At Parker Power Plant the tail-water elevation is relatively 
Tursine Bape constant and is about 3 to 5 ft below the horizontal center line of 


Kr ¢ 
4 
0.5 - 
= 
| 
d 


the unit. Subsequent tests at Keswick Power Plant with a com- 
parable turbine unit indicate that the periodic vibration of the 
turbine blades appears to vary with the tailwater elevation. At 
this plant severe periodic turbine vibration was measured when 
the tail-water elevation was about 3 ft below the horizontal center 
line of the unit, but this vibration was reduced to about one fourth 
of its previous values when the tail-water elevation was 10 ft lower. 
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Discussion 


F_E. Jaski? The writer has had experience with several cases 
of runner-blade vibration both with Francis runners as well as 
with propeller runners which were corrected in a similar manner 
and which may be of interest. The first of these was at Norris 
Dam, Tennessee Valley Authority. The two runners had the 
discharge edge of the blades sharpened rather abruptly on the 
back side about 5 to 6 in. from the edge and rounded on the edge to 
about a */-in. radius. When first put in operation they devel- 
oped a singing note which was quite loud. The noise was traced 
to the runner, and the first step was to put temporary wooden 
wedges between the blades at the spoon of the blade on the trail- 
ing edge. This quieted the runner and indicated that the noise 
was caused by blade vibration. (This work was done by the late 
Mr. R. V. Terry who was then Hydraulic Engineer for the New- 
port News Shipbuilding and Dry Dock Company.) Permanent 
steel struts were then placed between all of the blades and welded 
to them. The struts were streamline shape about I'/. */, in. 
thick and 3 in. wide, long enough to reach from the back of one 
blade to the face of the next blade. They were located on the 
mean flow line about midway of the width of the blade. These 
struts have been very satisfactory and in so far as the writer 
knows, have not had to be replaced. 

Later, this same runner was used at Hiwassee TVA plant 
under a higher head. For this application the design was changed 
slightly by making the blades '/, in. thicker at the connection 
with the crown and tapered to the original thickness at the center 
line of the guide case. The discharge edge was given a more 
gradual change in thickness and left square about */, in. thick. 

This modified design also was used when the same runner was 
installed for the Flathead Development of the Phoenix Utility 
Company. The specific speed of this runner is about 48 

The next case was with « runner of about 68 specific speed, at 
the Appalachian Electric Power Company Claytor Dam 

Here the vibration occurred at about 62 percent gate. In this 
case the blades were sharpened on the discharge edge by chipping 
back from the edge on the face to reducé the thickness gradually 
from about 1 '/sin, to about ''/;.in. While the chipping was in 
progress it Was necessary to put the unit on the line because of a 
flood on the New River, July, 1940. Although only 12 of the 16 
blades were chipped, and no grinding had yet been done, the unit 
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ran very smoothly at all gate openings. The work was completed 
on all the blades after the flood subsided 

The next case was a 5-blade fixed propeller of specific speed 
about 140, at Drop 4 Powerhouse Imperial Irrigation District, 
about 1942. This runner had vibration periods at 28, 42, and 63 
per cent gate openings. The remedy used here again was to 
sharpen the discharge edge of the blades from about 1'/, to #/; in. 
from the periphery about */; of the length of the edge. The chip- 
ping was done on the face of the blade and carried up the blade 
far enough to maintain a gradual taper 

The last instance was at Grand Coulee Dam with the first three 
runners of specific speed 34 in units L1, L2, and L3. These run- 
ners also had a vibration period between 60 and 65 per cent gate 
opening. Here again the discharge edge was sharpened from 
about 1*/i¢ to "'/:¢ in, and all the way from the band to about 15 
in. from the crown. The chipping was done on the face of the 
blade and far enough to obtain a gradual taper. A slight increase 
in output also was obtained both at Claytor Dam and at Grand 
Coulee, as expected, because the discharge vents were increased 
by this chipping. 


W. B. Ruemcans.' The use of modern instruments to locate 
and measure hydraulic-turbine vibration is interesting and 
instructive. 

The writer was faced with «a somewhat similar situation in 1930, 
on two Francis units for the Upper Notch Power Plant, Power 
Corporation of Canada. Each unit was rated 6500 hp at 48-ft 
head 125 rpm. There was a distinct loud hum or singing noise in 
each unit at 65 per cent gate which disappeared at 70 per cent 
gate, but reappeared again at 75 per cent gate, and disappeared 
completely at 80 per cent gate. A slight increase of vibration 
of the unit accompanied the noise. 
found in the runner. 

Since the modern instruments for measuring vibrations which 
were used by the author were not available at that time and place, 
the pitch of the hum was determined by comparing it to the notes 
of a violin. This indicated that the frequency of the hum at 65 per 
cent gate was 326 cps and at 75 per cent gate 391 cps. This fre- 
quency did not correspond to any combinations of speed, number 
of wicket gates, or number of runner buckets. As was the case 
with the turbines described by the author, admission of air to the 
runner or draft tube had no effect on the hum. 

An interesting observation with these units was that when the 
head on the turbine was lowered the hum and noise shifted to 
higher gate openings, corresponding to approximately equal dis- 
charge for the various heads. This seemed to indicate that the 
hum was a function of quantity of water or of the water velocity 
through the runner. 

In trying to locate the source of the noise, the turbine was un- 
watered and various portions were struck with a hammer. 


However, no cracks were 


It was 
found that the discharge edge of the runner buckets gave about 
the same pitch noise (as checked by the violin) as the objectiona- 
ble hum during operation. 

It was then decided to try placing some temporary wooden 
blocks between all of the runner buckets near the discharge edge. 
These blocks eliminated all of the noise and hum during operation 
of the unit and reduced the vibration. 

Although no apparent damage was produced by the vibration 
of the runner buckets, it was felt that it might produce cracks in 
the buckets at some future time. Therefore permanent stream- 
lined steel struts were installed between the runner buckets about 
halfway between the runner band and crown. These struts were 
1'/, in. at their maximum thickness and 6 in, long Since this 
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Was a cast-iron runner, the struts were held in place by means of 


. two */,-in. patch bolts at each end. 


These struts have now been in place for over 20 years. During 
this time they have shown no tendency to produce cavitation and 
pitting. The rinners themselves also have shown no signs of 
cracking or other failure. Therefore it can be said that the in- 
stallation of the struts on these units was a successful solution of 
the vibration problem 

It is interesting to speculate whether the vibration could also 
have been stopped by thinning down the discharge edges of the 
runner buckets similar to what was done on the Parker Dam 
units 


Sarre. Consider the authors’ second type of self-in- 
duced vibration resulting from the possibility of the torsional 
rigidity of the blades being low, causing a torsional vibration of 
runner with respect to the shaft and runner crown: This design 
of runner has been used in some 45 separate installations, The 
majority of such installations comprise plate-steel blades with 
relative strength to resist bending and torsion decidedly lower 
than at Parker. This, I think, indicates that the Parker vibra- 
tions are not due to this cause, 

The first type of self-induced vibration involves in effect the 
von Karman vortex trail. 
tent in all turbine installations, and undoubtedly in all of the 45 
installations involving the Parker runner model. However, at 
Parker the vibrating tendency set up by the von Karman trail 
seems to have been in resonance with the natural frequency of the 


This phenomenon exists to some ex- 


blades 

As pointed out by the authors, the thinning down of the trailing 
edges not only eliminated the difficulty but increased the power 
output in the most effective manner as was indicated by model 
With the frequency of vibrations, or I think we can say, 
with the natural frequency of the blades in water well established, 
how does this check with the probable frequency caused by the 
von Karman trails? 

Fig. 22(@) of this discussion shows the relations determined by 


tests 
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It will be noted that the accelerometer, authors’ Fig. 14, my Fig. 
23, is located almost at the bottom of the runner, at a radius of 56 
in. Our object being to determine the average value of vo causing 
this vibration, it seems logical to consider the portion of the blade 
nearer the crown as being the location of the greatest amplitude of 
vibration. This was found to be the case in tie 20,000 hp turbine 
at the Holtwood plant of the Pennsylvania Water and Power Com- 
pany where vibrational stress tests were made, Point A is al- 
most in the curved or “spoon” portion of the blades. Instead of 
A 1 have therefore assumed that at B at a radius of 36 in. n 
would be the same as at A, but with greater amplitude. At a ra- 
dius of 36 in. the peripheral velocity of the blade for 94.7 rpm is 30 
fps. 

\ Pitot-tube traverse made in the laboratory across the draft 
tube immediately below this runner model showed, at that pro- 
portional radius and at conditions corresponding with 0.8 gate 
opening and 75-ft head on the prototype, a whirl of about 20 deg 


with the meridian. The resulting velocity relative to the blades 
is 33 fps as shown in Fig. 23, herewith. 

The Reynolds number being based on the evlinder diameter in 
the von Karm4n relation, Fig. 22(a), at Parker, it would be based 
on the blade thickness, and would be for an average blade thick- 


ness of 1.25 in. 


1.25 K 33 
Re= 
12 x 10°5 


1.25 33 X 100,000 
12 = 344,000 


For this value of R the Strouhal number = + 0.205, according 
to experiments by Relf and Simmons, Fig. 22(/), herewith. Then 
the frequency of the vibrating force, caused by the von Karman 


~ trail, would be equal to 


Fig, 22 


von Karman wherein water at a velocity vy flows past an immersed 
cylinder of diameter D. The net result is an oscillating side thrust 
F,, away from the last vortex. The frequency of oscillation n may 
be expressed in terms of the Strouhal number nJ)/r which varies 
with the Reynolds number as shown. 

At Parker Dam the authors determined n to be 55 to 57 cycles 
per see (cps) at the critical gate opening of 0.8. 
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0.205 + 


0.205 X 33 X 12 
D 1.25 


= 65 eps 


as compared with the measured value of 55 to 57 eps 

The radius of 36 in. must be considered as subject to a fairly 
wide range of probable values and this applies to the foregoing 
calculated value of 65 eps. Nevertheless, the von Karman relation 
seems to apply fairly well, and this I think points up the impor- 
tance of avoiding excessive thickness at the trailing edges of large 
Francis runners for comparable requirements. On the basis of 
the foregoing relation the reduction in the value of D to 4/4 in. as 
in the authors’ Fig. 19, apparently so increased n as to take that 
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value sufficiently above the natural frequency of the blades as to 
be harmless. 

In several instances blade vibration has been eliminated by the 
provision of struts between all of the blades. It is my belief that 
this method would have been successful at Parker had struts been 
provided between all blades rather than between alternate 
pairs. The latter method provides insufficient support. For ex- 
ample, at Norris Dam (TVA) struts were entirely successful. 
This also is the case at the Holtwood Plant of the Pennsylvania 
Water and Power Company as well as Denison Dam in Texas. 
In that case some pitting due to cavitation appeared just down- 
stream from the struts, requiring relocation. These struts can be 
made so smal! relatively that the effects on efficiency and power 
are negligible. 

At Denison Dam, with the von Kérman trail phenomenon in 
mind, strips were welded to the discharge edges of the blades 
from the crown down to some location between A and B, Fig. 23 
of this discussion. These strips had a thickness at the discharge 
edge of about */, in. and had the effect of increasing the length of 
the blades by about 3 in. In this case these extensions actually 
aggravated the trouble and were removed. The greatest im- 
provement was experienced by what amounted to sharpening the 
blades at the entrance edges. On the second Denison runner the 
operating engineers decided to weld a continuous ring to the dis- 
charge edges of the blades about at location B. This was consid- 
erably easier to instal] than the struts on the first runner, and so far 
has been effective. 

It is hoped that when finally published the paper will contain 
descriptions of as many as possible of the instances of resonant 
vibration and their cures, since this seems to be a most appropriate 
place for all of such valuable information as may be available. 
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Avurnors’ CLosuRE 

The authors wish to thank Messrs. Jaski, Rheingans, and 
Sharp for their discussions. Mr. Jaski’s discussion includes 
several examples of the successful elimination of blade vibration 
by sharpening the trailing edges in the manner described in this 
paper and one instance in which the blade vibration was reduced 
by the use of struts. Mr. Rheingans’ discussion includes an in- 
teresting description of the elimination of blade vibration by the 
use of struts. Mr. Sharp’s discussion of the vortex trail phe- 
nomena adds to the value of the paper. His description of the 
use of struts between the blades at other turbine installations is 
also of interest. 

It appears to the authors that wherever possible it is better to 
eliminate the source of blade vibration than to contain it with 
struts. The type of blade vibration described in this paper is 
easily eliminated by avoiding excessive thicknesses at the trailing 
edges. 

Apparently none of the examples of blade vibration indicated in 
the discussions included actual cracking of the blades as at Parker 
Power Plant. At this plant the use of struts increased the rate of 
cracking and had to be removed. Mr. Sharpe believes that the 
vibration at Parker Power Plant might have been eliminated by 
the use of struts between all the blades rather than between alter- 
nate pairs. This was recently tried out on a comparable un- 
modified turbine runner at Keswick Power Plant where blade 
cracking was also present and was not successful with high-tail- 
water operation. 

A possible explanation of the effect of the tail water on the 
blade vibration is that as the tail water is lowered, the flow condi- 
tions near the trailing edge approach the cavitation limit and the 
vortex trails are broken up. 
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By R. 

The design of spring-actuated mechanisms often can 
be improved by the use of a flat-wound spring. Over- 
center snap-action and similar devices, where it is advan- 
tageous to keep the line of action of the spring as close 
to the bearings as possible, can be made appreciably 
more compact because of the narrow width of the spring. 
Equations for the deflection and stress of flat-wound 
springs are developed. A nomogram, which can be used 
to solve the stress and deflection equations simultane- 
ously for square and round wire springs, is presented. 
Experimental results which support the theoretical 
analysis have been obtained and are discussed in de- 
tail. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A = area of wire cross section, sq in. 

diameter of round wire, or side of square wire, in. 

modulus of elasticity of wire material, psi 

moment of inertia of wire cross section, in.‘ 

ratio of width of spring to radius of bend, in. per in. 

instantaneous moment, in-lb 

bending moment on plane a-b, in-lb 

instantaneous moment over interval 1, in-lb 

instantaneous moment over interval 2, in-lb 

instantaneous moment over interval 3, in-lb 

maximum bending moment, in-lb 

total load on spring, Ib 

distance measured along neutral fiber of spring, in 

mean radius of bend of spring, in. 

inner radius of spring, in. 

distance to outer fibers from neutral fiber, in. 

bending stress, psi 

maximum bending stress, psi 

tension stress, psi 

bending stress at inner fiber, psi_ 

total maximum stress, psi Gri 

tota! internal energy, in-lb 

width of spring, center to center of bend radius, in. 

deflection per coil, in. 

total length of neutral fiber in free body under con- 
sideration, in. 

initial angle of spring bend (constant), radian 


INTRODUCTION 


Anyone associated with the machine-design field at one time or 
another in his experience has been confronted with the problem of 
securing sufficient space for a spring of the required properties. 
It is more or less common practice to postpone until the end of a 

! Supervisor, Mechanical Engineering Division, Battelle Memorial 
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August 27,1951. Paper No. 51—A-59. 
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design problem the detailed computations of the necessary springs. 
In fact, many designers are guilty of ignoring spring calculations 
and merely marking the spring location with a note ‘spring to 
suit.’” Many times this procedure has resulted in the unfortunate 
shopman undertaking to provide a satisfactory spring in a wholly 
inadequate space. This paper is intended to present a solution to 
some of these spring problems which has not been thoroughly ex- 
plored in the past. 

Fig. 1 illustrates the physical appearance of flat-wound springs. 
This type of spring permits its utilization in many places where 
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the conventional helical spring would be difficult to apply. In 
many the narrow cross section of the flat-wound 
spring will result in a considerably more compact design. In 
addition, it will permit the line of action of the spring to be located 
as close as possible to the bearings, thus reducing the cantilever 
load on the mechanism. This is especially true in certain over- 
center snap-action devices. 


mechanisms, 


The objective of this paper is to provide the machine or tool 
designer with easily applied formulas and a nomogram which 
will quickly and easily permit him to determine the applicability 
of the flat-wound spring to a design problem. 

While a flat-wound spring of the type shown in Fig. 1(a), may 
be used in compression, it is susceptible to buckling in the plane 
of the spring. Because of this instability, it is therefore desira- 
ble to guide the moving end and to restrain the sides of the 
spring when used in compression 


DERIVATION OF DerLection Equation 


The deflection equation is most easily derived by making use 
of the Castigliano theorem’ in conjunction with the strain-energy 
equation. In order to simplify the problem further, the cross- 
sectional dimension of the wire perpendicular to the plane about 
which bending occurs is assumed to be small compared to the 
radius of curvature R of the spring. 


2 “Strength of Materials,” by J. E. Boyd and 8. B. Folk, McGraw- 
Hill Book Company, Inc., New York, N. Y., fifth edition, 1950, 
p. 341, article 169. 
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TRANSACTIONS OF THE 


The total strain energy of bending contained in the free body 


of Fig. 2 is expressed by the equation* 


J, 


where the length q is measured along the neutral axis of the free 


body, and the integration is extended throughout the total length 


w 


Free Bopy 


of the neutral axis Y@. Further, it may be established by inspec- 
tion that there are no shearing stresses on the plane ab, and that 
the plane ab does not rotate during bending. Thus the deflection 
due to Mo must be zero and, therefore, according to Castigliano’s 


theorem 


V, the instantaneous moment, must be expressed by several 
equations along the length of the wire. In the interval 


0 q < R 4 a) 
= P(R R cos 6) 
( ) — 2R sin *) 
+a} + 
2 cos a@ 

j 

+ ase q—R 2 +a { 
~ Mo. 
2R 
+a) 

cos @ 2 


— 2R sin *) 
cos @ 


+ R sin (@ — a)] — Mo... .[5) 


In the interval 


and in the interval 
Ww 
+ 
Me=M,=P(R+W 


dM, 
dM, 


dM, 
dM, 


dM, 
dM, 


Substituting the value of U from Equation [1] in Equation [2} 


dM, aM, Jo 2El EI Jo 


and substituting the expression for M obtained in Equations (3), 
{4}, [5], and [6] 


aM 
d 


‘Strength of Materials,"’ equation 163.4, p. 334. See footnote 3. 
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2R G "+e ) + 
aM 
Ms oy,‘ 


+( 
or, using the actual value of M, the following expression is ob- 
tained 

R ( +a ) 


/ (P(R — R cos 6) — Mo} dq 


G «) = 38 *) 


oD) 


' PIR + W + R sin (@ — a)] — Mof dq 


+ | 


In order to simplify the integration, it will be necessary to change 
the integrator and the limits of integration of the first and third 
terms, as follows: 

In the interval 


W — 28 sin *) 
cos a@ 


Ww *) ] 


we 


2K sin *) 


cos a 


and in the interval 


2R sin 
COs a 


and now 


(G+) 


[PR(R — R cos 6) — MoR) dé 
J0 


+ 


Ye [ e+ + cna 7 +a})| 
+e) 


dq 


ve 


= 
9 ys 
cs 
R\ +a), dq = Rdé, 
2 
W — 2R si 
( 2R sin a = Rib 
cos @ 
= 
7 
r VPRIR + + Rain (@—a)] — MR} 


Performing the integration and solving for V, 


M, =P (« + 


{7} 
Substituting the value of M> in Equations [3], [4], and [5] 
w 
+R cos8).. [8] 


Ww 
M, = ab + a) cova Rin a 


{9} 
Ww 
aM, 
aP ( R ) {11} 
dM; 
iP +R ( - - a) cos a — R sin a — q cos «| 
(12 
— 
R sin (@ — a) {13} 


The Castigliano theorem expresses the deflection of the point of 
application of a load P, in the direction of P, as 


Substituting the actual value of M in Equations [1] and (14) ‘ 


d / M* dq 
y= = 
dP Jo 2kI 


EI 


dM, 
dq 
*) 2K G «) (" 


2K sin *) 


cosa 


Changing the integrator and limits of integration 


1 dM, dM, 
dP ap “? 
+ RM, iP do 


Substituting the values of the moments and their derivatives 
from Equations [8], [9], [10], [11], [12], and [13], and integrat- 
ing 


P we 
12 El | cos @ 


+ 12 WRXsin @ tan a + 2 cos a) 


+ 6R* + 2a —2 sinacos a 3 @ tan «)| 


+ + 2a — 2 tana 
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and letting K = R aif See) 


| 
- _ 3K +2 


2 tan a 


+ 12A (sin @ tan a + 2 cos @) 


: 
+6 + 2a 2 sin a cos @ — sin? @ tan 113) 


DERIVATION OF Stress Equation 


’ ‘The maximum stress occurs at the point of the maximum mo- 
ment. Referring to the free body in Fig. 2, it is seen that maxi- 
mum moment occurs at two places, one where @ is zero, and the 
other where @ is + @ radians. 


of the maximum moment is 


In both eases the absolute value 


Again, letting WOR = K 


K 
(i 


2! 


(tension or compression ) 


Owing to the curvature of the spring, the neutral axis of the 
section is caused to shift toward the center of curvature. This 
results in higher tension stresses at the inner surface, and lower 
compression stresses at the outer surface. The change is inversely 
proportional to the ratio of the mean radius of curvature to the 
depth of section R/d. The change in stresses is also determined 
by the shape of the wire cross section. For round wire, the stres« 


at the inner (tension) surface is approximated by the teat. 


( 
S,=S114+03 


1 
l 


4 
34d 


where hk; = R 


{16} 


For square or rectangular wire, the tensile stress at the inner 
surface is approximated by the formula® 


h 
S = S| 1 +025 ) 
( R, = 


where h = dand = R—(d/2); therefore 


Strength of Materials,”’ equation 185.15. p. 375. See footnote 3. 
* Ibid., equation 181.4, p. 367 


Substituting the value of My 
“as 
ie 
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d 


To the maximum tension stress resulting from bending, a 
straight tension stress, S,, must be added 


S, = 


A 
The total maximum stress Spy, which occurs on the inside sur-_ 
face of the bend, where @ = 0, is expressed by 


Sry = S + S, = 


2 
| 21 


for round wire, and 


| 


P 
| 21 


for square wire. 

To construct an effective nomogram for the solution of the 
stress and deflection equations of flat-wound springs requires 
simplification and rearrangement of Equations [15], [18], and 
{19) in the following manner: 

From Equation [15], if a = 0, see Fig. 1(a) 


PR 
12 


(K* + 9.43 K* + 24 K + 18.85) {20} 
(For values of @ less than 20 deg, the error in making this assump- 
tion is less than 3 per cent.) Representing the bracketed quan- 
tity by the term f(A) X 12 

u = PR® X f(K) + El (21) 
Now, assuming Ro = 2d 


y = f(K) + El {22} 


Since J = wd'/64 tor round wire, and & is 30,000,000 for steel 


x [23 
184,078" (23) 


Again, assuming Wo = 2d, and letting J = 
wd? 4, and FE = 30,000,000 for steel, then 


64, and 
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Since the right-hand term is a function of A and the ratio R/d, the 
quantity V 25.720 + 12.223 K may be replaced by f(K, R/d). 


Then 


P R 
i = x 
\ Srv f (« d ) 
Substituting the value of d from Equation [25] in Equation 
{23} 
P SUK) 


— 
P 184,078 (« R ) 


y X 184,078 
V PSru 


Since R = 2d 
y X 184,078 


V PSru 


K* + 9.43 K? + 24K + 18.85 
12 
V 25.720 + 12.223 K 


Equations [25] and [26] are of the general form used for con- 
struction of the nomogram. From Equation [26] the function 
of K (and, therefore, K), may be determined by assuming a value 
of R/d, P X Spy, and y. Knowing AK, R/d, and P/Sry, the 
deflection per coil may then be found. Equations (24] and 
|27| are the specific solutions of Equations [25] and [26] when 
R/d = 2. 

Equations for use with square wire are developed in a similar 
manner, and are used to determine the values shown for square 
wire in the nomogram. 

The nomogram is shown in Fig. 3. 

Use or NomoGram’ 

To find the diameter d, of wire required for a flat-wound spring, 
having y inches deflection per coil, with an allowable stress Sy, 
under a load of p pounds, use the following procedure: 

On the P X Spy seale, locate the value of P K Sry (e.g., P = 
20 Ib, and Spy = 50,000 psi, then P XK Srw = 1,000,000). On 
the y-scale, locate the required value of the deflection per coil in 
inches (e.g., y = 0.01 in.). Connecting these two points with a 
straight line, locate the intersection of this line and the Q-scale 
From this intersection, project horizontally to intercept one of the 
curves of the upper group. The choice of this curve will depend 
upon the ratio of the bend radius to the diameter of wire which 
is assumed and whether square or round wire is to be used (e.g., 
if round wire with R = 2d is selected, use curve 6). At this point, 
the W/R ratio may be read on the horizontal W/R scale (e.g., 
W/R = 2.7). From the point of intersection on the upper curve, 
project vertically to a lower curve having the same letter and the 
subscript A (e.g., curve 64). From this point, project hori- 
zontally until once again at the Q-scale. Now, locate the com- 
puted value of P/Sry (e.g., P/Sry = 4 107‘) and connect 
this point and the last intersection on the Q-scale with a straight 
line. 

The intersection of this line and the d-scale gives the required 


* This example is constructed on the nomogram, the procedure being 
consecutively numbered | through 8. 


kK 
= 
, 
or = 
Som + ¢ 
—— 
From Equation | 18} 
| R (: . ) d ae 
} 21 5 A\ 
4 
P 


CONKLIN, FORRY 


—— DENOTES ROUND 


-DESIGN OF FLAT-WOUND TENSION SPRINGS 


yet 


5x0 


3 
7 


txo* 


6x0* 
sxo* 
axo* 
sxo* 


R 8 


2x0* 


FEE 
sxo* 


4x0* 


2x0* 


4x0’ 
3x0” 


2x0” 


RB B88 


Q——DENOTES SQUARE WIRE 


= 


Fig. 3 
value of d (e.g., d = 0.15 in.). In the case of square wire, d = 
distance across flats. 

Any of the scales of the nomogram may be expanded in the 
following manner: The P? X Sry scale may be multiplied (or 
divided) by 100 if, at the same time, the y-scale is multiplied 
(or divided) by 10. Similarly, the P/Syy seale may be multi- 
plied (or divided) by 100 if the d-scale is multiplied (or divided ) 
by 10. Note that while the P K Sry and y-scales must be 
expanded simultaneously, and the P/Syy and d-scales must be ex- 
panded simultaneously, it is not necessary to expand all four 
scales at once. 

The nomogram is constructed for steel (E = 30,000,000) 
however, it may be modified for other materials by dividing the 
values on the y-scale by the modulus of elasticity of the material, 
and multiplying by 30,000,000. 

Example 1: Suppose P = 40 ib and Spy = 100,000 psi (P x 
Sry = 4,000,000), and y = 0.06in. Expand the P X Sry scale 
by multiplying by 100, at the same time expanding the y-scale by 
multiplying by 10. It is not necessary to expand the P/Sry and 
d-scales. 

Example 2: Suppose P = 0.001 Ib and Spy = 200,000 psi 
(P/Sry =5 X10). Expand the P/Spyy scale by dividing by 100 
and, at the same time, divide the d-scale by 10. Note that the P 
X Sry and y-seales need not be changed. 

Example 3: Suppose P = 500 Ib and Spy = 200,000 psi (P x 
Sry = 100,000,000; and P/Sry = 2.5 X 10-*), y = 0.9 in., 
and R = 5d. Expand the P X S;y scale by multiplying by 100, 
and the y-scale by multip!ying by 10. Locate 0.9 on the ex- 
panded y-scale and 100,000,000 on the expanded P X Spy scale. 
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Also, it is necessary to expand the ?’/Sry scale by multiplying by 
100, at the same time multiplying the d-seale by 10. Now, locat- 
ing 2.5 X 10-* on the scale and using the foregoing method 
of solution, it is found that W/R = 2.1 and thatd = 0.55 in. on 
the expanded d-seale. In this particular example, it was found 
necessary to expand all four scales. 

Note that when interpolating for values of /t/d, other than those 
given on the nomogram, interpolate between successively num- 
bered curves for the particular cross section in question (round or 
square). This applies to both the upper and lower set« of curves 
on the nomogram. 


The derived formulas indicate that flat-wound springs have a 
constant spring rate, and the experimental results confirm this 
condition. Since K changes slightly during the deflection of the 
spring, there is theoretically a slight variation in spring rate which 
may be neglected in the majority of applications, it being less than 
the experimental error. 

The deflection equation was verified by measuring the deflec- 
tions of a number of flat-wound springs of varying wire sizes and 
dimensions. Table 1 gives the physical dimensions of these 
springs, their observed spring rate in pounds per inch, the cal- 
culated spring rate, the spring rate obtained by use of the nomo- 
gram, and the percentage error in each case. All of the springs 
tested were made from oil-tempered spring wire. 

Fig. 4 shows a photoelastic model which was used to determine 
the stress distribution in the spring. The model was made of 
photoelastic plastic having the following dimensions: Depth of 
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section, 0.500 in.; width of seetion, 0.500 in.; W/R ratio, 3.2; 
Red ratio, 2.5; and R, 1.25 in. A 5b load on the model pro- 
duced a deflection of 0.345 in. with the stress pattern shown in 
Fig. 4. The illustration shows a greater line density and, there- 
fore, a higher stress level near the inner radius of the bend than 
at the outer radius. This is the result of two factors. One is the 
shift in the neutral axis due to the curved-beam effect. The 
other is the straight tension stress, which adds to the bending 
stress on the inner surface, and subtracts from the bending stress 
on the outside surface. 

In order to determine the validity of the stress equations, a 
large flat-wound spring of rectangular cross section was made 
trom hot-rolled steel having the following dimensions: Depth of 
section, 0.500 in.; width of section, 0.555 in.; W/RK ratio, 6; 
Rod ratio, 3; and R, 1.5 in. On the spring were mounted three 
Baldwin type A-S SR-4 strain gages which were used to measure 
stresses produced by various loads. The graph in Fig. 5 shows the 
observed stress, and the calculated stress at three points along the 
bend of the spring where maximum stress occurs. Due to the 
shift in neutra! axis, these stresses are 10 per cent higher than 
those calculated without the correction factor of 


It was found that for most flat-wound spring applications the 

spring ends could be considered inactive for purposes of calcula- 
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hic. 5 Stress as Function or Loap on 4 Fiat-Wounp Spine 
tion without serious error. Thus, for all practical purposes, the 
number of coils may be determined by counting the number of 
full free bodies between the points marked F and g in Fig. 1. 
Where necessary, the formulas presented in the paper may be 
used to calculate the deflection and maximum stress in the spring 
ends. For ends, as shown in Fig. 1, the maximum stress will 
always occur in the spring proper rather than the ends. 


CONCLUSIONS 


1 The flat-wound spring has, for all practical purposes, a con- 
stant spring rate and, therefore, can be used in much the same 
way as a helical spring. 

2 The list of formulas derived in this paper may be used to 
solve mathematically the stress and deflection values for flat- 
wound springs. 

3 Fig. 3 illustrates a nomogram by which flat-wound spring 
characteristics can be determined easily. 

4 The formulas and nomogram have been checked experi- 
mentally and found to be correct within 6 per cent. 
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5 The value of alpha, the original angle of spring bend, has 
little effect on deflection, and the use of the simplified expression 
for deflection may be used with small error. 

6 Consideration of the use of flat-wound springs should be 
_ given where spring space limitations are severe or where spring 
forces result in excessive cantilever loads on bearings. 
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Actual equation for deflection per coil 
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+ 12K (sin a tan a + 2 cos a) 
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Simplified equation for deflection per coil, assuming a = 0 
A K* + 9.43 K? + 24 K + 18.85) 
12 El ( + U4 + 


Actual equation for maximum stress in round wire 
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Actual equation for maximum stress in square wire 
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Discussion 


J. E. Brock.* The authors have made an interesting contribu- 
tion, especially in presenting their nomographic solution which 
_ should prove of value to those who have frequent occasion to de- 
_ sign springs of this nature. 

While the authors have nowhere explicitly described the precise 
nature of the loading to which their calculations refer, it is easily 
inferred that the coils are to be considered subjected to equal, 
opposite, and collinear forces applied at the ends of the coils. It 
may be of interest to consider the relation between more general 
force systems applied to coils of this nature and the deflections 
they produce. In the following, subscripts 1, 2, 3 refer to “forces” 
in the positive z, y, z-directions, respectively, 
- while ile subscripts 4, 5, 6 refer to “‘moments”’ or “rotations” about 


° Director of Research, The Midwest Piping and Supply Company, 
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the z, y, z-directions, respectively, the positive sense_being given 
by the right-hand rule. We consider only the case where the 
authors’ angle a is zero. Let the coil be fixed at one end, as'shown 
in the accompanying Fig. 6, and otherwise free. Let the r-direc- 
tion be from free end to fixed end as shown, the y-direction in the 
direction of the first return bend counting from the free end, and 
the z-direction so as to form a right-handed triad. (In Fig. 6 the 
z-axis is directed toward the reader. ) 


UR 


We define influence coefficients as follows: 


C,, = i-deflection due to application of a unit j-force (i, 


Here, of course, ‘deflection’? means translation or rotation and 
“force’’ means force or moment. Forces are applied and deflec- 
tions are measured at the free end. 

It is not difficult to calculate the values of C,, presented in 
Table 2 of this discussion. The nomenclature is as follows: 

El = flexural rigidity of straight bar 
= Poisson's ratio 
= number of return bends (180-deg bends) in coil 


flexibility factor, unity for solid cross section and os 
(u + 10)/(u + 1) for hollow circular <« “Toss ee 


wall thickness of circular tube 


outside diameter of circular tube 

vy the customary assumptions are involved (small deflec- 
tions, D small compared to R, direct axial and cross shearing 
deformations neglected, etc.). These assumptione are implicit in 
the paper. (The correction for increased flexibility for “in-plane” 
bending of hollow circular sections follows the old and well-known 
von K4rmén-Hovgaard analysis although it would be easy to 
make use of the analyses of Beskin or Vigness; the results ex- 

hibited in the tabulation, of course, would be altered.) 
Cofficient C\, of Table 2 is comparable to the authors’ Equation 
{15] if in the latter we take a = 0 and multiply by N to account 
for the total number of “loops.” A comparison indicates that 

the authors’ formula should be multiplied by the factor 


M =1+F/N 


(K? + 189 — 48), (K? + 3K% + 24K + 69) 


where 
F = 
to account for end effects. Values of F are shown in the ac- 
companying Fig. 7 for various values of K. (F approachs unity 
as K becomes large.) As might be expected, the correction is 
small if N is large. However, for a small number of loops, the 
correction may become significant. It is interesting to note 


also the effect of an odd or even value of N on the value of Cys, Cu, 
and Cy. One also should observe that N, the number of return 
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TABLE 2 


= 3k(2eN + 6r 


+(N +1)K? 
2k(wK + 4)(2pN 
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= 5(h 


+ 3(h 
4K(N 
EIC,/R? = (h+N 


+ 6K — 2)[(h 
+3 (N 


1)? + (kh — 1 + 2N)*]} + 


+ 3(h — 2)(3h 


8EICy/R* = (1 


— 8m(h + N 

2EICys/R* 

+2N+K 

2EICy/R a(N 
—4 

+ p) 


= + 1)2 + m) + 4h + 2NK 
+1) + NK + 2h—6 
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bends, is one larger than the number of active coils as determined 
by the rule given by the authors, 

\ remark is called for concerning the authors’ first conclusion. 
One might reasonably assert a priori that the spring rate for a 
spring of this nature is essentially constant for “all practical pur- 
poses."" This “conclusion” is a consequence of the assumptions 
involved (implicitly or explicitly) in any reasonably simple 
analysis of such a spring, including the analyses of the authors 
and of the writer. If more than this is implied, it must be based 
on experiments which are not reported in sufficient detail to sup- 
port the conclusion. 

The authors’ fourth conclusion is puzzling. 
the meaning of the word 
clear. 


In the first place, 
“correct” in this context is not at all 
Since experiment involves error and analysis involves 
approximation, no absolute standard is available by which to 
gage correctness Furthermore, the source of the figure of 6 per 
cent is not evident, since 18 out of 30 values of per cent error listed 
in the authors’ Table 1 have magnitudes greater than 6 per cent. 
The fact that the per cent error for “nomogram versus observed” 
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does not coincide with that for ‘“computed versus observed”’ re- 
flects merely slight inaccuracies in constructing and reading the 
nomogram. The per cent error for computed versus observed 
is hardly significant. It seems to indicate fairly good experi- 
mental technique more than anything else. An error of only 
0.001 in. in measuring the diameter of the wire for springs 1 
through 8 and 13 through 15 would account for 5 per cent error in 
the computed result. The writer wonders what the authors were 
seeking in their experimental program. Since evidently the end 
effect corrections are negligible, such experiments measure ex- 
perimental technique rather than anything else. 

The authors’ fifth conclusion is interesting and important. 
That the variation due to @ is indeed small may be seen from the 
following form of the authors’ Equation [15]. 


12Ely = PR*|KX1 + a?/2...) + — 2a'...) 
+ K(24 + 3a‘...) + (6% — 8a8/5...)] 


S. B. Foix.* While the paper indicates that the springs are to 
be used in tension there is fo reason why compression springs, if 
properly restrained, cannot be analyzed by the formulas presented. 

The writer finds that the analysis used is somewhat long and 
cumbersome. He has checked the derivation of the deflection for 
one loop by taking advantage of symmetry and doubling the 
energy equation for one bend. To this is added the energy in the 
straight portion with translation of the origin to the junction of 
the bend with the straight portion. Substitution in Equation 
{14] of the paper then gives 


* Professor of Mechanics. The Ohio State University, Columbus, 
Ohio. 
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7 where the limits on the first integral are from 0 to RK (w/2 + a) and 
the second, from 0 to (W 2R sin /cos a. In this solution 
Mo is given by Equation [7] which, incidentally, can be obtained 


Begs by statics from the free body; M, is given by Equation 


dM; 


dP 


and in the foregoing equation 
M, = P(W/2— Rsin a — cos a) 


Utilizing the approximate formulas (just above and below 


Equation [16]) for the maximum stresses ir the curved portions 


of the springs, materially shortens the calculations and gives 


quite accurate results providing the ratio d/R is less than 3 which 


neglecting @ for values up to 20 de, 


ate One very interesting 
observation of the authors is the very small error introduced by 


This greatly simplifies the 


is certainly true of the cases analyzed. 


calculations. 

The writer regrets that the nomograph is not reproduced to a 
larger scale. While he has not checked the construction of it, he 
believes the errors reported in Table | of the paper may be due to 
The photoelastic model provides a check 
which instills confidence in the work of the investigators. 


reduced scales. 
abe 


AvutTuors’ CLOSURE 
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Mr. Brock has presented an interesting discussion, although 
much of it deals with subjects outside the intended scope of the 
paper. A significant contribution is the correction factor to 
account for end effects. The graph of end-correction factor 


FLAT-WOUND TENSION SPRINGS 


F versus the L/R ratio, K, shows that minimum values of F 
occur at the most commonly used values of A, ie. K = '/; to 
K = 4. For values of K in this range, and for a spring contain- 
ing four or more coils, the deflection as computed by Equation 
[15] will vary less than 6 per cent from the deflection computed 
using Mr. Brock’s end-correction factor 

Mr. Brock’s trigonometric expansion of Equation [15] clearly 
shows the The assumption that 
the effect of the original spring angle, a, may be neglected, 
greatly simplifies computation, since the nomogram may then be 
used. 


validity of conclusion (5). 


Professor Folk’s use of symmetry in the derivations of the equa- 
tions for deflection do, of course, simplify these calculations. 
The use of staties to obtain the expression for Mo, as suggested 
by Professor Folk, was presented by the authors during the 1951 
ASME Annual Meeting session. 

As Professor Folk has observed, the accuracy of a nomegraphic 
solution depends to a great extent upon the physical scale of the 
nomogram. It is felt, however, that the nomogram as repro- 
duced in the paper will give adequate accuracy if sufficient care 
is exercised in constructing a solution. Twice-size copies of the 
nomogram may be obtained, however, upon request to either of 
the authors. 

It is interesting to note that both Mr. Brock and Professor 
Folk have been able to contirm the derivation of the deflection 
equation by somewhat different methods. 

The authors would like to take this opportunity to thank 
Professor Folk and Mr. Brock for their contributions and their 
interest in the work represented by this paper. 
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Static determinations of hysteresis of typical shaft 
materials in torsion show that the values are low for high- 


4 quality materials in unidirectional loading after several 
_ eycles of loading up to a shear-stress amplitude of 24,000 


psi. For reversed loading, the hysteresis becomes several 


times larger and may be of significance in accurate torque- 


weighing devices. 


_ hysteresis. 


The measured hysteresis in a tubular 
specimen had values 3 to 4 times that for a solid specimen. 
Two nonmagnetic materials displayed very low values of 
The apparatus developed for this investiga- 


tion had sensitivity sufficient to measure displacement 


changes of 0.002 


Md 


per cent of the full-load deflection, and 
was designed to eliminate errors due to temperature 
changes, extraneous loads, and external vibration. : 
INTRODUCTION 4 


The term ‘‘elastic hysteresis” 
describing inelastic effects at stresses below the conventional elus- 
tic limit. In the design of torque-weighing devices, an important 
practical problem is the selection of a shaft material having very 
low hysteresis and creep. It is for applications of this category 
that the tests to be described were performed. Inasmuch as the 
specifie developments involved required large-diameter shafts, the 
hysteresis tests have been limited to those shaft materials that 
could be supplied in large diameters. Moreover, since solid shafts 
are usually employed in these applications, the tests were con- 
ducted on solid specimens, except that one tubular specimen was 
included for the purpose of comparison. 


Evastic HysTeresis 


The inelastic behavior of metals has been the subject of many 
investigations since the publication in 1865 of Lord Kelvin’s paper 
entitled “On the Elasticity and Viscosity of Metals."" The term 
elastic hysteresis was first applied by Hopkinson and Williams 
(1912), to the noncoincidence of the loading and unloading phases 


of a stress-st rain diagram. 


In a torque-weighing system, whereas hysteresis is a primary 
cause of error in all cases, at the ambient temperature 
may be sufficiently large so as to introduce errors, especially for 
long-time measurements of torque. Recognizing that some part 
of hysteresis must also be creep, the two effects are illustrated in 
an exaggerated manner by the curves in Fig. 1. It should be 


“ereep”’ 


noted that in this paper the actual width of the nonreversible 
- stress-defiection diagram is employed as the quantity which de- 


scribes hysteresis. This width may be measured at one or several 


_ stress levels, and, in general, in the vicinity of the greatest width 


the Annual Meeting, Atlantic City, 


of the hysteresis loop. 


! Transportation Engineering Department, Westinghouse Electric 
Corporation, East Pittsburgh, Pa. Jun. 

* Atomic Power Division, Westinghouse Electrie Corporation, 
Pittsburgh, Pa 

Contributed by the Machine Design Division and presented at 
N. J., November 25-30, 1951, 
of Tae American Society oF MecHanicat ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
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is now the well-accepted term 
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(a, Hysteresis; 6, creep; c, typical creep-time relationship.) 
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In 1914 Rowett (1) published the results of static hysteresis 
tests on thin-walled tubular specimens in torsion, whereas Dorey 
(1932) made similar static measurements on solid specimens of 
typical crankshaft steels (2). Other than these limited experi- 
ments there appears to be no specific information on the subject 
of the static hysteresis of shafting materials. 

An extensive amount of work has been done in the field of “‘in- 
ternal damping” of materials. Almost all of this information 
has been determined by dynamic methods which evaluated either 
directly or indirectly the energy loss per cycle of stress or strain. 
For a comprehensive review of this closely related field, the reader 
is referred to references (3 and 4) with their accompanying bibli- 
ographies. 

In the field of spring materials, Sayre has published several 
papers which include hysteresis data on both steel tensile speci- 
mens and helical springs (5, 6,7). On nonferrous spring maten- 
als, especially beryllium-copper, Carson has conducted several in- 
vestigations (8) and has developed specialized apparatus for test- 
ing hysteresis effects in springs. Carson proposed the use of the 
term “elastic drift’’ to describe the combined result of hysteresis 
and creep in spring materials. 

As to the magnitude of hysteresis and creep effects in helical- 
spring materials, Sayre and deForest succeeded in developing a 
modified elinvar alloy for precision spring scales, to which alloy 
they gave the name “Iso-elastic” (9). Springs made of this ma- 
terial not only displayed a very small thermoelastic coefficient, 
but also the hysteresis did not exceed 0.04 per cent of the full-load 
deflection, and the creep at room temperature was even less, 0.02 
per cent, these data being for working stresses up to 60,000 psi. 

2 Numbers in parentheses refer to the Bibliography at the end 
of the paper. 
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The composition of Iso-elastic alloy is 36 per cent nickel, 8 per 
cent chromium, and the balance iron except for small additions, 
and the finished material has been given a very high degree of 
cold work. Because large-diameter shafts could not be supplied 
in this material, it was not included in the present investigation. 

Materials of low hysteresis and creep also have been developed 
for proving rings used for calibrating materials testing machines. 
In fact, the ASTM specification for proving rings requires an ac- 
curacy of +0.1 per cent of full load throughout the range 0.2 to 
full load. 

Despite the apparently large amount of data that have been col- 
lected in this general field, we were unable to obtain data for the 
specific problem of evaluating the errors due to hysteresis in a 
large torque-weighing shaft. Consequently, the apparatus to be 
described in the next section was designed and constructed, and a 
series of hysteresis and room-temperature creep tests were con- 
ducted on several typical high-strength shafting materials. 


DescriprioN oF APPARATUS 


The apparatus for conducting static-hysteresis and room-tem 
perature creep tests is shown in Fig. 2. The specimen tested i- 
comparatively large, being | in. diam and approximately 26 in 
long. A pure torque loading is achieved by means of dead 
weights, the maximum load giving a shearing stress of 24,000 psi 
in the specimen. 

It was considered necessary to evaluate with engineering ac 
curacy hysteresis effects of the order of 0.1 per cent of full-loa: 
deflection. This required a sensitivity of approximately 0.01 pe: 
cent in the measuring system. As will be deseribed later, the 
sensitivity achieved in the design was considerably better thar 
0.01 per cent, the actual sensitivity being 0.002 per cent of full 
load deflection. 

Specimen. Fig. 3 is a dimensional sketch of the finished speci 
A finished diameter of 1 in. and an effective length of 26 
in. was considered a representative size for the test. The diam« 
ter was consistent with initial stress and load requirements, and 
the free length sufficient for the necessary sensitivity. However, 
in its final form the cost of machining a number of solid speci- 
mens in that shape would have been prohibitive. To overcome 
this, a method of shrinking the end flanges on the specimen proper 
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was used. Fig. 4 shows the specimen and end flanges prior to the 
shrinking operation. The finished specimen is shown in Fig. 5 
The s-shaped end flange is considered the built-in end of the speci- 
men whereas the conventional flange at the opposite end is the 
free or rotating end. 

Since the apparatus would not distinguish between joint slip- 
page and hysteresis, a preliminary investigation of shrink-fit 
The tests were patterned around informa- 
tion obtained from a similar investigation by R. Russell in Eng- 


assemblies was made. 
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FINISHED SPeciMEN 


land (10). Fig. 6 (a) and (+) shows the results of some of these 
tests. An interference of 0.006 in. on a 2-in-diam shaft was 
used, with a resulting tensile stress of 90,000 psi in the flange bore. 
The pieces were carefully ground to size and thoroughly cleaned 
and rinsed three times using hot water and soap. The flange was 
heated to 800 F and the shaft was kept at room temperature. 
The specimen shown in Fig. 6(+) had entered the flange two 
thirds of the way and froze in this position. An axial load of 
187,000 Ib was required to press the shaft back out, this corre- 
sponding to a computed coefficient of friction of 0.76.  Speci- 
men shown in Fig. 6(a), required 650,000 Ib to cause initial slip- 
page of '/,;,in. Seizure occurred after this and it was impossible 
to produce further slippage. As a final check a specimen with 
— integral flanges was machined and then tested for hysteresis. 
These results were compared with those from tests on a similar 
specimen with shrink-on flanges. No appreciable difference in 
the behavior of the two specimens could be detected. These 

tests are described later. 
Measuring Device. Referring to Figs. 7 and 8, the measuring 
system comprises two stationary micrometer screws mounted to a 
rigid reference column. The screws engage insulated contacts 
which are mounted on the rotating measuring arm. The arms 
are securely bolted to the free rotating end of the ‘specimen. The 
_ contacts are mounted 10 in. from the center of the specimen twist- 
ing axis. A connection from the high side of a 1000-megohm d-c 


Sueink-Fit Test Preces 


pay” 


amplifier is made to the contacts in series with a 1'/,-volt dry-cell 
battery. The grounded input terminal of the amplifier is con- 
nected to the micrometer screws. Contact closure is i dicated by 
an upward deflection of the horizontal sweep line on a cathode- 
ray oscilloscope connected in the circuit. The high input imped- 
ance of the d-c amplifier eliminates contact pitting because the in- 
terrupted current is very minute. A positive deflection of the os- 
cilloscope trace represents a motion of 0.00002 in. of the microme- 
ter screws. The full-load deflection, measured by the micrometer 
screws, is approximately 1 in.—thus the sensitivity of the 
measuring apparatus is 0.002 per cent of the full-load deflection. 
This corresponds to a change in stress of 0.56 psi on the specimen 

This sensitivity could not be realized without suitable damp- 
ing devices to absorb the transient and steady-state vibrations 
of the apparatus. To minimize the steady-state vibrations, the 
apparatus was erected on the ground floor far removed from any 
rotating apparatus. Special large vane-type oil-filled dampers 
were used to damp out the transient vibrations induced in the 
system during the loading cycles. The effectiveness of these 
dampers enabled one to take readings 5 sec after a load change had 
been made. 

The measuring system was checked for errors resulting from 
temperature changes by subjecting the entire apparatus to a 20 
F temperature rise. The errors were found to be of negligible 
magnitude. 
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Test Procedure. 


Loading Device. Torque is applied to the specimen by means 
of loading weights. These weights are placed on a pan suspended 
from a flexible hanger fastened to the torque arm. The length 
of the loading arm is so chosen that the following relation applies: 

T= 100W 


i 
where 7 is the maximum shearing stress (psi) in a l-in-diam speci- 
men, and W is the weight on the pan (Ib). The torque arm is 
bolted to the front flange of the specimen, and was made symmet- 
rica] to permit reversed loading. The flexible suspension strap 
which is fastened at the center of rotation of the specimen takes 
the vertical reaction of the loading weights and permits pure rota- 
tion of the specimen without any horizontal restraint. The strap 
which is made from clock-spring steel 0.008 in. thick and */. in 
wide is provided with vertical adjustment at the built-in en J to in- 
sure proper vertical alignment. 

It should be noted that the entire support and loading system 
is designed to be completely frictionless, this being accomplishe | 
by the use of the elastic hinge straps previously described. 

The opposite built-in end of the specimen is bolted to a massive 
block by means of tangential clamping bolts shown in Fig. 8, sec- 
tion A-A. All mating surfaces were ground and lapped to insure 
maximum area of contact, thus eliminating any small angular 
displacements during loading. As a further check on this, a spe- 
cial dummy specimen having a section modulus 50 times greater 
than the standard specimen was employed for a series of hystere- 
sis tests. Since the maximum stress in this dummy specimen was 
low, even for the greatest load, the expected hysteresis should be 
low, unless there was some inelastic action at the built-in end. 
The actual measured hysteresis was so low as to be almost below 
the sensitivity of the apparatus, thereby confirming the adequacy 
of the end construction employed. 

Temperature Measurements. Because the deflection changes 
due to variations in the modulus of rigidity with normal room 
temperature were of the same order compared to the deflections 
due to creep, it was necessary during the creep tests to measure 
the specimen temperature and make the corrections. Three 
thermocouples made from 0.007-in-diam chromel-alumel wire 
were spaced axially along this specimen as indicated in Fig. 8 
The reference junction was carefully insulated and its tempera- 
ture was measured to 0.1 C. Readings were taken on a precision 
potentiometer. 

A determination of the temperature coefficient of the modulus 
of rigidity was made, and the correction factor applied to the read- 
ings. The modulus factor was obtained by comparing deflection 
readings taken at different loads at a room temperature of 81 F to 
similar readings taken at a room temperature elevated to 101 F. 
The value of the thermoelastic coefficient over the temperature 
range tested gave AG/G as 0.000161 per F for SAE 4140 steel. 
This value agrees very closely with the value given in reference 

Referring to Table 1, the tabulation of a com- 


TABLE 1 


Time 


TABULATION 
Room 

temp. 
min deg t 


30.0 


OF A TYPICAL HYSTERESIS TEST 


4, 


WELCH, CAMETTI—HYSTERESIS OF SHAFT MATERIALS IN TORSION 


plete hysteresis cycle at 24,000 psi maximum unidirectional load- 
ing is shown. The data are recorded in the sequence at which 
they were taken. The load increments were 80 Ib with a maxi- 
mum load of 240 Ib giving a stress of 24,000 psi. After each 
load change, a reading at each upper and lower micrometer screw 
was taken. An average of these readings was made to determine 
the hysteresis at any one load. In the example shown, the max- 
imum average deflection is given as 27.2547 mm. The per cent 
hysteresis based upon this maximum deflection is given for */s, 
‘/;, and zero loading as 0.161 per cent, 0.164 per cent, and 0.128 
per cent, respectively. The third cycle is also given in Table 1 to 
show how the hysteresis has been reduced. 

Extreme care was exercised during each load change to avoid 
excessive stresses due to impact. The average time required to 
complete the cycle was usually 13 min. 

After a sufficient number of complete cycles at a given stress 
were completed, a creep test was run using the maximum load 
for the previous cycle. All creep tests were conducted at room 
temperature, and the readings corrected for modulus changes 
referred to the temperature at the start of the test. 


Marertaus Testep 


This investigation was limited to high-strength shafting mate- 
rials that could be supplied in large diameters. Heat-treatments 
were chosen as typical of those producing the best attainable prop- 
erties in large-diameter shafts. Low-carbon steel was included 
in the test program merely for comparative purposes. 

The list of materials tested, with their physical properties, is 
given in Table 2. Tables 3 and 4 give the compositions and the 
heat-treatments of the specimens. 


TABLE 2 PHYSICAL PROPERTIES OF SPECIMENS — 


-Physical properties in tension —-————~ 
Vida : Red. of 


Elastic 
Material limit 
SAE 4140 
SAE 4140 
SAE 1015 


* Rockwell C 


The chrome-molybdenum alloy steel, specimens A and B, con- 
forms to the SAE steel No. 4140, as well as to the AISI steel No. 


8742. This is a high-strength shafting steel quite generally used 
by the authors’ company, and is identified as Westinghouse P.D. 
Spec. 7940 or P.D. Spec. 8368. As may be seen from Table 2, a 
yield stress of 132,000 psi is realized in this material by the heat- 
treatment employed. 

The low-carben steel (specimen C) is fully normalized and pos- 
sesses a yield strength of 34,800 psi , which is only 26 per cent of 
the vield stress for specimens A and B. 

K Monel and Inconel X were included in the investigation on 


(MAXIMUM 


Average 
diff, or 
hysteresis 


TO 


Upper 
screw 
diff 


24,000 PSI 


Lower 


(27 .0338)* (27 .4756)* (27. 2547)* 
0453 0423 0438 


0446 
0349 


7 \ 
ps stress cent cent Bho : 
132 146 184 613 
132 146 184 61.3 
48 43 709 659 
120 156 237 381 306 
143 1901 in 0 
> el screw screw screw 
Cyele eading reading diff 
First 9450 51.3948 
4 < First 41.9395 42.2225 fe 
First 160 32 9358 33.0705 4 
First 5 240 23.9112 23.9192 
First 8 160 32.8905 33.0282 
80 41 8942 42.1785 0.16600 
First 13 80.5 50 9095 51.3605 
Third 73.2 50 9060 51.3590 
Third 0 80 41.9035 42.1895 
Third 2 160 32.9025 33.0412 
Third 5 240 23.9165 23.9252 Ug 
Third 8 160 32 8925 33.0325 0087 0094 0 035 
Third 10 80 41.892 42.1785 C110 0.040 
Third 13 78.5 0 50.9025 51.3555 0035 0035 0035 0.018 
* Figures in parentheses are values of maximum deflection in mm. 


‘TRANSACTIONS 


TABLE 3 


0 026 
0.005 
0.007 


0 04 
o.14 


Ineonel X 0.39 


rABLE 4 HEAT-TREATMENT OF SPECIMENS 

Speci 

men Material 
4 SAE 4140 Gren hed at 1550 F in oil 
empered at 1320 F in furnace 

Same as above 

Normalized from 015 C 


Heat-treated—1100 F for 16 hr and 1000 1 


SAE 4140 


RAE 1015 


D K Monel for 


Inconel X 1300 for 20 br 
account of their nonmagnetic property. They were considered 
to be the most appropriate alloys for large-diameter nonmagnetic 
shafts, Generally speaking, as shown by Table 2, K Monel and 
Inconel X have approximately the same physical properties us 
the SAF 4140 alloy with the heat-treatments employed. 


Method of Presentation of Results. It is evident from the de- 
scription of the experimental procedure described that one hyster- 
esis cycle yields only three numbers which relate to the hysteresis. 
Rach of these numbers is merely the difference between the de- 
flection reading of the loading phase and that of the unloading 
phase of the cycle, for the same load. In the case of reversed 
loading, five numbers instead of three are thus obtained. 

Rather than present the data in tabular form, the graphical 
means shown in Figs, 10 to 19 is employed. The “surface shear- 
ing stress” is plotted on the vertical scale, and the hysteresis in 
terms of “per cent of full-load deflection” (for the specific test in 
question) is plotted on the horizontal axis. Thus the definition 
of hysteresis used throughout the paper is as follows: 


er cent hysteresis = 


100 (Deflection during unloading eycle — Deflection during loading cycle) 
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CHEMICAL COMPOSITION OF SPECIMENS 


Ni Cr 
0.95 


Al 


2.60 


the amount of hysteresis (or creep) at full load is not evaluated 
However, this amount may be considered to be very small, prob- 
ably almost zero. 

For the tests on specimens C and D, many hysteresis loops were 
run during which only the hysteresis at the '/; point and the no- 
load point were determined. This was justified because the over- 
all purpose of the program was to determine maximum values, 
and test experience had shown that the maximum value almost 
, point or at the no-load point. For 


invariably oceurs at the ! 
examples of this procedure, see Figs. 14 and 16 

Specimen A: SAE 4140 Alloy Steel. The sequence of tests 
conducted on this specimen is shown by the bar chart, Fig. 9 
The single lines represent hysteresis cycles, while the rectangular 
areas represent creep tests, all at room temperature. 

An important feature of specimen A is that the flanges are 


integral with the test shaft, there being no shrink fits. he speci- 


men was forged down from a %-in-square billet, to the approxi- — 


mate final shape, rough-machined, heat-treated, and then finish- 


machined. 


Fig. 10 presents the results of the unidirectional hysteresis cy- _ 


cles on specimen A. At 6000 psi stress amplitude (a), the hyster- 
esis was so low that only one cycle was run. 
from 5 cycles are shown in (>). 
first cycle. 

At 18,000 psi stress amplitude, a value of hysteresis of 0.144 per 
cent is recorded on the first cyele. Thereafter, the hysteresis is 
below 0.05 per cent, finally stabilizing at 0.03 per cent maximum. 

At the highest stress amplitude, 24,000 psi, the value for the first 


(Maximum deflection during cycle) 


Thus, referring to Fig. 10(a), the hysteresis for a 6000-psi cycle 
is 0.018 per cent at 4000 psi, 0.027 per cent at 2000 psi, and 0.027 
per cent at zero stress, the latter figure being the “failure to re- 
turn to zero.” The curve groups are presented in the order in 
which the tests were made, and the small figures on the individual 
curves in a group refer to the order within the group, e.g., Fig. 

Because of the small number of points determined for each 
cycle, no attempt is made to fair a curve through the points. 
They are merely connected by straight lines, except that for 
stresses above the */; loading point, no curve at all is drawn, since 


ea 


30y- 
20 


cycle is appreciable, 0.164 per cent, but after 3 cycles the hystere-_ 


sis is down to 0.03 per cent, Fig. 10(d). Thus it is seen that the 


At 12,000 psi, data | 
Note the larger hysteresis for the — 


strain history has a marked effect on the hysteresis in this ma- 


terial. However, after 3 or 4 cycles of unidirectional loading, the 
hysteresis appears to have assumed a stable value, which, in all 
cases, is small, approximately 0.03 per cent.‘ 


‘The reader should remember that these percentage figures are 
taken with respect to the full-load deflection for the cycle in question 
Thus an 0.03 per cent hysteresis on the 12,000 psi cycle is only one 
half the absolute value (in deflection units) of a 0.03 per cent hystere- 
sis on the 24,000 psi cycle 
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It should be noted that in almost every case the maximum value 
occurs at the '/; load level. 

Figs. 11, 12, and 13 present the data for the two-directional (or 
reversed ) loading cycles on specimen A. In Fig. 11, curve 1 dis- 
plays low values since it was the initial positive half cycle follow- 
ing the cycles, the results of which are presented in Fig. 10. 
Conversely, the initial negative half cycle 2, produces very large 
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values of hysteresis. Thereafter, the hysteresis becomes stabil- 
ized, and it is seen that the maximum value occurs when the stress 
passes through zero. This stabilized value of the hysteresis is 
0.12 per cent for the +12,000-psi cycle, or 4 times the value for 
unidirectional loading. 

In Fig. 12 a similar pattern is presented for the +24,000-psi 
eyele, except that the stabilized hysteresis value here is 0.42 per 
cent of the maximum deflection. This is 13 times the correspond- 
ing value of 0.032 per cent for the unidirectional 24,000-psi cycle. 

Upon completion of the reversed-loading cycles in Fig. 12 the 
specimen was subjected to three —24,000-psi cycles followed by 
three +24,000-psi cycles. The results, shown in Fig. 13, indi- 
cate that the hysteresis quickly assumes a low value even after re- 
peated reversed loadings. 

A summary of the results of the room-temperature creep tests is 
presented in Table 5. The values of creep are low, 0.08 per cent 

TABLE 5 ROOM-TEMPERATURE CREEP 
Maximum Elapsed reep 
stress, time, 


per cent 
a deflection at 
maximum stress 


Separate test. 


for the higher stress, which are approximately the same as the 
hysteresis values for single-direction loading. 

Specimen B: SAE 4140 Alloy Steel. Specimen B is identical 
to specimen A except that B has the standard design of flanges 
fitted to the specimen proper with heavy shrink fits. To insure 
identity of mate rial, the two specimens were forged from the same 
‘billet of steel. These two specimens were made to be identical 
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(except for the flange construction ) for the purpose of proving the 
efficacy of the shrink-fit flange construction. 

Specimen B was subjected to exactly the same sequence of 
hysteresis and creep-test cycles as was specimen A, up to the re- 
versal cycles, this history being shown in Fig. 9. The tabulation 
of hysteresis and creep values for the two specimens® shows a re- 
markable identity in results, even better than would be expected 
for two specimens having no variation even in construction. As a 
consequence, one can state with confidence that the shrink fits do 
not affect the results of either the hysteresis or the creep tests. 

During the course of tests on specimen B, a 24,000-psi hystere- _ 
sis loop was run with readings taken every 2000 psi. The data | 


from this test are given in Table 6 and on the curve in Fig. 14. 


In column 5 are given the deviations of the deflections of column 4_ 
with respect to a straight line that passes through the points 0, 0 
and 120, 13.540. The larger deviations, which begin at the 160- 
Ib load, are probably due to the geometry of the measuring appa- _ 
ratus. From the deflection at 120 lb the modulus of rigidity is — 
caleulated to be 11,800,000 psi 

Fig. 14 shows the shape of the hysteresis curve in some detail 
Here it is seen that the maximum value occurs at '/,; load, al-— 
though this does not seem to be entirely representative of the — 
other hysteresis tests inasmuch as the '/; and */,-load values are 
almost the same, and this is usually not the case. 


TABLE 6 SPECIMEN 824,000 PSI HYSTERESIS CYCLE, 
TEMP = 18C 


(6) 
time, min 


Deflection, Deviation, Ela 
} Jown 


mm mina 


2) “3 
Hysteresis 
mm per cent 
0.0030 oll 
40 i4 
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Specimen B--Hysteresis Loop ror 24,000-Par Uni- 
prrectionaL LoapiIne 


Elapsed time = 29 min 


* This tabulation is omitted, the data being almost identical for 
the two specimens, and therefore the table would add little to the 
paper 
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Fig. 15 is a plot of data from a room-temperature creep test on 
specimen B. Because of variations in ambient temperature af- 
fecting the deflection, these data are not as accurate as the hyster- 
esis data. Table 5 is a comparison of maximum room-tempera- 
ture creep values for several specimens and stress levels. It is 
seen that the creep is low and of the same order and usually less 
than the unidirectional hysteresis values. 
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hic. 15 Spectmen B—Room-Temperature Creep at 24,000 Pst 

Specimen C: Low-Carbon Steel. As shown in Table 2, the ten- 
sile-yield strength of the low-carbon steel specimen is only 34,800 
psi. This is only 26 per cent of the yield strength of the chrome- 
molybdenum specimens. This fact must be borne in mind while 
examining the following results: 

Fig. 16 presents the data for unidirectional loading. Since the 
yield stress in torsion is 17,400 psi (one half the tensile yield 
stress), the stress amplitudes were chosen considerably lower than 


for prior tests. In some of the cycles shown, the simple 0, '/;, 2/1, 
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and full-load increments were not maintained, but these cycles 
are evident upon inspecting Fig. 16. Moreover, in many of 
the cycles only the no-load and '/; (approximately) values of hys- 
teresis were taken e.g., cycles 2 and 3 in Fig. 16(d). 

Fig. 16 shows that the hysteresis values for low-carbon steel are 
very high, approximately 0.25 per cent for the several stress am- 
plitudes tested, even after three or four repetitive cycles. This is 
true even for 6000-psi amplitude, which amplitude is comparable 
to a 24,000-psi amplitude for specimens A and B with their higher 
yield strength. 

The stabilizing effect of repetitive cycles is also prominent but 
also less pronounced in low-carbon steel. Note that the 18,000- 
psi stress is slightly above the yield point as determined from a 
tensile specimen. 

For reversed loading, Fig. 17, at 10,000-psi amplitude, hyster- 
esis of 1.15 per cent is obtained. For 18,000-psi amplitude, the 
hysteresis increases to 2.05 per cent. These values are 4.1 times 
and 7.6 times the single-direction values. 

The results of a creep test on specimen C are given in Fig. 
18, the amount of creep at 28.5 hr being 0.16 per cent. 

Specimen D: K Monel. Referring to Tables 2, 3, 4 for data on 


KK Monel, we see that it is similar in physical properties to SAE 
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4140 alloy steel. Unlike the steels, however, K Mone! is hnonmag- 
netic. Also, the modulus of rigidity is lower, being 9,500,000 
eompared with 11,800,000 for SAE 4140 

The results of the hysteresis tests on K Monel are presented in 
Figs. 19 and 20. The hysteresis values are remarkably low, ap- 
proximately 0.01 per cent, even on the first eyele of loading and 
even for reversed loading. In view of the data presented in Figs, 
19 and 20, no discussion is required to show that K Monel is su- 
perior in respect to hysteresis to any of the materials previously 
described. 

As for creep at room temperature, the experimental data could 
not be corrected for temperature variation because of the una- 
vailability of the thermoelastic coefficient for K Monel. By in- 
terpolation of the creep-test data we estimate that the creep in 75 
hr is 0.003 mm at 24,000 psi on a total deflection of 30.6 mm. 
This is only 0.01 per cent. 

Specimen E: Inconel X. The physical properties of Inconel X 
are appreciably higher than those of either SAE 4140 or K Monel 
as shown in Table 2. The modulus of rigidity is lower, being ap- 
proximately 11,000,000, as compared to 11,800,000 for SAE 4140. 
Also Inconel X like K Monel is nonmagnetic 
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The results of the hysteresis tests on Inconel X appear in tabu- 
lar form in Table 7. It is interesting to note that the values are 
very low and compare with those of K Monel tested as specimen 
D 

Creep at room temperature, like the K Monel specimen, could 
not be correeted for temperature variation because of insufficient 
data; however, by interpolation the estimated creep for 336 hr is 
0.01 per cent 


TABLE 7 HYSTERESIS CREE OF SOLID INCONEL X, 


PECIMEN 


Hysteresis in per cent of full-load deflection, 
—-eyele of loading-————~ 


5 008 


Per Cent Hysteresis ror Reverse Loapine 
Cycle of loading— 


Ist 
cw ccw 
0 0075 


0.0075 
0 0.0075 


0. 0075 


0 0074 0 048 0.0095 

© O18 0.052 0.013 

© 0074 0.05 0.0074 
Creep test: 0.01 per cent in 336 br 


Specimen F: Tubular Specimen of SAE 4140 Alloy Steel. This 
specimen is from the same billet, and was forged and heat-treated 
at the same time as specimen A. Also, both specimen A and apeci- 
men F have integral flanges. The only difference 1s that 
specimen F was bored and honed throughout its length to « 
0.847-in. diam, and thereby we produced a tubular specimen 0.847 
ID X 1.000 OD with an effective length of 26in. The wall thick- 
ness is seen to be 0.0765 in. or approximately */¢, in. 

The stress ranges at which the tubular specimen was tested 
were chosen to be approximately the same as for the solid speci- 
men (specimen A), although exact duplication of stress range 
was not possible on account of the different section modulus of 
the two specimens. Thus a reasonably good comparison of the 
hysteresis of a solid versus tubular specimen was obtained. The 
data on the latter are of course the more interesting to the inves- 
tigator of the behavior of materials, on account of the almost con- 
stant shearing stress in the tubular specimen. Because of the 
possible scientific value of these data, they are reproduced in full 
in Table 8 

The entries in the table are in the order of test, as follows: Each 
series of tests shown between two horizontal lines in the table 
were run in sequence from left to right. The series were run in the 
order from top to bottom. A word of explanation of the entries 
in the stress column is in order. The first entry is the maximum 
stress of the cycle. The successive entries are the stress levels at 
which the hysteresis values were determined. For example, in 
the next to the last entry in the table, the test comprised loading 
the specimen to a maximum stress of 16,800 and determining the 
hysteresis at the stress levels of 12,600, 8400, and zero. 

An inspection of the results presented in Table 8 reveals that 
the general pattern of the data follows the results previously pre- 


rABLES HYSTERESIS AND CREEP OF SPECIMEN 


SPECIMEN OF S8AE 4140 STEEL 
Hysteresis in per cent of full-load deflection, 
Stress, ——-—-— -eyele of } 


psi 2nd 3rd 4th 
4200 


F—TUBULAR 


0 000 


4200 Creep test: 0.093 per cent in 10 hr 
6300 
4200 0.024 0.017 
2100 0.004 0.007 
0 5 0.004 0.007 


6400 


014 per cent in 600 hr 


8400 


0 


12600 
8100 0.054 
4200 0 044 

0 0.032 

16800 

12600 0.060 

S400 0.064 
4200 0. 063 

0.009 


21000 
0.087 
0.114 
0.117 
0.082 
0.047 


0.081 

0.115 
0.123 
0.115 
0.084 
0.028 


Creep test: 0 060 per cent in 243 hr 
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sented for the identical solid specimen (specimen A), with one im- 
+ portant difference: Whereas the hysteresis for the solid specimen 
was 0.03 per cent, approximately, at roam 000 psi, after several cy- 


Hysteresis, 

per cent 

0.090 

0.122 
_ these values being 3 X and 4 X the value for the solid specimen, 
respectively. Thus we observe the important but expected fact 
_ that the hysteresis in a thin-walled tubular specimen in torsion 
is several times that of a solid cylindrical specimen. The logical 
explanation is that in the solid specimen the lower-stressed mate- 
rial in the core acts as a more perfectly elastic spring (as confirmed 
by our experiments at lower stress levels) in parallel with the 
ia spring composed of the highly stressed material in the outer shell 
of the specimen. This combination quite evidently should be 
_ more elastic than a simple tubular specimen. From both the 
experimental and analytical points of view, a solid cross section 

for a torque-weighing bar is superior to a tubular cross section. 


Discussion 


if i As a result of the torsional hysteresis and creep tests on the 
_ several materials, a number of conclusions may be stated. These 
x. are of considerable interest and importance in those applications 
employing the twist of a shaft as a measure of torque. 
_— For stresses up to 24,000 psi in chrome-molybdenum steel (SAE 
4140), hysteresis and creep are low in magnitude, 0.03 per cent, 
= vj for unidirectional loading. For reversed loading, however, the 
hysteresis is many times greater, being 0.12 per cent for 12,000- 
psi stress amplitude, and 0.42 per cent for 24,000-psi amplitude. 
_ These latter values are sufficiently large to be objectionable in 
torque measuring systems 
The hysteresis values in torsion for a thin-walled tubular speci- 
men proved to be large compared with the values for a similar 
_ solid specimen. For an SAE 4140 steel tubular specimen, the sta- 
___ bilized values were 0.090 per cent and 0.122 per cent for unidirec- 
> tional loading to stress amplitudes of 21,000 and 25,200 psi, re- 
spectively. 
_ Low-carbon steel, as would be expected, displays large hystere- 
sis for all the test conditions imposed, even for the single-direction 
loading to 6000 psi. The smallest observed values were 0.25 per 
cent, whereas some cycles showed almost 10 times this amount. 
For both steels tested, strain history was an important factor in 
_ the results. In all cases, however, the hysteresis apparently had 
reached a stable value in from 3 to 4 cycles of loading. On the 
first cyele the hysteresis was as much as 5 times the stabilized 
value obtained after several cycles of loading. 
The nonmagnetic alloys, K Monel and Inconel X proved to 
_ have exceptionally low hysteresis and creep for shearing stresses 
up to 24,000 psi. Both hysteresis and creep values were only 0.01 
7 per cent, even for reversed loading. 
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Discussion 


J. F. Downte Suita. Many years ago the study of alter- 
nating current in electrical engineering was largely devoted to 
60-cycle frequency, since that was the principal frequency used 
at that particular time. Later, however, as the science of high- 
frequency currents was developed, a broader concept of a-c 
theory was produced, and these broader concepts included 60- 
eycle frequency as a special case, whereas formerly the high 
frequency was the special case. It also was found that the more 
general theories involving high frequency enabled us to predict 
certain things with regard to other frequencies not at all evident 
in the study of the more specialized 60-cycle. 

It has occurred to the writer that possibly we may be going 
through the same type of change in mechanical engineering that 
formerly was experienced with electrical engineering. For ex- 
ample, the principal structural and engineering materials used 
at the present time are metals-—and for metallic materials, many 
assumptions are made which are perfectly valid within the limits 
used in engineering. For example, in the determination of 
strain, it is a matter of little consequence, generally, whether we 
define this in terms of the angle, or the tangent of the angle, and 
both have been used extensively. But we also have a relatively 
new material for certain types of engineering applications which 
does not follow the same restricted rules as steel, namely, the 
use of rubber as a spring, where it is not satisfactory to make 
the same assumptions as were made for steel. For example, the 
angles of deflection in shear for a rubber mount are frequently 
such that the tangent of the angle, and the angle, are widely dif- 
ferent. Nevertheless, it is possible to develop theories for the 
deflections of rubber which obey experiment quite closely. In 
general, it is found that deflections are calculated from an in- 
finite series, the first term of which frequently gives the deflec- 
tions for steel. Several terms occasionally may be required to 
get the proper answer for rubber. 

Thus it occurs to the writer that possibly a more careful 
study of the solutions obtained for deflections of rubberlike 
materials would yield results of a more general nature than would 
be the case in studying metallic materials alone. In addition, 
several years of test data have been obtained in the field of rubber 
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and plastics on creep and other factors. It is possible that the 
exaggerated characteristics obtained on those materials might 
be an indication of what conceivably could be expected in a 
minor way in the metallic materials. 

Hence it is suggested to the authors, and to others who might 
be interested, ‘the at oui a more careful study of the literature 
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in the field of rubber and plastics might yield great benefits to 
those who have specialized in the metallic materials. Thus, 
particularly in connection with machine design, closer co-opera- 
tion with the Rubber and Plastics Division is advisable. From 
such close co-operation it is believed both divisions would benefit 
materially. 
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A relation which evaluates the relative effects of time 
and temperature on the tempering of steels has been 
developed by previous investigators. In this paper this 
relation has been adapted to rupture and creep behavior 
and applied to existing data on several widely different 
alloys with outstanding results. Methods are described 
by which short-time tests can be used to determine long- 
time properties. 


INTRODUCTION 


\ the field of high-temperature testing, considerable effort has 
been expended to discover a relationship between short- and 
long-time tests. Such efforts are considered worth while be- 
cause elevated-temperature tests which simulate actual operating 
times are extremely costly and time-consuming. Present methods 
of extrapolation of a log-log plot of stress versus rupture time are 
often inaccurate and misleading. These extrapolations frequently 
lead to high values of strength since increases in slope cannot be 
anticipated. 

It has been shown by many investigators that creep (1, 2, 3, 4),? 
tempering (5, 6), and diffusion (7) appear to obey rate-process 
theories, and the rates are expressible by an equation of the form 

€ = 

where é is the rate, A is a constant, Q(S) is the activation energy 
for the process under the conditions considered, R is the gas con- 
stant, and 7 is the absolute temperature. Holloman and Jaffe 
(5) have shown that the relation between tempering time and 
temperature for a given hardness, derived from Equation [1], is 
expressed by the following equation 

TABLE 1 


LIST OF ALLOYS INVESTIGATED, TOGETHER 


) 


"88855 


Alloy 
Low-carbon steel 
Carbon-moly steel. . 
Cr-Mo-Ti-B steel 
18-8 stainless steel 
18-8-Mo steel 
8-590 alloy. 


Source of data 
Timken Digest 
) 


Form 
Hot-rolled 
Hot- 

Hot- rolled 
Hot-rolled 
Forged 


Haynes Steliite No. 34 Cast 


(S) 

ASM Trans. (10) and Alle- 
gheny-Ludlum (15) 

General Electric, Thomson 
Laboratory 

General Electric, Thomson 
I 


Titanium F orged 


Nominal analysis 
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* Numbers in parentheses refer to Bibliography at end of paper. 
: Contributed by the Metals Engineering Division and the Joint 

ASTM-ASME Committee on Effect of Temperature on Properties 
of Metals and presented at the Annual Meeting, Atlantic City, N.J., 
November 25-30, 1951, of Tue American Society oF MECHANICAL 
ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 
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T(C + log t) = const...... 


where 7’ is the absolute temperature, C is a material constant, and 
tis the time. Since both tempering and creep seem to obey the 
rate-process theories, it was believed that this concept should be 
directly applicable in creep and rupture testing for the purpose of 
shortening the test time. 


Discussion or Resuits 

Materials Investigated. Although the authors and their asso- 
ciates have analyzed a large amount of rupture data to determine 
the degree to which it complies with the time-temperature 
parameter 7 (C + log t), the quantity of data which can be pre- 
sented here is of course limited. In selecting the data to be 
presented, an effort was made to include representative cases rather 
than only cases which showed the best agreement. The alloys 
presented are listed in Table 1, together with the source of data 
and chemical composition. These alloys were selected on the 
following basis: 


1 Test results available over a wide range of temperature and 
time. 

2 Typical alloys covering a wide variety of compositions. 

3 Test data reliable and free from discrepancies. 

It is obviously difficult to satisfy these conditions completely, 
but it is felt that the alloys listed will serve our purpose. 

Master Rupture Curves. The proposed relation as applied to 
rupture strength states that for a given stress the time to rupture 
is related to temperature by the equation 

T (20 + log t) = const... {3} 


T being the absolute temperature (deg R), and ¢ the rupture time 


sine SOURCE OF DATA AND CHEMICAL 
Chemical composition, per cent 
Ni Co Fe Mc 


ANALYSIS 


Ti 


B.0 


w 


0 5a 


Al-1, Cu-1 
04” 


in hours. A value of 20 has been substituted for C in Equation 
(2). The method by which this value was arrived at is discussed 
later. 

According to Equation [3], if rupture stress is plotted as a func- 
tion of the parameter T (20 + log ¢), all the points should fall on a 
single curve, regardless of the temperature at which the tests were 
conducted. Such a plot will be called a master rupture curve 
since it is actually a superposition of rupture curves at different 
temperatures, the parameter performing the function of modifying 
the times so that the various curves fall on a single line. 

In Figs. 1 to 8, inclusive, master rupture curves have been 
plotted for the eight alloys using all the actual test points availa- 
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ble. Examination of these curves reveals that the deviation of 
points from a single curve is small and is felt to be due to experi- 
mental error. Considering the wide range of materials, times, and 
remarkable correlation exists. Hot tensile 
strength where data were available was plotted on the same curves 
using 0.10 hr as the time factor. Although more variables are in- 
volved in a tensile test, the data show good agreement. 

In addition to the data presented in this paper, the authors and 
their associates have applied the proposed relation to over 40 
alloys. Although occasional larger deviations appeared, the 
majority of data conformed within +10 per cent of stress. 

The implications of this concept are of great practical signifi- 
cance since a complete master curve may be constructed from 
short-time rupture data over a range of temperatures. Once this 
curve is obtained, long-time data within the limits of the parame- 
ter values covered may be calculated immediately. It also be- 
comes possible to compare the complete rupture characteristics of 
various alloys on a single graph. A comparison of this type is 
shown in Fig. 9 for the eight alloys considered. 
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In order to eliminate mathematical calculations, a graph relat- 
ing time and temperature to the parameter 7(20 + log ¢) has 
been constructed and is shown in Fig. 10. 

Comparison of Rupture and Tempering Curves. Since the 
original work on this parameter was concerned with the tempering 
of steel, it was felt that it might be interesting to compare a 
master rupture and a master tempering curve using the same 
parameter equation. In order to make any relation that might 
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ay 


exist more evident, a material whose tempering curve was al- — 


ready known to have sharp changes was selected. These two 


curves are plotted in Fig. 8 for a Cr-Mo-Ti-B steel and show a_ 


striking similarity, for when sharp changes occur in hardness on 


the tempering curve, sharp changes also appear in the rupture — 


strength at the same parameter value. 
Master Creep Curves. Although creep data covering a wide 
enough range of variables to check compliance with the proposed 


theory are scarce, existing data indicate that creep follows the | 


same relation, Master creep curves may be constructed in either 
of two ways, as follows: 
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(T, temperature in deg R, ¢, rupture time in hours.) 


1 Where the time for a given elongation is considered, the 
parameter used is the same as for rupture except that ¢ is now the 
time to a given elongation. 

2 If minimum creep rate is considered the parameter becomes 
T (20 — log r), where r is the creep rate. 


Master creep curves for minimum creep rate are plotted for 
carbon-molybdenum steel and 8-590 alloy in Figs. 11 and 12. A 
complete analysis of creep data has not yet been made, and a 
value of 20 may not be the best value to use in considering creep 
rates. 

Predicting Specific Data. A relationship between time and 
temperature, such as is suggested in this paper, can be put to a 
variety of uses. One of the most important is the determination 
of specific long-time data from comparatively short tests at a 
higher temperature. 

The data presented in the plots of stress versus 7 (20 + log ¢) 
indicate that for a constant stress the following equation is true 


T, (20 + log t:) = (20 + log 
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It now becomes possible to calculate a short-time combination 
of temperature and time which is equivalent to any desired operat- 
ing conditions. For example, substitution in Equation [4] shows 
that the following combinations should have equivalent rupture 
stresses: 


Operating conditions 


10000 hr at 1000 F = 
1000 hr at 1200 F = 


Test conditions 


13 hr at 1200 F 
i2hrat1350F 


at 400F 


1000 hr at 1350 F 
1000 hr at 300 F 


Lists of rupture strengths for these equivalent combinations of 
temperatures and time have been prepared and are shown in 
Tables 2 to4. Table 2 lists all the ferritic steels for which data were 
available for both 10,000 hr at 1000 F and 13 hr at 1200 F (8). 
Table 3 lists high-temperature alloys for which adequate data 
were available, and Table 4 some aluminum alloys. The correla- 
tion between the long-time rupture strengths obtained by es- 
tablished methods and that predicted by the short-time values is 
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impressive. In Table 5 similar comparisons are shown for 
stresses to produce 1 per cent creep in several] austenitic sheet 
materials, in both the annealed and cold-rolled condition. Here 
again there is close agreement between the long-time data and 
that predicted by the short-time data. 

Deviations Encountered. In order to determine the validity of 
the proposed relation between temperature and time to rupture, 
it has been applied to as wide a range of materials, temperatures, 
and times as available data permitted. It is the authors’ belief 
that if over a very wide range of variables only minor deviations 
are encountered, these deviations may reflect normal variation in 
test data rather than a fallacy in the theory. With this in mind a 
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closer examination of the plots of stress versus 7 (20 + log ¢) and 
of the tabulated values is of importance. 

It is found that the average scatter of points about the mean 
value is approximately +10 per cent in stress, which is not an 
excessive amount on an ordinary stress-rupture curve. In some 
cases, particularly at low parameter values, deviations up to 25 
per cent of the mean stress are found; but it must be admitted 
that errors of this magnitude sometimes appear in rupture data 
It is felt that a large amount of careful testing is required to es- 
tablish the cause of the variations within these limits 

Value of the Constant C. Upon first consideration it is surprising 
that the value of 20 for C in the parameter T (C + log t) works so 
well for such a variety of materials. The method for determining 
the constant for any particular material is discussed under 
theoretical considerations, and a list of the values obtained for 
several different materials is given in Table 6. The values vary 
from 15 to 23, and the average is 19.3. While it is certainly possi- 
ble that C actually does vary from material to material, the value 


| 
7 
| | 
800 T X— 1900 °F 
sad 
50 
2 
we 
a 
th 
i) 
fe 
ip 
ay 


LARSON, 


rABLE 2 RU STRENGTH ay 
1000 F WITH 13-HR RUF ds STREN ‘GTH A 200 F FOR LO 
LOY STEELS 
Stress for rupture in 10,000 hr Stress for r in 13 he 
Steel at 1000 F psi atl + psi 
C-Steel... 
C-Mo... 
Sicromo-58.... 
Sicromo-3. . 
Sicromo-2. 


17000 
Nore: Source of data— Timken Digest stress-rupture curves (8). te 


TABLE 3 COMPARISON . 1000-HR RUPTURE STRENGTH AT 
1350 F WITH 17-HR RUPTURE STRENGTH AT 1500 F FOR HIGH- 
TEMPERATURE ALLOYS 
Stress for rupture in 1000 hr Stresa for rupture in 17 hr 
Alloy at 1350 F, psi 1st i 
Inconel 


Timken 
B 


- 


32000 
Inconel x 39000 


Note: Source of data—average values from General Electric, Thomson 
Laboratory files. 


rABLE 4 SON OF 1000-HR RUPTURE STRENGTH AT 
300 F Wirt 1 UPTURE STRENGTH AT 400 F FOR ALUMI- 
NUM ALLOYS 


Stress for rupture in 1000 hr Stress for 
at 300 F, psi at 


rupture in 1.1 br 


Alloy 
99.66% Al-H12 
99.60 Al-H18.. 


Dorn, Tietz, and Sherby (11, 12). 


Nore: Source of data 


HSON OF 1000-HR CREEP STRENGTH AT 
RK CREEP STRENGTH AT 1350 F FOR STAINLESS 
SHEET ALLOYS 
Stress for 1 per cent creep in 
1000 hr at 1200 = 


ABLE 5 
100 12 -H 


Stress for | per cent creep 
lype in 12 hr at 1350 F 
321-CR* 
Inconel-A® 
R.. 
21-4 
Ineonel-CR 
316. A 
Timken-CR 
316-CR 
Ine onel-X 
“CR = cold-rolled. 
*A = annealed. 
Nore: Source of data 


General Electric, Thomson Laboratory creep tests 
on sheet alloys. 


of 20 has been used in all cases in this paper for four reasons 


1 The seatter of points on the parameter curves is insensitive 
to changes in C. 

2 Since the variation in C between materials of widely dif- 
ferent compositions is no greater than that found between ma- 
terials of relatively similar composition, it is felt that the variation 
may not be real. 

3 The use of one value of C makes possible the comparison of 
master curves of various alloys on one graph. 

4 Nehrenberg (6) has found 20 to be the best value for the 
tempering of steels. 


If there is actually a variation in C, by the following equation 
the error in time, introduced by using the wrong value, can be de- 
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TABLE 6 VALUE OF C_IN PARAMETER T (C + LOG 6 FOR 
SEVERAL ALLOYS 
Value of C (for tin hours, and T in deg R) 


Alloy 
Low-carbon steel... 


-moly 
2'/, Cr — 1 Mo steel 
Cr-Mo-Ti-B steei. 
18-8 


Titanium Do 


~ termined by differentiating log ¢ with respect to C, holding 7, 7's, 


and t, constant 


T, (C + log ts) = Tr (C + log 


This results in the following expression 


d(log 


From this it is evident that of the value of C used is not correct, 


the error in log ¢, will be proportional to the difference in tem- 


a eratures considered, Substitution of actual values shows that 


for small changes in C the error is negligible if the temperatures 
are not too widely separated. 

Metallurgical Changes. It is believed that the relationship in 
question will be invalidated if major phase changes are en- 
countered. However, other metallurgical changes involving dif- 
fusion, such as tempering or overaging, have previously been 
shown to follow this relation (5, 6) and consequently are ac- 
counted for. It is logical to assume that oxidation, if it is a sig- 
nificant factor, also may follow the same time-temperature rela- 


THEORETICAL CONSIDERATIONS 


The proposed time-temperature relation is based in part on the 
well-known theory of rate processes, which states that the rate at 
which certain processes progress is related to temperature by the 
following equation 

r = Ae 


where 
rate 
constant 
natural logarithm base 
activation energy for process 
gas constant 
absolute temperature 


Several investigators (7, 13, 14) have 
constant stress, creep-rate data fit Equation {7} providing the 
rate taken is either the minimum rate or the rate at a constant 
strain. Since the time to rupture depends upon the summation 
of creep rates out to rupture, Equation [7] may be written 


= Ae~@/T (for constant stress) 


where ¢ equals time to rupture. 
the following form 


Equation [8} is easily reduced to 


T (C + logt) = - = const (for constant stress)... 


2 (9) 
2.3R 
where C = log A. 

This is seen to be the parameter against which values of stress 
were plotted in the master curves. Equation [9|, however, im- 
plies that C is constant only for constant stress, whereas the rela- 
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and possibly of material. 

A graphical presentation is the easiest way to demonstrate the 
fact that C actually is independent of stress. According to Equa- 
tion [9], if log ¢ is plotted against the reciprocal of the absolute 
temperature for constant stress, the result should be a straight 
line, Moreover, when 1/7 = 0, the value for log ¢ equals —C. 
In Figs. 13 and 14 the rupture data on carbon-moly steel and 
8-590 alloy have been plotted in this manner. It will be noted 
that regardless of stress the value of log¢ at 1/7’ = 0 is the same 
Values of C for the two materials are therefore 19 and 20, re- 
spectively. As pointed out earlier, an analysis of widely different 
materials indicates that a value for C of 20 may be used in each 
case with satisfactory results 

From the foregoing it is seen that C is theoretically the log time 
to rupture at 1/7 = 0, that is, at an infinite temperature. 
Therefore the following calculation of C may be made. This 
calculation is intended as a matter of interest only; whether or 
not it has any significance is not known. Assuming that at in- 
finite temperature the creep rate would be the fastest rate physi- 
cally possible, it would be a creep rate at which adjacent atoms 
were separating at the speed of light, that is 


where ¢ is the speed of light (3 x 10” em per sec), and 6 1s the 
interatomic spacing (3 X 10% em approximately). For an elon 
gation (€) of 1 em per cm, the corresponding rupture time would 


t 


€ 


Substituting values in the foregoing equation gives 
t= 10-" sec = 2.8 10~* hr 


Since C = —log t, a value of 21.5 is obtained for C. 

Other interesting observations may be made from an examina- 
tion of the shape of typical master rupture curves, Fig. 9. It will 
be noted that all the curves are made up of two comparatively 
straight-line portions separated by a sudden change in slope. 

Furthermore, it is seen that the lines at higher parameter values 
if extended to a parameter of zero (i.e., 0 deg abs) appear to con- 
verge in the vicinity of the theoretical breaking strength of metals 
This suggests the idea that in the low parameter region, stress 
concentrations reduce the strength below the theoretical value, 
whereas at higher parameter values these stress concentrations 
are relieved 


CONCLUSIONS 
The time-temperature relation expressed by the parameter 
7 (C + log t) has been applied to rupture and creep data on a 
variety of alloys with the following results: 


1 All the data analyzed complied with the foregoing relation 
within limits which could be attributed to experimental devia- 
tions 

2 A value for C of 20 was found to be satisfactory for all the 
alloys considered. 

3 Application of this relation allows the use of short-time 
tests to determine long-time data with remarkable accuracy. 

4 It also allows the presentation of the complete rupture char- 
acteristics of an alloy on a single master curve which facilitates 
comparison with other alloys 
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Discussion 

J.C. Fisner‘ anp J. H. It is quite probable that 
the authors have shown the way toward significantly shortening 
the time required for the rupture testing of alloys. Use of the 
parameter 7 (C + log ¢) may reduce this time as much as ten- 
fold, leading to important savings in all laboratories where 
rupture testing is employed. As described in the authors’ 
first six references, the parameter 7’ (C + log ¢) or its equivalent 
has been used to represent the combined influence of time and 
temperature upon the tempering process and upon creep rates. 
Its use in rupture testing is a logical although not obvious ex- 
tension to another important group of tests, for which the authors 
are to be commended. 

Application of the parameter 7' (C+ log ¢) to rupture testing 
is an important step forward, but it is desirable to discover the 
limitations, if any, upon its use. It seems probable that the 
success of the parameter depends upon two things: (a) In much 
rupture testing, failure is due to local necking in the specimen, 
after which rapid elongation and fracture quickly follow; the 
necking strain is about the same from specimen to specimen and, 
therefore, the reciprocal of the time to fracture is a measure of 
the average strain rate throughout the test. (6) The stress is 
related to temperature and average creep rate through the pa- 
rameter 7 (C — log @). When a brittle alloy is tested, for which 
the reciprocal rupture time may not be a measure of the average 
creep rate, there is a pessibility that the rupture stress will not 
depend upon T (C + log ¢) alone. 

As the authors state, use of the value 20 for C is justified at 
this time only for those classes of metals for which experience 
has shown it to be satisfactory. The values of C in reference (2) 
of the paper vary by a factor of 5, suggesting that C = 20, while 
valid for certain classes of high-temperature alloys, is not a 
universal constant. 

It is our opinion that the parameter T (C + log t) should find 


wide and satisfactory application to rupture and creep testing. 
* Research Associate, Research Laboratory, General Electric 
Company, Schenectady, N.Y. Jun. ASME, 
* Research Associate, Research Laboratory, General Electric Com- 


pany. 


N. J. Grant.* The writer has found this paper to be an ex- 
tremely interesting one and definitely suggestive of a reasonable 
short cut in evaluating material behavior as a function of time 
and temperature. 

It suffers, unfortunately, in certain respects from an effort to 
include all of the possible instabilities of an alloy in the one ex- 
pression 7° (20 + log t) = const. This is, of course, asking a lot 
of any equation. Most reactions in metals are strain sensitive; 
for example, the transformation of martensite in steel, or the 
precipitation of carbide or sigma in stainless steels is accelerated 
by the superimposition of tensile strain. On the other hand, 
although oxidation of metals and decarburization of metals are 
time-temperature controlled, they are not measurably strain 
sensitive. Yet both of these instabilities have a large effect on 
the long-time creep or stress-rupture performance of metals at 
elevated temperatures. It is not expected that the same 7'-t 
expression would fit both strain-affected reactions as well as 
strain-unaffected ones. 

For example, in examining stress-rupture data for Monel over a 
wide temperature-rupture time range of values, we have found a 
severe deviation from linearity in the log stress versus jog rupture 
time plot due to oxidation. We find that this deviation is not 
anticipated by the authors’ Equation [3] because oxidation is 
not a strain-affected behavior. A plot of log stress versus the 
term 7 (20 + log ¢) is given in Fig. 15, herewith, and shows a 
progressively wider spread of data at the lower stresses (higher 
temperatures and longer test times) where oxidation is more 
severe. In the same way all the reactions occurring during 
creep testing which are not strain sensitive will result in devia- 
tions from a curve based on short-time data as shown in Fig. 15 


* Department of Metallurgy, Massachusetts Institute of Tech- 
nology, Cambridge, Mass. 
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Table 7 of this discussion shows the differences in rupture life 
between predicted values and the experimental values. Note 
that the differences are greater at longer times. 

This is not entirely bad since such deviations call attention to 
important materia] instabilities which result in poorer per- 
formance. It does mean, however, that an accurate knowledge 
of the instabilities which may be encountered during the life of a 
material application must be anticipated to utilize the data 
available from the use of this analysis, otherwise large errors may 
ensue, 

For those materials which are quite stable or which do not 
have instabilities which are insensitive to strain, there is every 
reason to believe that the authors’ analysis is extremely useful 
and should find important application. 


J. J. Kanter.’ The parameter T (C + log ¢) as applied to 
rupture and creep data by the authors, seems to promise con- 
siderable usefulness and to be worthy of further careful discussion. 
They have chosen to plot their parameter against the logarithm 
of stress and as so plotted their curves generally show a sharp 
break at the higher stress values. In the cases of the data for 
18-8 Mo and 8590 alloys where two breaks are shown, a smooth 
curve might better be passed among the points. While it is 
recognized that plotting log stress does conveniently expand the 
stress scale at low values, there are some interpretational ad- 
vantages to be gained from a consideration of parameter 7’ 
(C + log ¢) plotted as a linear function of stress, and for this 
purpose the writer has replotted a number of the curves in this 
manner in Fig. 16 of this discussion. It is seen that linear plot- 
ting gives reasonably straight lines free of the sharp break at the 
high stress values shown by the log plots. Furthermore, on the 
straight-line plots, it becomes possible to consider unique in- 
tercept values on both the parameter and stress axes. 

If it be granted that stress approximates a linear function of 
the parameter 7’ (C + log t) we may write 

3 RT 


8 
S/S =1— (C + loget) or t= we *) 


where So is the stress axis intercept, a value of the magnitude of 
the short-time breaking strength or “true stress” rupture, where 


C = —logie to 
and the intercept of the parameter axis is determined where 


Q 
T (C + logwt) = 23k 
affording a method for computing the activation energy Q for the 
unstressed system. 

It is also of interest to note that the magnitude of constant C 
may be accounted for by an alternative argument to the speed- 
of-light calculation offered by the authors. If it be supposed 
that under activation Q a time for dislocation obtains comparable 
to the thermal-vibration period, an argument may be used similar 
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to the one proposed by Dushman and Langmuir in discussion _ 
of the solid-diffusion process. They supposed that the time per 
atomic jump could be approximated by =| 
; Bae 


Avogadro’s number = 6.061 X atoms pergramatom 
Planck's constant of action, 6.554 K 10~” erg sec 

mechanical equivalent of heat, 4.185 X 107 ergs per cal 
activation energy, cal per gram atom 


It was suggested by the present discusser* that the same argu- Zz 
ment might be applied in considering the creep process. Since a 
the creep strain would on the average be directed along the _— 7 es 
of maximum shear, the time for unit strain would be increased 
by a factor 1/2 and since the values of Q are of the order of 10°, 

we find 


_WV2N,h 
Q X 3.6 X 10° 


1.414 X 6.061 X X 6.554 107%! 
4.185 X 10° X 10° X 3.6 X 10° 


= 3.75 107 


= 


C= —logiolo = 18.45 


which is a fair median value for the range 15 to 23 reported by 7 
the authors. 
The range of Q-values for the materials covered by the authors | 


corresponds to a range in values for constant C of 18.49 to 18.34. 


*“The Problems of the Temperature Coefficient of Tensile Creep 
Rate,” by J. J. Kanter, Trans. AUME. vol. 131, 1938, pp. 385-418. 
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TABLES 


Alloy cal/gram atom 
Low-carbon steel 

Carbon-moly steel 

Cr-Mo-Ti-8 steel 

18-8 stainless stee! 

18-8 Mo stainless steel 

5-590 alloy 

Haynes Stellite No. 34.. 

Titanium De 


Alloy no. 


If the curves are replotted linearly using a value of 18.43 for the 
parameter constant instead of 20, the fit of the points to a 
straight line is improved. The‘shift to the left of the higher 
parameter values is 2 to 3 times as great as that at the lower 
values and, therefore, the apparent downward concavity of the 
right side end of the curves, found when using the value 20, is 
corrected for. The values for Q and S, of Table 8, herewith, are 
derived using 18.43 as the value of —log &. Quite astonishingly, 
the Q-values so derived place the alloys in exactly their commonly 
accepted order of high-temperature strength. 


D. L, Newnovuse* anp J. L. Van Utien.*® For many years 
designers of high-temperawre equipment for long-time service 
have been faced with the problem of predicting creep and rupture 
strength on the basis of expensive and time-consuming creep 
and rupture tests. When an equipment life of 10 to 40 years is 
demanded, extrapolations are required in the best of these tests. 
By permitting the rapid evaluation of high-temperature design 
strength, the authors’ procedure would appear to circumvent 
this difficulty. Realistic acceptance tests can be devised using 
the parameter principles, and the development of new materials 
can be facilitated. 

A fundamental principle of the parameter procedure described 
is that time and temperature may be equated by employing the 
constant C. Thus the correctness of the method is predicated on 
an accurate value of the constant. Although the authors have 
shown some variation in constant, its effect on scatter was minor 
and they conclude that “since the variation in C between ma- 
terials of widely different compositions is no greater than that 
found between materials of relatively similar composition, it 
is felt that the variation may not be real.” 

While we agree that many materials can be represented by 20, 
there are enough exceptions of a significant degree to warrant 
consideration of other constants. Twelve per cent Cr steels with 
constants of around 25, and many austenitic steels with constants 
of less than 20, are some exceptions. This difference in behavior 
was first observed several years ago while developing a suitable 
acceptance test for high-temperature steels. It was found that a 
controlled strain-rate tensile test at 1400 F gave strength values 
numerically equivalent to the 1000 F, 100,000-hr rupture strength 
for medium-alloy steels as shown in Fig. 17 of this discussion. 
For the conditions of the test, this temperature is close to that 
predicted by the authors’ parameter, using a constant of 20. 
However, Fig. 17 also shows a different equivalence between 
tensile and rupture strength for some 12 per cent chrome steels. 
It was found necessary to use a 1300 F tensile test to obtain 
numerical equivalence between tensile strength and rupture 
strength for the 12 per cent chrome steels which is comparable to a 
constant of about 25. 

Examination of the data on austenitic steels'® quoted by the 
authors indicates that the constant varies with composition and 
in an apparently consistent pattern with stress level as shown in 
Fig. 18, herewith. Are such variations of constant significant? 
It is true, as the authors have pointed out, that scattering is not 
influenced markedly by moderate variations of constant. Never- 


* Steam Ly 9-7 Engineering Division, General Electric Company, 
Schenectady, N. Y. 
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theless, the greatest scattering may occur where one wishes to 
run a short-time test to assess the long-time strength at a lower 
temperature. For instance, in the authors’ Fig. 3, the use of 20 
for 18-8 material, when 16 or 17 would be more accurate at a 
stress of 10,000 psi or less, results in a greater scattering in which 
short-time high-temperature points will be on one side, and long- 
time lower-temperature points will be on the other side, of the 
scatter band. 

Fig. 19 of this discussion shows stress-parameter curves for a 
12 per cent Cr-Co-W-V steel using constants of 20 and 25. A 
bar tested at 1200 F at 35,000 psi would, according to test, fail 
in 60 hr. With a constant of 20, this is equivalent to 1400 hr 
at 1100 F. Acwually the 1100 F test at this stress lasted 3500 hr 
and an error of 2 to 1 in time, and 20 per cent in strength, exists, 
With the use of a constant of 25, the error in time is reduced 
to '/, and the error in stress to about 3 per cent. If one assumes 
a constant of 20 for this material when the constant is actually 
25, a 100-hr test at 1200 F would be assumed to be 100,000 hr 
at 1000 F, whereas it is actually equivalent to 100,000 hr at 
1035 F. 

Since variations in constant apparently do exist, and are signifi- 
cant, it would seem advisable to minimize this error, even if the 
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ready comparison of materials afforded by a universal constant of 
20 is sacrificed. Although most of the master rupture curves are 
said to be composed of two straight lines, it appears that a smooth 
curve can be drawn through most of the points equally well. A 
smooth-curve representation on a parameter plot would lead one 
to doubt the straight-line sections of log-log rupture curves as 
conventionally drawn and the abrupt transition point from trans- 
crystalline to intergranular fracture usually shown, 

In creep testing, the time-temperature parameter has been 
applied successfully to residual-stress data at 0,002 in. per in. 
total strain. Fig. 20, herewith, is a plot of residual stress for a 
1 per cent Cr 1 per cent Mo '/, per cent V steel, The agreement 
is quite good using a constant of 30, although values as low as 20 
have been observed for some materials. 
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In conclusion, we feel that the authors’ time-temperature 
parameter should prove a boon to designers and an aid in under- 
standing the behavior of high-temperature materials. 


Ernest L. Ropinson.'! The authors are to be credited with 
the vision to see how a well-known relationship which physical 
chemists have used to describe the effect of temperature on be- 
havior may be applied to modern stress-rupture test results over 
a much wider range of stresses, lives, and temperatures than 
heretofore had been thought possible. Just how far we can go 
with this new technique of test analysis is still to be found out, 
The narrowness of the spread in the test data presented by the 
authors is most noteworthy and encouraging. In the interest of 
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perfecting our understanding, the writer would ask the following 
questions: 


1 There seems to be no question about the ability to “trade 
time for temperature” (in the language of R. W. Bailey) as long 
as the “master rupture curve’ runs straight on the semilog 
plot. But it is hard to see how there can be any algebraic con- 
tinuity around the sharp corners put in these curves by the 
authors. The writer suggests that maybe it would be better to 
fillet these corners with curves. 

2 The consequence of being able to trade time for tempera- 
ture on one set of rules below the “‘knee’’ and another above it is 
to place the knee of the log-log stress-time rupture line always 
at the same stress level regardless of time and temperature 
whereas we have commonly regarded this knee as occurring some- 
where along a “northeast” “southwest” line—that is, at moder- 
ate temperatures rather late at a high stress but at higher tempera- 
tures much earlier and at much lower stresses. It is possible 
we have been drawing the lines wrongly with too slavish a regard 
for the test points but the writer wonders if the use of some 
curves instead of corners in the master lines might not result in 
still better agreement with test points. 


For predicting behavior with moderate variations of stress or 
temperature, or both, the writer suggests relationships described 
in his paper,'? in which he uses two descriptive coefficients k 
and m which, respectively, are the per cent change of strength per 
degree change of temperature and the per cent increase in rate of 
life expenditure per per cent increase in stress. Their product 
km, which is the per cent increase in rate of life expenditure per 
degree, may be determined directly from the parameter by 
means of the authors’ Equations [8] and [9] and the writer’s 
Equation [3]. Thus, letting the parame-er T (C + log t) = P 


Q/R =2.3 Pandkm = 100Q/RT? = 230 P/T? 
or similarly 


Q/R = km T*/100 and P = km T*/230 
Avutuors’ CLOSURE 

The authors are indeed grateful to the discussers for their 
interest and valuable comments. 

Messrs. Fisher and Hollomon point out that in very brittle 
materials the rupture stress may not depend upon 7(C + log t) 
alone. We have not at the present time sufficient data to check 
this point although scattered data on brittle cermets indicate 
that their rupture strength may be a function of T(C + log t) 
alone. 

Mr. Grant’s data on Monel plotted as a function of 7(20 + 
log ¢) is of considerable interest. He notes deviations from the 
theory at the high temperatures and long times and attributes 
these to oxidation effects. It is quite possible that severe oxida- 
tion effects would not conform to the same parameter as rupture 
stress; however, rupture stress is usually of interest only at times 
and temperatures where oxidation is not severe enough to effect 
rupture stress. As Mr. Grant suggests, deviations such as these 
would call attention to instabilities which might otherwise go 
unnoticed. 

The authors are indebted to Mr. Kanter for his theoretical 
calculation of the constant C in the parameter 7(C + log t) 
based on atomic vibrations and jump distance. This calculation 
supports the idea that the value of C is actually a constant in- 
dependent of material. Whether a value of 20 or 18.43 is used 
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would have only a minor effect on the results obtained. Mr. 
_ Kanter also suggests that if stress is plotted as a linear function 
of the parameter instead of a logarithmic function, a straight- 
line relation will be obtained. We cannot agree with him on 
: this point since in a linear plot the values approach zero stress 
asymptotically rather than intersecting at a finite value as he has 
shown. His calculations of activation energies at zero stress 
are therefore open to some doubt. 

Messrs. Newhouse and Van Ullen feel that certain materials 
require the use of a constant other than 20 (e.g., 25 for 12 per 
cent Cr steels). Our experience has indicated that in the vast 
majority of alloys (from nonferrous to ferritie and austenitic) 
a constant of 20 works very well. We suspect that in cases where 
it differs appreciably from 20 there may be other factors involved 
such as a phase change. It is true that the prediction of long- 
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time data from extremely short tests (less than an hour) requires 
an accurate value of the constant, However, if tests of at least 
10 to 100 hr duration are used the value of the constant is less 
critical, Further work on this subject should be fruitful. 

In answer to Mr. Robinson we agree that in some cases a 
curved line might show better agreement with the data than the 
straight lines with breaks. It is believed by the authors, how- 
ever, that in many cases these breaks denote an important change 
in the flow and fracture process. Examples would be the change 
from transgranular to intergranular fracture and the attainment 
of a time-temperature combination which causes a sharp drop 
in hardness. His application of the parameter to his calculations 
on the effect of varying temperature and stress should be useful 
providing as he points out the formulas are applied only to 
moderate variations. 
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This paper presents a method of computing the factor 
of safety of a structural member with reference to a stated 
life, when operating under stress at high temperature 
when the temperature varies or when the stress varies 
moderately according to some definite pattern. The 
formulas presented herein are based on the supposition 
that the expenditure of each particular fraction of the life 
span at elevated temperature is independent of and with- 
out influence upon the expenditure of all other fractions 
of the life to rupture. The author makes no claim that 
this assumption is wholly true. The suggested procedure 
is offered simply to provide a means for making engineer- 
ing estimates with some greater validity than always to 
assume that the worst conditions are present all the time. 
The desirability of taking account of certain additional 
influences which may differ from one material to another 


is recognized. 


INTRODUCTION 


N 1937 the author worked out a series of formulas for comput- 
ing the effect of moderate temperature variation on the creep 
strength of steels at high temperature.* Those formulas were 
based on the straight-line semilog plot of creep rate or creep 
strength against temperature and, as in this paper, made no 
attempt to consider transient effects which may be of importance 
in the case of extremely rapid swings. More specifically, it was 
shown that steady-state test results may be well presented, often 
over a range of several hundred degrees F, by a linear relation- 
ship between the logarithm of the creep rate or creep strength and 
the temperature. 

In the discussion of that article the author was criticized for not 
plotting rates and strengths against the reciprocal of the absolute 
temperature instead of the temperature itself. In defense of his 
procedure, the author pointed out its convenience, the minor 
character of the error, and the fact that his assumption was con- 
servative as compared with the more precise technique. 

In what follows, the author proposes to make the same assump- 
tions again, reiterating that no claim is made that the theory is 
widely descriptive of the behavior of metals. This is no more than 
a way to compute what a machine is good for under an ordinary 
range of variation in the operating conditions.* 


! Structural Engineer, Turbine Engineering Divisions, General Elec- 
trie Cc ompany. Fellow ASME 

“ffect of Temperature Variation on the Creep Strength of 
e® by Ernest L. Robinson, Trans. ASME, vol. 60, 1938, pp. 
253-259; Discussion, Trans. ASME, vol. 61, 1939, pp. 49-53. 

* For a relationship descriptive of behavior over a wide range of 
conditions, see “‘A Time-Temperature Relationship for Rupture and 
Creep Stresses,”" by Frank R. Larson and James Miller, published in 
this issue, pp. 765-775. 

Contributed by the Metals Engineering Division and the Joint 
ASTM-ASME Committee on the Effect of Temperature on the 
Properties of Metals and presented at the Annual Meeting, Atlantic 
City, N. J.. Nevember 25-30, 1951, of Tae American Society or 
Mecnanicat ENGINEERS, 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, July 
13, 1951. Paper No. 51—A-33 


By ERNEST L. ROBINSON,! SCHENECTADY, N. Y. 


Effect of Temperature Variation on the 
Rupture Strength of Steels 


Test RELATIONSHIPS 


The long-time rupture test shows a straight-line plot on log-log 
paper of life-to-rupture versus applied stress such that 


where L = life in hr at stress S, psi 
Sr = nominal strength, psi, at temperature 7’, deg F, for a 
particular stated life Ly in hr 
m = slope of the line on the log-log plot, which is the 
ratio of the per cent increase in the rate of life 
expenditure to the per cent increase of stress, (See 
Fig. 1 and also Appendix.) 


Having found by test a number of values of the nominal 
strength S, for the same life J, at various temperatures, a plot 
of these on semilog paper is represented by a straight line such 
that 


where S, is the nominal strength in psi for a stated normal tem- 
perature, and 47 is the departure from that normal temperature, 
e is the base of the natural logarithms, and k is the per cent 
change of strength per degree change of temperature. The 
author's previous paper explains the similarity between this rule 
and the rules for compound interest and explains the manner of 
plotting to determine suitable values of k. (See Fig. 2 and also 
Appendix. ) 


Exrenpirvre or Lire 


As explained at the beginning, it is assumed that each fractional 
expenditure of life is independent of all others except as each con- 
tributes to the total exhaustion and eventual rupture of the ma- 
terial. In order to facilitate calculation of this quantity, it may 
be designated as E where E = t/L, ¢ being the time in hours of 
sojourn at any particular condition of stress and temperature. A 
formula for E may be written based on Equations [1] and [2] as 


follows 


This expression is convenient for evaluating the life expendi- 
ture in any particular cycle of stresses and temperatures. 

Case 1. For instance, suppose the temperature runs hot by an 
amount AT. The life expenditure EF, relative to Er at normal 
temperature is 

ekm ST/100 
E; 

Case 2. If the temperature runs hot by an amount 7 for half 
the time, and cold by the same amount for the other half of the 
time, as in a “square wave,” the life expenditure, F2, relative to 
Ey, at normal temperature, is 

Ey 


— = cosh km 47/100 
E, 
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Case 3. If the temperature fluctuates in a sawtooth wave an 
amount AT above and below normal in a uniform manner so that 
an equal fraction of the cycle is spent at each intermediate tem- 
perature between + AT and — AT, then an integrated average life 
expenditure, E;, for the whole cycle relative to Er at normal tem- 
perature is given by 


Ey 
Ey 


sinh km AT/100 
km AT /100 
STRENGTH 
In each of the three cases one may find an effective strength 
Si, Sa, Sa, in psi relative to the nominal strength Sp at normal 


temperature by taking the reciprocal of the mth root of the expres- 
sion for relative expenditures of life thus 


1 
[em aT 100 | m 


Sy 


1 
[ conn kmAT 100 om 


1 
sinh kmAT'/100 sad 
= 
kmAT/100 
Table | summarizes these various formulas for easy reference. 
They are identical in form with the expressions given in the 


author's previous paper behavior. However, the 
symbols bear a different significance in the present application. 
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Nore Case 
amount 
Case 2. 


(or below by 
The temperature stays above normal for half the time by an 


amount 3 T and below normal an equal amount for the other half of the time. 


The temperature fluctuates uniformly with time between a level | 
AT above normal and an equal amount below normal so that an equal frac 
tion of the time is spent at each temperature within this range. 
In each case the temperature variations are assumed to be slow enough to 
obviate any need to take account of thermal strains.) 


There is not enough information in existence at present to say 
just how good these rules are. Claims have been made that 
strength at high temperature is reduced by temperature fluctua- 
tion and so these rules show. Engineers have to make designs 
and when they run tests and obtain a set of properties character- 
istic of a material at various temperatures, it is natural to accept 
these as cardinal properties independent of past history and with- 
out effect on the future. Indeed, without any better data to go by, 
such an assumption protected by a suitable factor of safety has to 
be made in order to use the data. 

It is, of course, always wise to use care in the evaluation of data 
and not to go beyond reasonable limits in applying test results. 


The temperature stays above normal all the time by an 
T) 
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The relationships here used to portray test results are often good 
for several hundred degrees of temperature variation. But this 
is not always so. At moderate temperatures the rate of increase 
of strength is much less and for a wide range above room tem- 
perature it used to be common practice to disregard any effect. 
Not only does temperature affect the strength but it is also likely 
to affect the relationship between stress and life characterized by 
the exponent ‘‘m.” 

In applying the foregoing easy rules, the values of k, m, and So 
should be chosen for the region of maximum stress and tempera- 
ture. Inaccuracies at lower stress and temperatures are not 
likely to affect the result seriously. However, for wide fluctua- 
tions it may be reassuring to make an actual integrated analysis of 
the cycle. 

EXAMPLE 

The example given in the following is intended to illustrate the 
application of these formulas. 

Fig. 1 shows the long-time rupture strength of 16-25-6 ‘Timken’ 
material such as might be used as a wheel or bucket material in a 
high-temperature turbine. The slope of the lines indicates that the 
per cent expenditure of life m per per cent increase in stress, is 7.0, 
while the strength, So, for a life of 10,000 hr at 1200 F, is 24,000 
psi. 
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{( The strength for a life of 10,000 br at 1200 F is 24,000 psi. This isa log-log 

plot and the slope of the lines is m = 7.0.) Usually these: is a ‘‘knee”’ in the 

yor line between 100 and 1000 hr and, for short-lived service, values of 

k and m corresponding to the other branch of the curve should be used | 
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Fig. 2 is obtained by cross-plotting from Fig. 1. As explained in 
the author’s previous paper, the per cent change in strength k per 
deg F may be found by dividing 100 by the number of degrees 
corresponding to a strength ratio e = 2.718. Thus, in this case, 
k = 100/250 = 0.40, and km/100 = 0.028. 

It is now possible to write Equation [3] for this particular ma- 
terial 
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(Case 1 shows the behavior when the member is too hot, or too cold, all the time; Case 2 when it is hot half the time and cold half the time; and Case 3, 
when the member varies uniformly from hot to cold spending an equal fraction of the time at each temperature.) 


t 
= 0.028 AT 


Fig. 3 illustrates the effect of temperature variation on the life 
expenditure and effective strength of the material under simple 
cycles. 

A proposed application is to operate on a stress and tempera- 
ture cycle described for 1000 hr in Table 2, The temperature 
variations in this cycle are illustrated in Fig. 4. At each of the 
several temperature levels there is a fluctuation through a range 
of 100 F ranging from 50 F below to 50 F above average in the 
manner described by Case 3. 


TABLE 2 


deg F br 


—-+-—+ 


TEMPERATURE F 


1050 L 


Fic. 4 Service Temperature 
(Half the time is spent at an average temperature level of 1100 F with swings 
to 50 deg above and below. The other half is divided equally among the five 
other levels up to 1200 F. At each level the variation is 50 deg above and 
below.) 


An operating life of 20,000 hr is desired and a factor of safety of 
1.5 is required to take care of the possibility that the actual effec- 
tive strength may be less than calculated. With a complex cycle 
of this nature, the procedure is to compute the fraction of life ex- 
pended in each phase of the cycle and thus for the complete cycle. 
See Table 3. 


TABLE 3 


Ss ’ 
aT 


0 00003 


Total 0.00533 
Each column of this table corresponds to a term in the formula. 
The next to last column is the effect of the variation from average 
at each of the several levels. The total fractional life expenditure 
in the 1000-hr cycle is, thus, 0.00533, from which the life to rup- 


ture may be determined as = 187,000 hr. 


1000 
0.00533 
EQUIVALENT Stress oR TEMPERATURE 
For convenience, the stress which would lead to rupture in the 
same time at the nominal temperature of 1200 F, may be deter- 
mined from Equation [1] and called the “equivalent, stress’’ at 
1200 F. This is Bil 


1 1 
S= S; = 000 = 15,800 


Or from Equation [3] and the nominal maximum stress of 20,- 
000 psi, one may determine an ‘equivalent temperature’ which 
would lead to the same life 


BI 
10,000 
= 0.192 pai 


187,000 | 20,000 


ekm 47/100 


29.028 


0.0284T log. 0.192 = 
—59 F 


1200 


1.652 


—59 = 1141 F ke 


Facror or Sarery 


From either of these “equivalent” figures, one may determine 
the effective factor of safety with reference to a desired life of 
20,000 hr as follows: 


| 
Px! 
Phase 10,000 24 3 
A 0o1 0 1.36 0 00380 
B 0.01 0 1.36 0 00104 
Cc 1160 +50 16,500 100 
7 9 D 1140 +50 15,000 100 
E 1120 +50 13,500 100 
Pils F 1100 +50 12,000 500 
id 
| 
is 


At 1200 F the equivalent stress is 15,800 psi whereas, according 
to Equation [1], the material is good for 


24,000 = 21,900 psi 


= 1.375. 


Therefore the factor of safety is rr 


At 20,000 psi stress and an equivalent temperature of 1141 F, 
the material according to Equation [3], making E = 1, is good for 


S = 24,000 ¢9? = 27,500 psi 
20,000 


Therefore the factor of safety determiaed in this manner is 
27,500 
20,000 


Thus it appears that the proposed design must have its stresses 
reduced by 9 per cent in order to have the desired factor of 
safety. Sinee the strength of the material is improved 0.4 per 
cent per deg, the same result could be secured by revising operat- 
ing temperatures 22 F downward. Having made either one of 
these design revisions, the calculation may be repeated for as- 
surance that the required figure of 1.5 has been attained. 

The “Factor of Safety” for a stated life may be defined as what 
the material is good for divided by the equivalent stress applied 
in the cycle of stresses and temperatures encountered in opera- 
tion. If the expected life under a proposed cycle of conditions 
has been determined as in Table 3 as L., the equivalent stress S. 
for the eycle in question is 


1 


m 


The effective strength of the material for the required life L, is 
1 


1 


I m 


At this point it may be noted that where a complete test plot in 
the form of Fig. 1 is available, it is possible to scale the total life 
for each stress and temperature and thus to compute directly the 
fractional expenditure in each phase of a cycle. When the tem- 
perature range is so great that there is a variation in the slope m 
it may be desirable to base cycle analysis on the actual test lines. 
However, an analysis based on the formulas is not likely to be 
very far off if the value of m corresponds to the highest tempera- 
tures in the cycle. 

There remains a need to come back to the possible uncertainty 
in the procedure outlined which was mentioned at the start since 
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any such uncertainty would have to be covered along with all 
other uncertainties by the over-all factor of safety. 

Wilkes, in a paper presented at the fifty-third annual meeting 
of the American Society for Testing Materials, June, 1950,‘ 
gives the results of 100 to 500-hr tests on a number of ‘“‘super- 


alloys’ both in air and combustion gases both at constant tem- 


perature and with hourly cycles between 500 F and 1500 F 
Wilkes finds most of the materials somewhat stronger when a 
part of the time is spent at low temperature than when the tem- 
perature is at a steady 1500 F. When the cycling is in an oxidizing 
atmosphere the strength may even be less than the strength in air 
at the top of the cyele. Under such severe cycles it is difficult to 
be sure that any credit can be given for the fraction of time at 
less than top temperature. 

On the other hand, in more recent tests on Timken 16-25-6 
material in hourly cycles between 1000 F and 1200 F, the 1000-hr 
strength appears to agree with what would be arrived at by calcu- 


_ lation on the basis of the assumptions used here. 


The author's conclusion is that one should not expect strength 
under cyclic conditions in excess of what these simple formulas 
indicate and that under severe conditions of temperature eleva- 
tion or variation, or both, additional margins of safety may need 
to be provided. 


Appendix 


If one has a “Master Rupture Curve’ of rupture strength 
versus the parameter 7(C + log ¢) prepared as described in the 
Larson-Miller paper on “A Time-Temperature Relationship for 
Rupture and Creep Stresses,”’ the values of k and m for use in 
evaluating the factor of safety under cyclic conditions may be 
found as follows: 

Note the values of the parameter corresponding to two values of 
stress in the operating range. Let these be P, and S, and P; and 
S; respectively. Then the change of strength with temperature, 
k, expressed in per cent per deg F is 


100 (20 + log t) (log S; — log Ss) 
log e — Pi) 


k 


= 230 (20 + log t) 


log — log 
for a life of 100,000 hr, logt = 5and k = 57. aS — eg & 
P; — P,; 


The slope of the time-stress rupture line, m, is 
(P: — P,) 
where T is the absolute temperature 


T(log S; — log S:) 
in deg F. 


n= 


Discussion 


W. B. Hoyt.’ The author points out that mechanical tests on 
stress-rupture specimens which have been tested for time periods 
approximately one half of their anticipated life fail to show any 
marked changes in the properties of the material. Are there any 
test data which show definite deterioration in the properties of 
materials which are approaching failure, that is, which have spent 
90 or 95 per cent of their available life? 


*'Stress-Corrosion Tests on Turbosupercharger Materials in the 
Products of Combustion of Leaded Gasoline,”’ by G. B. Wilkes, Jr, 
ASTM Special Technical Publication No. 108, pp. 11-25. 

* The M. W. Kellogg Company, Jersey City, N. J 
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ROBINSON—EFFECT OF TEMPERATURE VARIATION 


L. F. Kooisrra.* The author has performed a real service for 
the designing and operating engineer of high-temperature tur- 
bines in developing a method of predicting the useful life of such 
equipment under varying operating conditions from the stand- 
point of stress and temperature. This development in essence is a 
mathematical accounting system in which operating hours 
at various stress and temperature levels can be evaluated on the 
basis of existing creep data, under the assumption that changes 
from one operating level to another, or rest periods during which 
the machine returns to no-load or room-temperature conditions, 
have no effect on creep behavior. 

Very few published data seem to be available on the subject 
of creep performance of high-temperature materials under periodi- 
cally interrupted or changing load conditions. H. J. Tapsell, 
P. G. Forrest, and G. R. Tremain’ have reported on experiments, 
which, however, were of short duration (100-300 hr) and high fre- 
quency (2000 cpm) and, therefore, do not apply directly to varying 
turbine-load problems. 

Some work was done under project “Squid’’* on Armco iron and 
comparatively fast cycles. The results indicate that there is a 
substantial increase in creep rate for the slow cycle and that this 
effect is increasing when the interval of the cycle increases. 

The method developed could be used with considerably more 
confidence and assurance if a series of simple creep tests, under 
various predetermined load changes could be conducted, which 
would determine the correctness of the assumption on which it is 
based. Any information the author may have on the effect of 
such load and temperature variations would be very much ap- 
preciated. 

Avuruor’s CLosuRE 

Mr. Hoyt asks a rather exacting question. The author would 
be surprised if a group of specimens supposed to be identical 
should break with no more spread in life than 5 or 10 per cent. 
Roughly speaking, one might expect as much as 25 or 50 per cent 
variation in life for 5 per cent variation in strength. 

So far as the author knows, there are few test data on the short- 


¢ Superintendent, Materials Division, Research and Development 
Department, The Babcock & Wilcox Company, Alliance, Ohio. 

7“Creep Due to Fluctuating Stresses at Elevated Temperatures,” 
by H. J. Tapsell, P. G. Forrest, and G. R. Tremain, Engineering, vol. 
170, August 25, 1950, pp. 189-191. 

* “Squid,"’ Quarterly report of July, 1950. 
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time properties of materials approaching long-time failure and 
such tests as are available show the opposite of what Mr. Hoyt’s 
question anticipates. The author's impression is that the ma- 
teria] maintains good short-time strength until it is so near to the 
end of its long-time life that failure at a minor fraction of its 
short-time strength is to be expected. Under such circum- 
stances it would seem as if the impending failure at low stress is 
& matter of much graver convern than whether or not the short- 
time properties are still fully capable of being, realized. 

For instance, a low-alloy steel, whose composition is not impor- 
tant for this illustration, has a short-time tensile strength at 1000 
F of 69,000 psi. Its 10,000 hour strength at the same tempera- 
ture is 38,000 psi. A bar which had been in test for 7595 hours 
at 1000 F under a stress of 38,000 when loaded to failure at tem- 
perature broke at 68,000 psi 

Miller, Smith, and Kehl* concluded that “under slow rates of 
straining at elevated temperature the normal mode of failure of a 
metal is through the grain boundaries, and that intergranular 
failure of a metal is through the grain bounderies, and that inter- 
granular failure does not necessarily indicate deterioration of the 
metal! or lack of plasticity preceding fracture. It should be em- 
phasived that even though considerable intergranular cracking 
may have occurred, the remaining sound metal may be no less 
ductile than it was originally, and may still withstand considera- 
ble bending or other rapid deformation.” 

Mr. Kooistra has very neatly epitomized what the author has 
attempted to do. The author concurs with Mr. Kooistra as to 
the desirability of conducting of some comparative series of tests 
under steady and cyclic conditions whereby the correctness of the 
assumptions might be verified. As the author pointed out, some 
work has been done but more would be welcome. However, it 
must be kept in mind that the conduct of such tests would dis- 
place still more fundamental tests on the evaluation of newer and 
better materials, whereas the evaluation of the differences due to 
cyclic conditions has always seemed to the author a matter of 
secondary importance even though by no means negligible. For 
this reason he has offered a means of calculating the effects in 
order to facilitate consideration without pressing the matter of 
test results. These will come in due time. 


* “Influence of Strain Rate on Strength and Type of Failure of 
Carbon-Molybdenum Steel at 850, 1000 and 1100 Degrees Fahr.,” 
by R. F. Miller, G. V. Smith, and G. L. Kehl, Trans. American 
Society of Metals, vol. 31, 1943, p. 844. 
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By L. F. KOOISTRA,' R .U. 


A large percentage of the high-temperature alloys is used 
in tubular form but most of the high-temperature 
strength data for these materials are based on simple 
tension bar specimens. Testing these materials in the 
shape and condition in which they are used eliminates 
many of the discrepancies between test specimen and 
actual service. A method has been developed in which a 
tubular specimen under internal steam pressure and at a 
controlled temperature is tested in stress rupture. This 
method closely simulates actual service conditions, except 
for the external flue-gas atmosphere and the temperature 
gradient through the tube wall existing in heat-transfer 
service. A suitable environment can, however, be pro- 
vided when service conditions are known. The test 
apparatus is described and a number of the test results 
are discussed in relation to similar data obtained on 
simple tension specimens. Failures obtained under test 
conditions are compared with similar failures suffered by 
tubes in actual service. 


INTRODUCTION 


round-bar specimens under uniaxial tension. The results 

of such tests are, in most cases, used as a basis for design on 
structures for high-temperature application and to predict the 
useful life span of such structures (1). In very few of these ap- 
plications is the state of stress as simple as it is in the stress- 
rupture tensile specimen, and it is therefore almost always neces- 
sary for the designer to analyze a complex stress system before 
the uniaxial creep or stress-rupture data can be applied to the 
problem. The process of translation from simple tension to a 
complex plastic-state stress system is quite often complicated and 
in many cases involves factors of uncertainty. Considerable 
work has been done on the theoretical analysis to formulate the 
plastic stress-strain relationship in a tube under internal pressure 
(2). 

Since rupture is seldom caused by stress only, considerations 
based purely on stress cannot give the whole answer. In order to 
simplify the task of interpretation between test data and applica- 
tion to design, it is of practical importance to test the materials of 


( pee and stress-rupture tests are generally performed on 


! Superintendent, Materials Division, Babeock & Wilcox Company, 
Research and Development Department, Alliance, Ohio. Mem. 
ASME. 

? Assistant Superintendent, Materials Division, Babcock & Wilcox 
Company, Research and Development Department, Alliance, Ohio. 

3 Supervisor, Stress Analysis Group, The Babcock & Wilcox Com- 
pany, Research and Development Department, Alliance, Ohio. 

«Numbers in parentheses refer to Bibliography at end of paper. 

Contributed by the Metals Engineering Division and the Joint 
ASTM-ASME Committee on Effect of Temperature on the Prop- 
erties of Materials and presented at the Annual Meeting, Atlantic 
City, N. J., November 25-30, 1951, of Tae American Society or 
MecuanicaL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be under- 
stood as individual expressions of their authors and not those of the 
Society. Manuscript received at ASME Headquarters, August 1, 
1951. Paper No. 51—A-44. 
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construction under loading conditions as closely analogous to 
actual service conditions as possible. It is equally important to 
have the material of the test specimen in the same metallurgical 
condition as that of the structure being used in service. It is 
therefore preferable that the metal of the specimen have the same 
steelmaking and fabricating history as that of the service struc- 
ture. In the case of high-temperature tubes, all these require- 
ments are very difficult, if not impossible, to fulfill simultaneously. 
In a simple tension test, for instance, the stress-rupture specimen 
generally requires a section of the material of sufficient dimension 
to accommodate a */,-in-diam bar. The tube wall, however, is 
usually not of sufficient thickness to supply anything more than a 
subsize specimen which is too small to yield representative data. 
Also, the grain structure of the alloy may be quite different in a 
tube wall as compared to that of a bar, as a result of manufactur- 
ing operations. 

In many of the stabilized austenitic materials nonmetallic com- 
pounds, such as carbides and nitrides, are formed in the interior 
of the metal. During the fabrication process these inclusions 
are aligned in the form of stringers in a longitudinal or axial 
direction. In a tension bar these stringers, as discontinuities, 
are parallel to the direction of stress but in a tube they are 
transverse to the direction of the principal stress. 

With the great number of variables involved in the testing of 
high-temperature alloys, it is therefore imperative to eliminate as 
many dissimilarities as possible between the test specimen and the 
actual service structure. Since a large percentage of the materials 
of construction in the power and the process industry is used in 
tubular form, it appears of definite advantage to test them in this 
same form. To this end, tubular specimens made from full-sized 
superheater tubing have been tested in controlled-temperature 
electric furnaces with the stresses in the tube wall maintained by 
internal steam pressure. This method of testing produces the 
same stress pattern and the same internal atmosphere in the tube 
as in actual superheater service. 

Future tests are contemplated in which the atmosphere sur- 
rounding the specimen will also be controlled. 


Hisrory 


Tubular stress-rupture testing is not new. Tests on full-sized 
superheater tubes were conducted by The Babcock & Wilcox 
Tube Company under the direction of H. D. Newell around 1931. 
The metals tested were carbon steel, 4-6 Cr plus tungsten, 18-8, 
and 18-8 Si. The results on these tests, however, were dis- 
couraging, in that the furnace used for bringing the specimens up 
to temperature was destroyed repeatedly by the explosive force of 
the rupture. Due to these and other experimental difficulties, 
tubular stress-rupture testing was discontinued at that period. 

Some blished tal data exist on room-tempera- 
ture creep-tests conducted on lead tubes in The Babcoek & Wilcox 
laboratory ‘at the Barberton Works about 1935. 

Experimental work was conducted on 4-in-OD carbon-moly and 
4-6 chrome-moly tubes (3) in 1938-1942, under the auspices of 
the Joint (ASTM-ASME) Committee on Effect’ of Temperature 
on the Properties of Metals, by Norton (3, 4,6). Theoretical 
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rels Gionships in a tubular member under plastic conditions were 
developed by Soderberg in 1941 (5) and 1942 (6). 

The stress levels in these specimens were designed to produce 
elongations of relatively small magnitude, and the instrumenta- 
tion was such that creep measurements could be taken to deter- 
mine axial and circumferential elongations. Although rupture 
was not contemplated, it did oceur on one of the hemispherical 
ends 

In connection with the design of high-temperature low-pressure 
superheaters, considerable work was done in the Babcock & Wil- 
cox laboratory on different alloy tubes at 1600 F in 1943 and 
1944. These tubes were placed in a common furnace and were 
pressurized by small electric boilers. The furnace was fired with 
natural gas under semiautomatic control. Neither gas nor 
specimen temperatures could be controlled very accurately. 

The data obtained were more of a practical and operating 
nature. With both internal steam and external flue-gas atmos- 
pheres present, valuable data on hydrogen formation, steam dis- 
sociation, and metal oxidation and corrosion were obtained 
Several stress-rupture failures occurred, but the value of these 
data as far as strength at elevated temperatures is concerned is 
rather insignificant. 

The metals included in these tests were steel (S49), Croloy 3M, 
Croloy 9, Croloy 12, 16-13-3, 18-8, 18-8 Cb, and 18-8 Si. Experi- 
ence gained during these tests concerning operational troubles 
in the testing of tubular specimens under internal pressure was of 
considerable value in the development of the experimental tech- 
nique described in this paper. 


DESCRIPTION OF APPARATUS 


Tubular stress-rupture or tubular creep tests up until a few 
vears ago have been too costly: first, because the tubular speci- 
mens used were too expensive; and second, because quite regu- 
larly the electric furnace used for heating the specimens was either 
damaged or destroyed when a specimen ruptured. In designing 
the present apparatus an attempt was made to eliminate the 
troubles encountered on former experiments. 

For the sake of safety in the present setup, as well as for better 
room-temperature control, a group of six furnaces were placed in a 
stee!l-plate enclosure. An exterior view of this enclosure is shown 
in Fig. 1. 
fur as pressurizing equipment and furnace temperature control 
are concerned 
nace, & temperature control, and a pressurizing system. The 
arrangement of the component parts is shown in Fig. 2. 


Based on previous experience, the requirements of a test unit | 


are as follows 


1 The specimen must be representative of actual tubes in 
service, 

2 The specimen must be maintained at the testing tempera- 
ture within close temperature limits. 

3. The explosion force released at rupture of the specimen 
should be reduced to a minimum. 

4 The furnace must have considerable strength to withstand 
the specimen explosive force. 

5 The pressurizing system must be capable of delivering a 
nearly constant pressure up to about 10,000 psi. 

6 The pressurizing system must allow for sufficient volume ex- 
pansion to take care of the increase in volume of the specimen 
during the test 

7 If testing superheater tubing materials, the internal atmos 
phere should be high-pressure steam. 

8 The external atmosphere should be representative of con- 
templated service conditions. 


rast 


The individual units, however, are independent in so_ 


Each unit consists of a specimen, an electric fur- ; 
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Fic 2) Diagrammatic ARRANGEMENT OF TUBULAR Stress-Rupture 


Unir 


All requirements from 1 to 7 have been satisfied to a large de- 
gree in the present apparatus. Item 8 will be included in future 
tests when the external environment is defined. 

A brief description of each component part will serve to give 
the characteristics of the test setup. 


Tue Specimen 


The construction details of the specimen are shown in Fig. 3. 
In order to minimize the explosive force during rupture, the in- 
ternal volume of the tubular specimen has been reduced as much 
as is practicable. This was done by inserting a close-fitting solid 
core taking up nearly all of the internal volume. The specimen is 
about 10 diam long and is closed on the ends by means of round 
plugs welded into the tube. One plug 1s provided with a small 
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tube connection to the pressurizing system. 
smal] dummy pipe on the bottom are the only metallic parts con- 
ducting heat through the furnace walls so that heat losses can be 
reduced to a minimum. Regular superheater tubing is used ‘‘as 
received” from stock without machining or any other refinement 
or preparation, 
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Tue Furnace 

The furnace construction is shown in Fig. 4. In so far as 
the electric-resistance heating coils are concerned, this furnace 
can be treated the same as any other creep or stress-rupture 
furnace. The sectional winding is tailored to provide an even 
temperature over the central portion (10 in.) of the specimen. A 
typical temperature gradient is shown in Fig. 5. 

The distinguishing feature is that this furnace is reinforced on 
the inside wall by means of a 4'/;-in-OD X 0.095-in-wall 18-8 Cb 
tube. Except on the short-time high-pressure tests, this lining 
has withstood the explosive force of the tube rupture very well 


The tube andthe 
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THERMOCOUPLE LOCATIONS 
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Fic. 5 Temperature Grapient at 850 F on Tusutan Sreess- 
Ruprure Specimen 
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Furnace 
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For the present low-temperature operation this liner runs the full 
length of the furnace, but for high-temperature operation it 
should be about 2 in. shorter on each end to reduce metallically 
conducted heat losses. 

The furnace casing is 12 in. in diam X 30 in. long, and is rein- 
forced top and bottom with heavy steel caps. The insulating filler 
is crushed K-23 insulating firebrick. 

The force of the explosion is prevented from going upward by 
the strongback shown above the specimen in Fig. 6. The lower 
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refractory plug is held in place vertically by a spring wire con- 

This 


plug is ejected when rupture occurs, and the force of the explosion 


nected to the centering pipe on the bottom of the specimen 


is thus expended downward 
Temperature and MEASUREMENT 


Temperature is controlled by means of a Leeds and Northrup 
indicating controller actuated by a thermocouple located at the 
center of the furnace. Specimen temperatures are measured by 
thermocouples peened in the specimen wall at 5-in. intervals 
hig. 6 shows « complete specimen assembly being lowered into the 
furnace on which the thermocouples are clearly visible. Speci- 
men temperatures are measured by a Brown multipoint electronic 
temperature indicator. Fig. 7 shows a view of the instrument 


board 
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Tue PReSsSURIZING SYSTEM 


Pressure is supplied to the top of the specimen through the 
stainless-steel connecting tube from a high-pressure water reser- 
voir, Fig. 8. This reservoir, which is made to safely withstand 
internal pressures up to 10,000 psi, is placed in a constant-tem- 
perature water jacket. The water in the jacket is kept at con- 
stant temperature by means of an immersion-type heater operated 
from a diaphragm-type pressure switch. By maintaining the 
pressure in the jacket constant at 2'/, psig, the temperature is 
held at 220 F. A mercury-filled U-tube, which is designed to blow 
out at 4 psig, is connected to the jacket as a safety feature. Ina 
constant-temperature room or laboratory the jacket is not neces- 
sary. 

The highly pressurized water in the reservoir has considerable 
compressibility so that it can serve as a steady high-pressure 
When the internal volume of the specimen increases due 
to plastic deformation, the pressure would drop proportionately. 
This drop in pressure allows the water in the pressure reservoir to 
expand slightly and deliver a minute quantity of water to the 
At the high testing temperature this water will im- 
The volume 


source 


specimen 
mediately flash to steam and become superheated. 
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SHORT- 


of the high-pressure reservoir (5 gal) is such that only a very small 
drop in water pressure results over long periods of time. Usually 
a weekly correction of system pressure is more than adequate to 
maintain virtually constant load on the specimens. Pressure 
corrections are made by means of a small hand-operated 30,000- 
psi pump. This operation is illustrated in Fig. 8. The two white 
cylinders in the foreground are jacketed pressure reservoirs, 

\ surge-check valve is placed in the line between the pressure 
Immediately after rupture occurs 
this valveécloses automatically and prevents the expanding 
volume of water from being discharged rapidly into the hot fur- 


reservoir and the specimen. 


nace. 
A microswitch is mounted in the housing of the gage in such 
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manner that the linkage of the gage trips off the furnace relay and 
the timer when the pressure drops below a fixed amount after 
rupture 

In addition to the six-unit battery, one test unit was designed 
for obtaining values. These tests are usually 
conducted at comparatively high pressures and the rupture occurs 
It was therefore deemed advisable to 
place this unit in a pit for safe operation. Fig. 9 shows that this 
Was a justifiable precaution. 


“short-time-tensile”’ 


in a more violent manner. 


Test Procepure 


Sections of regular superheater tubing are cut to the specimen 
length of 20 in. and measured for initial dimensions. Outside 
diameters are taken at 90-deg points at 2'/,-in. intervals along the 
specimen length 
near to the nominal diameter that this value can be used through- 
out in the stress calculations. Wall-thickness measurements are 
taken at 45-deg points at each end previous to welding the end 
plugs into the specimen. The wail thickness used for calculation 
purposes is defined as the average of the minimum values measured 
on each end of the tube. Measured differences are relatively small 

After the specimen is assembled, 22-gage chromel-alumel 
thermocouples are peened into the wall at 5-in. longitudinal inter- 
vals. The K-23 furnace closure plugs are then fastened to the 
pressure pipe at the top and the centering pipe at the bottom. 
The lower closure plug makes a snug fit with the liner as the speci- 
men is placed in the furnace from the top and thus effects a tight 
seal, In addition, the upper closure plug is sealed with high- 
temperature mortar, and after the strongback has been placed on 
top of the specimen, the space between the strongback and the top 
of the furnace is further insulated with insulating blocks. The 
complete sealing 
plugs, and strongback, is shown ready for insertion into the furnace 
in Fig. 6. 

The top outlet of the T-fitting located above the specimen 
serves as a vent at the highest point of the pressure system. After 
all the air is vented from the system through this connection, a 
room-temperature hydrostatic test of 1000 psi pressure ix applied 
to check for leakage. Absolute tightness of the system is impera- 
tive because with the combination of relatively small volume 
and long duration of test, even the minutest leak would cause an 
objectionable drop in operating pressure. When the system has 
been found pressuretight, the pressure is brought back to zero. 
The specimen and the pressure-supply reservoir are then brought 
up to their respective temperature levels. 

After operating temperature has been reached, the system is 
brought up to test pressure slowly by means of adding distilled 
water with the 30,000-psi hand pump as shown in Fig. 8. This 
pressure is maintained throughout the life of the specimen by 
making slight water additions in the same manner during the 
periodic checks. 

A series of tests on a particular tube size and material is 


In all cases, these measurements have been so 


assembly of specimens with thermocouples, 


TABLE 1 


Chemical analysis, 


Specimen 
type 

Steel A Tube 0 035 
Steel B Tube 
Steel Bar 
Standard 

aspecih- 

cations 


Notre: Deoxidation Practice 
Steel A 2.72 Ib. 50 per cent FeSi per ton 
Steel B 5.49 Ib, 50 per cent FeSi per ton 
Steel C 6.10 Ib, 50 per cent FeSi per ton 
* Metalhe aluminum 


SA-210 MATERIALS TES 


0 12 0.003 


started with short-time high-temperature tensile tests on dupli- 
cate specimens, This information is used to decide upon the 
stress and pressure levels for the first few specimens of relatively 
short-life These tests in turn will furnish information for 
the succeeding tests of increasingly longer life, Stress levels for 
the final test are aimed at a 10,000-hr life which is considered 
sufficiently long for further extrapolation. A progressive stepwise 
procedure of estimating the loading for the next-longer rupture 
time from the previous test is fair assurance against loading a 
specimen too low, which would extend its rupture life to an un- 
reasonably long period. 


tests. 


ACCURACY OF MEASUREMENTS AND CONTROLS 


The maximum temperature gradient over the central 10-in. 
length of the specimen was +10 F. Temperature variations on 
any one point within the test length were controlled within +3 F. 

Internal pressure on the specimens was maintained within +25 
psi. The frequency of pressure correction depends on many fac- 
tors, such as stress level, testing temperature, ratio between pres- 
sure-system volume and specimen dilation, and micro leakage and 
diffusion through the tube wall. However, on the average 
weekly pressure corrections were sufficient for maintaining system 
pressures at testing level. 

Dimensional measurements of diameter and wall thickness were 
obtained on a simple statistical basis with an ordinary micrometer 
and without establishing index points or datum references. No 
special machinery of any kind was used. 


Discussion or Resuuts 


In developing a method of testing materials, the first questions 
that have to be answered are the following: 


How does it compare with existing methods? 


1 

2 What significant differences exist? 

3 What effect do these differences have on present design 
values? 


On the present development these questions, of course, could 
best be answered by conducting tubular stress-rupture tests on a 
material on which considerable conventional data were available 
or on which conventional tests were currently being conducted. 
At the time the preliminary tests of the tubular stress-rupture ap- 
paratus entered the state of dependable operation, a program on 
stress-rupture testing of SA-210 steel was being started, and it 
therefore appeared timely to conduct a parallel tubular stress- 
rupture program on the same type of material for comparison. 

Two sources of steel were used for the tubular stress-rupture 
tests and one for the tensile bar test. The chemical analysis, heat- 
treatment, and oxidation practice are given in Table 1. 

The origina! physical properties at room temperature as well ae 
those required by AST canderd ations are given in 
Table 3. 


TED 


per cent 


N Al* 

0 030 
0 025 
6 02 


Heat-Treatment 


H_ F. no heat-treatment 
1650 F normalized 
‘> br, 1300 F, furnace-cooled 


Annealed at 
H. F. tubes 


0.003 


1300 F min 


b Al per ton 
bAlperton 


b Al per ton ait. 
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TABLE 2 SUMMARY OF RESULTS 


Specimen Min. Wall| Internal | Stress, Rupture 
Type inches Press... psi Time 
Note (a) Note (b) psi Note (c) Hours 


156 9600 51, 900 short time 
168 6800 33, 700 36.1 
167 §800 28, 900 112.4 
161 4800 25, 000 744.2 
168 4000 19, 800 2969.8 
167 3600 18, 000 5682.0 
159 3100 16, 400 10591.0 


Steel A Tube 


| 


159 8000 42, 300 short time 
157 5000 26, 800 8.0 
163 4410 22,600 28. 
161 3700 19, 300 $8. 
166 3150 15, 800 327. 
170 2750 13, 400 711. 
161 2100 10, $00 2404. 
161 1700 8, 900 6661. 


Steel A 


& w & w& 


152 5400 30,100 13.2 
152 4400 24,500 64.8 
149 3700 21,1¢0 399.4 
156 2650 15,400 2851.2 


Steel B 


coooo 


156 5000 27,100 1.4 
157 2500 13,400 197.8 
157 2000 10, 800 483.6 
154 1650 9,100 1287.2 
.154 1500 8,200 2951.3 


Steel B 


27,000 144.8 
25, 000 203.8 
23,000 445.8 
21,600 793.8 
18,000 2566.5 
16, 500 8930.7 
15,000 still running 
13, 500 still running 


Steel C 20,000 20.4 
18, 000 87.3 
16, 800 235.6 
12, 800 983.1 
10, 500 2384.0 
8, 500 8261.0 

7, 500 still running 


Nove 
« Tubes were 2 in. OD) & 0.150 in, min wall. Bars were 0.505-in-diam standard specimens. 
* Min wall = average of the minimum wall thicknesses measured at both ends of specimen. 
© Tube stresses were calculated using formula 
Pressure X 1D 
2 X min wall thickness 
Llongation is circumferential for tubular specimens and axial for bar specimens. 


Stress = 


100,000 
50,000 


STRESS,PS! 


Steel B (Tubes) - 1650 F Normalized 


© — Steel C (Bars)-1/2-Hr [300 F/Furnace Cool 


i 


i. 
10 100 10,000 
RUPTURE TIME, HOURS 


10) Srress-Ruprure Curves ror SA-210 Tuses anp Bars 


— 
Tube 850 4.9 
5.4 
Steel C ‘Bar 850 8.0 | 57.5 
1.2 | 52.2 
- 
| 7.2 | 35.4 va 
2.0 | 26.8 
| 
Steel A (Tubes)- Hot Finish Only 
| 
= “ay a @ 
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TABLE 3 


Yield 
poipt 


Hardness 


Elongation 
Rockwell B 


% in 2 in. 


Ultimate 


Steel C* bar 

3-inch OD ube 
l-inch OD tube 
ASTM SP A-210-46 


* Physical properties on steel C were determined on 0.505-in. standard 
test bars and on longitudinal sections of a 1-in and a 3-in-diam tube. There 
appears tobe a noticeable increase in room-temperature properties with an in- 
crease in the ‘working’ of the material. 


The stress-rupture data for tubular as well as bar specimens are 
given in Table 2 and are plotted in Fig. 10. Although steels A and 
B have substantially the same chemical analysis, a consistent dif- 
ference in stress-rupture life was obtained on them. The metal- 
lurgical characteristics that may be involved in this difference will 
be discussed separately. 

The plotted data show good consistency for each heat by itself 
with very little scatter from the straight-line logarithmic plot. 
Steel SA-210, similar to many other steels and alloys, shows a 
distinet difference between various heats within the specifica- 
tion range, again indicating the advisability of reporting stress- 
rupture values as a band rather than asinglecurve. Although the 
two curves shown are not necessarily the extreme boundaries of 
the band for SA-210 steel, the points obtained on the bar speci- 
mens fall within the band indicated by steels Aand B. Within the 
limits of the presented data the tubular stress-rupture tests do not 
show any striking difference from the uniaxial tests. A great 
deal more work, however, has to be done before any definite 
conclusions can be drawn on these relationships. Tests on 
other steels and particularly austenitic alloys are contemplated. 


METALLURGICAL CONSIDERATIONS 


Metallurgical investigation of the test ruptures brought out 
that all these failures had been initiated by longitudinal oxide 
notches in the outside surface. Shallow transcrystalline oxide 
notches were present in the outside surface of both steels A and B 
prior to the test, as a result of their fabrication history. On the 
high stress loading, leading to short-time rupture (one hour), 
failure is entirely transerystalline at 850 F as well as at 950 F and 
is accompanied by severe plastic crystal deformation in the 
vicinity of the rupture. 

With increasing test duration, intererystalline oxide notches 
are formed in the externa] surface. Under loads producing failure 
in about 700 hr, ruptures are already partly intercrystalline; and 
with a stress-rupture life of over 1000 hr, fracture is entirely 
intererystalline. Plastic crystal deformation in the immediate 
vicinity of the rupture was evident in almost all cases but in de- 
creasing degree with increasing rupture life. 

At the internal surface, oxide notch formation is considerably 
less pronounced than at the outside surface. With increasing test 
duration, the oxide formed on the internal tube surface gradually 
advances in rootlike penetrations along the grain boundaries. 
Occasionally a somewhat deeper V-shaped penetration was ob- 
served; but, in general, the depth of oxide penetration was 
shallow and did not extend beyond the first layer of crystals. 
Carbide spheroidization in situ was almost complete after a rup- 
ture time of about 750 hr at 850 F and less than one-half hour at 
950 F. Near the surface and in the plastically deformed metal 
adjacent to the rupture the carbide also showed considerable 
After 700 hr at the two testing temperatures car- 
hide agglomeration increased progressively with increasing test 
duration. 

Steel A displayed a somewhat larger grain size in its initial eon- 
dition than steel B. This larger grain size is believed to be at least 
partly responsible for the slightly higher stress-rupture strength 


~alescence. 
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displayed by steel A. It is interesting to note that steel A, dis- 
playing the higher stress-rupture strength was appreciably lower 
in carbon and had a higher metallic aluminum content. Steel B 
showed a slightly higher degree of banding than steel A which 
may have had some adverse effect upon the stress-rupture strength 
of this material. 

Stee! B formed graphite nodules at 950 F after some 1300 testing 
hours while steel A was free of graphite after 2400 testing hours at 
the same temperature and under a higher stress. The metallic- 
aluminum content is the dominant factor for increasing the tend- 
ency toward graphitization and since it is higher in steel A than 
in steel B, the observed results are in conflict with this criterion. 
Although steel B has a higher carbon content than steel A, this 
fact alone would not be a satisfactory explanation. The chemical 
analysis therefore offers no explanation for this difference in sus- 
ceptibility to graphitization. It is beyond the scope of this paper 
to determine the metallurgical reasons for the difference in re- 
sults obtained on the two steels. However, it might be well to 
mention here the possibility that submicroscopic nonhomo- 
geneity is responsible for the observed difference in the graphi- 
tization behavior and at least to some extent for the lower 
stress-rupture strength of steel B 


Move or Faicure 


The magnitude and mode of failure changes considerably with 
increasing rupture time as indicated in Fig. 11 by the series of test 
failures at 950 F. It is evident that violent or explosive rupture 


TIME, HRS 


SHORT TIME 


PRESSURE,PS! STRESS,PSI 


Move ov Wrrn Varyino StaessReerone Lire 
tx SA-210 at 950 F 


a" 79400 60800 70-7 
71800 51000 71-8 
. 
4 
( 
¢ 
8,000 «300 
3,700 19,300 98.8 
— 
3,150 15,800 327.7 
2,750 13400 
1,700 89 6661.3 
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becomes less likely for the longer-life specimens. This is to be 
expected because these specimens are under lower pressure and 
stress, and the rupture defects develop in a more gradual manner. 

In order to determine whether or not the mode of failure pro- 
duced du-ing the stress-rupture test is representative of failure 
suffered by tubes in actual high-temperature service, a com- 
parison was made with several service failures which have been in- 
vestigated in the past. One such comparison is shown in Fig.12. 
The service failure is shown on the left in photographs a and 6 and 
the stress-rupture failures on the right in photographs ¢ and d. 

The service failure is a superheater tube operated at a metal 
temperature of 985 F and generally shows the results of 17,500 hr 
of exposure to flue gas and its constituents. The service tube has 
a rougher-appearing surface due to the greater degree of general 
scaling as a result of so much longer exposure and somewhat 
higher temperature. 

As a further result of longer exposure to a higher temperature, 
the service tube displayed complete carbide spheroidization and 
carbide coalescence whereas the carbide in the stress-rupture tube 
was only spheroidized in situ and did not display diffusion and 
agglomeration. 

The mode of failure, however, is very much alike for the two 
ruptures. It is initiated as a number of parallel longitudinal oxida- 


tion notches on the outside surface of the tube. The bottoms of 


(b) 


Pia, 12) Comparison oF 


these notches progress inwardly by way of intercrystalhine oxi- 
dation. When they advance beyond mere surface defects and 
measurably begin to reduce the effective tube-wall thickness, the 
bottoms of the notches begin to suffer the effects of stress con- 
centration in a gradually increasing degree. This in turn ac- 
celerates the oxidation progress and so on until ultimate failure 
occurs. 

Comparison of the various tubular stress-rupture failures to a 
considerable number of service failures, investigated during the 
past several years, furnishes definite evidence that the ruptures 
produced in the test deseribed én this paper are similar to actual 
service failures and conversely that most service failures are stress- 
rupture failures 


CONCLUSIONS 


1 An experimental technique for testing materials in tubular 
form has been developed. 

2 The data obtained on tubular stress rupture with this ap- 
paratus are consistent with existing data. Test points plotted on 
logarithmic co-ordinates satisfy the straight-line function with 
very little scatter. These results are obtained by means of gen- 
erally available control methods. 

3 The mode of failure obtained with the tubular stress-rup- 
ture method of testing is similar to failures on tubes in actual high- 


(d) 


Straess-Reerure Wirn « Tose Waicn Faiteo tn Hicu-Temperature 


Servicr 


a, External appearance of rupture, «1! 
thermocouple!. Failure occurred after 17.500 hr. 
d, microstructure and external tube surface, x 50, 


«; 6. microstructure and external tube surface 
Analysis of steel, C 0.29, Mn 0.41 
Tubular stress-rupture failure 


x0. Service failure —tube temperature 985 F [measured with 
Si_ 0.18, metallic Al 0.035; c¢, external appearance of rupture, X 1; 
950 PF. stress 14,830 psi, 711.9 br to rupture, 9.4 per cent elongation.) 
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temperature service. The method is therefore closely representa- 
tive of actual practice. 

4 Stress-rupture results obtained on standard 0.505-in-diam 
tensile coupons of a representative SA-210 material fall within the 
boundaries of the tubular data band. This fact supports the 
tentative conclusion that tubular stress-rupture results for SA- 
210 material do not indicate any serious fundamental discrepan- 
cies in the use of existing uniaxial results. 

5 Tubular stress-rupture test data obtained on two heats of 
SA-210 steel exhibit a consistent difference in high-temperature 
strength of about 20 per cent. This is not unusual, since a 
spread of high-temperature values within specification limits has 
been found on many steels and alloys. These results only re rate 
the validity of representing such values with a band rather san a 
single line plot. 

6 The demand for accuracy of measurements is quite modest 
and does not require more than ordinary tools available in any 
laboratory. 


ReMARKS 


Tubular stress-rupture testing is in its infancy and the data 
presented here are a good indication of its possibilities. The ap- 
paratus described can be simplified considerably. Tests on sub- 
size specimens have been started in an attempt to reduce space 
and electric power requirements. Expectations are that a more 
advanced development of the apparatus will take up less floor 
space and will require less load on a laboratory air-conditioning 
system than conventional machines. This in turn will make 
possible a greater number of units and an increase in data-produc- 
ing capacity which is urgently needed by the industry. The 
method and the apparatus in its present trend of development is of 
a practical economic nature and rather avoids academic exacti- 
tude. 

In the course of developing the method various materials were 
spot-tested. Much more work, particularly on austenitic alloys, 
is required. Data on elongation at rupture proved to be very 
useful as a criterion in the investigation that led to the adoption 
of the new ASME formula for calculating allowable tube wall 
thicknesses. 

Another method of testing high-temperature tubular materials 
almost entirely simulating high-temperature superheater condi- 
tions has been under development for some time by the authors’ 
company. In this apparatus steam is flowing inside the tube 
specimen and heat is flowing through the tube wall establishing 
an actual and representative temperature gradient through the 
wall. The rate of elongation for these tests is contemplated to 
fall in the creep range. Some data on ‘“‘tubular-creep” may be 
available in another year. 
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Discussion 


S. B. Biack.* This paper is timely and furnishes a partial 
answer to the ever-recurring question regarding the applicability 
of unidirectional high-temperature rupture tests to actual design 
problems involving multidirectional stresses. 

In the present instance, the effect of a longitudinal stress equal 
to one half of the tangential hoop stress does not appear to affect 
rupture strength as indicated by comparison with rupture ten- 
sion-test bars 

Within the limited range of these tests, it appears that the 
practice of designing for elevated-temperature service upon the 
basis of maximum stress is vindicated. More tests of this type 
are needed to prove conclusively the validity of this assumption. 

The excellent quality of the tests can be demonstrated by plot- 
ting the log of rupture stress against the parameter 
7(20 + log t) 10~*, Fig. 13, where 7’ = absolute temperature 
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(F deg), and 7 = hr to rupture. The use of this parameter 
enables tests for different temperatures to be compared by caus- 
ing test points of any one material to fall on a single master 
curve. 


C. L. Ciark.* A need has long existed for rupture test data 
on tubular specimens for comparison with similar results from 
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bar specimens tested in tension, and it is gratifying to find that 
the authors are investigating this problem so thoroughly with 
their very extended-time tests 

In 1925 the writer undertook similar type tests on Grade A 
and B pipe of ASTM Specification A106 and Enduro metal (18 
per cent Cr steel). The findings were presented before this 
Society’ as well as before the American Society for Metals.* 
The refinements of our testing procedures or the duration of the 
tests were not comparable to those of the authors but the results 
were in agreement with respect to the effect of time on the type 
fracture and the fact that a plotting of stress and fracture time 
resulted in straight-line relationships. 

We are not in complete agreement with the authors’ statement 
that subsize specimens taken from the tube wall are too small to 
yield representative results. This may be true for the thinner- 
wall superheater tubes but we have conducted a great number of 
rupture tests on specimens taken from walls of 0.300 to 0.400 in 
thickness and have found the results to be comparable to those 
from the 0.505-in-diam specimens, 

Likewise with respect to the authors’ statement that tubes 
may show entirely different properties in the transverse, as com- 
pared to the longitudinal direction, we have conducted many 
rupture tests, particularly on tubes after service, in which the 
specimens were taken in both directions. The steels involved 
include carbon, 0.50 Mo, 5 Cr Mo, and 18-8 stainless. In every 
case not only was close agreement obtained in the times required 
for fracture under the same stresses, but also in the total ductil- 
ity tofracture. As a specific example, 5 longitudinal and 5 trans- 
verse specimens were taken completely around the circumference 
of an 18-8 tube that had been in 1200 F service for 60,000 hr 
All were subjected to a stress of 20,000 psi at 1200 F, The frac- 
ture times for the longitudinal specimens ranged from 155 to 
210 hr, and those for the transverse, from 140 to 190 hr. The 

' “Properties of Ferrous Metals at Elevated Temperatures as 
Determined by Short-Time Tensile and Expansion Tests."’ by C. L. 
Clark, Trans. ASME, vol. 50, 1928, pp. 263-280. 

* The Stability of Metals at Elevated Temperatures.” by C. L. 
Clark and A E White, Trans ASM, vol, 15, 1929, pp. 670-714. 
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corresponding ranges in total elongation to fracture were 38 to 
50, and 34 to 41 per cent, respectively. 

It is hoped that the authors will continue this work and cover 
a sufficiently wide range of analyses so that definite relationships 
can be established between the results from the two types of tests. 
If this is done it is further hoped that the additional results will 
show the same relationship as the present ones as it is obviously 
easier to conduct rupture tests on bar specimens than on tubes. 


AutHors’ CLOSURE 


The authors would like to thank the discussers for their in- 
terest in the paper and for the various points that were brought 
out. These discussions have emphasized the authors’ conten- 
tion that a comprehensive test program is needed to verify the 
use of uniaxial stress-rupture data in design problems with multi- 
axial stresses, 

Mr. Black’s correlation of the tubular stress-rupture test data 
against the parameter 7 (20 + log t) 10~* is not unexpected 
since several checks which have been conducted in the authors’ 
laboratory on ferritic materials against this parameter also 
checked very closely. Since the tubular stress-rupture experi- 
ments were conducted on ferritic tubes the good correlation 
demonstrated is within expectations. 

The authors regret the omission of Mr. Clark's early work on 
tubular specimens which was reported in his evaluation of high- 
temperature metal stability in 1928 and 1929.7* These two ref- 
erences are a valuable addition to our bibliography. The 
suthors agree with Mr. Clark on his statement that representa- 
tive data can be obtained on relatively heavy wall tubes by 
means of uniaxial specimens, particularly in a longitudinal di- 
There are elso several cases on record where good 
data have been obtained on such tubes in a circumferential 
direction. The materials investigated so far have been largely 
of the ferritie type. The newer materials, particularly those of 
the stabilized austenitic variety, have exhibited directional effects 
which may noticeably affect the testing results and should be fur- 
ther investigated 
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Rupture and Creep Characteristics of 


itanium-Stabilized Stainless 


Stee at 1100 to 1300 F 


J. W. FREEMAN,!' G. I 
Rupture and creep strengths were established at 1100, 
1200, and 1300 F for 18-8 + Ti steel heat-treated at 1900 and 
2050 F. Several Ti/C ratios were included as a variable. 
Creep and rupture strengths were higher for the higher- 
temperature heat-treatment. The lower Ti/C ratio steel 
had the higher strengths for a given heat-treatment, 
although this effect was somewhat less than that of tem- 
perature of heat-treatment. Limited tests indicated 
that water-quenching prior to testing slightly improves 
strength at 1100 F and reduces it at 1300 F. The steels 
varied in susceptibility to sigma-phase development during 
testing. The lower Ti/C ratio steels were less susceptible 
than the higher. In the commercial steels tested, those 
steels which developed sigma phase had abnormal creep 
characteristics, with first-stage creep virtually absent and 
increasing creep rates at short-time periods and low creep 
rates. This indication of premature third-degree 
creep was false in that prolonged testing established a 
true secondary creep rate as predicted by the rupture 
tests. Use of the minimum creep rates of short duration 
for establishing the usual creep strengths led to values es- 
timated to be 1000 to 3000 psi high. The creep and rup- 
ture strengths of 18-8 + Ti and 18-8 + Cb steels probably 
have about the same range in strengths at high tempera- 
tures. Under present specifications it is entirely possible 
to have very low or very high strengths for both steels. 


PP NHE good strength and general corrosion resistance of the 

| “18-8” types of austenitic steels at high temperatures is 
well known. 
these 


Unless stabilized with titanium or colum- 
steels may, r, be made sensitive to inter- 
granular corrosion by exposure to temperatures in the range 
from 800 to 1500 F. Because equipment made of 18-8 steel is 
often heated to the sensitization temperature range both during 
fabrication and during service, it is often considered desirable to 
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Grain size 


COMSTOCK,? ano A, E. WHITE? 


stabilize these steels. This is generally accomplished by adding 
titanium or columbium in amounts sufficient to combine chemi- 
cally with the carbon present in the steel, 

Relatively little has been published on the rupture and creep 
characteristics of titanium-stabilized 18 Cr-8 Ni steel. This 
paper contributes data of this type, together with information 
on metallurgical properties of such steels at elevated temperatures, 


Review or THe LIreRaTuRe 

Prior to 1949 the only published data for stress-rupture tests 
for 18-8 + Ti steel were presented in 1933 (1). These showed 
that titanium-bearing 18-8 steel required over 47 hr for failure 
under 8000 psi at 1500 F, whereas plain 18-8 steel failed in 12-15 
hr. In 1949 stress-rupture curves for a single heat of 18-8 + Ti 
steel were published (2) which showed that the stresses for rup- 
ture in 1000 hr at 1100 and 1300 F were slightly higher than for 
plain 18-8 steel, and considerably below those of columbium- 
bearing steel. At 1500 F all three were about the same. 

Creep data were published in 1944 (3), indicating the fol- 
lowing ranges in stress for a creep rate of 0.0001 per cent per hr at 
1100 F: 

18-8 + Ti... 


18-8 + Cb. 


10,000 to 15,000 psi 
13,000 to 15,000 psi 
15,000 to 25,000 pa —_ 


These data were accepted generally as evidence that 18-8 + 
Cb steel had superior strength, and that the titanium-bearing 
grade was no stronger than plain 18-8 steel. 

An earlier publication (4) had suggested that 18-8 + Ti steel 
was stronger than 18-8 steel, Stresses for a creep rate of 0.001 
per cent per hr at 1200 F for 18-8 + Ti were given as nearly twice 
those for the plain stainless steel. However, this creep rate was 
much higher than is usually employed in this country for evaluat- 
ing steels. 

Differences in creep resistance that may be expected between 
individual heats was pointed out by the 1949 paper (2). That 


ALLOYS 
-—Stress for creep of 0.0001 fos hr- 
00 F iF F 


same paper also indicated that the relative strengths of the 
various alloys would be dependent upon the temperature, be- 
cause one of the heats of 18-8 + Ti steel had superior creep 
resistance at the highest test temperature, as is shown in 
Table 1 

The authors concluded that their data were inadequate to 
determine whether the Ti/C ratio was a controlling factor or if 
other unknown variables were responsible for the differences be- 
tween the two heats of 18-8 + Ti steel and between the 18-8 + Ti 


and the other steels. 


‘ Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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TRANSACTIONS 


In 1951 another publication (5) presented rupture and creep 
data for 18-8 + Ti steel which indicated that 18-8 + Ti and 
18-8 + Cb were interchangeable at any given grain size » for a al 
temperature applications. 

PROCEDURE AND MATERIALS 

The investigation was planned to determine the talduente on 
properties at high temperatures of heat-treatment and of varia- 
tion in the ratio of titanium to carbon within the usual ranges for 
AISI type 321 steel. Bar stock from 
compositions listed in Table 2 


commercial heats with the 
and heat-treated as described in 
Table 3 were tested for rupture and creep properties at 1100, 1200, 
and 1300 F. The main investigation was based on specimens air- 
cooled after solution treatment. Only a very few tests were made 
on water-quenched specimens, to investigate the possibility that 
cooling rate might be a factor in the observed creep properties 
A minor study of the effect of aluminum was carried out on split 
beats from a laboratory induction furnace. Subsequent to 
testing, many of the specimens were examined microscopically 
to determine structural changes and were tested for changes in 
room-temperature mechanical properties 


TABLE 2 CHEMICAL 
Ti/C ratio } 
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At 1200 F, the difference was less than that due to 
variation in temperature of heat-treating. 

The rupture strengths reported in Table 4 for 10,000 and 100,- 
000 hr are based on the usual extrapolations. In all but one 
case the test of longest duration for each material was over 1000 
br. In several cases the longest tests exceeded 2000 hr, and in 
one instance was 6084 hr. 

The elongations of the fractured specimens were generally 
high. At 1200 F the specimens which had the larger grains tended 
to have lower elongation. No explanation could be found for the 
erratic rupture times from steel E at 1100 F. Grain-size varia- 
tion was not the cause. The stress-rupture time curve for steel 
E. at 1100 F was drawn consistent with the curves for the other 
steels. The stress-rupture - time curves for steel C (air-cooled 
from 2050 F) are more representative of material with a 2-5 grain 
size rather than a 6-7 grain size 


however, 


Creep PROPERTIES 


The stresses for creep rates of 0.0001 and 0.00001 per cent per hr 
resulting from creep tests of 1000 to 1600 hr duration are sum- 
marized in Table 5. The values reported, however, are subject 


INVESTIGATED 


0.019 
0 015 


* Analyses made by the Titanium Alloy Manufacturing Division, National Lead Company; the remainder reported from the heat analysis by the steel 


manufacturer. 


TABLE 3 


Source of material 
round bars from commercial heat 
round bars from commercial heat 
round bars from commercial heat 
round bars from commercial heat 
round bars from commercial heat 
round bars from commercial heat 
round bars from commercial heat 
round bars from commercial heat 
Hot-rolled 1-in. round bars from commercial heat 
Hot-rolled 1-in. round bars from commercial heat 
»in. round bars forged from induction heat 
‘/ein. round bars forged from induction heat 
‘/ein, round bars forged from induction heat 
‘/ein. round bars forged from induction heat 


Ti/C ratio 

Hot-rolled 1l-in 
Hot-rolled 1-in 
Hot-rolled 1l-in 
Hot-rolled 
Hot-rolled 
Hot-rolled 
Hot-rolled 1-in. 
Hot-rolled l-in 


The grain sizes resulting from the heat-treatments are listed in 
Table 3. The grain sizes after a 1900 F solution treatment 
ranged from 4 to 8 in the various steels. Only one exception was 
observed to a uniform grain size in each material —the specimen 
of steel by rupture-tested at 1200 F under 21,000 psi had a 3-4 
grain size whereas all other specimens were 4 or 5 to 7. After the 
steels were heat-treated at 2050 F, 
grain size developed. 


considerably more variation in 
Apparently this was related to variations 
along the length of the original bar stock. 
used for creep tests were all uniformly 
rupture specimens, 


The steel C specimens 
6-7 in grain size. The 
varied from predominantly 2 to 
Steel D had a mixed 1 and 6-7 
resulting from a variation in grain growth along the 
length and across the section of the original bar. | ae 


however, 
predominantly 5 grain size 
grain size 


Srress-Ruprure 
On the basis of the data obtained from stress-rupture tests 
(see Figs. 1 through 3 and Table 4), increasing the temperature 
of heat-treatment from 1900 to 2050 F substantially increased the 
rupture strength of the two steels tested. The steel with a Ti/C 
ratio of 5.3 was slightly stronger than that having a ratio 9.4 


SUMMARY OF 


1900 


TEST MATERIALS 
Testing 
deg 


; Rupture 
1100, 1200 


1200, 1300 


Heat-treatments 
, air-cooled 
, water-quenched 
, air-coo 
water-quenched 
, air-cooled 
, air-cooled 
, water-quenched 


ASTM grain size 


ove 
- 
& 


. air-cooled 


to limitations due to abnormal creep behavior in part of the 
tests. The abnormality consisted of a false second-stage creep 
rate of short duration followed by the apparent onset of third- 
stage creep at abnormally short-time periods and low creep rates. 

The usual stress-crtep rate curves are shown in Figs. 4 and 5, 
respectively, for steel C (Ti/C = 5.3) and steel D (Ti/C = 9.5). 
It is indicated on these figures that abnormal creep was encoun- 
tered in the following cases: 


Test temperature, 
deg F 
13% ) 

1100, 1200 
1300 


Steel Heat-treatment 
Cc Air-cooled 2050 F 
D Air-cooled 1900 F 
D Air-cooled 2050 F 


Similar abnormal creep behavior was exhibited by the other 
high Ti/C ratio steels E and F for which data are shown in Fig. 6 
The apparent early onset of third-stage creep suggested that 
fracture ought to take place relatively soon in those materials. 
This was not, however, borne out by the rupture strengths. It 
appeared that prolonging the testing time should show a second 
decrease in creep rate to a true secondary creep rate. To verify 
this a test prolonged to 7600 hr was made on steel E (air-cooled 


~ 
Steel Ti 
0). 38° 
17.4 10.40 - 
|| 18.54 12.80 0. 
1225-1 18 27 11.98 0.67 <0.01 
122% 2 18.27 11.98 0.59 0.32 
Steel 
= 
1100, 1200 = 
1100 
1200, 1300 
c 1200 300 
1100, 1200 
1200 
Db 2050 | 1300 
00 | 1100, 1200 1100 
R 2050 | 1200, 1300 
100 | 1160 
1225 100 I 1200 
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TABLE 4 RUPTURE STRENGTH OF 18-8 + T: STEELS AT 1100, 1200, AND 1300 F 
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Tes 
Grain size temperature, deg F 


100 br 1000 10, 


000 br 


Solution-treated 1 hr at 1900 F and does 


TABLE 5 


Ti/C ratio Grain size 


Cw 


1 and 6-7 
6~ 
1 and 6-7 


Nores 
longed test in which true secondary creep was attai 


STEEL "C” AC. 
| Tic 


100 
RUPTURE TIME , HOURS 


16% 


STEEL AC. I900°F 
cis 


100 
@GRAIN SIZE 3-4 RUPTURE TIME , HOURS 


- 
ac 
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400 
RUPTURE TIME , HOURS 


STEEL AC 2080°F 


20 100 
RUPTURE TIME , HOURS 


Fic. 1 Srress-Ruprure Tiwe Curves ror 18-8 + Ti Steers 
(Numbers on curves indicate elongation of fractured specimen.) 


from 1900 F) at 1200 F under a stress of 11,000 psi. This test, 
Fig. 7, showed that true secondary creep was attained after 
2000 hr and persisted to 4500 hr. The start of third-stage creep 
at 4500 hr was consistent with the true second-stage rate of 
0.18 per cent per 1000 hr. 

The abnormal creep characteristics apparently were caused by 
structural instability as discussed in a subsequent section. The 
reliance which can be placed on the creep strengths of Table 5 
should, however, be considered at this time. The possibility of 


CREEP STRENGTH OF 18-8 + Tr STEELS AT 1100, 


temperature, deg F 


@ Values questionable because of levegular creep and no tests longer than 1600 hr. 


1200, AND 1300 F 


—— Stress, psi, for second-stage creep rate of-——~_ 

0 00001 per cent per hr 0 OOOL per cent per br 
16, 500 
(20 ,500)* 


(23 ,000)*.> 


Testing 


1300 


+ Insufficient tests for accurate value. © Based on a pro- 


33 
RATIO 
(OO MOUR RUPTURE LIFE 
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1,000 Le 


1100, 1200, anv 1300 F or 18-8 + Ti tn 


ConpDITION 


SOLUTION TEMPERATURE , °F 


Fic. 3 Errect or Sotution Temperature on Staess-Ruprure 
Srrenotus aT 1200 F or 18-8 + Ti Steers 


establishing true secondary creep rates by prolonged testing did 
not seem feasible without excessive testing times. The rupture 
test on steel E (air-cooled from 1900 F) under 17,000 psi at 
1200 F attained true secondary creep in 500 hr. The prolonged 
creep test at 11,000 psi required 2000 hr even though the rate was 
above 0.0001 per cent per hr. Assuming this to be sufficient 
evidence of stress dependency of the time required to reach true 
secondary creep rates, tests would have to be of many thousands 
of hours in duration to’establish true secondary creep rates in the 
range from 0.00001 to 0.0001 per cent per hr. 

An estimate of the degree of error in the creep strengths of 


Ti 100,000 br 
~~ c «8.3 7-8 27,000 22,000 
9.4 4 or 5-7 22" 500 16000 
9.4 4 or 5-7 12,000 7,400 
Solution-treated 1 hr at 2050 F and air-cooled 
5.3 2-5 800 32,500 24,000 18,000 13,000 
E 4 or 5-7 1200 31/500 21,500 14.500 10/000 
5.3 2-5 1300 21000 14,500 200 5.500 “4 
5.3 12' 500 4 600 
A 
ree 2050 A.C. 8,600 12,500 
50,000; 
2900} 
50,000 | 7 > 
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Table 5 can be made. The prolonged creep test on steel E at 
1200 F indicated that the 0.0001 per cent per hr strength of 
Table 5 was high by about 1000 psi (see Fig. 6). For the other 
materials tested, advantage can be taken of the ratios of creep 
strengths to rupture strengths. For ductile materials, the ratio 
of the 0.0001 per cent per hr creep strengths to 10,000-hr rupture 
strengths are usually of the order of 0.7 to 0.8; for the 0.00001 
per cent per hr creep strength to 100,000-hr rupture strength, 
the ratios are usually 0.4 to 0.6. The actual ratios set forth in 
Table 6 indicate that only steel C tested at 1100 F gave creep 
strengths reliable for extrapolation. The steel C samples, heat- 
treated at 2050 F and tested at 1200 F, gave creep strengths 
only slightly on the high side. In all other cases the creep 
strengths were probably high by 1000 to 3000 psi. 

Effect of Aluminum Content on Creep. Two induction-furnace 
heats were split to make two ingots from each heat, one with 
and one without aluminum addition. Titanium was added to 
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TABLE 6 RATIO OF CREEP TO RUPTURE STRENGTHS 


Extrapolated 
— Rupture strengths — 
10,000 br, 100,000 br 


— Creep strengths -— — Ratio creep to ru 
0.0001 per cent 0 00001 per cent 0 0001 per cent 
per hr, psi per br, pai per br, 10,000 br 
37. 22, 0.4 
2,000)" 07 
2,000)" 0 
000 
5, 700)* 
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Notes: * Based on false sec Fi creep rates. 
steel D to rupture strength of steel E 


the heat as metallic Ti, one ingot was poured and then aluminum 
was added and the other ingot poured. The stresses for a creep 
rate of 0.0001 per cent per hr at 1200 F, approximated from a 
limited number of tests on specimens air-cooled from 1900 F, 
are giver in Table 7 


TABLE7 STRESSES FOR 4 OF 0.0001 PER CENT PER 
1200 
Approximate stress for 
0.0001 per cent, hr creep 
rate, ps 
13000 
14000 
13500 
12000 


Heat Al added, 
number per cent 


Ti ¢ Grain 


1225 


The effect of aluminum was slight and reversed in each heat. 
In each heat the ingot with the iower Ti/C ratio had the higher 
creep resistance. Ti/C ratio, however, was not the only factor. 
Heat 1305 ingots tended to be slightly weaker than those from 
heat 1225 even though the former had the lower ratio. Likewise, 
the induction heats had higher creep strengths than the lower 
Ti/C ratio commercial heats previously discussed, 

There was no evidence of premature third-stage creep. The 
amount of first-stage creep was normal for heat 1225 specimens 
while it was quite small for heat 1305. 

Effect on Creep of Air-Cooling Versus Water-Quenching. A 
limited number of creep tests were made on specimens water- 
quenched after solution-treating. The results summarized 
Table 8 indicate that water-quenching 


Increased creep resistance at 1100 F. 

2 Reduced creep resistance and induced false third-stage creep 
in shorter time periods at 1300 F. 

While it is recognized that these data are too few for definite 
conclusions, they do indicate that cooling rate is a factor in the 
measured creep resistance. The good check for duplicate tests 
on steel C at 1100 F lends substantiation to the indication that 
the observed differences between air-cooled and water-quenched 
specimens are outside the normal scatter of data. 


SrRucTuRAL Cuances Durtne TestinG 


Those specimens which had normal creep curves developed the 


TABLES 


+ Based on true second-stage creep rate from one prolonged test. 


(3,300) 


di, 


* Ratio of creep strength of 


usual precipitates during testing, mainly at the grain boundaries 
Sma!! separate grains of a new easily etched phase formed in the 
grain boundaries of those materials which underwent an increase 
in creep rate at abnormally low creep rates and short time peri- 
ods. The development of this phase was accelerated by stress 
so that it was present to a larger extent in the rupture than in the 
creep specimens. For instance, while it was absent in the creep 
specimens of steel C tested at 1200 F, it was present in the rup- 
ture specimens. These general characteristics are shown in 
Figs. 8 and 9 for steels C and E, respectively. 

The new phase was similar to the unknown phase originally 
reported for 18-8 + Cb and 25-20 steels (6) and subsequently 
identified as sigma phase (7). Subsequently the presence of this 
form of sigma phase has been reported for these two types of 
steel by several investigators and for 18-8 + Ti (2, 5). There- 
fore it is assumed that the new phase in the steels showing abnor- 
mal creep characteristics was sigma phase. 

The rate and extent of formation of sigma phase 
several variables, as follows: 


1 The lowest Ti/C ratio steel C was more resistant to its 
formation than the higher Ti/C ratio steels. It could not be 
identified in any of the 1100 or 1200 F creep specimens of steel C 
whereas it was present in recognizable amounts even in the creep 
specimens tested at 1100 F of steels D and E, solution-treated at 
1900 F. A similar effect of Ti/C ratio has been noted before (2) 

2 Increasing the solution temperature reduced the tendency 
for sigma phase to form during testing. There was no evidence 
of it in the creep specimens of steel D tested at 1200 F after the 
higher-temperature treatment, even though it was recognizable in 
both the 1100 and 1200 F specimens when heat-treated at 1900 F. 
The amount present in the specimens tested at 1300 F was less 
in the specimens heat-treated at the higher temperature. 

3 The rate and extent of sigma-phase formation increased 
markedly with increased temperature of testing. Thus the speci- 
mens tested at 1300 F had more sigma phase than those tested at 
1200 F which in turn had more than those tested at 1100 F. All 
of the materials tested developed sigma phase at 1300 F, although 
as noted previously, certain of the materials did not at 1100 and 
1200 PF. 

4 The amount of sigma phase was less in the samples showing 


was subject to 
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2823 hr at 


Same steel after rupture in 1522 hr at 
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Fic. 9 Devetopment or a Separate Paase Dunine Testino or 18-8 + Ti Steet E, T1/C = 9.4; 1000 


larger grains, This was most apparent in the induction heats 
used for the study of aluminum additions. Heat 1305 with a 
grain size of 6 had the most sigma phase after testing. The 
samples with mixed grain size showed sigma phase segregated to 
the fine grains. The coarse-grained rupture specimen of stee] 
EP and the larger-grained rupture specimens of steel C were nearly 
free of recognizable sigma phase. 

5 The water-quenched specimens creep-tested at 1300 F ap- 
peared to have more sigma phase than the corresponding air- 
cooled specimens. 


Puysicat Properties Arrer Creer-TEestinG 

The physical properties at room temperature of specimens after 
creep-testing, Table 9, were measured to determine the effect of 
structural changes during exposure to temperature and stress. 
All of the specimens had normal properties and there was re- 


markably little difference after testing at the various tempera-— 
tures, 
phase, a characteristic which seems to be typical of this phase — 
when it forms as smal] separate grains. The data indicate het 
18-8 + Ti steel of the proper composition retains excellent prop- a 
erties at room temperature after exposure to high temperature — 
under stress. 


ABNORMAL CREEP 


The reason for the increase in creep rates at abnormally short 


time periods and low creep rates in some of the tests is uncertain. _ 
It was accompanied by the appearance of recognizable sigma-— 
phase particles in the specimens after testing. Apparently, how-_ 
ever, sigma phase alone is not the only possible cause of such be- 
havior inasmuch as similar behavior was reported in reference (2) 
for 18-8 steel which is not susceptible to the sigma-phase reaction. 


There was no evidence of embrittlement from the sigma cs 
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Likewise, the induction heats 1225 and 1305 developed sigma 
phase but did not undergo the abnormal creep found for the 
commercial steels. The amount of sigma phase developed in 
the steel tested for reference (5) was more than in the steels 
tested for this investigation, although the creep curves were not 
abnormal. 

The small amount or absence of first-stage creep, together 
with the low creep rate followed by increasing creep rate at rela- 
tively short-time periods was very suggestive of strengthening 
by a precipitation reaction, followed by overaging. There was 
however, insufficient evidence of the precipitation hardening 
which should have been present to account for such a mechanism. 
The hardness and the other physical properties of the specimens 
after testing did not support this type of mechanism. The 
only evidence supporting the possibility of strengthening by 
precipitation was the abnormally high yield strengths of the 

‘material tested for reference (5). 
The more probable explanation is that the main strengthening 
- against creep is associated with odd-size atoms in solid solution. 
If these atoms precipitate rapidly from solid solution, the creep 
resistance is rapidly reduced and the creep rate increases with 
time of testing. The small amount of first-stage creep and the 
_ low creep rates initially encountered would be due to a combina- 
tion of initial high creep resistance and the volume decrease ac- 
companying the precipitation reaction. When a sample of steel 
E (air-cooled from 1900 F) was held for 300 hr at 1200 F without 
stress in a thermal-expansion unit, the length decreased steadily 
for a total of 0.0002 in. per in. After the precipitation reaction 
had progressed far enough for appreciable reduction of creep re- 
sistance, the volume decrease no longer would offset creep, and 
an increase in creep rate would result; or, the reaction may reach 
completion so that the volume decrease would cease entirely. 
The tests could then proceed in normal creep and finally estab- 
_ lish true secondary creep typical of the altered structure, as was 
t yund in the prolonged test on steel! E. 

The apparent extreme stress dependency of the rate of reaction 
appears to be a weakness of either the precipitation-hardening 
ui theory or that based on solid-solution depletion. It was pointed 
out earlier that there appeared to be strong stress dependency on 
the time to reach true minimum creep. Likewise there was no 
_ question that the amount of sigma phase was greater in the 
rupture than in the creep specimens. Usually, however, such 


*Impact specimen 0.365 inch 
with a 0 050-ineh Y- 


precipitation reactions are not found to be nearly so stress-de- 
pendent as seems to be indicated. Also the amount of volume 
decrease accompanying the removal of odd-size atoms from solu- 
tion is rather small. 

The reporting of the same type of abnormal creep behavior for 
18-8 (2) which does not develop sigma phase, and the occurrence 
of sigma phase without abnormal creep, raise doubts as to 
whether sigma phase is actually responsible for abnormal creep. 
It is entirely possible that sigma phase is a structural change which 
happens to accompany abnormal creep in some cases and not in 
others. Inasmuch as precipitates no longer affect creep resist- 
ance when they are large enough to be resolved under the light 
microscope, many possibilities exist. The most that can be said 
is that there probably are variations in prior history which af- 
fect both the amount of strengthening atoms taken into solid 
solution during heat-treatment and the rate of precipitation from 
solid solution during testing. For a given heat-treatment, par- 
ticularly at 1900 to 2000 F, it might be expected that hot-work- 
ing conditions and probably melting practice would affect the 
amount of solution of carbides and nitrides and their subsequent 
precipitation characteristics. 

A wider range in properties has been reported for the steels sus- 
ceptible to the sigma-phase reaction than for the plain 18-8 
steel. Therefore it seems probable that the sigma-phase reac- 
tion does participate in the structural reactions controlling 
strength. This is supported by the fact that a high solution 
temperature, while coarsening the grains, suppresses sigma-phase 
development (6), yielding high creep strength. Such steels are. 
however, brittle in the rupture test. 


ComparaTIVE CREEP AND Ruprure Properties or 18-8 + T1, 
18-8 + Cp, anp 18-8 STee.s 

Tables 10 and 11 compare the creep and rupture strengths ob- 
tained for 18-8 + Ti with other values reported in the literature. 
In addition, the ranges in strengths for 18-8 + Cb and 18-8 
steels as reported in the Miller-Heger (8) compilation of data 
have been included for comparative purposes. A number of 
interpretations can be placed on these data. The more important 
are as follows: 


1 A wide range in either creep or rupture strengths is possible 
for all three grades of steel. Under present applicable specifica- 
tions there would seem to be little to differentiate between the 
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TABLE 10 


Type steel ratio Heat-treatment 
Testing temperature 1100 F 
Range reported 
Range reported 
Range reported 
5.3 A.C 


Grain size 


Testing temperature 1200 F 
Range reported 
Range reported 
Range reported 
3 A.C. 1900 
4 A.C, 1900 
5 d . 1900 
3 A.C, 2050 
*, 2050 
1900 


Testing temperature 1300 F 
Range reported 
Range reported 
Range reported 
8.4 A.C. 1 


6-7 
1 and 6 
58 


10 9 wa 7-8 


* Values somewhat high due to abnormal creep curves; see discussion of Table 6 


TABLE 11 


100-hr, psi 


Grain size 


Ti/C 
rato 


‘Type steel Heat-treatment 
‘Testing temperature 1100 F 


Range reported 
Range reported 


4 
10.9 W.Q. 1900 F 
temperature 1200 F 


Range reported 


Cb Range 
7 5.3 ALC 


10 9 Ww. Q. 
temperature 1300 F 
Range reported 


Cb d 
( 


I8-S + Ti and 18-8 + Cb steel. The strengths of 18-8 + Ti 
and 18-8 + Cb tend to average higher than 18-8, although some 
values are lower than those for 18-8. 

2 The low strengths for 18-8 + Ti and 18-8 + Cb steels at 
temperatures of 1200 F and higher have been associated with fine 
grain size and the development of sigma phase; the high strengths 
with solution treatments which resulted in coarsening of the 
grains. In all probability, if tests were made with higher solu- 
tion temperatures than those reported, values would be obtained 
for 18-8 + Ti as high as have been reported for 18-8 + Cb steel. 

3 Study of the individual tests which have been reported for 
both 18-8 + Ti and 18-8 + Cb steel indicate that the properties 
obtained are not predictable from heat-treatment or grain size 
alone, at least where grain sizes are finer than No. 4. Considera- 
ble study of the phenomena suggests that the properties are 
certainly affected by hot-working conditions and probably by 
melting practice. Because a given grain size can be obtained by 
various prior treatments, it is probable that specification of grain 
size, Ti/C ratio and heat-treatments would not entirely insure 
closely reproducible properties. 

4 Some of the data reported in the literature indicate that heat- 
treatment at 1900 to 2000 F produces the best all-round preper- 
ties in 18-8 + Ti or 18-8 + Cb steel. Both Tables 10 and 11 
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show that properties on the low side of the range can result from_ 
heat-treating 18-8 + Ti steel at 1900 F. 


+ Cb is also susceptible to the same reaction, it would seem 
possible that 18-8 + Cb might also have low strengths with such 
treatments. 

5 Although the fine-grained 18-8 + Ti and 18-8 + Cb steels 
have quite good comparative strengths at 1100 F, one exception 
is found in the 0,00001 per cent per hr creep strength reported in — 
reference (5) for 18-8 + Ti. Thus it does not appear safe to gen- 
eralize that a fine-grained material will always have good com- 
parative strength at 1100 F. 

6 In general, 18-8 steel data do not show as high or as low 
values as have been reported for 18-8 + Ti or 18-8 + Cb steel. 
In so far as the authors have been able to determine, 18-8 steel 
is not subject to the sigma-phase reaction. The somewhat nar-— 
rower range for the unstabilized steel is probably associated with» 
the absence of the sigma-phase reaction. . 
7 The data in the literature seem generally to bear out the 
findings of the present tests that strength at high temperatures in 
18-8 + Ti steel is a function of Ti/C ratio. The 3.8 Ti/C ratio 
steel of reference (2) had high strengths, and the 10.9 Ti/( 
ratio steel of reference (5) had low strength. 
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18 8 + 1900 I 7-8 29,500 21,000 13 20 Table 4 am 
18-8 + 1900 4o0r5-7 28,000 20,500 i2 a4 Table 4 
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«18-8 + 2050 4or 5-7 31,500 21,500 \4 30 Table 4 
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Discussion 


W. L. Fietscumann. The authors are to be congratulated on 
this study of the high-temperature behavior of the titanium- 
stabilized austenitic steels which are replacing the niobium-sta- 


5 Engineer, Metallurgy Section, Knolls Atomic Power Laboratory, 
General Electric Co., Schenectady, N. Y. Member ASME. 
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bilized steels in many applications. The data the authors offer 
show that an increase of the Ti/C ratio from 5.3 to 9.4 lowers 
the rupture strength, Fig. 2. Furthermore, one reference (2) is 
quoted by the authors which indicates a likelihood that a low 
Ti/C ratio, in that case 3.8/1, will exhibit high-temperature 
properties superior to the 5.3 and 9.4 Ti/C ratios investigated by 
them. Though in the reference quoted the increase in the high- 
temperature strength is not considered as proved to be caused by 
the lower Ti/C ratio than usually specified, it appears to the 
writer to be of technical importance to study this lead in detail. 

Therefore it is hoped that the authors will continue the in- 
vestigation of the effect of the Ti/C ratio upon the high-tempera- 
ture strength without regard for the fact that an alloy with a 
lower Ti/C ratio will not possess the high resistance of a “stabi- 
lized”’ stainless steel to some corrosive media. 

This latter characteristic, corrosion resistance, is rarely the de- 
termining factor in the choice of material for high-temperature 
applications and no reason exists why austenitic steels intended 
for that service should be purchased to a specification including 
the necessity of withstanding the Strauss or boiling nitric-acid 
test. As a matter of fact, it would be desirable to have an aus- 
tenitic steel which has the properties, specifically the high strain 
to fracture of an 18-8 steel, with better creep resistance which 
seems to be indicated in the one titanium-stabilized austenitic 
steel with the 3.8 Ti/C ratio. 


AvuTHoRsS’ CLOSURE 


Mr. Fleischmann’s comments are appreciated, The authors 
are, in general, in agreement with what he had to say. J 
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electrical energy per pound of fuel burned. 


iii Superheater for Steam at 
50 F—Progress Re 
of Field Operation 


2000 Psi and 12 


(ithe 
To investigate the properties of new superstrength 
alloys for high-temperature steam superheater service a 
test element constructed of 2-in-OD alloy tubes was in- 
stalled in an operating boiler at Twin Branch Plant and 
supplied with steam at 2000 psig 950 F, which was heated 
to 1250 F. Operating conditions, and results of the first 
5000 service-hours are described in this paper. 
being continued for thorough evaluation of the materials. 


By F. G. ELY' 


F. 


INTRODUCTION 


N the use of steam for power generation, there has been a 
steady increase in operating pressures and temperatures, with 
the objective of improving cycle efficiency and producing more 

Limitations upon 

this trend are imposed chiefly by the characteristics of the cur- 
_ rently available materials of construction, and, as new develop- 
_ ‘ments are made in improving those materials, advances can be 
made in the design of power-plant equipment. 

_ Under the sponsorship of the ASME Research Committee on 

_ High-Temperature Steam Generation, Knowlton and Hartwell 
_ (1)* have published a study of the theoretical possibilities of the 


_ regenerative steam cycle at temperatures up to 1600 F, from which 


_ the curves in Figs. 1 and 2 have been reproduced to indicate the 
trend of maximum throttle steam temperature as used in power- 
_ plant practice during the past 45-year period, and to indicate the 
uae of reduction in heat rate that might be expected in a 


_ practical cycle if steam temperature were to be increased above 


the present ceiling of 1050 F. 
For the steam-generating phase of the cycle, it is well recog- 


oa nized that the critical limitations on the use of higher steam tem- 


perature lie in the materials of which the final stages of the super- 
heater are constructed. The duty on these pressyre parts re- 

quires that they be resistant to oxidation, or to other forms of 

corrosive attack, by steam or by the products of combustion at 
_ elevated temperatures, and that they possess sufficient strength 
and related physical properties at these temperatures to withstand 
the stresses due to interna] pressure, heat transfer, and structural 


loading encountered in normal operating service. Furthermore, 
as a matter of foremost consideration, they must be capable of 


_ being produced commercially in the form of tubes, and must have 
welding characteristics suitable for dependable fabrication 
! Consultant, Research and Development Department, The Bab- 
cock & Wilcox Company. Mem. ASME. 
*Chief Metallurgical Engineer, Research and Development De- 


partment, The Babcock & Wilcox Company. 


_ § Numbers in parentheses refer to Bibliography at end of paper. 


Contributed by the High-Temperature Steam Generation Research 
_ Committee, the Joint ASTM-ASME Committee on Effect of Tem- 
perature on the Properties of Metals, and the Power Division and 
y- at the Annual Meeting, Atlantic City, N. J.. November 
25-30, 1951, of Tar Americ AN Society or ENGINEERS. 
Nore: 8t nts and op advanced in papers are to be 
“ understood as indiv idual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 
20, 1951. Paper No. 51—A-37. 
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(Base condition 1250 psia—950 F, 1 in. Hg absolute exhaust pressure.) 
They must also be of such availability and cost as to justify their 
use economically in commercial practice. 

Certain new alloys developed during the war period were found 
to have characteristics which appeared promising for steam- 
superheater service at temperatures well in advance of present- 
day practice. Laboratory tests made with these materials indi- 
cated considerably better high-temperature load-carrying ability 
than that of austenitic alloys in present use, and similar good re- 
sistance to high-temperature corrosion attack. Examples of the 
creep and stress-rupture properties of the superstrength alloys are 
shown in Figs. 3 and 4 in comparison with carbon steel and 
alloys now commonly employed. Because of limited experience 
in their use, and owing to the inadequacy of laboratory tests for 
complete demonstration of their suitability, it was considered 
wise to obtain practical experience with these materials under ex- 
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pected conditions of actual superheater duty in field operation 

With the wholehearted co-operation of the American Gas «& 
Kleetrie Service Corporation and its affiliate the Indiana and 
Michigan Electric Company, the authors’ company constructed 
and installed a field-test superheater element in an operating 
boiler unit at Twin Branch plant during 1950, where steam pre 
sure of 2000 psi was available from existing boilers. The element 
was designed to receive steam at 950 F to 1000 F from the super 
heater outlet of these units, and to increase its temperature 
1200 F or 1250 F, under conditions in which the test element 
should function exactly as would be expected of a commercial 
unit, having complete exposure of the tube materials to the action 
of flue gases from pulverized-coal firing, to normal heat-transfer 
rates, and three-dimensional stresses, corresponding to realistic 
operation, and also to the internal action of highly superheated 
steam at established rates of mass flow within the tubes. 

The unit was first placed in service in March, 1950. To date, 
approximately 5000 hr of operating service time have been 
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accumulated, of which — one third has been with 
steam-outlet temperatures in excess of 1200 F, another third in the 
temperature range from 1100 to 1200 F, and the remainder of the h 
time at temperatures below 1100 F. It is planned to continue 
this operation for an indefinite time, for thorough study of the en-— 
durance of these materials in this range 


of high-temperature 
high-pressure duty 


Descriprion oF 


The test element was constructed of 2-in-OD alloy tubes, in the 
form of four parallel hairpin loops, connected in series, for semi- 
portable insertion through the rear wall of boiler No. 42 at the— 
Twin Branch plant. Field location of the test element is shown in 
Fig. 5. In this location it is swept by the gas stream approaching — 
the superheater at temperatures in the range of 2000 F, and is ex- 
posed to the action of a type LK sootblower operated on normal 
schedule. Steam from the main superheater outlet is supplied to- 
the inlet of the test element and flows through the four consecu- 


tive loops to a final outlet for disposal. Appearance of the ele- 


ment in the boiler setting is shown in Fig. 6. 

General arrangement of the test element is shown schematically 
in Fig. 7 which also indicates the type of materials employed 
Details of their composition and heat-treatment, as well as design 
factors and welding schedules are included in Tables 1 and 2. It_ 
will be observed that increasing alloy compositions were used in- 


successive parts of the assembly, with the final outlet leg com-— 
prising an 18-in. length of Timken 16-25-6 alloy, and a similar ex- 
posed length of Armeo 17-14 Cu-Mo (Gt-45). Satisfactory welda- 
bility of the superalloys had been established by preliminary 
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TABLE | COMPOSITION AND HEAT-TREATMENT OF ALLOYS USED 


——— Chemical composition —— 


Mn si Cr Ni Mo 
Croloy 2'/4 2 2 0 45 0 27 245 0.99 


0.27 2.45 0.99 
0 35 18 86 


Other 
elements Heat-treatment Electrode 


Isothermally annealed 


Croloy 
lsothermally annealed 


19-9Cb 


Croloy 4 


Type 304 


Type 347 
Type 321 
Type 316 
Type 318 


0.39 
0 60 
0 45 


0 51 
Timken 16-25-6 0.45 
Armco 17-14 Cu-Mo 0.45 


Experimenta! heat 


1950 F, water quench 
19-9Cb 

1950 F, water quench 
19-9Cb 


19-9Cb 
18-13-3 


2000 F, water quench 
2050 F, warer quench 


2050 F, water quench 
Armeo 17-14 
Cu-Mo 
2150 PF, water quench 
Armeo 17-14 


F water quench’ 
i850 air cool 


22 TUBE DATA AND METAL-TEMPERATURE CONDITIONS 
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Alloy 


Croloy 
Croloy 2'/4¢ 


Tube dimensions, in. 


NOU 


Timken 16-25-6 
Armco 17-14 Cu-Mo 
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“es Replaced by Type 304 after operating period No. 


*8(a) Test section bored from solid billet. 
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—— ARRANGEMENT OF 
SUPERHEATER TEST ELEMENT 


tests. The chosen arrangement assured evaluation of the field 
performance, not only of the wrought tube materials, but also of 
the section weldments. 

As indicated in Fig. 7, steam may be supplied from either of 
three sources, at various pressure and temperature conditions. 
This will be described later. Provisions were made for metering 
and recording the rate of flow of inlet steam. Rate of flow may be 
adjusted by manual selection of appropriate flow-control re- 
sistors in the outlet circuit. There are three resistors, comprising 
different lengths of small-bore tubing, wound in helical form, and 
connected in parallel at the outlet manifold. Virtually all of the 
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STEAM TEMP 
METAL TEMP 
SECTION WELD 
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pressure drop of the system occurs in the resistor section, so that 
the test element proper is maintained at full operating pressure. 
Outlet steam is discharged to a small direct-contact condenser, 
using service water, and is drained to waste. 

While a general endurance field test of this nature might of 
itself be considered worth while, it was felt to be important to in- 
clude actual measurement of the tube-metal temperatures and to 
obtain the recorded temperature history of each material in so far 
as it might be practical to do so. Accordingly, considerable 
effort was made to install thermocouples of a durable type, located 
at the hotter portion of each of the test alloys in the construction. 
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The method of installing thermocouples is shown in detail in 
Fig. 8. In this design the thermocouple hot-junction was 
formed by peening separately the chromel and alumel wires into 
chisel notches cut at the surface of the tube, and the lead wires 
from this junction were passed through holes, drilled as chords in 
the tube wall, which communicated with a small conduit tube ex- 


(DEPTH TC) 


Detat. or INSTALLATION IN SUPERHEATER 
Tuse 


tended through the steam space to a suitable point of emergence 
outside of the boiler setting. By this arrangement a maximum 
of protection was afforded to the thermocouple leads to provide 
maximum durability. Many difficulties were encountered in 
making such an installation because of physical and metallurgical 
problems, and the procedure introduced a local mutilation of the 
element itself 

A companion thermocouple with welded-bead hot junction was 
similarly installed, at a measured depth from the tube surface, to 
provide direct reading of temperature gradient through the ma- 
terial. A third couple was placed in a closed-end tube, positioned 
in the steam-flow space at the same general locality for measure- 
ment of steam temperature 

As shown in Fig. 8, core tubes of suitable diameter were used, 
wherever necessary, to restrict the steam flow to the annular 
space between core and superheater tube, in order that steam mass 
flow rates of approximately 230,000 lb per sq ft hr might be main- 
tained in accordance with usual practice, at the same time per- 
mitting moderate steam usage and desired steam-temperature in- 
crease in passage through the test element. 

A detail of the tube-section weldment is also shown in this 
figure. 

Measurement of steam temperatures at successive points in the 
system, as indicated in Fig. 7, were obtained from thermocouples 
peened into the tube surface external to the boiler, which were 
thoroughly insulated from heat-conduction effects. 

The most significant couples were connected to a 16-point 
L&N Speedomax recorder for continuous record, and supple- 
mentary temperature readings were taken by portable potenti- 
ometer. 


OPERATING NARRATIVE 


It was planned initially to install the test element, in boiler No. 
3 at the Twin Branch plant, which is operated at nominal base 
load, producing steam at 2300 psi and 940 F. Certain physical 
interferences, as well as restrictions on outage time of this unit for 
making such an installation, led to the decision to install the ele- 
ment in an adjacent boiler of unit No. 4, which is of similar open- 
pass type, but is designed for 1350 psi with 950 F final tempera- 
ture. Constructional features of the rear wall of boiler No. 42 and 
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general accessibility afforded a much simpler problem for the 
physical installation. It was considered that gas temperature 
and composition in the two units would be comparable. 

The operating schedule of unit No. 4 included some variation of 
load, with outages each night and over week ends, which pre- 


sented a very different situation for test conditions as compared __ 


to the nominal base load on boiler No. 3. It was felt, however, 
that such load variations would, if anything, offer a more severe 
test of the materials and, therefore, would be desirable to ac- 
celerate the investigation. The periodic outages, furthermore, 
would provide opportunity for interim inspection, which might 
not be available on the base-loaded unit. Therefore the test was 
started with the element inserted in the setting of boiler No. 42, 
using high-pressure steam supplied from adjacent boiler No. 3. 

Coincident with the completion of the test element, the new 
high-pressure installation of unit No. 5 was completed at the 
Twin Branch plant and afforded an additional source of high- 
pressure steam at 2000 psi and 1050 F. Provision was made to 
deliver steam from this source to the test element. 

A graphic record of the entire test operation is shown in Fig. 9. 
Because of heat loss from the connecting lines and low rate of 
steam flow, a considerable drop in temperature occurred between 
the superheater outlet and the test-element inlet. With an initial 
insertion of the element to 3 ft 6in. distance and with steam taken 
from boiler No. 3, it was found impractical to develop the desired 
final outlet temperature. During the first test period of March 
and April, 1950, using the lowest flow resistor and with boiler No. 
42 operating at full load, the outlet steam temperature rarely ex- 
ceeded 1200 F 

In the course of operation a considerable amount of metal- 
temperature data were procured, but eventual failure of the 
thermocouples occurred, apparently resulting from deterioration 
of the chromel and alumel wires at their points of maximum ex- 
posure in the chord-hole cavities. 

Preparations were made for inserting the element to a greater 
exposed length, but during progress of the work it was discovered 
that internal elements of the spray condenser had been damaged, 
and, because immediate repair could not be made, the test ele- 
ment was removed from the setting before boiler No. 42 was re- 
turned to service. 

Opportunity was taken at this point to return the element to 
Alliance Laboratory for three primary purposes, viz., (a) for care- 
ful external inspection of alloy materials and welds, (6) for rein- 
stallation of tube-metal-temperature thermocouples, and (c) for 
removal of the ferritic material and dissimilar weld occurring in 
the first loop of the element. 

It had been observed during the initial run that temperatures 
in the first loop were higher than expected, and would exceed ac- 
ceptable strength and oxidation limits for the ferritic material by 
100 to 150 F when the final outlet-steam temperature was 
brought up to the desired range. Inasmuch as the principal ob- 
jective of the test was to investigate the materials at the high- 
temperature end of the element, it was felt unwise to jeopardize 
this purpose by retaining the ferritic material and weldment 
under the prevailing excessive operating conditions at the low- 
temperature section. Accordingly, the complete first loop was re- 
moved during this intermission, replacing the Croloy 2'/, alloy 
by 18Cr-8Ni (Type 304). Laboratory examination revealed that 
none of the materials had suffered damage from the previous opera- 
tion. 

Upon returning the test element to service in August, 1950, in- 
stallation was made with 4-ft insertion length, providing slightly 
more exposure for heat absorption, but it was found that the 
steam temperature obtained from boiler No. 3 still did not produce 
outlet steam as high as was desired in the program. For later 
operation it was decided to utilize steam from boiler No. 5, at a 
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slight sacrifice of internal pressure but with higher initial tem- 
perature, in order that superheating could be developed at the 
higher range of outlet-steam temperature. 

Some risk is involved in depending upon steam from a source 
external to the unit in which the test element is installed. It was 


found advisable in a number of instances to operate this element 
with steam supply from boiler No. 42, as, for example, over un- 
attended week ends, or in the case of outage of the high-pressure 


units. Under these circumstances steam-flow rates were ad- 
justed to maintain desired outlet temperatures; however, the 


STEAM PRESS 


7 operating stress in the test materials was reduced to a lower value. 
’ Provision was also made for protection of the test element, in 


- case of steam failure from the high-pressure source, by auto- 


matic cut-in of supply from boiler No. 42. 

With the initial arrangement, the rate of steam flow through the 
test element could be changed in stepwise increments by suitable 
choice of the resisters used in the circuit. The valves were em- 
ployed as selectors, for complete-open or complete-closed duty, 
and were not used for throttling control of flow. This method of 
adjustment resulted in some variation of outlet temperature when 
operating conditions were varied on boiler No. 42. In consequence, 
a comparatively large portion of the accumulated service time 
occurred at temperatures below the desired range of 1200 to 
1250 F. Steps are now being taken to install a control valve at 
the resistor outlet for closer regulation of steam flow to maintain 
the higher temperatures over a greater percentage of the time. 

During the second operating period, from August 28 to Decem- 
ber 16, 1950, outlet-steam temperatures in the desired range 
above 1200 F were generally attained by the use of supply steam 
from boiler No. 5. Typical operating conditions are illustrated in 
the graphical weekly plot in Fig. 10. This record indicates the 
nature of the load carried on boiler No. 42, with overnight bank- 
ing periods, and with customary outage on the week end. Steam- 
flow and pressure conditions in the test element are graphically in- 
dicated, and show response to the different sources of steam 


supply, as well as the effect of using various flow resistors during 


the calibration tests which were run on August 28 and 29, 1950. 
Steam-temperature values for each section are plotted, and it 
will be seen that temperature gains were made in successive loops, 
with the final outlet temperature being held nominally in the 
range of 1200 to 1250 F. During the nightly banking periods, 
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steam flow was maintained without manual readjustment, and 
cooling of the steam occurred in the test element instead of heat- 
ing. For the longer week-end outages the steam supply was shut 
off and the element cooled to temperatures below saturation, 

In the lower portion of the figure the record of metal tempera- 
tures is shown as obtained from the newly restored thermo- 
couples. In subsequent weeks, failure of these thermocouples 
again occurred from the same cause of deterioration of the wires. 

During the final week of this operating period, on December 13, 
1950, it was observed that a small but definitely increasing rate of 
excess steam flow was occurring in the system, and it was sus- 
pected that a leak had developed, although no other evidence 
could be detected. Arrangements were made for a week-end 
shutdown of the boiler, and upon inspection it was found that a 
erack had developed in the outlet leg, adjacent to the rear wall of 
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Fre. 17) Iwrernat Surrace Conprtion anp Microstructure or 
18CR-SNr, Type 304, ALLoy Tuse 


(a, Top view of inside surface 
aqua regia 


x 10. Section internal surface; 
glycerin ‘etch; xe 


Silver Poil To Retain Surface Cond 
During Polishing 


Fic. IS” LwrerNat Surrace Conprmon ann oF 
ISCR-SN1I-C a, Type Tuse 


(a, Top view of imside surface; 10. 6, Section through internal surface, 
aqua regia etch; x 


the boiler, at the location where the chcrd-hole type of thermo- 
couple had been installed in the Armco 17-14 Cu-Mo material 
The test element thereupon was removed from the setting and re- 
turned to the labc rate ry for further inspection and repair 


Inspection oF RerurNnep ELemMent 


Visual examination of the returned element indicated that, in 
general, all materials were in satisfactory condition, The ex- 
ternal surfaces were smcoth and displayed an unexpectedly small 
degree of oxidation. The appearance of the element at this time 
is shown in Fig. 11. A major crack existed at the thermocouple 
weld of the outlet leg and inspection revealed incipient or minor 
eracks in three other thermocouple welds. These cracks un- 
doubtedly resulted from the adverse effect of the chord holes and 
the weakening of the plug welds by the unavoidable notch which 
was formed on the inner tube surface at the junction with the 
internal thermocouple conduit tube. A smal! amount of warping 
was present in the third loop, showing a maximum deflection of 
1"), in. in the Type 321 material of leg No. 5. 

Since a considerable amount of metal-temperature data had 
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bie. 19 Surnrace ConpITtTION AND MICROSTRUCTURE OF 


18Cr-SN1-T1, Type 321, ALLoy Tupe 


(a, Top view of inside surface; 10. b, Section through internal surface; 
aqua regia—glycerin etch; 500.) 


already been procured, it was decided to remove all thermocouple 
weldments by cutting out 2-in-long sections and rejoining the cut 
ends by regular ring welds. 


The removed sections containing the thermocouple junctions 
were subsequently subjected to a metallurgical examination. No 
significant surface deterioration was found in any of the materials. 
However, certain differences were noted on the steam side of 
some of the materials. For example, Armco 17-14 Cu-Mo and 
Type 316 tubes appeared to be attacked by steam to a slightly 
greater extent than alloys Types 304, 321, 347, and 318. 
This was indicated by the miscroscopically determined internal 


scale thicknesses which were as follows: 


Armeo 17-14 Cu-Mo 
Type 316 
Type 318 
Type 347 
Type 321 
Type 304 


0.002 in. 

0.002 in. 
0.0002-.0005 in. 
0.00012 in. 
0.0002-.0005 in. 
0.0012 in. 


It was also noted that the internal scale of the Armco 17-14 Cu- 
Mo and the Type 316 tubes was loosely adhering and leafy. 
However, there appears to be no reason to assume that these 
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Fic. 20 INTERN SURFACE DITION AND MICROSTRUCTURE OF 


16C ‘n-13N1-3Mo, Ty1 pe 316, ALLoy TuBE 


(a, Top view of inside surface; X10. 6, Section oust internal surface; 
aqua regia—glycerin etch; 500 


conditions, which are illustrated in Figs. 17 to 22, are indicative 
of inadequate surface stability under the given testing conditions. 
Likewise, there were no signs of significant microstructural 
changes. The nonstabilized alloys Types 304 and 316, as well as 
Armeo 17-14 Cu-Mo, displayed an intercrystalline precipitate but 
no indications of intererystalline attack. Type 321 contained 
scattered sigma-phase particles, and traces of sigma phase were 
also noted in the grain boundaries of Type 318 alloy. Timken 
16-25-6) alloy was not included in this examination since it con- 
tained no thermocouple weld and was, therefore, not sampled. 
Summarily, it may be said that the examined alloys appeared to 
stand up very well under the given field conditions. 

Measurements of tube diameter at this time indicated no per- 
ceptible amount of enlargement. 


SumMMARY AND CONCLUSIONS 


Since all materials and section welds were found to be in satis- 
factory condition, the repaired test element was again placed in 
service on March 19, 1951, continuing to the present date. 

As a summary of the entire period to July 1, 1951, a tempera- 
ture-duration curve, as shown in Fig. 12, has been drawn to indi- 
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16Cr-13N1-3Mo + Ca, Type 318, ALLoy Tune 


(a, Top view of inside surface; X10. 6, Section through internal surface; 
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cate the extent of time in which the element has actually produced 
steam at the various temperature ranges detailed in the figure. 

Statistical data on metal temperatures for the various alloys 
are limited to the periods of endurance of the special thermo- 
couples. A great many metal-temperature readings were obtained 
during the initial several weeks of operation in periods 1 and 2. 
Relationships have been drawn between these metal tempera- 
tures and the associated steam temperatures which make it 
possible to approximate the temperature history of the materials 
under test. Examples of this metal-to-steam-temperature rela- 
tionship are shown in Fig. 13 to Fig. 15, and a corresponding time 
versus temperature plot is indicated in Fig. 16. 

Field and laboratory inspection of the test element has shown 
that all materials are in generally good condition for continued 
service. However, subsequent periodic measurements of the tube 
diameters indicate the development of a small rate of creep at the 
hotter end of the 18-8 Ti (Type 321) material amounting to 
approximately */, per cent ofube diameter enlargement. 

It is planned to continue the test program for an indefinite 
period in substantially the same manner as it is now being 
operated, and to make ultimately a more detailed comparison be- 


Fic. 22. Iwrernat Survace Conpition anp MICROSTRUCTURE OF 
Armco 17-14 Cu-Mo Tune 
(a, Top view of inside surface; X10 6, Section through internal surface; 
aqua regia—glycerinetch; x 500.) 


tween the material removed from service and coupons of the 
original tubes which were retained at the time of fabrication. 

While it is much too soon to draw definite conclusions from this 
experience, the evidence on the whole gives favorable indications 
for the practical construction of commercial steam superheaters 
for operation in the range of 2000 psi and 1200 F final tempera- 
ture, considering the possibility that service life may be limited 
but justifiable on the basis of economic replacement 
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Discussion 


S.N. Fiava.t The need for advanced information on the be- 
havior of various superbeater-tube materials at high temperatures 
and under operating conditions is of vital interest to the power- 
generation field, ' The authors’ company is to be commended on 
sponsoring « program of this type, and the authors are to be con- 
gratulated on presenting the program and findings to date in « 
concise manner which makes the information readily available 

As hosts to the field portion of the program in our Twin Branch 
Plant, we are pleased that the studies are producing usable re- 
sults and that the findings are being made available through this 
paper and subsequent reports to the entire industry. The work 
in the plant has progressed in a most cordial manner, attributable 
to the organization and handling of the program, 


CL. Cuark.® This work of the authors is most timely for as 
additional results are obtained they should help to answer the 
question as to whether or not stabilized austenitic steels are re- 
quired for superheater service at metal temperatures of 1100 to 
1300 FF. We always have believed the standard 18-8 to be the 
mest foolproof, and its properties least affeeted by possible varia- 
tions in grain size and structure, and if the authors’ findings show 
304 to be suitable for this ty pe of service, it will be a notable con- 
tribution. 


‘Head of Meehanical Engineering Division, American Gas and 
Fleetrie Service Corporation, New York, N. Y. Mem. ASME 

* Metallurgical Engineer, Special Steel Developments, Steel and 
Tube Division, The Timken Roller Bearing Company, Canton, Ohio 
Mem. ASMI 
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The values given in Table 2 of the paper show that for their 
particular tube size an appreciable variation exists in the tube- 
wall stress depending on the formula used. In Table 3, herewith, 
are listed these values, together with the average metal tempera- 
ture, and the new allowable Code stresses taken from Table UH A- 


TABLE 3 TUBE DATA 
Ratio of allowable 
Average Allowable 
temp stress, psi 


Stress in tube wall 
Lame 
3250 
3 
3190 
3300 
There is no constant relationship for the various steels between 
the stress, as determined by either of the formulas, and the maxi- 
mum allowable stress and we are wondering if a constant relation- 
ship should not exist for the proper evaluation of the behavior of 
the steels. Also, in this connection, which of these two formulas 
gives the more correct, tube-wall stress? 


Autruors’ CLosuRE 


The comparisons drawn by Dr. Clark in Table 3 are pertinent, 
and the authors agree that a more constant relation between the 
values of the ratio of actual to allowable stress, for the individual 
components of the superheater test element, would have been 
desirable 

Part of the discrepancy may be accounted for by differences 
between actual and anticipated metal ten:peratures, and by small 
deviations in tube wall thickness compared to design specifica- 
tions. Further discrepancy results from the fact that the 
present code values of allowable stress, on which the comparison 
is based, weie not available at the time the test element was 
constructed. 

In spite of this. we believe that the test experience provides 
an important practical evaluation of materials and weldments, 
and for future operation it is planned to introduce additional 
new superstrength alloys, and to advance the type 304 material 
to a higher-duty position in the assembly. 

We are particularly grateful for Mr. Fiala’s remarks, and trust 


that future relationships will continue to be as satisfactory = 


as they have been in the past 
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Behavior hin ater ubing Mate- 


By H. A. BLANK, 


With steam temperature of central-station boiler plants 
advancing to 1050 F in new installations today, and with 
indications that steam temperatures of 1200 F are not too 
far in the future, selection of suitable materials for super- 
heater and reheater tubing requires special consideration. 
Alloys having good service characteristics in the range of 
1100 F to 1350 F are required to meet the foregoing steam 
conditions. While mechanical properties of such alloys 
are not too serious a problem, the matter of corrosion 
resistance is a critical one. The ASME Special Research 
Committee on High-Temperature Steam ‘Generation, 
recognizing the importance and the complexity of the 
corrosion problems, undertook sponsorship of a compre- 
hensive program to evaluate commercially available alloys 
for suitability as superheater and reheater tubing at metal 
temperatures up to 13550 F. (The program is divided into 
two broad parts.) One is concerned with the reaction of 
high-pressure high-temperature steam on such materials. 
The other deals with corrosion by flue gases and slag-form- 
ing ash on the external surface of the tubing, and is 
divided in turn into two phases. The specific objective of 
one phase is the evaluation of the alloys with respect to 
resistance toward corrosion by the combustion products 
of the various fuels used for boilers, under actual field 
The objective of the other phase, carried out 
in the laboratory, is the investigation of the effect of cer- 
tain components of a combustion atmosphere on the rate 
of corrosion of the same alloys. This paper is concerned 
with the field-test phase of the program which was carried 
out at Battelle. The laboratory work done at Battelle will 


be the subject of a future paper. 

\ ficiency, steam temperature in central-station boiler plants 
4 has increased markedly in the past few years. Whereas 
a steam temperature of 950 F was considered a satisfactory maxi- 
mum 4 or 5 years ago, today numerous installations are in opera- 
tion or are being built in which the steam temperature is as 
high as 1050 F, and one installation for 1100 F steam is under 
construction. There are many indications that steam tempera- 


conditions. 
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a result of the constant demand for increased station ef- 
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tures up to at least 1200 F will be used in the not too distant fu- 
ture. 

To permit these increases in operating temperatures, considera- 
ble attention must be given to the selection of suitable materials 
for superheater and reheater tubing. As the temperature of 
these heat-receiving surfaces will range from 50 to 150 F 
higher than the steam temperature, it is apparent that alloys 
having good service characteristics in the range of 1100 F to 
1350 F must be used. The alloys must have the necessary me~ 
chanical properties, must be sufficiently resistant to reaction with 
steam on internal surfaces, and must withstand the action of hot 
flue gases and slag deposits on external surfaces. 

The strength requirements, while very important, do not ap- 
pear to present so serious a problem as do the corrosion require- 
ments, Certain problems relating to corrosion on external sur- 
faces have been the subject of previous investigations, among 
which should be mentioned those by Schlapfer, Amgwerd, and 
Preis (1),* C. T. Evans (2, 3), Engel (4), Skinner and Kozlik (5), 
O. L. Wood (6), C. F. Tibbetts (7), V. F. Estcourt (8), and 
D. Douglass (9). Particular attention has been paid to the corro- 
sion problems produced by the use of certain residual fuel oils, and 
it has been reported that vanadium, especially in combination with 
sulphur and alkali metals, increases tremendously the corrosive- 
ness of the oil ash. Furthermore, to date no metallic material 
satisfactorily resistant to attack by the products of combustion 
of high-vanadium, high-sulphur residual oils at temperatures 
There are indications, how- 
ever, that chromium as an alloying element increases while molyb- 
denum reduces resistance to this type of attack, 


above 1200 F has been reported. 


The ASME Special Research Committee on High-Tempera- 
ture Steam Generation, recognizing the importance and the 
complexity of the corrosion problems, undertook sponsorship 
of a comprehensive program to evaluate commercially availa- 
ble alloys for suitability as superheater and reheater tubing at 
metal temperatures up to 1350 F. The program is divided into 
twe broad parts. One is concerned with the reaction of high- 
pressure high-temperature steam on such materials. The other 
deals with corrosion by flue gases and slag-forming ash on 
the external surface of the tubing, and is divided in turn into 
The specific objective uf one phase is the evaluation 
of the alloys with respect to resistance Yoward corrosion by the 
combustion products of the various fuels used for boilers, under 
actual field conditions. The objective of the other phase, carried 
out in the laboratory, is the investigation of the effect of certain 
components of a combustion atmosphere on the rate of corrosion 
of the same alloys. 

This paper is concerned with the field-test phase of the program 
which was carried out at Battelle. The laboratory work done at 
Battelle will be the subject of a future paper. 


two phases. 


«4 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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TABLE 1 TEST MATERIALS 
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Balance 

Balance 

Balance 

Balance 

Balance 

Balance 

Balance 

Balance 

SI: Balance 
AISI 316 . Balance 
17-14 Cu-Mo Balance 


15.5-17 


Inconel 10 max 70 min 11-15 

Ilium G 6.0 58 22 

Aluminized 
mild steel 


0.15 max 


Aluminum-coated samples of cold-rolled steel 


PROCEDURE 

Test Materials. Fourteen commercially available alloys were 
selected by the ASME Special Research Committee on High- 
Temperature Steam Generation for evaluation of their resistance 
to corrosion by flue gases and furnace slags. The designations 
and compositions of these materials are listed in Table 1. The 
group consists of austenitic stainless steels, nickel-base alloys, and 
an aluminized cold-rolled steel. 

The alloys were obtained in the form of 1-in-diam round bars. 
The austenitic iron base alloys were solution-heat-treated by wa- 
ter quenching after heating 2 hr at 2050 F. The other alloys were 
tested as hot-rolled. Field-test specimens, with dimensions as 
shown in Fig. 1, were machined from the bars. The form of the 
specimens was dependent upon the design of the specimen rack 
discussed in the following section. 


Fie. 1) Skercn of Fieip-Test Specimens 


Specimen Rack. Since this phase of the program called for 
evaluation of the selected alloys under actual field conditions, it 
was necessary to place specimens of these materials in the gas 
stream. Wherever possible, it was desirable to place specimens 
where they would attain an average temperature of about 1350 F. 
This meant a location at some point in the superheater section. 
In addition, the actual installation of the specimens had to be 
arranged to avoid inconvenience to boiler operation. To expe- 
dite the program it was necessary to install each set of specimens 
in a unit while it was in operation, thus avoiding any long delay 
until a shutdown period. 

Thus it is evident that the manner of installing the specimens 
was of considerable importance. Of major concern was the de- 
velopment of a suitable specimen rack. After several prelimi- 
nary designs were tested in different types of steam-generating 
units at the Pieway Station of the Columbus and Southern Ohio 
Electric Company, a specimen rack of simple design was devel- 
oped which was generally satisfactory for the installations made 
in this program. The rack consisted of a */s-in-thick plate of 
AISI 310 stainless steel formed as shown in the perspective view 
given in Fig. 2. The over-all dimensions of the rack were 6'/, 
in. X 6 in. X It contained 14 holes, each #/,in. diam, 
on 1'/;in. centers. A specimen was dropped into each hole, the 
head machined on it preventing it from falling through the hole. 
The rack could be equipped with AISI 310 hooks for installation 
in a superheater having vertical tubes, or it could be inverted and 
set upright on horizontal tubes, 
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Fic. 2 Perspective View or Test Rack anp Hooks 


Field-Test Installations. Racks of field-test specimens were lo- 
cated in steam-generating units of ten companies. Included 
among these were the boilers of seven public utilities, a steel com- 
pany, an oil company, and a merchant ship. The selection of 
installations was made by representatives of the manufacturers of 
steam-generating units who are members of the ASME Research 
Committee on High-Temperature Steam Generation. The instal- 
lations were chosen to include those fired by various types of coal 
and by various methods of burning coal as well as those fired by 
gas and oil. An effort was made to cover the entire range of the 
types of combustion products which might be encountered in 
commercial service. The locations of the installations are given 
in Table 2, together with the duration of the tests, the type of 
furnace and fuel, and the approximate specimen temperature. 

Before a rack of test specimens was installed in a unit, tempera- 
ture measurements were made with a probing thermocouple to 
locate a zone in the gas stream where an average metal tempera- 
ture of approximately 1350 F would prevail. To besure that the 
proper metal temperature was obtained, the thermocouple hot 
junction was peened into a metal slug #/, in. diam X 1 in. long, 
i.e., a section equivalent to that of a test specimen. 

In some steam-generating units, the location of the access doors 
made it impossible to insert the rack in the desired temperature 
zone. In these units the rack was installed where metal tempera- 
ture was as close to the desired value as was practical. In select- 
ing a location for a specimen rack, account was taken of the effect 
on temperature of fluctuations in the load on the unit. 

Because metal temperature varied with the thickness of the 
scale and the amount of soot and ash deposited on the tubes as 
well as with the load on the unit, an effort was made to record the 
metal temperature during the test. A chromel-alumel thermo- 
couple was peened into the specimen rack before it was placed in 
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Moore-McCormack Lines 


FIELD-TEST INSTALLATIONS 


Unit 
no. Location 
64 Philadelphia, Ps. 


Merchant ship 


Public Service Electric & Ges Cc omqang 


‘ew Jersey 

Edison Company. 
Bethlehem Steel Company 

Pacific Gas & Electric Company...... 
Gulf States Utilities Company....... 
Pennsylvania Power & Light Company 
Standard Oi! Development Company. . 


Union Electric Company of Missouri. . 


Sewaren, N. J. 
Chicago, Ill. 
Sparrows Point, Md. 


Oleum 


Baton Rouge 
Sunbury 


Baton Rouge, La. 
Sunbury, Pa. 
Bayway Refinery Linden, N. J. 


Venice No. 2 St. Louis, Mo. 


San Francisco, Calif. 


Length 
of 


Type of unit 

C. E.* radiant 
verised-coal, dry- 
bottom 

F. Type D 


C. E.* radiant 

& W.* cyclone 

C. E.* stoker-fired, 
dry-bottom 

F. W.> 


B. & 

F. Wo 
coal, 

Riley 


ul verised- 
iry-bottom 
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the unit. However, the couple failed after several hours of ex- 
posure to the furnace gases. Consequently, the metal tempera- 
tures shown in the table are approximate values. The thermo- 
couple readings were usually sufficient to give an indication of the 
probable fluctuations in temperature the specimens would experi- 
ence. In particular, these data gave information on the relation 
between specimen temperature and the load on the unit, on the 
basis of which average specimen temperature was estimated. 

Originally it was planned to leave all specimens, except those 
installed at Sewaren, on test for a period of about 6 months. The 
conditions at Sewaren were known to be extremely corrosive. 
Consequently, it was deemed advisable to remove these specimens 
after a period of only 3 months. The rack of specimens that had 
been installed at Penwood was returned for evaluation after 4 
months on test. Considerably more corrosion was observed on 
these two sets of specimens than was originally anticipated. Con- 
sequently, it was decided to request return of all the remaining 
test racks as soon as possible, even though they were on test for 
periods of less than 6 months. 

Evaluation of Specimens. After being returned to Battelle, a 
3/in-thick disk was cut from the shank of each specimen for 
metallographic examination to determine the character and 
depth of any subsurface corrosive attack. The disks were 
mounted in Bakelite in transverse section and examined both as- 
polished and as-etched. 

Attempts were then made to descale the remaining part of 
each specimen by electrolytic pickling in various acid solutions 
and by the sodium hydroxide-sodium hydride process. None of 
these methods attacked the scale. An auxiliary experiment was 
then performed to determine whether the scale could be removed 
satisfactorily by buffing with a wire wheel. It was found that 
this could be done, and the loss of metal involved in the opera- 
tion would be negligible. Buffing an unscaled specimen for 5 
min caused a weight loss of only 0.014 per cent. 

When the specimens were suspended in the rack, approxi- 
mately */s in. of the shank just below the head was partially pro- 
tected from the atmosphere by the rack. Consequently, this 
portion of each specimen was not attacked so severely as the un- 
protected part. In order to prevent any inaccuracy in results 
because of this circumstance, a section 4.5 in. long was taken 
from the unprotected portion of each specimen for weight-loss 
determinations. The original weight of each section was calcu- 
lated from the density, and the change in weight was determined 


Specimens installed in cold furnace at a location where it was estimated the desired temperature would be attained 


by direct measurement. From the weight-loss data and the 
density the loss in diameter was calculated. 


Resutts or Tests 


The corrosion data obtained on the alloys installed in the vari- 
ous steam-generating units are given in Table 3. The specimen 
rack installed at the Fisk Station was lost, while the tests at the 
Richmond and Oleum Stations were not completed in time for in- 
clusion in the paper. 

Corrosion rate is given both in terms of grams lost per square 
inch per month and as inches lost from the diameter per month. 
The extent of corrosion penetrating below the surface of the speci- 
mens (specifically, below the scale to metal interface), as deter- 
mined metallographically, is also indicated in the tables. The 
figure given is the maximum depth of subsurface attack observed 
in the microsection. For better visualization the results are also 
shown in graphical form in Figs. 3 and 4. 

Figs. 5 through 8 are illustrative of the appearance of the speci- 
mens after removal from the various steam-generating units. 
Figs. 5 and 6 show the specimens which were removed from the 
Sewaren Station after 93.5 days of exposure to the combustion 
products formed from the burning of a high-sulphur, high-vana- 
dium bunker C fuel oil. The condition of these specimens is 
representative of severe corrosion. Figs. 7 and 8 show specimens 
which were removed from the Baton Rouge Station after 109 
days of exposure to an atmosphere produced by burning sulphur- 
free natural gas. This is typical of a mild corrosion attack. 


Discussion 


In examining the results, account must be taken of the fact that 
each set of specimens underwent a somewhat different cycle of 
temperature fluctuations during its test. This cycle, of course, 
was directly related to boiler operations which inevitably varied 
from plant to plant. It is considered, however, that the testing 
time was long enough to have equalized the effects of the cycles 
to a considerable extent. 

Probably of greater importance is the spread in the average 
temperature attained by the different sets of sy The 
data in Table 2 indicate that this amounted to at least 100 F. 
As mentioned earlier, in some steam-generating units the loca- 
tion of the access doors made it impossible to insert the rack of 
specimens in the zone having the desired average temperature. 
It was necessary in these cases to use the next best location. In 
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one case, that of the steamship Mormactide, circumstances die- 
tated that the rack of specimens be installed when the boiler was 
cold and a guess had to be made as to the location where the speci- 
mens would attain the desired average temperature. The re- 
sults of this test indicated very strongly that the average metal 
temperature was considerably lower than desired and the data ob- 
tained had to be disearded. 

Taking these limitations into consideration, it 
nevertheless, that wide differences occurred in the corrosiveness 
of the various combustion atmospheres toward most of the al- 
loys under study. As would be expected from the results of other 
investigations (1 to 11), the products of combustion of the high- 
sulphur, high-vanadium residual oil (Sewaren Station) were ex- 
In all probability, the ash formed contributed 
largely to this corrosiveness. Schlipfer, Amgwerd, and Preis (1) 
postulate that vanadium compounds prevent the formation of, or 
destroy, the protective scale on heat-resisting steels. According 
to these authors, vanadates are formed which act as carriers of 
oxygen to the surface of the metal. 

The high-alkali coke and blast-furnace gas used at Penwood, 
and the high-sulphur oil and gas burned at the Bayway Refinery, 
also produced highly corrosive atmospheres. The latter observa- 
tions are not unexpected. Schlapfer, Amgwerd, and Preis (1), in 
their study of oil-ash corrosion, found that the extent of attack on 
metal was related to the alkali content of the oil ash. Moore, 
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Richmond, and Harrison (10), in a study of the effect of contact 
with numerous substances on the oxidation of certain high-tem- 
perature alloys, found the extent of attack increased by alkalies, 
alkaline earths, and lead compounds. Sulphur in the fuel is a 
well-known accelerator of corrosion in combustion atmospheres, 
probably through the formation of sulphates. 

On the other hand, the low-sulphur anthracite (Sunbury Sta- 
tion) and the sulphur-free natural gas (Baton Rouge Station) pro- 
duced atmospheres that caused very little corrosion. This also is 
in line with expectations. 

Examination of Table 3 and Figs. 3 and 4, for the performance 
of the individual alloys under test, shows that when the general 
corrosiveness of the combustion products was mild, all of the ma- 
terials showed good corrosion resistance, with respect to both gen- 
eral corrosion and subsurface attack, with the exception of the 
aluminized mild steel. It was rather surprising to observe that 
this material usually had a substantially higher weight loss than 
the others. 

When corrosion conditions were severe, some differences in 
resistance to attack occurred among the test materials. At 
Sewaren, AIST steels 308, 309, 3098S, and 310, Inconel, and Ilium 
G showed better resistance to general corrosion than the others. 
AISI steels 3098 and 310 were the best under these conditions. 
The Inconel had a fairly low weight loss but suffered considerable 
subsurface attack. The 17-14 Cu-Mo steel and the 16-25-6 alloy 
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specimens were missing from the test rack when it was removed 
from the furnace. It is a safe assumption that these materials 
had completely disintegrated during the test, or had corroded 
through at the shank just below the rack. Both alloys contained 
comparatively large percentages of molybdenum and, as such, 
would be subject to very severe oxidation which is accelerated by 
the presence of vanadium compounds (1, 11). In addition, it is 
known that stagnant atmospheric conditions, such as were likely 
to have prevailed immediately below the rack, accelerate greatly 
the oxidation of alloys containing substantial amounts of molyb- 
denum 

At Penwood, less marked differences developed among the al- 
loys regarding their resistance to general corrosion. However, 
more extensive subsurface attack was usually observed on all ma- 
terials except AISI 314 (this alloy showed no subsurface attack at 
either Sewaren or Penwood). The high-nickel alloys, Ilium G 
and Inconel, suffered severe subsurface attack. The nature of 
this attack on Ilium G is shown in Fig. 9. Among the alloys 
tested, AISI steels 309, 3009S, 310, 314, and 347 showed better 
over-all resistance toward their environment than did the rest. 
Among the latter group, AISI 310, 314, and 3098 were the better 
alloys. However, AISI 310 suffered some subsurface attack. 
This is illustrated in Fig. 10. In addition, alloys AISI 3098, 310, 
and 314 showed some slight pitting attack. 
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The specimens of 17-14 Cu-Mo and 16-25-6 were again missing 
from the rack removed from the Bayway Refinery. Evidently 
they had disintegrated or corroded through at the shank during 
the test as they had at Sewaren. At the Bayway Refinery, if ac- 
count is taken of both general corrosion and subsurface attack, 
there appeared to be less variation in the resistance of the alloys 
than at Sewaren or Penwood. The 17-14 Cu-Mo and 16-25-6 
alloys, of course, were very poor. In addition, Inconel and AISI 
steels 316, 321, and 304 could be considered inferior in these tests 
to other materials. Noteworthy was the absence of subsurface at- 
tack on nickel-base alloys. Little difference was observed among 
sets of alloys tested at Venice, Sunbury, and Baton Rouge. 

ConcLusIONS 

1 The data confirm the fact that wide differences in general 
corrosiveness occur among the atmospheres produced by the com- 
bustion of the various kinds of fuel used for steam-generating 
units. In the tests reported in the paper, low-sulphur coal and 
gas produce combustion products which are only mildly corrosive. 
High-sulphur, high-alkali, and high-vanadium fuels, on the other 
hand, produce combustion products which are often extremely 
corrosive toward metals. The general degree of corrosiveness 
seems to be related to the sulphur, vanadium, and alkali metal 
content of the fuel. 
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2 Excluding considerations of strength and resistance toward 
internal corrosion, it may be said that under mild corrosion con- 
ditions, a variety of alloys is available for superheater tubing to 
operate at metal temperatures up to 1350 F without appreciable 
external attack. Under very corrosive conditions, all the alloys 
tested were corroded. Among them, however, AISI 309S, 310, 
and 314 usually showed the better resistance to both general cor- 
rosion and subsurface attack. 
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Techniques are presented whereby the grid method of 
plastic-strain determination may be extended to include 
the determination of strain at a point, rather than over a 
finite gage length, and the determination of the principal 
strain, magnitude, and direction, when these directions 
are not necessarily in alignment with the original grid. 
Measurement may be made in terms of either the tensor 
or logarithmic definitions of finite strain. 


INTRODUCTION 
studies in the field of plasticity neces- 


sitate the measurement of finite strains. One of the 

strain-indicating devices for this purpose is known as 
photogrid and consists of a grid applied photographically to the 
surface of the specimen. This method is particularly well adapted 
to cases in which it is impractical to use a strain-indicating device 
which projects from the surface. Also, the grid is resistant to 
forming lubricants up to approximately 600 F and, if lubricated, 
will withstand many of the common forming processes. The 
range of strain which may be measured has been given as 275 
per cent but is often established by such metallurgical factors as 
“orange-peel” effect rather than the failure of the grid itself. 
It is not the purpose of this paper to discuss the techniques of 
applying photogrid to the specimen since this information is 
well covered in the literature (1). 

In all cases found in the literature in which the grid method 
was used for strain determination, the principal strain directions 
were known and the grid was applied in alignment with these 
directions. Also, a finite gage length was used in the determina- 
tion of the strain. It is the purpose of this paper to make the 
photogrid process more useful by developing the techniques 
whereby the strain may be determined at a point, rather than 
the average strain over a finite gage length; and the techniques 
for the determination of the principal surface strains and their 
directions when the grid is not necessarily aligned with the prin- 
cipal strain directions are presented. It is believed that the 
method is particularly valuable in studying problems with regard 
to the forming of sheets and plates. 

Before the experimental techniques may be studied it is neces- 
sary to establish the finite strain definitions which are to be 
used. Since the restriction on a finite strain definition is that it 
reduces to the classical definition of the theory of elasticity for 
small strains, many definitions of finite strain have been pro- 
posed, 


Srrain DEFINITIONS 


As only the surface strains may be measured, consider that 

1 Excerpt from a thesis submitted in partial fulfillment of the re- 
quirements for the degree of Doctor of Philosophy at Purdue Univer- 
sity, August, 1951 

? Instructor in Engineering Mechanics, Purdue University. 
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? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Metals Engineering and Applied Mechanics 
Divisions and presented at the Annual Meeting, Atlantic City, N. J., 
November 25-30, 1951, of Tae American Society of MecHanica 
ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, October 
16, 1951. Paper No, 51-——A-128. 
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the z and y-axes lie in the surface with the z-axis —— to the 
surface. If the surface considered is a free surface, one of the 
three principal strain directions will be normal to the surface, 
since the axes of the principal strain increment and the principal 
stress are in alignment. In this case the third principal surface 
strain may be determined from the condition that the volume 
remains essentially constant during plastic deformation (2). Ac- 
cording to the usual conventions, designate the displacement 
of a point in the direction of the z-axis by u and that in the 
direction of the y-axis by v. It will be assumed that either the 
elastic strains are negligible or that the unloaded condition is 
being considered. 

Two of the finite-strain definitions which have been proposed 
will be used in this paper. The first of these is the tensor defini- 
tion of strain which has been proposed by a number of authors (3). 
As is implied by the designation, this strain definition is a tensor 
quantity, and therefore has a number of mathematical advan- 
tages. It may be regarded as an extension of the nominal-strain 
definition, that is, the usual definition of mechanics of materials, 
and has the same disadvantage in that the strain obtained by an 
n-fold repetition of the same elongation di is different from that 
resulting from the elongation nd/ imposed in one operation (4). 
It is, however, the most common definition used in the mathe- 
matical theory of plasticity. 

The components of tensor strain are 

ou 


=] 
Or Oy 
If we designate the principal components of the tensor strain 


as €, &, and €, the condition of constant volume for large strains 
may be written as (5) 
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The second definition of strain which will be considered is an 
extension of the true (or natural, or logarithmic) strain concept. 
The true-strain concept, which has been variously attributed to 
Roentgen, Ludwik, and Hencky, was devised to overcome the 
objection, previously cited, against the nominal-strain definition 
(4). The extension to the general case is due to Jelinek, et al. (6). 
Although the logarithmic definition is not presented in terms of 
the displacements they may be shown to be (7) 
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If the principal components of the logarithmic strain are desig- 
nated as é, &, and &, the condition of constant volume may be 
written as (8) 
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Although the form of the equation for constancy of volume is 
simpler with this definition than with the tensor definition, the 
logarithmic definition, in general, is mathematically awkward as 
compared to a tensor quantity. Physically, however, it is more 
— easily described, particularly the shear-strain concept. This 
definition may prove the most valuable in experimental plastie- 
ity. 

A relationship may be obtained between the two definitions 
by comparison of Equations [1] and [3]. These relationships 
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DETERMINATION OF DisPLACEMENTS 


In order to designate the grid points the following technique 
will be adopted. The point in which we are interested in deter- 
mining the strain will be designated as Po. Adjacent points 
will be designated as illustrated in Table 1. The displace- 
ments will be designated as shown in Fig. 1. 


TABLE 1 DESIGNATION OF GRID POINTS 
Pz, PY) 
Pr2 


P32 


Mo 
PIT 
Prz 


Fic. 1) Destanation or DispLaceMENTS 

The strain magnitude does not depend upon the absolute dis- 
placement but upon the rate of change of the displacement with 
respect to the distance along the axis considered. Also, since 
the major problem is the determination of the principal strains, 
the direction of the axes of the superimposed grid is unimportant. 
The effect of the rigid-body rotation of the superimposed grid is 
rejected by the strain definitions. The problem of determining 
the displacements then consists of mapping the points of grid 


intersection after deformation and superimposing upon this 
map the original grid to the same magnification. From 
this map, tabular or graphical, the displacements in the axis 
directions may then be determined. 

For the determination of the strain values at a particular 
point the values of ujo, uo, Yio, and Where—n <i <nandn 
is chosen large enough so that a sufficient number of points is 
considered, are necessary. The value of n will depend upon the 
strain gradient at the point considered and the curvature of the 
deformed grid. 


DETERMINATION OF THE PaRTIAL DERIVATIVES 


In order to evaluate the partial derivatives, 0u/dz, nag 
dv/dr, and dv/dy, a numerical differentiation technique will be 
used. Since the original points will be equally spaced and the 
known values will be arranged symmetrically about the point, 
differentiation of Stirling’s central difference equation may be 
used to determine the necessary derivatives (9). In order to ex- 
press the technique in a genera! form let us write the relation- 
ship in terms of new variables as 


Then the determined pairs are of the form (ro;, Sox) and (rio, Sie). 
The next step is to adopt a form for the symbolism of the 
diagonal difference table as illustrated in Table 2; this symbolism 


TABLE 2 


Soy 


DIAGONAL DIFFERENCE TABLE 
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a°s 
5 
4’s_, 


is that of Scarborough. The terms needed in the differentiation 
equation, Equation [7], are underlined. 

Since the value is desired at the point at which r = ro, the 
following equation is valid for the derivative of S with respect to r 
(10) 

‘s) + AS» 1 A‘S_, + A‘S_, 
To. — To 2 2 
4 + 
5! 2 


Equation [7] is forn = 3. Similar equations may be developed 


_ for any value of n by use of the equations given in the reference. 
In the use of finite differences the ideal situation is to have enough 


differences so that the values in the last vertical difference column 
used become equal. This ideal condition is seldom attained in 
experimental work since the experimental errors magnify as we 
go to the right in the difference table. In no case should differ- 
ences be formed beyond the point where they begin to show signs 
of fluctuating irregularity (11). The effect of magnitude of error 
is discussed in both references cited. Note that in the case of a 
constant-strain region only the first difference appears. 
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DETERMINATION OF MAGNITUDE AND Direction OF PRINCIPAL 
STRAINS 


From the derivatives determined in the manner outlined in 
the preceding section the components of the tensor definition of 
strain €,, €,, and ,, may be calculated from Equations [1]. 
The method of determining the principal strains wil] now be de- 
veloped. 

The principal-strain magnitudes, and their directions, may be 
found by consideration of the characteristic equation of the ten- 
sor (12). In this case the characteristic equations are 


(€, —A)n, + = 0 (8) 
Yey + —A)n, = 0) 

where n, and n, are the vector components along the X and Y- 
axes, respectively, of the principal-strain direction. The condi- 
tion for a nontrivial solution is that 


€,—A 


= 9 


Note that this equation has two roots for \ which are the prin- 
cipal strains € and €. Corresponding to each of these roots 
there is a nonzero solution to Equations [8] which will be desig- 
nated as Myr, and mye. Expansion of Equation [9] gives 


At — +4, )A— =O [10] 


and the principal strains become 


€, — €,\* 
42. = 2 2 ‘) 


Substitution for the strain components in terms of the displace- 
ment leads to a complicated expression. 

It is now possible to solve Equations [8] for one of the com- 
ponents of the principal-strain direction vector in terms of the 
other (13). We find 


Na 
ny 


The principal logarithmic strains are then 


1 
é +26) 


1 
&= +24) 


If the surface is not loaded, the third principal strain may 
be found from consideration of the conditions of plastic deforma- 
tion as an isovolumetric condition, Equation [2] or [4). 

The equation for the angle between the superimposed grid and 
the original grid may be determined, if desired for some reason 
such as a check on the accuracy, from the equation for a rigid 


body rotation 
1 ov 
Rotation = - | — — — 14 
ota (> [14] 
The angle of the rigid-body rotation will be obtained in radian 
measure. 


Accuracy oF Meruop 


The accuracy of the method is primarily dependent upon the 
ability of the operator to measure the grid accurately. This 
accuracy is dependent upon the uniformity and sharpness of the 
grid, and the measuring device used. The best comparator for 
this purpose is a toolmaker’s microscope. The accuracy to 


which the grid may be read provides a lower limit for the grid 
spacing, since it affects the number of reliable terms in the dif- 
ference table. It is desirable to have a very fine grid in locations 
of high strain gradient but a coarser grid may be used where the 
gradient is not large. The particular grid-microscope combina- 
tion used in verifying the theory could be read with an accuracy of 
+200 microinches and a grid spacing of 20 lines per in. was used. 
Photogrid was applied to a tapered tensile specimen in which the 
strains varied from elastic to failure in an original length of 2'/, 
in. Strains obtained from measurements of the photogrid were 
compared to the strains obtained by measuring the cross-sec- 
tional areas before and after deformation. These strains ob- 
tained from the photogrid were on the axis of the specimen and the 
maximum error in 40 determinations, with various orientations 
of original grid and superimposed grid, was less than 10 per cent. 


ILLUSTRATION OF MerHop 


As an illustration of the method in a complex strain region let 
us consider a point off the center line of the tensile specimen 
and in the necked area. The material was 28S-O aluminum and the 
original cross-sectional area was '/, in. X '/, in. The grid was 
applied to the specimen at an angle of approximately 51 deg to 
the longitudinal axis of the specimen. Previous test had shown 
that within the accuracy of the grid-microseope combination the 
grid spacing could be considered as uniform and the average of a 


TABLE 3 
(co-ordinate, 
Point i 


au 
(in.) (in) 
—0.117215 0.018689 
—0 060890 0.011627 
0 0 
0.066411 0.017148 


@.147620 049004 


0.007062 
© 011627 
0.017148 
0.031946 


0 004565 
0.005519 
0.014798 


large number of determinations was 0.049263 in. In the calcula- 
tions nonsignificant figures were carried in accordance with usual 
practice. The specimen was deformed and the'grid intersections 
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TRANSACTIONS 


mapped with respect to axes parallel and perpendicular to the 
longitudinal axis of the specimen. 

A schematic diagram of the grid systems is shown in Fig. 2 
where X and Y are the longitudinal and transverse axes. The 
values of the displacements, and the difference tables, necessary 
for the determination of Ou Oz, are givenin Table 3. From these 
and similar values, and Equation [7], the partial derivatives were 
evaluated as 


a ou 
= 0.274745 


0 476898 
Ox 

Ou Ov 

= 0 923320 = —0) 263727 
oy 

These values may then be substituted into Equations [1] to give 
the components of the tensor definition in the direction of the 


original grid as 


€, = 0. 426198 €, = 0.197317 Y., = 0.412939 


That this is the case may be shown by evaluating the rigid-body 
rotation from Equation [14] which yields a rotation of 50 deg 
this compares favorably with the known angle of 51 deg. 

The principal strains may then be found from Equation [11] as 


= 0 740 = —0.117 


and the direction from Equation [12] as 45 deg. This indicates 
that the principal-strain direetion at the time of fracture has in- 
clined 6 deg toward the center of the specimen from an axis paral- 
lel to the longitudinal axis of the specimen, in much the same 
manner that the theoretical stress distribution in the necked 
zone would predict. 

The third principal strain or the logarithmic strain components 
could then be determined from the appropriate equations. 


THE 


CONCLUSIONS 


A method has been presented whereby the principal plastic 
strains, and their directions, may be determined from photogrid 
data in the case when the grid is not necessarily in alignment 
with the principal-strain directions. The accuracy of the method 
is dependent upon the ability to measure accurately the spacing 
of the grid. For many purposes it will be possible to design the 
specimen and grid to suit available comparators and provide the 
desired accuracy. For certain tests the methed provides a usable 
technique for cases in which no other method is available. One 
such case would be the forming of sheet material when the direc- 
tion of the principal strains could not be predicted. 
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Cylindrical Nozzles 


SSEN! anv H. T. NEV 
By A. L. JORISSEN! ano H. T. NEWTON 
Cylindrical nozzles maintain a constant coefficient of K = head-loss coefficient ‘a 


_ discharge at Reynolds numbers lower than standard pres- 


sure-difference devices of flow measurement. Tests on 
nozzles of various opening ratios have indicated the opti- 
mum proportions for each ratio. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


L = length of test section 
D = pipe diameter 
rD* 
= area of pipe cross section 
throat diameter 


ad? 
= area of throat cross section 


d 
= diameter ratio 
D 


= (3) - = opening ratio (used in Europe, 
preferably to B) 

nozzle length 

length ratio 

volumetric rate of flow 

volume of volumetric tank 

depth of water in volumetric tank 

Q/A; = mean pipe velocity 

specific weight of fluid 

fluid density 

acceleration of gravity 

coefficient of absolute viscosity of fluid 

coefficient of kinematic viscosity of fluid 

(ViDp)/p = V,D/v = Reynolds number 

value of Reynolds number for which the coefficient of 
discharge can be maintained within 0.5 per cent of 
its constant value 

pressure at upstream corner tap 

pressure at downstream corner tap 

(pi — P2)/Y = differential pressure head 

coefficient of discharge 

constant value of coefficient of discharge 

differential pressure head between piezometer rings 
Pyand P, 

friction factor of test section 

nonrecoverable head loss 


' Head, Department of Hydraulics and Hydraulic Engineering, 
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A = head-loss ratio 
K’ = value of head-loss coefficient at high Reynolds numbers 
\’ = value of head-loss ratio at high Reynolds numbers 


INTRODUCTION 


It is well known that the curves of coefficient of discharge in 
function of Reynolds number for standard pressure-difference 
devices of flow measurement such as orifices, nozzles, and Ven- 
turi tubes, exhibit a variation of the coefficient when the Rey- 
nolds number falls below a certain value, called “limit of con- 
stancy” (1, 2).? 

For example, the coefficient of discharge of Herschel-type Ven- 
turi tubes decreases by about 0.5 per cent of its constant value at 
a Reynolds number of 100,000,‘ 1.5 per cent at a Reynolds num- 
ber of 50,000 and 2.5 per cent at a Reynolds number of 20,000 (6). 

This variable trend of the coefficient of discharge not only 
causes difficulties both in the calculation and in the use of the de- 
vices with registering mechanisms, but it must also be observed 
that tolerances and errors are considerably larger in the non- 
constancy range. This explains why a large number of investi- 
gations have been devoted to the study of new types of devices 
which are expected to maintain a constant coefficient down to 
Reynolds numbers much lower than standard devices (5, 11). 

These types are numerous: standard ISA nozzles without 
cylindrical throat, double-bevel orifices, round-edge orifices, 
orifices in series, cylindrical nozzles, cylindrical nozzles with 
rounded entrance edge, and so forth. 

The ISO/TC/30 Committee, which is the standing committee 
of the International Organization for Standardization dealing 
with problems of flow measurement, has so far retained for dis- 
cussion the double-bevel and the round-edge orifices only, judging 
that insufficient information was still available about the other 
types (11). 

Recently, the Research Committee on Fluid Meters of the 
Society has appointed a new subcommittee (Subcommittee No. 
7) to study the problem of discharge measurements at low 
Reynolds numbers. One of the first tasks of this subcommittee 
is the preparation of a report in which will be presented the in- 
formation available on the behavior of standard devices at Reyn- 
olds numbers below the limit of constancy, and on the char- 
acteristics of other types of devices, more suitable for discharge 
measurements at low Reynolds numbers. 

One of these devices, the cylindrical nozzle, appears of par- 
ticular interest, not only because it is of simple manufacture, 
but also because an extensive series of tests conducted by Koen- 
necke (7, 8, 9, 10) has indicated an excellent behavior in the range 
of low Reynolds numbers. 

Another possible advantage would be that, by the addition of a 
conical diffuser, the over-all pressure loss of this device could be 
considerably reduced. The cylindrical nozzle could thus be 
transformed into a Venturi tube of simple construction, expected 
to have a constant coefficient even at relatively low Reynolds 
numbers and a small permanent head loss. 


* Numbers in parentheses —, to Bibliography at end of paper. | 
* Reynolds numbers are here exp : ding to 


practice, in function of the pipe diameter. 
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Some preliminary tests in which the senior author participated 
gave promise that such could be the case and induced him to 
undertake a more extensive research program. 

The first phase of this program has been conducted in the 
Hydraulics Laboratory, Department of Civil Engineering, The 
Pennsylvania State College, under the sponsorship of Builders- 
Providence, Inc. It consists of the calibration and study of cy- 
lindrical nozzles of various proportions in view not only of check- 
ing Koennecke’s results but also of determining the best propor- 
tions for the nozzles, 


Description OF INSTALLATION 


Cylindrical Nozzles. Five cylindrical nozzles of various di- 
mensions have been studied in a 4-in. pipe line. Both the 
nozzles and the test sections in which they were installed were 
of brass. The nozzles are shown in Fig. 1 and a typical nozzle 


installation is represented in Fig. 2. 


Fie. 1) Cytinprtcat 


dist 


As noted, a nozzle had a throat section of diameter d and 
length z and was inserted in a pipe line of diameter D. The 
ratio 8 = d/D is called diameter ratio; the ratio z/d is the 
length ratio. 

The upstream face of each nozzle is perfectly smooth and the 
entrance or leading edge is sharp and machined according to the 
same specifications as those given for standard ISA orifices. 
These specifications are as follows (3): “On the upstream side, 
the edge ».-st be perfectly sharp. The sharpness of the edge 
will be judged sufficient when a ray of light falling on the edge is 
not visibly reflected. Generally this will be obtained by a very 
fine final pass of the tool, starting from the orifice radially out- 
ward on the upstream face of the device. An edge obtained by 
planing the face first and then boring the hole is not fine enough.” 
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The centering of the nozzle was insured by the piezometer 
rings P; and P; (see Fig. 2). 

The upstream and downstream sections of pipe, the piezometer 
rings, and the cylindrical nozzles were also machined according 
to strict specifications. 

The inside diameter d of each nozzle was measured by means 
of inside micrometers reading to 0.0001 in. Four diameters at 
45 deg were measured in various sections, and the mean diameter 
was obtained. No individual measurement differed from the 
mean by more than +0.0003 in. 

The exact machining of the upstream and downstream pipe 
sections, which were 6 ft long, offered difficulties. It was not 
possible to maintain for these sections of pipe the same rigid 
specifications as for the nozzles. The pipes were somewhat out- 
of-round and bent. However, the worst bend amounted to only 
2/ in. in the total length of pipe. Precautions had been taken 
to choose the pipe ends at flanges F, and F2 (see Fig. 2) as regu- 
lar as possible. It may be estimated that the mean inside diame- 
ter of the pipe corresponded with the mean diameter of the 
piezometer rings P; and P; within +0.001 in. No individual 
diameter differed from the mean by more than +0.005 in. 

Each nozzle was first studied with a maximum value of z. 
The nozzle was then shortened to obtain different values of the 
length ratio. 

Table 1 gives the principal dimensions and proportions of the 
nozzles studied. 


TABLE 1 DIMENSIONS AND PROPORTIONS OF CYLINDRICAL 
NOZZLES 


: 


Over-all mean pipe diameter: D = 4.043 in. 
e-5 
0.2224 0.0495 

1376 
0 2444 


0.8521 


Pipe-Line Installation. 
stallation. 
pipe by a constant-level tank which was alimented by the lahbo- 


Fig. 3 is a sketch of the pipe-line in- 
As shown, water was supplied to the experimental 


ratory pumps. A 6-in-ID vertical steel pipe line led to a 6-in. 
valve, a 90-deg bend, and a horizontal reducer changing the in- 
side diameter to 4 in. ° 
The test assembly was preceded by a 24-ft length of 4-in. 
aluminum piping, in 2 sections and consisted of the following: 


Section of 4-in. brass pipe, 4 ft long. 
Piezometer ring Ps. 
Section of 4-in. brasspipe,6ftlong, 
Cylindrical nozzle being tested. 
Piezometer ring P2. aa 
Section of 4-in. brass pipe, 6 ft long. 
Piezometer ring P,. 

Section of 4-in. brass pipe, 4 ft long. 


— 
“ . : 
= 
: 
i é 


; JORISSEN, NEW TON—DISCHARGE MEANS OF CYLINDRIC NOZZLES 


TEST ASSEMBLY 


827 


Fic.3 Generac Instatiation 


The test assembly was then followed by: a straight 12-ft length 


; _ of 4-in. aluminum piping, two vertical 90-deg bends, a valve, a 


™, 


_ and the thickness of the gaskets. 


short section of cast-iron piping leading to a swiveling elbow and 
diverter. 

Thus the nessie being tested was preceded by a straight pipe 
section of 102 pipe diameters and followed by a straight pipe sec- 
tion of 66 pipe diameters. 

Differential- Pressure Measurements. The calibration of each 
cylindrical nozzle called for the measurement of the differential 
pressure across the nozzle (corner taps at piezometer rings P; and 
P2, Fig. 3) at various rates of flow. The differential pressure was 
also measured between piezometer rings P; and P,, situated at a 
distance of 6 ft upstream and downstream from the nozzle, respec- 
tively. 

As shown in Fig. 2, the connection between the inside of the 
pipe and a pressure chamber was through a slot, the width of this 
slot being determined by the dimensions of the piezometer ring 
The latter was of the order of 


0.035 in. A constant slot thickness e = 0.08 in. was maintained 


Since the dimensions of the cross section of the pressure chamber 
were a = Lin., and b = 1 in., the condition 


De = ab 


was exactly verified. In other words, the cross-sectional area of 
the pressure chamber was equal to the area of the slot. Thus 
it was felt that a satisfactory equalization of pressure in the pres- 
sure chamber would be obtained (4). 

Connection between the pressure chambers and the manometers 
was by conduits of '/s in. diam through the piezometer rings and 
saran tubing of 0.2 in. ID. 

Each differential pressure could be measured by means of 
either a water-mercury manometer, an air-water manometer, or 
a point-gage differential manometer, or any combination of these 
three manometers. A system of valves and tubing provided the 
necessary connections. Fig. 4 shows the arrangement of the 
manometers. 
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The water-mercury and air-water manometers were of standard 
design. Their scales were graduated in millimeters. 

The scale of the water-mercury manometer was 560 mm long 
and could be read accurately to 0.5 mm. No readings were 
taken below 100 mm. Readings at this manometer were con- 
sistently very steady after a sufficient time of adjustment had been 
allowed. 

The air-water manometer had a scale 1280 mm long. Even 
after a suitable period of adjustment had been allowed, slight 
fluctuations of the water column were detected. However, the 
maximum deviation of a series of 10 observations never exceeded 
I per cent, the root-mean-square error of the mean of a series of 
readings being always less than 0.2 per cent. 

The point-gage micromanometer is represented in Fig, 5, 
The seale of the gages, which were 260 mm long, could be read 


INT-GAGE MICROMANOMETER 


by means of verniers to within +0.1 mm. Small differential 
pressures only were measured with this instrument, and the read- 


ings generally were very consistent. However, no differential 
pressure smaller than 15 mm of water was measured, since it was 
felt that for lower values the precision of the readings would be 
unsatisfactory. 

Discharge Measurements. The precise measurement of the 
rate of flow through the pipe line was done by the volumetric 
method into a tank 5 ft long, 4 ft wide, and 4 ft deep. The cali- 
bration of the tank was made by adding increments of volume of 
5 cu ft. This capacity was obtained by accurate weighing, a 
suitable correction taking into account the variation of the spe- 
cific weight of the water with temperature. The level of the water 
in the tank was read by a point gage situated in a connected 
well. The point gage gave the water elevation in the tank to 
within + 0.0005 ft. Repeated calibrations produced a straight- 
line calibration curve, the equation of which could be written as 


Av = 20.110 Al 


Av being the difference in volume in the tank (cu ft) for a change 
in water-surface elevation Al(ft). A statistical analysis of the 
data indicated that the root-mean-square error on the coefficient 
20.110 was £0.10 per cent. 

The measurement of discharge was made by the switching 
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method, using a swiveling elbow and pivoted chute represented 
in Fig. 6. 

An index on the swiveling elbow actuated an electric timer on 
which time intervals could be The accu- 
racy of the timer was checked over long periods of time by radio 
signals. Since electrical contact was made and broken at the 
same extremity of the swiveling movement, a time correction 
was computed to make allowance for the discharge of water into 
the tank during the operation of the mechanism. 
tion was of the order of magnitude of 0.20 sec. 

The measurement of discharge resulted from a measurement of 
volume and a measurement of time. It has been estimated that 
the root-mean-square error on volume measurement was 0.10 per 
cent, and the root-mean-square error on time measurement 0.01 
percent. Therefore the root-mean-square error on the discharge 
was 0.10 per cent. 


sad to the sec. 


This correc- 


Test ProcepurRe 


The relation between rate of flow and differential pressure at 
the nozzle is given by the equation 

The value of the coefficient of discharge C is thus dependent 
upon the dimensions and proportions of the nozzle, the volumetric 
rate of flow, and the differential pressure through the nozzle 
The methods followed in the measurement of these various quan- 
tities have been explained previously. 

For each nozzle from 10 to 25 tests were run at various rates of 
flow, each test being repeated several times, and no reading being 
taken until a suitable period of time had been allowed for the 
adjustment of the rate of flow and of the manometric columns. 

Furthermore, to insure against any possible defect in the in- 
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stallation, each series of tests was repeated after disassembling 
and reassembling the installation completely. No discrepancy 
in the results was noticed. 

The coefficient of discharge was computed for each test. Since 
the value of this coefficient depends on the dimensions of the 
nozzle tested, on the rate of flow, and on the differential pressure, 
the root-mean-square error on C could be computed. This root- 
mean-square error was always smaller than 0.2 per cent in the 
constancy range. 


The values of C were plotted in function of the Reynolds num- 


v 

The temperature of the water was measured in each test and 
the coefficient of kinematic viscosity v read from a standard table 
(2). 

The nonrecoverable pressure loss of each nozzle was determined 
in the following manner: 

Measurements were taken of the differential pressure head, 
A’‘h between the piezometer connections P; and Py. It was 
_ assumed that the nonrecoverable pressure head of the nozzle was 


Ne = 


equal to this value minus the friction head lost between P; and 


Preliminary tests were run to obtain an accurate value of the 
friction factor of the experimental pipe line. A plot of friction 
factor against Reynolds number is shown in Fig. 7. Values of 
the friction factor slightly larger than those of smooth pipes were 


_ obtained, due probably to the existence of several joints in the 


test section. Thus the friction loss could be computed exactly 
by Darcy Weisbach equation 


and the nonrecoverable head loss was 

Ah, = Mh—h, 
The nonrecoverable head loss of each nozzle has been expressed 
in two different manners, first by computing the coefficient K in 
Vi? 


Sh, = K 
L 
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then by figuring the ratio \ of Ah, to the nozzle differential-head 


reading 


Discussion oF Resutts 


Values of the coefficient of discharge C, of the pressure-loss 
coefficient K, and of the pressure-loss ratio \ are plotted, in func- 
tion of Reynolds number, in Figs. 8, 9, and 10, respectively. 

For each nozzle, the first series of tests were made with the 
length ratio indicated by Koennecke as being optimum. A 
comparison of Koennecke’s results with our own is given in Table 
2. The coefficient of discharge a indicated by Koennecke 
(7, 8, 9, 10) can be converted easily into our coefficient C by the 


equation 
C 


As seen from Table 2, a very good check of Koennecke’s results 
was obtained for all values of 8, except for 8 = 0.6928. The 
larger difference (approximately 1.0 per cent) will be discussed 
later. 


TABLE2 COMPARISON OF KOEN NECKE'S AND THE AUTHORS 
RESULTS 


Authors’ resulte— 
c 


0.2224 


Our tests could not be carried to Reynolds numbers as low as 
those attained by Koennecke owing to the fact that water only 
was used in our experiments. 

It was then sought if, by cutting the nozzles, shorter devices 
could be obtained, still maintaining satisfactory constancy of the 
coefficient of discharge at low Reynolds numbers. The results 
obtained have been summarized in Table 3. This table gives, for 
each value of 8 and z/d: 

(a) The constant value of the coefficient of discharge, C,. This 
is the mean value of the coefficient of discharge C in the constancy 
range. The root-mean-square error on C, was smaller than 0.1 
per cent. 

(b) The minimum value (Nx), of Reynolds number for which 
the coefficient of discharge could be maintained within 0.5 per 
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TABLE3 SUMMARY OF RESULTS 


seen that the cylindrical nozzles maintain a constant coefficient 
zd x’ 


at Reynolds numbers much lower than standard devices. Fur- 
thermore, it must be observed that in many cases the values of 
(Nez), would have been lower if the tests could have been ex- 
tended to lower values of Reynolds number. 

(ec) The value K’ of the pressure-loss coefficient at high Reyn- 
olds numbers. 

(d) The value \' of the pressure-loss ratio at high Reynolds 
numbers. 

It is seen that for all values of 8 except the last one (8 = 
0.6928) the constant value of the coefficient of discharge de- 
creased when the length ratio was below a certain limit. A con- 
current increase in the value of the pressure-loss coefficient and 
of the pressure-loss ratio took place. This was especially true at 
low values of 8. The values of the length ratio considered opti- 
mum are indicated in Table 4. The corresponding curves for C, 
K, and X in function of Reynolds number are given in Figs. 11, 
12, and 13, respectively. 

The behavior of the larger nozzle (8 = 0.6928) was somewhat 

cent of its constant value. When these figures are compared different. A sudden drop in the value of the coefficient of dis- 
_ with those quoted in the introduction for Venturi tubes, it is charge oecurred after the first cut (from z/d = 2.854 to z/d = 
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TABLE 4 OPTIMUM VALUES OF «4 


rea 
2.678). This drop amounted to almost 1 per cent of the value 
of the coefficient. 

This coefficient then remained unchanged from z/d = 2.678 
to z/d = 2.589. Another drop of approximately 1 per cent oc- 
curred at z/d = 2.410. Finally, for values of the length ratio 
equal to 2.237 and lower, the coefficient was again larger, prac- 
tically within 0.5 per cent of the value for z/d = 2.678. Even 
for a value of the length ratio as low as 0.982, small change was 
evidenced in the value of the coefficient. 

No satisfactory explanation can be offered for this behavior of 
the coefficient of discharge. A possible assumption would be 
that for the largest value of the length ratio, the fluid jet, ex- 
panding after the vena contracta completely filled the exit section 
of the nozzle. The expansion thus took place in two steps, 
namely, from the vena contracta to the nozzle cross section, then 


wale 
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from the nozzle exit section to the pipe-line cross ross section. When 
the nozzle was cut, the length of nozzle flowing full decreased 
until, for a shorter length, the complete expansion of the jet took 
place directly from the vena contracta to the pipe diameter. 

Since the variation of K and \ was very small, no optimum 
value of the length ratio could be assigned for 8 = 0.6928. 

It is now planned to continue the investigation by studying the 
effect on the coefficient of discharge of various locations of the 
piezometer connections, the effect of adding a conical diffuser to 
the evlindrical nozzle, and the effect of roughness in the approach 
pipe 
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istance Meters for Flow 


By R. 


A linear or linear-resistance type of flowmeter can con- 
sist of a straight piece of pipe with a porous plug, or a re- 
sistance element and a differential gage across the porous 
plug. In a certain flow range the volume rate of flow 
through the meter is directly proportional to the pressure 
drop across the plug. An investigation was made of linear 
flowmeters with copper-wool and brass-screen disk ele- 
ments; the fluid was water. The tests cover a range of 
plug lengths and plug specific weights. A set of dimen- 
sionless ratios is proposed for a correlation of all the data 
for general application. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A= 


cross-sectional area of pipe or plug normal to flow 

diameter of fiber 

porosity (volume of voids in plug)/(total volume of plug) 
difference in head across plug or resistance 

length of plug or resistance in direction of flow 
static-pressure difference across plug or resistance 
volume rate of flow through plug or resistance = 


specific surface (surface area exposed to fluid) /(total : 
volume of solid matter in resistance ) ‘ 


specific weight of plug element, equals weight of plug 
divided by volume of element 

specific weight of fiber material in plug 

dynamic viscosity of fluid passing through meter 

density of fluid passing through meter 


INTRODUCTION 


Among the different types of fluid meters is one which we call 
a linear or a linear-resistance type. In one form of construction 
this meter consists of a straight piece of pipe with a porous plug, 
or @ resistance element, and a differential gage across the porous 
plug. In a certain flow range the volume rate of flow through 
the meter is directly proportional to the pressure drop across the 
plug. 

The linear-resistance flowmeter has certain characteristics 
which may be desirable in different applications. It indicates 
directly the flow rate. The meter may be constructed easily and 
with materials readily available. If basic calibration data are 
established for easily duplicated plug or resistance elements, 
then possible users may not need to calibrate over well-established 
ranges. 

Because of a lack of published basic data, an experimental in- 
vestigation was made and material organized in order to bring 
out more prominently and simply the general characteristics of 

1 Texas Beacon Laboratories, Beacon, N. Y. 

? Professor of Mechanical Engineering, Purdue University. Mem. 
ASME. 

Contributed by the Fluid Meters Research Committee and pre- 
sented at the Annual Meeting, Atlantic City, N. J., November 
25-30, 1951, of Tue AmeRican Society oF Mecuanicat ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Sep- 
tember 12,1951. Paper No. 51—A-57. 
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this type of instrument. A previous — ee data on 
the flow of air through meters with cotton and steel-wool plug 
elements. The present paper extends that work with a ovadly of 
water flow through different plug-element materials. 


EXPERIMENTAL INVESTIGATION 


Fig. 1 shows a diagrammatic sketch of the apparatus used. 
Water passed through a straight constant-diameter pipe, and 
then through the porous plug. The porous plug was mounted 
inside a piece of smooth brass pipe, 1-in. standard pipe size (1.062 
in. ID). Upstream from the porous plug was a straight length 
of 1-in. brass pipe 18 in. long. At the inlet to the 1-in. pipe was 
a straightening chamber, consisting of 20 in. of 4-in. pipe filled 
with 3 in. of gravel. The meter was mounted vertically with 
the flow up. 


VOLUME MEASURE 
Three plug lengths were used, 4.25 in., 8.55 in., and 16.0 in., 
respectively. There was a retaining screen on each side of the 
porous plug. Static-pressure taps were located one pipe diameter 
from the retaining screen on each side of the plug. 

Copper-wool and brass-screen disks were used as the plug or 
resistance materials. The ordinary copper wool had a rectangu- 
lar fiber with average dimensions of 0.0205 X 0.00155 inch. The 
brass-screen disks were cut from commercial brass window screen- 
ing of 16 X 16 mesh. The brass screen had a round fiber with a 
diameter of 0.0173 in. 

Preliminary tests showed that it was necessary to deaerate the 
water in order to get reliable consistent data. The water was 
deaerated by boiling. 

Figs. 2 and 3 are curves obtained from direct measurements. 
The middle curve in Fig. 2, for a brass-screen element, shows a 
linear relation between flow rate and head drop until the flow 
reaches about 0.075 cu ft per hr. Above this value the flow is no 
longer linear. Fig. 3 illustrates similar cases for copper-wool 
elements. 


Fic. Ditacram or Apparatus 


CorrELATION OF Data 


Figs. 2 and 3 illustrate the type of curves obtained with indi- 
vidual meters. A large number of tests were made, with differ- 
ent flow rates, with different plug lengths, and with different spe- 
cifie weights of the plug element. There is a question as to an 
effective organization of all the data for general application. The 
problem of laminar or viscous flow through porous plugs is quite 
complicated. A completely rational solution of thie problem is 


* “Study of Linear-Kesistance Flowmeters,” by F. W. Fleming and 
R. C. Binder, Trans, ASME, vol. 73, July, 1951, pp. 621-624. 
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Experience with steel-wool and copper-wool meters showed _ 


g fy ot Thus a dimensional analysis appears to be of direct value. 


— 


promise for the use of two dimensionless ratios, (QluS*)/(PA) 
4 ae ae and W/W,. Fig. 4 shows a plot of all the tests for the copper- i> 


wool elements, using the proposed two dimensionless ratios. 
There is some scatter in these data, but the parameters appear — 
useful in organizing data, at least for design studies. Fig. 5 
shows a plot for the brass-screen meters using the proposed two 
dimensionless ratios. Fig. 6 shows a plot with log-log co-ordinates 
of the data in Fig. 4. The dotted line A in Fig. 6 follows data for 
the copper- and steel-wool flowmeters preserited by Fleming and 
Binder.* The copper-wool data follow a curve which may be 
approximated by a hyperbola. The brass-screen data fall on a 
straight line, which approximates the extended leg of a hyper- 
bola. 

In dealing with pipe flow, Reynolds number is useful in es- 
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tablishing a limit for laminar or viscous flow. For the porous 
plug, a Reynolds number Re is defined as the dimensionless ratio 


pQd 


A me 


With the use of plots of the type in Figs. 2 and 3, various Reyn- 
olds numbers were determined at the approximate limit of linear- 
ity for both copper-wool and brass-screen meters. Thus, for 
each material, a maximum Reynolds number Re for linear flow 
was determined. For brass-screen disks this maximum Reynolds 
number Re is about 0.5. For copper wool this maximum Reyn- 
olds number Re is about 0.9. 


PosstsLe Errors 


Note that the foregoing data were taken only with meters in 
which the water was deaerated. 

Various other tests with water as received directly from serv- 
ice lines showed no linear relation even at very low flow rates. 
In tests on a copper-wool meter, Fig. 7, a constant control-valve 
setting was used, and readings of flow rate and head loss were 
taken for different intervals of time. These data showed that as 
long as the meter was undisturbed, the head loss would increase 
and the flow rate would decrease with increasing time. When the 
meter was jarred or hammered, the head loss and flow rate would 
return toward the initial values. 

The effect of air bubbles in a brass-screen-disk meter is shown 
in Fig. 8. For increments of decreasing flow, the data points 
did not retrace the line established for increasing flow increments. 
The curve has the appearance of a hysteresis loop. This loop 
did not appear when properly deaerated water was used. 
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Thus air in a liquid linear flowmeter may have a major effect 
on the characteristics of the meter. 


CoNncLUSION 


The foregoing discussion brings out some of the main features 
of the linear-resistance type of flowmeter for water. Basic data 
for two different types of plug material are presented. 


4 
a) 


A dimensional analysis yields parameters which are useful in 
organizing data. Air in a liquid linear flowmeter may have a 
major effect on the characteristics of the meter. 
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Oil Flow 1 


An analysis is given of the factors affecting the leakage 
of oil from the ends of plain jc vurnal bearings fed eitner 
through an oilhole or an axial‘groove on the unloaded 
side, or a circumferential groove. With bearings having 
an oilhole or an axial groove, the oil flow consists of two 
components, one resulting from the oil-feed pressure, and 
the other from the hydrodynamic-film pressures support- 
ing the load. For bearings having a circumferential 
groove, the flow is primarily from the oil-feed pressure. 
The data given indicate that for any given bearing the oil 
flow may be expressed in terms of two dimensionless fac- 
tors involving the oil-feed pressure and the bearing load. 
The relations between these factors and the generalized 
operating variable, uN/P, are given for bearings having 
each of the three designs of oil feed. Further investiga- 
tions are suggested to provide a more complete under- 
standing of the factors affecting end leakage of oil from 
plain journal bearings. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


D = journal diameter, in. 
L = bearing length, in. 
C = running clearance (difference between bearing diameter 
and journal diameter), in. 
W = total load acting on bearing, Ib 
P = W/LD = pressure on projected area of bearing, psi 
N = speed of journal, rpm 
é = eccentricity ratio (journal eccentricity divided by radial 
clearance ) 
absolute viscosity of lubricant at atmospheric pressure 
and bearing temperature, lb-min/in.* 
total rate of oil flow from bearing, cu in. per min 
oil flow from bearing caused by oil-feed pressure, cu 
in. per min 
oil flow from bearing caused by load acting on bearing, 
cu in. per min 
oil-feed pressure (corrected for drop between gage and 
bearings), psi 
ky = dimensionless constant in Equation [2] 
uN /P = generalized operating variable 
S = (uN/P) D/C)? = Sommerfeld number 


Q’ 


P 


INTRODUCTION 


In many modern applications the oil fed to a journal bearing 
serves a dual purpose. While its primary function is to act as 
a lubricant in the development of a load-carrying film, it also 
is called upon to carry away the heat generated in the bearing. 
As a consequence, the rate of flow of oil through a bearing is an 
important consideration in bearing design and operation. 

! National Bureau of Standards. 

Contributed by the Lubrication Research Committee and pre- 
sented at the Annual Meeting, Atlantic City, N. J.. November 25- 
30, 1951, of Tae American Soctety or Mecuanicat ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, July 
26, 1951. Paper No. 51—A-34. 


in Plain Bearings 


This paper presents a detailed analy sis of some oil- aes ie: 
obtained in a research program on the lubrication of plain journal 
bearings which was conducted at the National Bureau of Stand- 
ards with the financial support of the National Advisory Com- 
mittee for Aeronautics. Previous publications pertaining to 
this program*** have dealt chiefly with the frictional charac- 
teristics, thermal behavior, and load-carrying capacity of plain 
journal bearings operating with forced-feed lubrication over a 
range of loads, speeds, and operating temperatures. That work 
also covered the effects of various arrangements of oilholes and 
grooves in the bearings and shaft. 

In the present analysis, consideration is given to the factors 
which affect the leakage of oil when it is introduced either 
through an oilhole in the unloaded side of the bearing, an axial 
groove (parallel to axis) in the unloaded side of the bearing, or 
a circumferential groove in the bearing. 


ve 


Facrors ArrectineG Flow 


Barnard’ pointed out that the leakage of oil from the ends of a 
journal bearing is caused by differences in the oil-film pressures 
in the axial direction. The pressures in the oil film in the bear- 
ing are influenced by two factors, namely, the oil-feed pressure, 
and the development of the hydrodynamic wedge which sup- 
ports the load. The distribution of pressure around the journal 
and along the axis of a typical bearing operating at speed N and 
load W (see nomenclature) has the general charac teristics as 
indicated by the curves in Fig. 1. 


Hydrodynamic 
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Oil-Feed Pressure 
Cross Section 


Film Pressure 
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Longitudinal Section 


Fie. 1 Pressure Disraisution 1s Journna 


For convenience, it is postulated that Q, the rate of oil flow 
from the bearing is represented by the equation 


+Q’ {1} 


where Q’ is the flow caused by the oil-feed pressure, and Q” is 
the flow produced by the hydrodynamic film pressures generated 
in the load-supporting wedge. 

Equations for the flow caused by the oil-feed pressure have 


? “Performance Characteristics of Journal Bearings With Forced- 
Feed Lubrication,” by 8. A. McKee, H. 8. White, A. D. Bell, and J. F. 
Swindells, NACA Wartime Report ARR No. 4H15, August, 1944. 

* “Measurements of the Combined Frictional and Thermal Be- 
havior in Journal-Bearing Lubrication,” by 8. A. McKee, H. 8 
White, and J. F. Swindells, Trans. ASME, vol. 70, 1948, p. 409. 

*“Oil Holes and Grooves in Plain Journal Bearings,” by 8S. A. 
McKee and H. 8. White, Trans. ASME, vol. 72, 1950, p. 1025. 

* “Oil Flow in Complete Journal Bearings,”’ by D. P. Barnard, 4th, 
Trans. SAE, vol. 20, 1925, p. 66. 
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been developed by Dennison, Shaw and Macks,’ and others 
for the special case of a bearing with a circumferential groove. 
These usually are of the form 


pbe 


=k (1 + 1.5?) 


This suggests the following dimensionless functional relation for 
more general application 


Q's 
pc? 


In this equation the generalized operating variable uN /P is 
substituted for the quantity, 1 + 1.5¢%. 

The flow caused by the hydrodynamic-film pressures involves 
complex relationships among the factors involved. However, 
with a given bearing, operating at a given eccentricity ratio, 
it would be expected that the pressures generated in the oil 
film would depend on the load on the bearing. 
this suggests the use of the equation 


D C 


which is similar to Equation [3] except that P, the load per 
unit projected area, is substituted for p, the oil-feed pressure. 


Accordingly, 


PO 


Test Data 

The oil-flow data considered here were obtained during a 
series of investigations using a four-bearing friction machine 
which has been described in detail in previous publications.®** 
In this machine, a set of four equally loaded bearings is operated 
as a unit on a steel shaft.*. The data presented here cover 
operation with sets of bearings having one oilhole (0.125 in 
diam, chamfered to 0.18 in, diam at edge) directly opposite the 
center of the loaded side, one axial groove (0.64 in. length, 0.10 
in. width, 0.04 in. depth) in the same position, or one cireum- 
ferential groove (0.15 in. width, 0.075 in. depth) midway along 
the length of the bearing. 
sets of bearings having two different clearances. 


rABLE 1 ESSENTIAL DIMENSIONS OF SHAFTS AND BEARINGS 
Length Average 

diameter 
bearing of bearing, 
L, in. 


Average 

diameter 

of shaft, clearance 
in. Cc, in 

0 0033 

0 0051 


Design of Bearing 

oil feed eet 

31 

51 

Axial groove in 33 
bearing 53 

Cireumferential \35 
groove in bear- +55 
ing 


1 hole in bearing { - 
1.275 

1.275 

1.125¢ 

1 125 


2.0548 


* Allowance is made for circumferential groove 


Measurements of bearing diameters were made both before and 
after a series of tests with a given set, and the values given in the 
table are based on estimates of the dimensions of the bearings 
at the time the oil-flow data under consideration were obtained. 

Not all the data obtained in a series of tests with a given set 


*“Film-Lubrication Theory and Engine-Bearing Design,” by 
E. 8, Dennison, Trans. ASME, vol. 58, 1936, p. 25 
? “Analysis and Lubrication of Bearings,” by M. C. Shaw and E. F. 
Macks, McGraw-Hill Book Company, Inc., New York, N. Y., 1949 
- Detailed information on the bearings, shaft, and operating tech- 
niques is given elsewhere.‘ 


Each design of oil feed was run with — 
The essential — 
dimensions of the shaft and bearings are given in Table 1. 


Average 
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of the effects of oil-feed pressure or bearing load upon the oil 
flow from the bearing. 

The most useful data for the present analysis were obtained 
in a series of runs operating at three different loads (W = 804, 
1553, and 3008 Ib), three speeds (1020, 2030, and 3040 rpm), and 
a number of oil-feed pressures ranging from about 10 to 60 psi. 
The oil used was an SAE 20 motor oil having an absolute vis- 
cosity of 70.8 centipoises at 100 F and 8.12 centipoises at 212 F. 
The oil-inlet temperature was maintained at 200 F. Typical 
examples of these data are given in Table 2. 


TABLE 2 TYPICAL OIL-FLOW DATA 

Oil-feed 

pressure 
Pp, psi 
10.0 
20 


Bearing 
ure, 
eg F 


5 


cu in. per min 


Fie. Data Optarnep Witn 2-In. X 1'/-In. Beartne 

(C = 0.0033 Ixy.) Waen Operatine at One Loap (W = 804 La) 

AND Turee Speeps (1020, 2030, anp 3040 Rem), Ustne an SAE 20 

Ou at 200 F O1-In tet Temperature at Ou-Feep Pressures 
From 10 To 60 Pst, as InpicaTep 


Data obtained with bearing set 31 (one oilhole) operating at 
a load of 804 Ib, three speeds, and nominal oil-feed pressures of 
10, 20, 30, 45, and 60 psi are given in Fig. 2 where the quantity 
Qu is plotted against the generalized operating variable uN/P. 
The general trend of the curves for the different oil-feed pres- 


sures (indicated in the figure) is typical of the data for all the =| 


sets of bearings operating at any one of the three loads. 
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DC 
CE-F - 
a Bearing 
set 
31 
al 
31 
31 1553 
31 1553 
31 1553 
| AS 31 1553 
i 31 1553 
31 1553 
51 1553 
51 1553 
7 51 1553 
1553 
2008 
51 3008 
3008 
51 3008 
33 1553 7 
33 1553 
33 1553 
33 1553 
«| 33 1553 
35 1553 
35 1553 
35 1553 
6 at 
| 
| 
| 
0031 
0.0032 | 
a 


aw McKEE—OIL FLOW IN PLAIN JOURNAL BEARINGS 


Since it is impractical to evaluate the effects of the various O16 

temperature gradients in the oil film upon the viscosity of the 
oil, the value for 4 was chosen arbitrarily as the viscosity at 
atmospheric pressure at a temperature midway between the oil- 
inlet temperature and the average of the temperatures indicated 
by thermocouples fastened to the loaded side of each of the four 
bearings. This value for uw seems to provide better correlation 
than values based upon temperatures measured either by the 
thermocouples in the bearing shells or by thermocouples in the 
oil streams at the ends of the bearings ; 


CorreLaTion or Data 


As was mentioned previously, data such as are given in Fig. 2 | 

may be used to separate Q into its components Q’ and Q” for © C*0.0033in 
any condition covered. This may be done graphically by plot- i * €*0.005! in 
ting Qu against p for any given value of uwN/P. With sucha © 1 
plot the data fall approximately on a straight line, the slope of 2 
which is equal to Q’u/p while the intercept at p = 0 equals 

Q*u. This separation also may be accomplished algebraically 

by the use of simultaneous equations. Fic. 4 Retation Berween (Q%u) /(PC) anv uN /P ror 2-In. X 


1'/-In. Beantnos Havine One (C = 0.0033 IN. ann 
Bearings Having One Oilhole. The results of such a separa- - RE nr 


tion for the two sets of bearings having one oilhole on the un- 
loaded side and operating at the three loads and three speeds 
are given in Figs. 3 and 4. 

In Fig. 3, Q’u/pC*, the dimensionless factor pertaining to the 
oil-feed pressure, is plotted against the operating variable 
P/(uN). The reciprocal of uN /P is used since the curve for a 
given bearing should intersect the ordinate P/(u~N) = 0 
at a value of (Qu)/(pC*) which represents the flow with the 
journal] running concentric with the bearing. If it is assumed 
that the upper portions of these curves represent conditions 
where the eccentricity ratio ¢ is approximately 1 and that 
Equation [2] may be applied to this type of bearing, then the 
intercepts would be four tenths of these upper values, and the 
curves would extend as indicated by the dotted lines. 

Curves showing the relationship between (Q"yu)/(PC*), the 
bearing load factor, and uwN/P are given in Fig. 4. These 
curves involve flow primarily on the loaded side of the bearings, 
hence they are extended to the zero intercept, indicating neg- 2 4 
ligible flow from this cause when e = 1, Qp Observed x 10” 

The data points shown in Figs. 3 and 4 are the results of com- ‘ . = 
putations using 5 different observed values, hence they do not Pia. 5 Corastation or Osservep Data Wirn CaucuLations 

Basev Upon Equations ano [4] anp Curves 1n Fies. 3 
AND 4 
(2-in. X 1'/e-in. bearing having one oilhole; C = 0.0033 in.) 


very 


PER 


indicate the correlation of the data clearly when using Equations 


id 


ar {1], [3], and [4]. However, in Fig. 5, where the calculated 
values of Qu, based on the curves in Figs. 3 and 4, are plotted 
b against the observed values of Qu for bearing set 31, the stand- 
ard deviation between calculated and observed values is 3.1 


per cent, For bearing set 51, this standard deviation is 3.3 per 
cent. 


r _ Comparisons of Designs of Oil Feed. Since the bearings with 

each design of oil feed had the same nominal clearances, length, 

and diameter, the curves for a given clearance provide direct 

© C+0 0033 in comparisons of the flow characteristics of the different designs. 

x C#0.005i in. pia. Comparisons of the oil-feed pressure factors are given in Fig. 6, 

—— and of the bearing load factors in Fig. 7, for bearings having 

boners v a nominal clearance of 0.003 in. For the bearings having a 

Biot nominal clearance of 0.005 in., the corresponding curves for the 

ae different designs indicate no marked change in their relative 
positions. 

Over the range of P/(wN) covered, the oil-feed pressure factors 

Fic. Re.ation Between (Q’x) /(pC%) axp P/(uN) von 2-In. X for the bearings with 4 circumferential groove were about twice 

1'/eIN. Beaninos Havine One (C = 0.0033 Ix. ann those for the axially grooved bearing and three times those ob- 

0.0051 In.) tained with the bearings having one oilhole. In this connection, 
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Fic. 6 (Q’u)/(pC®) Versus Curves ror Beartnos With 
Eacn Desion or Ow Feep; C = 0.003 In. Nominar 


the ratio of the flow for the one-oilhole bearings to the flow for 
the circumferentially grooved bearings is greater than would be 
expected from Dennison’s® analytical treatment for this partic- 
ular case. 

One possible cause for this is that the motion of the journal 
directly over the hole may have an effect in assisting the flow 
through the narrow orifice at the clearance space. This sug- 
gests an investigation of the relation 


where d is the diameter of the oilhole. 

In considering the bearing load factor, the flow from the axially 
grooved bearing was the greatest. This flow is primarily from 
the loaded side of the bearing, and apparently the axial groove 
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provides a somewhat greater film thickness than the oilhole. 
This was noted also in the load-carrying tests previously re- 
ported,’ where it was found that the axially grooved bearing had 
the lowest critical value of uN/P. The extremely low values 
of the bearing load factor obtained with circumferentially 
grooved bearings are noteworthy. A possible reason for these 
low values is indicated in Fig. 8 which shows the general char- 
acteristics of the longitudinal pressure distribution at the center 
line of the load for each of the three designs. From this figure 
it is seen that the single parabolic distribution of film pressures 
on the loaded side for the oilhole and axially grooved bearings 
tends to force the oil out the ends of the bearings, and hence 
increase the oil flow. The circumferentially grooved bearing, 
however, is divided by the groove into two short bearings, each 
of which has parabolic film-pressure distribution on the loaded 
In this case the film pressures on the inside portions of the 
two short bearings force the oil back into the groove. This 
results in a loss of the energy (from the standpoint of end leak- 
age) that was used up originally in moving the oil axially from 


side. 


Hydrodynamic Film Pressure 
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Circumferential 
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Pressvre ror Eaca Deston or Feepo 
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the groove. This loss is probably about equivalent to the gain 
in flow caused by the film pressures in the outer portions of the 
two short bearings—hence the values obtained for the bearing- 
_ load factors with this design of bearing are practically negligible. 
Effect of Change in Clearance. In Fig. 9 the oil-feed pressure 
factor (Q’u)/(pC*) is plotted against the reciprocal of S, the 
Sommerfeld number, S = (uN /P)(D/C)?, for the three designs 
of oil feed. Also, plots of the bearing load factor (Q"y)/(PC*), 
against S for the one-oil hole and axially grooved bearings are 
given in Fig. 10. A comparison of Fig. 3 with the one-oil hole 
bearing data of Fig. 9 indicates that plotting (Q’u)/(pC*) 
- against 1/S instead of P/(uN) tends to separate the curves 
rather than bring them together, as would be expected from the 
hydrodynamic theory. On the other hand, for a given type of 
bearing the bearing-load-factor data in Fig. 10 fall reasonably 
well on a single curve, whereas the data for bearings of different 
clearances fall on separate curves when plotted against uN /P 
as in Fig. 4. 
While such factors as accuracy of measurements in deter- 
mining the clearance, choice of viscosity values used, and thermal 
expansion may influence the curves in Fig. 9, it is believed that 
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Fic. 9 Retation Between (Q’x) /(pC*) anv 1/S ror Bearinos 
Wrrn Eacu Desion or O11 Freep 


the major contributing factor to the differences shown is ‘‘out- 
of-roundness”’ possibly caused by some wear, but more probably 
by deformation under load. That out-of-roundness is respon- 
sible is indicated by the fact that in all the tests the oil-feed 
pressure factor values obtained with the bearings having the 
smaller clearance were proportionately larger than those ob- 
tained with the larger clearance bearings. It would be expected 
that the major portion of the oi] flow caused by the oil-feed 
pressure occurs on the unloaded side of the bearing and, since 
a given deformation on the loaded side would have a propor- 
tionately greater effect on the clearance space on the unloaded 
side of the smaller clearance bearing, the effect on the flow 
would be in the direction shown by the differences in the (Q’u)/- 
(pC*) curves. This explanation receives added support from 
the fact that, in cases where comparative estimates can be made, 
the values of (Q’u)/(pC*) obtained are larger than would be 
expected from the equations of viscous flow. 


ConcLusION 


The foregoing discussion indicates that leakage of oi] from the 
ends of plain journal bearings fed through an oilhole, or an axial 
groove on the unloaded side, or through a circumferential groove 
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may be considered as consisting of two components, one result- 
ing from the oil-feed pressure, and the other from the kydro- 
dynamic film pressure supporting the load. In the case of a 
bearing with a circumferential groove, the leakage due to the 
hydrodynamic film pressure is negligible in comparison with that 
due to the oil-feed pressure, while for the other two types of 
bearings both causes produce appreciable leakage. 

Over the range of conditions covered, the data obtained indi- 
cate that for any given bearing the end leakage of oil is defined 
reasonably well by Equations [3] and [4]. The differences 
obtained with bearings of different clearances when plotting 
the oil-feed pressure factor against the reciprocal of the Sommer- 
feld number are attributed to out-of-roundness caused chiefly 
by deformations under load. 

While a very limited amount of other data available indicate 
the relations given apply also when using oils of different vis- 
cosity grade and at other oil-inlet temperatures, investigations 
should be made of these factors as well as the effects of changes 
in journal diameter and bearing length. 

In further work on oil flow in plain journal bearings special 
emphasis should be placed on the study of flow caused by the 
hydrodynamic film pressures. 
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Discussion 


G. B. Du Bots.’ This paper shows considerable progress in 
the study of oi] flow, a problem which must be solved before we 
can attack the problem of estimating the operating temperature 
of a bearing having oil supplied under pressure. 

The separation of the total oil flow into two parts, one related 
to the load, and the other related to the oil pressure, seems to us 
a valuable and necessary step. The author's method of separat- 
ing these flows by graphical analysis is especially ingenious. The 
author is to be commended for making these oil-flow data availa- 
ble, and for his frank discussion of the difficulty of finding a 
satisfactory method of plotting the variations in oil flow. 

Professor Ocvirk and the writer are also engaged in a research 
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project sponsored by the NACA at Cornell University. We are 
varying the length-to-diameter ratio and measuring eccentricity 
ratio, friction, and oi] flow. It seems to us that the variable con- 
sisting of the partial flow times the viscosity divided by the 
unit load times the cube of the clearance is in the right direction. 
However, this variable lacks terms related to the length-diameter 
ratio, a variation which is not apparent from the data on only one 
bearing. 

We also have found a method of plotting oil flow which is of 
interest here, because we have been able to plot the author’s data 
in Table 2 on our curve indistinguishably from our data. Thus, 
thanks to him, we can say that our curve gives a single line for oil 
flow which applies to two different bearing machines for the single 
oilhole case, and covers two clearances, two diameters, three 
length-to-diameter ratios plus variations in Zn over p. This will 
be included in an NACA technical note which we hope will be 
published in a few months. The data in Table 2, in effect, have 
saved us about one year of testing, and these two independent 
projects are a good example of how one project can supplement 
another. 


M. D. Hersey.'® This investigation goes far toward explain- 
ing the flow observations reported by Barnard and others. Cer- 
tainly a clear physical picture of oil flow under the condition of 
practically uniform viscosity is a valuable aid toward under- 
standing more complicated conditions. 

Can a theoretical proof be given to show that the principle of 
superposition is applicable to fluid flow with variable geometry of 
the flow channel? The correlation of data in this paper seems to 
rely largely upon diagrams like Fig. 2 which are based upon a 
constant load, How does it work out with variable loads repre- 
sented by constant values of p/P in such a diagram? 

A complete dimensional] analysis leads to an additional parame- 
ter p/P on the right-hand side of Equation [3]. The omission of 
that ratio appears to restrict our study to conditions where the 
journal position is not much influenced by the inlet pressure. 
The statement preceding Equation [4], to the effect that the film 
pressures generated hydrodynamically at any fixed eccentricity 
would depend on the load, may be questioned. This assump- 
tion is not required in the derivation of Equation [4]. Would it 
not be sufficient at this point to say that the eccentricity ratio de- 
pends upon pN/P? 


M. Rosensiatr" anv D. F. Witcock."? We are interested 
in the author's separation of oi] flow into two components, and 
although we recognize that this method is not mathematically 
rigorous, we agree that the data seem to indicate such a separa- 
tion. His approach parallels the approach, which we used in a 
current paper," rather closely with respect to this type of a 
separation. Although the bearings which we studied were dif- 
ferent from those of the author, a comparison between the two 
papers is interesting. 

A flux-plotting method was used to determine the film flow re- 
sulting from pressure at the oil grooves in our paper."* For a thin 
slot 
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Key Factor in Sleeve-Bearing Performance,” by 
Wilcock and Murray Rosenblatt, published in this issue, pp. 


h? wp 
ip 
w = slot width, in. > 
p = pressure, lb per in. 
h = film thickness, in. "howe tn 


In the immediate vicinity of the groove the film thickness is 
nearly constant, Under these circumstances the ratio of width to 
length of an equivalent thin slot is determined from the small- 
square plot as the ratio of the number of equiflow lines to the 
number of equipressure lines. Thus in Fig. 11 of this discussion 
a plot for the author's one-hole bearing i 


h* 
= 2.56 or Q, = 0.213 — 


viscosity, reyns 
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Fie. 12) Frux Prior ror AxtaL-Groove Bearine 


In Fig. 12, herewith, a plot for the author’s axial-slot bearing 


Now at the point of introduction of oil 
c 


where 


ec = diametrical clearance, in. 
n = eccentricity 


if it is assumed that the attitude curve of the journal is a semi- 


circle. Thus 
Q'u 1+n?\* 
—— = 0213 | — 
pe* ve ( 2 ) 
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for the one-hole bearing and for the axial slot bearing ya Thus the theoretical curves of q’ versus S in the writers’ paper'* 
F “n an be put into the author's form, This is shown in Fig. 14 of this 
Q's = 0.389 (4 “) Hot, ee with some of the author's points for comparison. How- 
pc* 2 ever, it must be remembered that his data are for an entirely dif- 
é ferent bearing configuration than ours and that dimensional curves 
of this form should be used only for similar bearing configcrations. 
paper" can be used to plot P. R. Trumpcer."* The calculation of oil flow is indeed one of 
‘ the most important unsolved problems facing the bearing de- 
versus J signer. However, the writer does not believe that the author's 
8 work will help us very much since his thinking is based on as- 
sumptions which are mostly unsatisfactory and his data are in- 
completely reported. 
1c P' Use of the principle of similarity to set up functions of dimen- 
7 _sionless groups is only an intermediate step between a pure guess 
. = a complete analytical treatment based on an established 
+ Saat mechanism, To investigate the limitations we must ask of Equa- 
ae tions {3} and |4) of the paper whether or not the functions are 
hd complete. How about the existence of a partial oil film, which is 
ss probably avoided with oilhole and axial groove, but probably 
ss exists for the circumferential? How about the dimensions of oil- 
= hole, or the geometry of the grooves? Does not the assumption of 
a ma particular value of the viscosity 4 appear to be rather arbitrary 
on _ and deserve detailed explanation? 
ae Considering the fact that the effect of variable oil viscosity is not 
bayrene - well understood, is it not necessary to include many bearing tem- 
-peratures taken at various points in the shell for the benefit of 
other investigators in the field? How about the dimensions of the 
¢ircumferential groove? 
ww thy. The presupposition that dividing the oil flow into the two com- 
ponents Q’ and Q” will help us is open to question. Both compon- 
ents are dependent upon the film pressure. The partial) differen- 
airs tial equations, even for a complete film, do not permit superposi- 
%. tion of circumferential and axial pressure components in any 
amet simple manner, because of the boundary conditions. This is an 
error made in all publications of which the writer is aware, under- 
lying Equation [2], and is probably the basis for the flow-super- 
position idea. 
If it is impossible to separate the pressure components, the use- 
fulness of separating flow components escapes the writer. 
It is believed that the entire problem of the pressure distribution 
in bearings with constant unidirectional load, assuming only con- 
stant viscosity, can and should be solved accurately by analytical 
means. This could be done for a wide variety of oil grooving. 
- The pressure distribution would provide the solution for oil flow 
and load capacity at the same time. The results could then be 
spot-checked against experimental data. It is thought that work 
of this nature would provide the information which the engineer 
needs. 


pe? 


curves for comparison with his data. These are shown in Fig. 13 


Fic. 13 Pressure-Inpucep Firow 
(Solid lines from Flux Plot, Dotted lines from McKee.) 
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we 


of this discussion. Thus it is apparent that flux-plotting methods 
can be useful for predicting flow from oil grooves. 
In the writers’ paper, we used the term 


4Q” 
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While the author has no rigorous theoretical proof that it is 
permissible to separate the oil flow into two components, Q’ and 
Q’, it might be well to point out that such a choice resulted from 
the fact that (as was mentioned in the paper) data such as is given 


oil flow due to journal 
rotation cu in./min 
rpm 
diameter, in. 
length, in. 
diametrical clearance, in. 
Now 
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4 See Footnote 13, Fig. 23. 
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any given value of wN/P. 


‘n=, mae e fn Qu and hence is in accord with Equation [2] which is derived from 


in Fig. 2 fall in a straight line when Quy is plotted against p for 
This straight-line relationship not 
only provided a relatively accurate method for extrapolating to 
_p = 0 but also indicated that for any given value of uN /P (or 
eccentricity) any increase in p caused a proportional increase in 


the theory of viscous flow. Accordingly, the author used this 
method rather than treating Q as a whole and using the variable 
4 See Footnote 14, Fig. 7 
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p/P as suggested by Mr. Hersey. It might be mentioned also 
that unless this separation had been made, it is probable that the 
negligible “pumping effect’’ of the circumferentially grooved 
bearings would not have been noticed. 

With reference to Mr. Hersey’s questioning the statement re- 
garding film pressures depending on the load, the fact that the ec- 
centricity ratio is dependent upon uN /P was implied by its inser- 
tion into Equation [4]. However, in this statement the author 
wished to point out that the same uN /P (or eccentricity) could be 
obtained at different loads and the film pressures would change 
accordingly. For example, if we assume a given bearing is in one 
case operating at V = 1000 and P = 200, and in another at NV = 


ASME JULY, 1952 
2000 and P = 400, and either the lubricant is changed or the tem- 
perature is controlled such that the effective value for u is the 
same, then the value of uN /P would be the same in both cases, 
but the film pressures would be greater where P = 400. 

In considering the case of variable loads mentioned by Mr. Her- 
sey, it is believed that the use of the p/P parameter would not ma- 
terially assist matters. In most practical bearing applications p, 
the oil-feed pressure, is maintained by some lubricating system 
usually involving a pump and a regulator for maintaining the 
pressure reasonably constant. Under these conditions, p is in- 
dependent of the load, and, with a variable load, p/P is not a con- 
stant. 
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By D. F. WILCOCK! ann MURRAY ROSENBLATT? 


The determination and understanding of the perform- 
ance characteristics of cylindrical sleeve bearings is based 
upon three relationships. These are (a) the viscosity- 
temperature characteristic of the lubricant; (b) the bear- 
ing power consumption as a function of oil-film tempera- 
ture; and (c) the oil flow through the bearing as a function 
of Sommerfeld number. The first two are well known, 
and this paper is concerned primarily with the nature and 
quantitative determination of oil flow, together with the 
simplified methods for the calculation of bearing perform- 
ance made possible thereby. The discussion is restricted 
to those bearings having oil fed under pressure to their 
oil-distribution grooves. Oil flows from the ends of these 
bearings because of the pressure in the oil grooves and be- 
cause of the pressures generated in the load-carrying por- 
tion of the oil film. The second type of flow is dependent 
upon shaft speed. Dimensionless parameters controlling 
both types of flow have been calculated, and experimental 
results on several bearing sizes confirm the theory. A 
detailed study of the circumferential flow of oil in the 
bearing shows that Petroff’s law is an excellent approxima- 
tion of power loss up to an eccentricity of 0.7, and that the 
temperature variation in the oil film may be estimated 
with simple assumptions. Knowledge of bearing oil-flow 
characteristics permits the ready calculation of bearing 
performance by means of the “operating-line method.” 


NOMENCLATURE 


The following nomenclature is used in the paper: rout 


. = chamfer flow coefficient 
= active width of oil film at any angular position in bearing, 
in. 
= diametral clearance, in. 
= heat capacity of oil, Btu/gal/deg C 
= 


journal diameter, in. 

equivalent diameter of opening 

power consumption of bearing, hp 

shape coefficient for flow through a duct 
length of bearing in axial direction, in. 

point of minimum approach, subscript 

journal speed, rpm 

bearing load per square inch projected area 
net bearing oil flow, gpm 

oil flow through four oil-groove chamfers, gpm 
oil flow through bearing oil film due to inlet pressure, gpm 
oil flow due to rotation of journal, gpm 
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circumferential oil flow point approac h, 


gpm 
journal radius, in. 


D 
Sommerfeld number, C 


P | 
Ader? 


b\ 
p 7 242 X 10 (2) 


temperature, deg C 

inlet oil temperature, deg C 

outlet oil temperature, deg C 

oil temperature at leading edge, deg C 

oil temperature at trailing edge, deg C 

oil temperature at point of minimum approach, deg C 

temperature rise of oil, 77; — T; 

temperature difference in bottom half of bearing, 7’, — 
T, 

surface velocity of journal, ipm 

power transfer to shaft, in-lb per min 

power transfer with shaft centered (Petroff) 

error in W due to neglecting pressure-induced component 
of oil velocity 

oil viscosity, Ib min per sq in. 

chamfer dimensional radial to journal 

chamfer dimension tangent to journal 

journal eccentricity, in. 

oil film thickness, in. 

dimensionless ratio, W/W, 

proportion of power loss in zone /, W,/2W 

proportion of power loss in zone II, W;/2W 

axial length of chamfer, in. 

eccentricity ratio, 2e/C 

inlet oi) pressure, psi 


dimensionless oil-flow coefficient, = 


slot thickness, in. 

oil velocity, ipm 

slot width, in. 

co-ordinate in direction of journal motion 
co-ordinate in axial direction 


acute angle between load vector and line of centers 
Sommerfeld substitution 

angle measured from load vector, in direction of motion 
oil viscosity, centipoises (u = 4.14 x 10°Z) 

outlet oil viscosity 


ratio of corrected to uncorrected chamfer flow, —, 


(Kinetic Energy Correction) e 
heat flow from bearing and shaft by conduction and 
radiation 
¥ = oil viscosity-temperature function 


INTRODUCTION 


The methods and procedures for the analysis of the oil flow and 
performance characteristics of sleeve bearings described in this 
paper are directly applicable only to those bearings which are 
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fed by oil under pressure or which receive a copious supply of oil 
by some other means such as an oi! ring. Bearings which are fed 
by oil under pressure are commonly used in modern high-speed 
turbines and gears, and simple but adequate means of predicting 
their performance accurately is needed by the designing engi- 
neer, This is particularly true where large bearings and high 
rotary speeds will cause abnormal temperature rises unless the 
design is correct. Likewise, in multiple reduction gears, where 
efficiency is at a premium, the multiplicity of bearings makes an 
accurate knowledge of bearing power consumption essential. 

This paper affords methods of calculating readily both tem- 
perature rise and power consumption in bearings of the type il- 
lustrated in Fig. |. This bearing is split into two halves. It 
has a cylindrical bore and large axial oil-distribution grooves 
located at the split, each subtending an angle of approximately 30 
deg between blends with the bore. The principles outlined, how- 
ever, will apply to other designs of pressure-fed bearings. 

Bearings of the type illustrated are used normally where the 
quantity of heat generated in the bearing oil film is so large that 
its removal by conduction and radiation from the bearing sur- 
faces would result in excessively high bearing temperatures. 
In order to avoid these excessive temperature rises, these bear- 
ings are designed so that a major proportion of the heat gener- 
ated in the oil film is carried away by the oil which is caused to 
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flow through the bearing. Since the amount of heat generated 
in the bearing oil film is roughly proportional to the cube of its 
diameter, while the heat which can be carried away at a given 
temperature level is proportional to the first power of the diame- 
ter, it is apparent that the larger a bearing is, the greater is the 
need for removing a major proportion of the generated heat by 
means of the oil flowing through the bearing. Because of this 
requirement for removing heat by means of the oil and not by 
radiation and conduction, a thorough knowledge of the quantity 
of oil which wil! flow through this type of bearing and of how to 
predict this quantity is essential if one is to predict the bearing 
performance, 

Major attention in the literature has been devoted to such 
things as the relations of friction factor and shaft position to the 
Sommerfeld number or related variables, to the pressure dis- 
tribution within the oil film and the load-carrying capacity of 
the bearing, and to the calculation of bearing performance as- 
suming that all heat is removed by conduction and radiation. 
However, Barnard (1)* in 1925 pointed out that in high-speed 
bearings where the heat generated must be removed by the oil, 
the bearing may be likened to a pump in which oil flow in an 
axial direction is due to the oil-film pressure necessary to sup- 
port the bearing load and to the oil-feed pressure. He defined an 
“ Efficiency’’ equal to the oil flow at zero feed pressure divided by 
the volume displaced circumferentially due to shear in the oil film 
with the shaft centered, and showed that it is related to the 
dimensionless variables P/ZN, D/L, and C/L. 

This paper by Barnard appears to contain the essentials of a 
sound understanding of the mechanism of bearing oil flow, and it 
is surprising that his concepts have not been applied by later 
workers in the field. Shaw and Macks (2) calculate the oil flow 
at zero speed for bearings having a circumferential feed groove 
or a single inlet oil-feed hole and state that “flow through a 
stationary eccentric journal bearing should . . . . represent to a first 
approximation the flow to be expected from an actual bearing 
under load with the same eccentricity.’”’ Orloff (3) developed ap- 
proximate equations for the flow from a bearing with a circum- 
ferential oil-feed groove, including the effects of oil-feed pres- 
sure and shaft rotation. Boyd and Robertson (4) found the oil 
flow through high-speed, low-load bearings with a circumferen- 
tial oil groove at mid-length or with a single oil-inlet hole at the 
top to be substantially independent of speed and proportional 
to the inlet oil pressure, to the cube of the clearance, and to the 
reciprocal of the oil viscosity. McKee and White (5) have 
measured the effects of various oil-hole and groove configura- 
tions on bearing performance, oil flow, and temperature rise. 
Withers (6) studied oil flow through an engine main bearing and 
found it to be roughly proportional to the 1.3 power of speed, 
the square of the clearance, the square root of the inlet oil pres- 
sure, and inversely proportional to the 0.4 power of the inlet 
viscosity. Linn and Irons (7) found that oil flow in overshot 
bearings, which have a circumferential oil groove in the upper half 
only, has a large influence on bearing performance. In this type 
of bearing the oil flow is limited by an orifice in the feed line 
rather than by the bearing itself. 

Further consideration and extension of Barnard’s concept of 
oil flow through a bearing gives a clear picture of the phenomenon. 
At zero feed pressure there is a quantity of oil flowing circum- 
ferentially around the bearing which may be calculated as it is 
in the classical theory by adding to the flow due to shear the 
flow in a circumferential direction due to the pressure gradient in 
the oil. At zero bearing load this reduces to the shear-flow calcu- 
lated with the shaft centered in the bearing. In bearings with 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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axial oil-distribution grooves such as are considered in this paper, 
the oil flow through the bearing which must be supplied by the 
oil-feed system is that oil which is forced out of the ends of the 
bearing due to the pressure gradients in an axial direction. 
This end flow may be calculated directly if the pressure gradi- 
ents at the ends of the bearing are known. Thus information on 
end flow may be obtained from calculations by Needs (8) for 
120-deg bearings, and by Waters (9), and Cameron and Wood (10) 
for the full journal bearing. As an alternative, the end flow 
may be thought of as the difference in the circumferential oil- 
flow rate between the points of maximum and minimum circum- 
ferential flow; and in this way the effect of shaft eccentricity in 
the bearing is immediately apparent. It is evident that the 
end flow may vary from zero when the shaft is centered to 
double the average circumferential flow when the eccentricity 
approaches one. 

When the oil-feed pressure is greater than zero, an additional 
flow occurs due to the leakage of oil through the annular space 
between shaft and bearing and through the triangular-shaped 
openings created by the chamfers normally cut at the ends of the 
axial oil-feed grooves. At extremely light loads this “zero speed” 
oil flow Qo is necessary to permit proper cooling of the bearing 
which would not have sufficient end flow at zero feed pressure. 

The average outlet-oil temperature of the bearing depends 
upon the oil flow through the bearing, but it is equally dependent 
upon the bearing power consumption which in turn is a function 
of the oil-film viscosity. Thus it is important to know the oil- 
film temperature in relation to the inlet- and outlet-oil tempera- 
tures. Since the end flow from the bearing occurs only from the 
loaded half at zero feed pressure, it is reasonable to assume that 
the average film temperature in the loaded half of the bearing is 
equal to the average outlet-oil temperature, and measurements 
of oil-film temperatures have, indeed, shown this to be the case. 
Furthermore, the temperatures of the oil stream leaving the 
chamfers at the ends of the oil grooves are found to be nearly 
equal to the outlet-oil temperature, indicating that rather com- 
plete mixing takes place in the oil-feed grooves. In order further 
to understand why it is more reasonable to assume an average 
oil-film temperature equal to the outlet-oil temperature than to 
use the average of inlet- and outlet-oil temperatures, it is useful to 
consider the entire bearing as a mixer. Since under average 
conditions the end flow from a bearing is a small proportion of the 
circumferential flow, we may liken it to a mixer to which a small 
stream of cold oil is being added and from which an equal 
small amount of oil at the average temperature of the mixer is being 
withdrawn continuously, The mixer temperature is equal to the 
temperature of the oil being withdrawn and is above the tem- 
perature of the oil being added by an amount sufficient to carry 
away the heat being generated. 

Thus the determination of the outlet-oil temperature deter- 
mines the average oil-film viscosity and permits the prediction 
of bearing power consumption. If the oil flow through the bear- 
ing is known, the outlet temperature may be calculated in terms 
of the outlet-oil viscosity as follows, since the power consumed is 
proportional to viscosity 


= T+ = + f(us)....... 

The intersection of the line represented by Equation [1] with 
the viscosity-temperature curve for the particular oil to be used 
gives a graphical solution for the outlet-oil temperature and 
thence for the power consumption of the bearing. As will be 
shown later, the oil flow is dependent upon the oil-film viscosity 
because of its effect on shaft position, so that Equation [1] usually 
is not a straight line. 
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Zero Speed Flow. The zero speed flow Q), which is caused 
by the presence of a positive oil-feed pressure in the oil-distribu- 
tion grooves in the bearing, has been shown to consist of two 
flows, namely, that oil which flows through the annular space 
between shaft and bearing Q,, and that oil which flows through 
the chamfers at the ends of the oil-distribution grooves Q,. In 
calculating Qo, the simplifying assumption that the shaft is 
centered in the bearing is normally made. This assumption 
appears to be justified for a number of reasons, as follows: 


1 When the shaft is rotating, it is roughly centered at light 
to moderate loads. 

2 When the shaft is stationary and resting at the bottom of 
the bearing, the film thickness at the horizontal where the oil 
grooves are located is the same as for a centered shaft. Most of 
the flow will take place near the oil grooves. 

3 Under running conditions, the zero speed conditions are ob- 
viously disturbed, and hence the calculation is approximate in 
any event. 

4 Under low-load conditions where the zero speed flow be- 
comes a large and important proportion of the total flow, the 
shaft is very nearly centered. 

5 Correction for the horizontal shaft eccentricity is readily 
made if desired. 


The oil flow through the clearance space in the bearing is 
proportional to the cube of the clearance and may be calculated 
from the general expression for the rate of flow of fluid through 


thin slots 
Q= cu in. per min 
The nature of the flow pattern through the clearance space may 
be ascertained by constructing a flux plot such as the one illus- 
trated in Fig. 2. This shows one eighth of the developed bearing 
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surface, the minimum area of symmetry. From such a plot of 
orthogonal squares, the effective width to length ratio for any 
particular configuration of oil groove and bearing is determined 
for use in Equation [2]. For the particular example shown 
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Decreasing the bearing length from 1.5 D to 0.5 D decreases w/l 
by only 10 per cent, for the shape of oil-feed groove illustrated, 
because the major portion of the flow takes place near the end 
of the groove. The total flow through the clearance space is 8 
times that calculated by Equation [2] and, using an average 
value for w/l of 3.85 for the shape of oil groove illustrated, the 
film flow becomes 

o, 75 X 


Fig. 3 shows the nature of the triangular opening created by 
the chamfers at the ends of the oil grooves through which a cer- 
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tain amount of oil leakage will occur. 
duct is given by the expression 
804,000 p 
Kul 


The flow through such a 


(D,)* (area) 


where K is a shape coefficient and D, is the equivalent diameter 
calculated as 4 times the area divided by the wetted perimeter. 
K is known to be 16 for a circle, 14.25 for a square, 24 for parallel 
planes, and 13.3 for an equilateral triangle. Since it was not 
found in the literature, a value of K = 13.0 was determined for 
the 45-deg right triangle by the methods suggested by Purday 
(11) by applying Southwell’s relaxation method and assuming 


= const .- [5] 
Z Or 

‘The value of K = 13.0 is applied as a fair approximation to the 
more general case illustrated in Fig. 3 where the chamfer angle 
may not be exactly 45 deg and where the triangular section ‘is 
extended to include the clearance space. The chamfer flow then 
becomes 


Vu = 


275,000 Ap 
la + Vat + 
Since the flow path along the chamfer is normal!y quite short, 

the pressure difference Ap used in Equation [6] must be cor- 
rected by subtracting the pressure required to accelerate the oil. 
Integration of the square of the velocity over the 45-deg right 
triangular section showed the average of the square of the veloc- 
ity over the section to be 1.42 times the square of the average 
velocity, Therefore the average velocity head is given by 


1142p ma)’ 
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However 


Q.= A{Ap — 


Assuming an average density of p = 0.031 Ib per cu in. for paraf- 
finic-type oils and assuming a = 4 for the 45-deg right triangle, 
Equation [9] becomes 


The chart, Fig. 4, has been prepared from Equation [11] and 
permits determination of the proportional correction, § = Q./Q.°, 
as a function of the uncorrected chamfer flow Q.°, and lu the 
product of the length of the chamfer by the oil viscosity. The 
single chamfer flow then is 


cy 
47,200 (. + 


Q. = rom 


Since there are four chamfer openings, the total chamfer flow is 
1. if they are of equal size. 


4 Kineric-Exercy Correction rok CHamrer FLow, 
a8 A FUNCTION oF Q.° AND lp 

Rotational Flow. The end flow from the bearing induced by 
rotation is a function of the axial pressure gradient existing in the 
oil film at the edges of the bearing. Therefore determination of 
the rotational flow for cylindrical bearings which have axial oil- 
distribution grooves requires calculation of the pressure dis- 
tribution existing in the loaded half of the bearing. These calcu- 
lations have been carried out in the form of numerical solutions 
of Reynolds equation for the centrally loaded 150-deg bearing 
(the lower half) and for L/D ratios of 0.5, 1.0, and 1.5. A general- 
ized solution is obtained by first putting Reynolds equation in 
dimensionless form as follows 
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Zn N\D 
The solution of Equation [13] will depend upon the length- 
diameter ratio, the viscosity distribution in the oil film, and the 
attitude measured by n and a@ (see Fig, 5). For a given length- 
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diameter ratio and viscosity distribution, n and a@ are not inde- 
pendent since the journal must assume a running position such 
that the resultant horizontal foree on the journal is zero for 
stable operation. Equation [13] has been solved numerically, 
assuming values of attitude L/D, and viscosity distribution, and 
remembering that the boundary conditions are that the pressure 
must be zero at the edges of the bearing and at the oil grooves. 
Any oil-feed pressure applied at the oil grooves is taken into ac- 
count separately by means of the zero speed flow calcula- 
An exponential variation of viscosity between the leading 
edge and the trailing edge was assumed. The numerical solu- 
tions were obtained approximately with the aid of a d-c network 
analyzer choosing two values of a for each eccentricity and inter- 
polating to obtain the conditions corresponding to a vertical 
load. In this way the pressure distributions for a series of values 
for L/D, eccentricity and viscosity distribution were obtained. 
A typical pressure distribution is shown in Fig. 6. From the cal- 
culated pressure distributions the dimensionless end flow 
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and the total vertical load were determined by numerical inte- 
gration. The results of this calculation are shown in the chart in 
Fig. 7 in which q is plotted as a function of Sommerfeld number S, 
for values of the viscosity ratio uz/r, of 1 and 3. Lines of con- 
stant eccentricity n are also shown. It must be remembered that 
this chart applies specifically to bearings with two 30-deg hori- 
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zontal oil grooves and that similar charts for bearings with 
other geometries will have to be calculated in like manner. The 
effect of viscosity ratio is minor. 
The calculated values of the dimensionless oil-flow coefficient 
-q are compared in Fig. 8 with values calculated from the papers 
by Cameron and Wood (10) for the 360-deg cylindrical bearing, 
and by Needs (8) for the 120-deg partial bearing. The compari- 
son is made for L/D ratios of 0.5 and 1.0, and it is interesting to 
note that for each L/D ratio the three calculations form a family 
of curves in which the curve for the axial oil-groove bearing having 
a 150-deg are in the loaded half lies between the curves for the 
120-deg partial bearing and the 360-deg full bearing. The poten- 
tial advantage in greater oil flow and lower bearing temperature 
to be gained from locating the oil-feed groove near the point of 


| 
WILCOCK, ROSENBLATT—OIL FLOW, KEY FACTOR IN SLEEVE-BEARING PERFORMANCE 853 
— \ = 
z= h' = A = 1 + n cos (0 — a) os ~ 020 | 
| 
aif 
q art 
3 


| 
$s 


25 


02 20 50 100 
Fic. 8 Comparison or DimensionLess FLow Cogrrictents FOR 
120-Deo Partita, Bearino (Neeps, Rererence 8), 150-Dec Bear- 
(AuTHORS), AND 360-Deq Beantnc (CamMeRON anp Woop, 


Rererence 10) 


maximum film thickness for low values of Sommerfeld number is 
apparent. 

Total Flow. The total flow through the cylindrical bearing 
with axial oil-distribution grooves may be written as the sum of 
the zero speed and rotational flows giving a complete equation as — 


follows 
Q = Or +10. + 
2 


lite 204 


[14] 


where & is determined from the chart, Fig. 4. The value of pe is — 
used as the best approximation to the viscosity conditions exist- ; 
ing in the chamfers and in the clearance space when the shaft is r 
rotating, because of the strong mixing in the oil grooves. If de-— 
sired, the eccentricity of the shaft may be accounted for in the | 
calculations by replacing C/2 by the true film thickness at the | 
horizontal (C/2 + e sin a). The film-flow term, the first term in _ 
equation [14], is then multiplied by : 


[em 


and the second term, the chamfer flow term, is multiplied by 
. i 
e sin @ 


hi +6 = 
wat 


Rotational Flow Pattern. Some simple considerations of the 
pattern of oil flow within the bearing provide considerable insight 
into the oil flow to each of the oil-distribution grooves and into the 
effect of bearing load on power loss and temperature rise. In 
order to simplify the mathematical considerations, it will be as- 
sumed that the bearing oil-distribution grooves are compressed 
to a line at @ = 90 deg and 270 deg; and that the energy trans- 
ferred to the shaft is solely that due to the shear-induced com- 
ponent of oil velocity. These assumptions do not detract appre- 
ciably from the instructive nature of the results. 

Considering the simplified bearing shown in Fig. 5, one sees that 
there are four distinct regions which may be defined in the oil film. 
In region I there is the convergence between the shaft and the 
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bearing tending to compress the oil and to develop the pressures 
which support the external load. Under these pressures some of 
the oil is squeezed out the ends of the bearing and thus helps to 
remove the heat developed in the oil film. Slightly beyond the 
point of minimum approach, x + a, the pressure in the oil film 
drops to zero gage or becomes slightly negative. Beyond this 
point the oil film will not develop negative absolute pressure, 
and the pressure remains substantially constant at or near zero. 
This situation has been well discussed in the literature and verified 
by experimental tests. Cameron and Wood (10), Cole (12), and 
others have pointed to the logical necessity of concluding that 
dp/dz must approach zero as the pressure approaches zero. 
If this be true and if a full laminar film were to be maintained, 
oil would have to be supplied to the film since the film thickness is 
increasing in the direction of motion in region II. This does not 
happen. At most, a little air or vapor is sucked in at the edges. 
What then does happen in the expanding region? Since oil 
cannot be supplied to the film, the circumferential oil-flow rate 
must remain constant and at the same time shear flow must be 
maintained because there is at least a partial oil film and a rela- 
tively low Reynolds number. It is suggested, therefore, that the 
actual mechanism which occurs is somewhat as illustrated in 
Fig. 9 which shows that the film breaks down into a number of 
smaller diverging filmlets having a net cross-sectional area such 
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that the rate of oil flow is maintained constant. Within each 
filmlet there must be a linear velocity profile and between 
the filmlets we would expect regions containing oil vapor, oil drop- 
lets, and air. The total width B of the filmlets must then be 
such as to maintain the flow Q,, a constant, so that 


1 + n cos (6, — 
h 1 + n cos (6 — 


B 


where h, is the thickness at the point where the film is full. 

The complete pattern of flow postulated by the foregoing con- 
clusion is illustrated by the developed bearing surface shown 
in Fig. 10 where for convenience the entire film is assumed to 
converge in one strip in the expanding region. Following the oil 
film around the bearing starting at the oil groove at 90 deg, it is 
compressed in region I developing a pressure and causing some 
end flow. In region II the film contracts inward due to the diver- 
gence of the film, but at the oil groove at 270 deg a full film is re- 
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_ stored. In region III the film thickness is still increasing and the 
film width contracts again. In region IV the film width begins 
to decrease and, although there is still not enough oil to form a 
complete film, the cil is gradually squeezed out to cover more sur- 
face. Enough oil to complete the formation of the full film flows 
in at 90 deg. 

It is evident from these considerations that it is quite possible 
_ for oil flow to be in the reverse direction in the supply groove at 90 
deg, the requirement being that the inlet flow at 270 deg be 
greater than the end flow Q. This reverse flow is observed ex- 
perimentally at large eccentricities under heavy loading. 


Errects 


Power Consumption. Knowledge of the variable area of the 
bearing which is covered by oil film in regions II, III, and IV 
may be employed usefully in calculating the total power consump- 
tion of the bearing. It may be used further to permit estimates to 
be made of the variation in temperature within the bearing oil 
film using some reasonable assumptions. 

If the simplifying assumption is made that the shear-induced 
component of oil velocity causes nearly all of the power trans- 
ferred from the journal to the oil film, the total power so 
transferred may be expressed as 


in-lb per min 
0 


where B is a discontinuous function determined from the fore- 
going considerations of constant flow. It can be shown that the 
extent of the error introduced by neglecting the pressure-induced 
component of circumferential flow is given by 


ri 


AW = 2xPLDN (: *) in-Ib per min 


for the torque at mid-film is given very closely by Equation [16] 
and AW represents the correction for shaft eccentricity to give 
shaft torque. If the journal is assumed to be running at the 
center of the clearance circle, Equation [16] reduces to 


2 


in-lb per min....... ..[18] 


which is Petroff’s equation. In both of these relations, Equations 
{16] and [18], the assumption that the oil grooves subtend a 
zero angle is equivalent to assuming that the turbulence in the 
oil groove approximately makes up for the decreased power 
consumption due to the depth of the oil groove. The propor- 
tional error AW/W,, introduced by neglecting the pressure- 
induced component of viscosity, may be obtained from Equations 
{17] and [18] 


AW PCesina 
W,  2e*ZND* 


assuming n = cosa. The magnitude of this error is small up to an 
eccentricity of 0.6 as shown in the following tabulation for L/D = 
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Since the power loss with shaft centered, W,, is calculated 
readily, it is useful to define the dimensionless ratio J, assuming. 
Viscosity constant, as 


The total power consumption W is made up of four parts, each 
corresponding to one of the four regions indicated in Figs. 5 and 
10. In region], B = L. In region II 


hin 
BelL— 
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In regions III and IV 

h 

The proportion of the power consumption in each region to W, 

may then be calculated by evaluating the following three inte- 
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These integrals may be evaluated by using the Sommerfeld sub- 


stitution 
( cose +n ) 
1 + ncos 


1 +ncos 4 
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(1 + n cos 6)? 


It will be noted that it is necessary to define both the attitude 
angle a, and the eccentricity n, in order to determine the integrals 
numerically. Using the semicircular attitude curve defined by 
the equation, n = cos a, which, as can be seen from Fig. 11, is a 
rough approximation to the attitude curve calculated for this 
bearing, the integrals have been evaluated as summarized in 
Table 1. Values of j are obtained from the relation 


When the values of j are plotted as a function of n, as in Fig. 
12, it is seen that the simple Petroff equation is a remarkably 
ood approximation up to eccentricities as large as 0.7. The 
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as follows 
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reason that the power consumption does not increase more rapidly 
with n and, in fact, appears to decrease slightly at low eccentrici- 
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TABLE 1 VALUES OF AND 
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300 0 926 
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Fie. 12) Power Loss Retative to Perrorr’s Equation as 
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ties, is the reduction of shearing area in the expanding portion 
of the oil film. While in considering the viscosity to be constant 
throughout the film in computing j, the heat generated under 
heavy loads at high eccentricities may have been overestimated, 
this effect is approximately compensated by neglect of the 
AWW, correction. 

Temperature Rise. The temperature rise observed in the oil 
flowing through the bearing may be calculated from the power 
Joss and the oil flow as follows 

778 X 12 


In most calculations on large high-speed bearings it has been 
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found reasonable to assume that ®, representing the heat trans- 
ferred from the bearing by means other than sensible heat in the 
oil stream, is zero. If this assumption is made, Equation [28] 
may be expressed as a line on a temperature-viscosity plot for a 
given bearing condition by substituting from Equation [18] as 


follows 
T: = + 


= T, + 1.60 X 107" 
coc, ™ 


[29] 
This is termed the “operating line’’ for the bearing. Note that, 
if as a first approximation the heat transferred by conduction 
and radiation is proportional to AT and the dependence of Q on 
us is neglected, a linear operating line is obtained, for if 

= ¢gAT.... 


then 


jW, — eAT 


AT = 19 x 778. QC, 


and 
12 X 778 QC, + ¢ 


1.60 x 19-1 
=4 


12 X 778 QC, 

A plot of Equation [29] on the viscosity-temperature plot for 
the oil gives an intersection of the two curves at a point compris- 
ing the outlet-oil temperature for the bearing. The use of this 
procedure in calculating bearing performance will be described 
in detail in a later section, and is termed the “operating-line 
method.” 

Temperature Differentials Within Oil Film. At zero feed pres- 
sure, all the end flow Q, occurs from the lower or loaded half 
of the bearing. The outlet-oil temperature 7., therefore, must lie 
between the oil temperature at the leading edge 7',, and the oil 
temperature at the point of minimum approach 7°; and it will 
be assumed that 7, = (7, + Ty)/2. Because of the strong mix- 
ing in the oil-feed grooves between hot oil carried around the 
bearing and cold inlet oil, the leading-edge temperature will be 
higher than the inlet-oil temperature, T, > 7). 

Let Qy be the oil flow carried beyond the point of minimum 
approach of shaft to bearing, and let k, be the proportion of heat 
generated in zone 7 of the lower half. Then, assuming the 
heat capacity to be constant, the following equality may be 
written for the heat generated in zone I of the bearing 


AT = 


Me 
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(T: — Tr) = QC, (T2 — Ty) + (Tu — . .{33] 
But 


Substituting in Equation [33] and rearranging 


Ty—T, AT, 
AT 


2k, 


4 


= 
: 
| 
+20 


—n) 136) 
q 
231 ( 4 ) [37] 
so that Equation |35) becomes 
AT, 2h [38] 
v 
, © 4 


Values of &; are given in Table 1, and values of g may be obtained 
from Fig. 7. A similar calculation for zone II, from which no end 
flow occurs, gives 


T; Al a nm) 
The ratio 
AT, AT, + 
ar~ ar 


is shown as a function of n and L,D in Fig. 13, and it will be 
noted that except at very large eccentricities the temperature 
variation in the lower half of the bearing may be expected to be 
less than the temperature rise 47’, of the oil passing through the 
bearing. Fig. 14 shows the viscosity ratios ue ur, to be expected 
with medium turbine oil, L/D = 0.5, an inlet temperature of 40 C, 
and temperature rises of 10° C, 30° C, and 50° C. 
viscosity ratios less than 4 will be experienced. 

The maximum oil-film temperature is the trailing-edge tem- 
perature and may be estimated from Equations [38] and [39] as 
follows 


In general, 


(General Electric Bearing and Lubricant 
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Ty = T: + + = - 
2 
1 + AT {40} 
q+2li—n) (l1l—a) 


Resucts 


A series of experimental runs has been made on bearings with 
length-diameter ratios of 0.5, 1.0, and 1.5, using the journal- 
bearing test stand described by Wilcock (13) and illustrated in 
Fig. 15. The bearing dimensions are summarized in Table 2. 
The test data together with certain calculated values are given 
in Tables 3-9. The test apparatus permits the direct measure- 
ment of bearing torque and shaft-center displacement so that 


] 
Th. 
D os 
20 40°C 
5450p 
aT = 
D 0. 
05 io 0.50 10 
n n 
Fi Ratioor Temperature Fie. 14 Viscosrry 


Variation in Loapep or 
Bearine To Temperature Rise 


Ratio in Loapep Hace or Bear- 
ING a8 A Function or Eccen- 


TABLE 2 TEST BEARING DIMENSIONS IA 
Shaft Bearing bore, in. Bearing Bearing 
Bearing diameter, in Maximum Minimum Average clearance, in, length, in ve & - 
& 0010 8 0110 & 0104 & 0107 0 0097 4 & 
& 8 0148 8 0131 8 0136 0 0126 4 
8 0000 8 0223 8 0190 8.0200 Ae 
er 3 9004 4 0036 4 0026 4 0031 0 0037 4 
7 & 8 OO14 


Fic. 15) Test Stanp vor Experimentat Stupy or 2-Ix. To 8-In-Diam Beaninos 


Ratio anp Tempera- 
Ture Kise Orn Stream 


In O11 Stream, a8 Function 
or 


Center, Thomson Laboratory. Lynn. Mass.) 
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TRANSACTIONS OF THE ASME 
TEST DATA ON 8-IN. X 4-IN. X 0.0097-IN. CYLINDRICAL SLEEVE BEARING C 


we 0.08 %.2 0.037 1.0 0.77 on 
3.3 1.62 4.2 0.77 0.27 0.24 0.5) 


TABLE 4 TEST DATA ON 8-IN. X 4-IN. X 0.0126-IN. CYLINDRICAL SLEEVE BEARING D 


39.8 0.86 0.03 0.21 
9.0 10.0 6.4 1.% 0.03 0.22 
39.3 9.0 4.21 0.08 0.2% 
x ‘ 21.0 3.55 0.04 
0.2 10.9 0.63 0.04 0.29 


6.0 33.7 

31.6 

2.6 

3.3 


i 
ne © 0% 06 
\ 3,000 to 0.83 0.17 
\ og 3.00 0.82 
3,000 160 1.466 0.82 ar 
ré 
3,000 160 1.2 860.38 
7 
mi 
3,000 0.3 0.0 0.5 2. 11.6 0.13 1.2 0.33 0.4 1. O08 
3,000) 1,00 4.2 10.0 9.2 11.0 103.4 1.6 22.6 12.9 0.064 1.62 0.63 1.12 «(0.38 
6.000 6.3 86.3 6.0 100.1 2.34 6.87 0.48 1.07 
Ag 180 6.2 3.67 22.7 216 0.61 0.% 0.35 0.02 «2.05 (0.84 
7,000 160 6.0 90 1.8 113.2 4% 867 0.60 1.20 0.38 0.66 1.04) 3.940.583 
7,000 «1,000 67.9 103.8 6.2 134.7 46 0.071 0.8 0.93 1.3%) 
p(Psi) 
280 10 0.42 1.22 
180 5 (1.8 
soo 180 (0.74 «(1.08 
1, 000 0.8 08.7% 
1,000 7 68 
| 1,000 180 
2.70 TS 2.0 0.598 
2, T00 180 2.58 0.7% 
2, 700 180 2 2.84 (0.69 
2, 700 180 2.44 0.66 
2, 700 J 3.24 0.87 
2,%0 0.87 0.64 2.47 0.67 
5,000 lo 0.97 1.06 1.90.29 
180 0.71 0.7% 4.48 (0.65 
7,800 0 2.3 2.39 1.9% (0.19 
7,800 1.34 1. 0.45 
7,500 180 1.17 1.2% 66.09 (0.59 
Turbulence. ~ 
* 
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TABLES TEST DATAONS-IN. x 4-IN. X 00200-IN CYLINDRICAL SLEEVE BEARING E 


2.82 0.7 0.17 ow 1.0 

os 1.84 

0.08 0. 

0 

2.2 

3.32 


TABLE6 TEST DATA ON 4-IN. x 4-IN. 0.0087-IN. CYLINDRICAL SLEEVE BEARING M 


».8 $0.2 0.022 0.013 


43.6 0.72 0.019 0.011 


“4 0.87 0.0% 0.06 


#.1 5.5 0.04 0.027 
0.4 oa 0.028 
9.9 0.6 0.6 


70.6 


54.6 5.2 


69.7 6.2 


»”.9 


3.2 


39.7 


S59 
e- 
500 150 10 4.5 0.60 \ 
a 
1,000 lo 10 42.0 80.2 0.6 
1,000 0.5 “4.3 @.2 50.6 1.22 0.8 
1,000 S00 10 $0.1 0% 0.6 
3.000 150 39.8 lo 33.2 2.0 3.54 0.84 
3.000 150 we 3 5.5 9.27.9 3.72 0.87 
3,000 0.4 20 %.3 2.7 860.42 
3,000 54.4 lo 63.3 2.7 3.92 0.40 
3,000 7.4 lo 08.0 3.35 
6,000 10 9.8 10 63.9 20.2 6.7 4.02 0.37 
6.000 0.2 10 62.40 63.6 9.29 140 on 2.15 2.44 6.85) 
6,000 10 62.7 2.0 06.2 0.31 2.30 2.61 6.97 
‘ 6.000 soo lo 67.0 17.0 101.7 9% 1.82 0.33 3.04 6.520. 
9,000 lo 10 97.4 7.7 103.5 9.08 2.7 3.2 0.17 
9,000 0.3 10 8.6 12.7 100.7 12.9% %4.0 0.99 3.02 3.0 6.92 0.@ 
9.000 150 6.1 10 7.7 (13.2 103.4 13.67 «642.60 1.7 0.37 3.81 3.06 | 
9,000 1s0 4.0 3 12.0 103.4 lee) Ler 0.6 1.15 (10.33.88 
Terbdse lence 
3,000 10 0.067 0.103 0.17 
3,000 0.069 0.091 0.15 
3.000 0.062 0.108 0.18 
3.000 150 0.00 0.2% 0.4 
3,000 180 0.006 (0.44 
3,000 150 2.08 1.2 0.60 0 040 0.078 0.006 0.60 
: 3,000 150 0.32 oF 60.48 0.08 0.087 0.685 0.235 0.99 
08 297 25 0.% 0.83 0.048 0.082 0.83 0.9 
6,500 180 oss (4.08 0.84 0.047 0.0384 0.08) 0.480.385 
9,000 150 0.63 63 0.67 0.88 0.062 0.0% 0.118 0.812 0.28 
wo 6.0 6.35 111.2 0.22 2.31 3.% as 0.% 0.069 0.064 0.113 0.107 0.0 
9.000 10 es 1.6 3.3 15.7 Om 0.0% 0.047 0.108 0.07 0.03 
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TABLE] TEST DATA ONS-IN. 8&IN. 0.0001-IN. CYLINDRICAL SLEEVE BEARING J 
soo 160 10 6.8 4.8 rs 0.7% 12.8 12 0% 0.67 0.24 0.10 0.44 (0.44 
1,000 $00 10 24.8 1. 20.1 38 0.08 0.9 0.33 0.17 0.08 «0.44 
3.000 10 7.5 15.8 1.08 2.4 0.00 0.27 0.70 1.18 «(0.20 
180 3 67.3 17.8 9.0 2.02 30.3 (0.0 0.63 0.15 0.07 0.22 1.80 60.30 > 
3.000 180 10 67.9 2.8 2.30 31.0 17.7 0.85 0.6% 0.% 0.3 0.61 1.69 
3.000 iso 20 6.7 1.8 %.2 2.0 30.5 0.60 0.87 1.03 1.0 0.31 
3.000 20 73.4 14.3 %.4 3.95 18.3 0.84 0.09 0.6) 0.61 1,22 2.33 (0.39 
3,000 180 70.3 » 0.4 102.4 2S 0.78 0.68 0.63 2.01 0.47 
3,000 S00 7.3 12.5 9.8 2.5 0.88 0.4) 0.35 0. % 1° 
5.000 180 0.3 10 06.7 6.6 108.9 3.08 0.8 1.03 0.44 2.08 «0.29 
5.000 180 %.0 10 100.5 oe 8.9 5.00 “4.2 2.4 1.12 0.47 0.04 0.6 
7.000 to 112.9 121.6 4.% $2.6 06.9 0% 1.82 0.50 1.2 3.07 0.22 
7.000 180 4.8 10 106.0 6.2 121.6 64.2 7.0 860.84 1.39 0.47 0.7% 1.17 4.2 «00.31 
7,000 ‘soo 10 114.7 124.6 6.04 54.4 72.3 1.63 0.8 0.82 1.31 4.73 0.34 
TABLE 8 TEST DATA ON 8-IN. & 12-IN. kK O0004-IN. CYLINDRICAL SLEEVE BEARING G . 
200 lo lo 42.9 6.2 0.82 12.3 0.4? 1.01 0.10 0.04 
200 lo “3 “9 8600.42.10 0.% 0.9 o.u 0.50 0.18 
130 $2.5 30.5 0.77 16.2 4.7 0.18 0.9 06 0.16 0.61 0.18 0.12 
1,000 lo 06.2 Bu 0.67 19.9 3.8 0.91 0.55 0.2 0.e3 0.04 860.02 
1,000 180 lo 62.3 20.6 69.6 1.04 27.4 $.2 0.24 1.02 0.5) 0.23 0.74 0% o10 
3,000 0.8 10 100.4 6.7 100.4 34.0 19.3 3.52 1.29 0.63 0.71 1M 0.77 0.09 
3,000 41.0 10 6.9 100.5 2. MS 196 1.23 1.27 0.61 0.69 1.30 0.61 0.09 
1.35 0.00 0.68 1.28 1.0) 
0.25 1.4 0.58 0 1.24 1.28 0.14 
0.30 0.0% 1.12 1.98 1.36 0.15 
0.24 0.31 0.22 0.53 1.65 0.18 
0.080 1.53 0.59 0.63 1.2 2.0 0.22 
1.02 0.60 1.19 1.79 1.7? 0.12 
1.09 0.04 1.06 1.70 2.01 0.17 
0.077 2.25 0.64 1.08 1.72 3.40 


WILCOCK, ROSENBLATT—OIL FLOW, KEY FACTOR IN SLEEVE-BEARING PERFORMANCE 


TABLE § TEST DATA ON &IN. X 12-IN. X O.0114-IN. CYLINDRICAL SLEEVE BEARING 1 

‘ ad ats «, 


Bes 8 EER aes EERE EE GE 


shaft torque may be calculated. Thermocouples were used to 08 

determine the oil-film temperatures at several points. 07 
The dimensionless oil-flow coefficients g have been calculated 

by first determining Qo for each run using Equations {3} and {12}. 06 

These are plotted, for L/D ratios of 0.5, 1.0, and 1.5, as a function os 

of the Sommerfeld number in Figs. 16, 17, and 18. The solid q 

lines indicating the calculated g versus S curves are seen to be a 04 

fair correlation for the test results. A large part of the spread in 

the test results is doubtless due to errors in measurement. A o3r- 

small error in measuring the clearance will have a relatively large 02 

effect on g; and under conditions where Q, is a large proportion 

of the total flow, an error in the measurement of Q or in the Ol 

calculation of Qo has a disproportionately large effect. It is felt, ° 

therefore, that the correlation obtained is a reasonable confir- O85 OS 2 5 

mation of the theory. s 


Fic. 17 Comparison or Expertmentar Vatues or Catcu- 
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Fic. 16 Comparison or Expertmentat VaLues or g Catce- Fic. 18 Comparison or Expertmentar Vacves or g Caccu- 
LaTep q Verses S Curve ror L/D = 0.5 LaTes g Versus S Curve ror L/D = 15 
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20 0.8 
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‘300 (0.84 
1,000 2.0 0% 
1,000 
3,000 20 8660.34 
3,000 2° 
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3,000 4a 
’ 
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3,000 3.92 0.35 
3.000 1a 
3.000 46 
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It is interesting to use the test data to check the approxi- 
mate calculation of the effect of eccentricity on power loss, as ex- 
pressed by the dimensionless coefficient j. This may be caleu- 
lated from the experimental data using the following equation 


2.64 10"°CH 


(41) 
A plot of experimental values of j versus S is shown in Fig. 19 
for L/D = 0.5 and compared with the calculated curve. The 


agreement appears reasonable. 


a 


L:os 
| 
| 
| 
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oO o2 05 O2 O85 10 2 20 $0 100 
s 
hig. 19 Comparison or Vatces or) Wirn Carev- 
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100, 
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° 2500 a 5000 7500 
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N=2700 
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Run D was especially completely thermocoupled and had one 
couple located within 7/i in. of the trailing edge. In Fig. 20 
experimental values of Tmax at 150 psi load are compared with the 
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values of Ty calculated using Equat 
speeds up to 7500 rpm, and in Fig. 21 the comparison is made at 
2700 rpm over a range of loads from 10 to 1000 psi (see Table 10 
for calculations of q and 8S). It will be seen that despite the 
simplifications and approximations used in deriving Equation 
{40}, the calculations properly indicate the trends to be expected. 


PREDICTION OF BEARING PERFORMANCE 


The performance characteristics of cylindrical sleeve bearings 
with axial oil-distribution grooves at the horizontal joint can be 
predicted successfully using the information outlined in the 
preceding sections. Fundamentally this procedure involves the 
determination of the outlet-oil temperature and viscosity. This de- 
termination requires the solution of simultaneous equations for 
(a) the variation of oil viscosity with temperature, uw = ¥(T); 
and (b) the variation in bearing temperature with outlet-oil 
viseosity as given by Equation [29], which may well be termed the 
“operating equation” for the bearing. Since 7: is not a simple 
mathematical function of we: in either equation, j, Q, and C, being 
functions of we in Equation [29], a graphical solution is preferred, 
This is done by computing two or more points on the curve of 
Equation [29] for suitable values of u2, and plotting the operating 
line so obtained on a viscosity-temperature chart for the oil. 
The intersection of the operating line with the viscosity-tem- 
perature curve of the oil is the solution for the outlet-oil tempera- 
ture and viscosity. 

As an example of the operating-line methed, consider an 8-in- 
diam bearing 4 in. long with a clearance of 0.0126-in. and having 
i5-deg chamfer dimensions of '/ in. * 0.263 in. long. This 
bearing is to operate at 10 psi load and 2700 rpm on an oil with a 
viscosity-temperature curve illustrated in Fig. 22, admitted at 10 
psiand 40 C. Assuming values of ye of 13, 17, and 19, the caleu- 
lation is carried out as follows (A, = 0.040, C,, = 6.25): 


4QF 8s q GR j T: 
13 0.10 0 88 3.4 0.25 0.93 1.91 0.94 59.5 
17 0 08 0 68 4.5 0 20 0.74 1.50 0.94 72.4 
0.07 0.61 0 0.17 0.63 1.31 0.945 81.6 


The 42, 72 curve is plotted in Fig. 22, showing the desired solu- 
tion at the intersection with the oil curve, we = 16, T: = 69C. 
Similar procedures may be adopted for the two other types of 
calculations often needed by the bearing designer, namely, the 
calculation of bearing clearance for a given temperature rise be- 
tween inlet and outlet oil; and for the calculation of either the 
maximum load or the minimum speed at which it is safe to oper- 
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ate the bearing. For the purposes of these calculations the chart 
shown in Fig. 23 is useful. This shows both the eccentricity ratio 
7 n, and the power loss ratio j, as functions of the Sommerfeld num- 
ber and the length-diameter ratio of the bearing. These curves 
are derived from Fig. 7 and Table 1. 

The requirement that a bearing have a given temperature rise 
and outlet-oil temperature fixes the slope of the operating line, 
Equation [29], and the solution for bearing clearance then simply 
involves finding a bearing clearance which will give this slope. 


7 s 


Fig. 23. Eccentricrry Ratio n, ann Power-Loss Ratio j, as a 


Fonction or Sommerretp Numper ann L/D Ratio, ror 
cat Beartnes 30-Dec Axtat Om Grooves 
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863 


It must be borne in mind that beth j and q are functions of the 
Sommerfeld number which is in turn a function of the bearing 
clearance and outlet-oil viscosity. 

A calculation of the maximum load or minimum speed which a 
bearing will withstand requires that the designer fix a minimum 
safe film thickness for the bearing. This type of calculation is 
carried out by first determining the minimum value of S corre- 
sponding to the maximum eccentricity ratio to be permitted, using 
Fig. 23. The values of j and q may then be determined from the 
charts, Figs. 23 and 7. The oil flow is calculated from Equation 
[14] asa function of us, and the operating curve (Equatian [29] ) 
is then plotted on the viscosity-temperature chart for the oil as 
before. The value of ue at the intersection of the two curves, to- 
gether with the Sommerfeld number, determines the value of the 
maximum load or minimum speed. 

Application of Bearing Computation to Design, The applica- 
tion of the operating-line method of computing bearing perform- 
ance will be illustrated by computing the effects of clearance, 
bearing length, speed, and load on oil flow, temperature rise, and 
power consumption. A series of computations for 8-in-diam 
bearings is summarized in Table 10. 

Bearing clearance has relatively little influence on power con- 
sumption below the turbulent region, a fact borne out by experi- 
ment (13). The computations show the following effect at 2700 
rpm: 


Cc H 
0 008 90 13.6 
0 0126 96 21.2 
0 020 96 30.6 


The decreased shear rate in the larger clearance bearings is offset 
by the increased viscosity due to the larger oil flow. 

The effect of bearing length may be examined under constant 
unit load or under constant total load. At constant unit load of 
150 psi and 2700 rpm, the longer bearings run hotter 


H/L (hp/in) 
05 61 
10 66 


1.5 72 


They take very little additional oil, and operate more efficiently, 
requiring fewer horsepower per inch. At constant total load of 
4800 Ib and 2700 rpm, the longer bearing is less efficient. 


CALCULATED PERFORMANCE OF 8-IN-DIAM CYLINDRICAL BEARINGS 


(m = 10, T: = 40C, = 54 cp at 40 C, a = 0.015, 1 = 0.263.) 


be oF 


0.07 0.22 
0.07 0.54 
0.09 1.90 
0.04 0.7 


0.08 0.73 


3.9 13.6 9.0 
61.0 


21.2 9.6 
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69.6 
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4 0.008 180 2, 700 1.56 1.05 0.59 
0.01% 180 S00 ‘ 0.% O13 1.2 Sen? 
4 0.01% 180 7,50 0.10 0.91 666 769 08 
8 0.01% 180 0.086 065 3.12 3.0 O31 0.8 : 
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It runs hotter and has a smaller oil flow. 

The effeet of speed on the performance of an &in. X 4-in. x 
0.0126-in, bearing is shown graphically in Fig. 24. Experimental 
points from run D are shown for comparison. The effect of load 
on the same bearing is illustrated in Fig. 25. Note that the out- 
let-oil temperature is a minimuin and the oil flow a maximum at a 
moderate load of 100 to 150 psi. 
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These illustrations of how a number of design factors affect 
bearing performance serve to demonstrate the utility of the 
prediction of bearing oil flow and the operating-line method to the 
designer. It will be apparent to the reader how the influence of 
other factors such as chamfer size, oil-groove shape, inlet-oil 
pressure and temperature, and oil-viscosity grade may be com- 
puted readily. 
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Discussion 

The ability to compute the quantity of oil flowing through a 
cylindrical bearing of known dimensions and under known operat- 
ing conditions has been shown to be a key factor in the prediction 
of bearing performance. This is particularly true for large bear- 
ings where the loss of heat from the bearing by conduction and 
radiation becomes a small part of the total bearing power con- 
sumption so that the major portion of the heat loss from the bear- 
ing is by addition of sensible heat to the oil flowing through the 
bearing. How the knowledge of oil flow may be used in predict- 
ing bearing performance has been shown in some detail. 

The reader no doubt will have noticed that while the compari- 
son of the experimental data with the dimensionless oil flow (q¢ 
versus S) curves shows considerable scatter of the experimental 
points, the general trend predicted by the theory is undoubtedly 
present. The direet comparison of computed values such as out- 
let-oil temperature, oil flow, and power loss with experimental 
values is considerably better; and this illustrates an important 
point which must be considered in studying the experimental 
values of the dimensionless variables. The computation of these 
dimensionless variables involves exact knowledge of many quan- 
tities which are difficult to determine precisely. Relatively smal! 
errors in bearing clearance, cylindricity, inlet-oil pressure, oil 
flow, and bearing alignment can cause more or less error in the 
calculated values. Two of the bearings, D and F, con- 
tained many pressure taps for reading oil-film pressures; and 
some leakage through these connections was never eliminated 
completely. 

The designer’s problem is, in general, to seek an optimum bear- 
ing design; and, despite the effects of some of the errors men- 
tioned, the methods described in this paper offer him an easy 
method of solution for bearing-performance problems. The de- 
sign computation seldom will agree precisely with measured bear- 
ing performance for many reasons, among which are the following: 


(a) Approximations in the theory. 

(b) Inaccuracies in bearing manufacture due to tolerances on 
bearing and shaft diameters and out-of-roundness and taper in the 
bearing. 

(c) Bearing misalignment upon assembly in the machine. 

(d) Variation in the viscosity-temperature behavior of the oil 
actually used from the curve used for computation. 

(e) Variations of oil feed temperature and pressure. 

(f) Variations in speed and load from the values assumed. 

(g) Inability to calculate exactly the heat transfer from the 
bearing by conduction and radiation. 


Thus it is felt that it is unnecessary to strive for great refine- 
ment in the design calculations. 

On the other hand, the methods outlined in this paper do 
afford the designer an accurate means of comparing one design 
with another, of judging the effects of clearance, load, speed, base 
oil viscosity, inlet temperature and pressure, chamfer dimensions 
and oil-groove shape upon the bearing performance. Such com- 
parisons may be made accurately without the uncertainties 
attendant upon the absolute values of the computed results. 
This method of analysis based upon the complete study of the 
oil-flow characteristics of a bearing design can be extended to bear- 
ings of other types, provided that the same principles are fol- 
lowed, and it is hoped in later papers to show how other bearings 
of interest to designers of high-speed machinery may be analyzed. 
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Discussion 


J. A. Cove.* In the authors’ considerations of the probable 
oil-flow pattern in the clearance space of a journal bearing, no 
allowance is made for an effect predicted by Wannier* and lately 
observed in the writer's laboratory in a transparent bearing of 
very large clearance ratio. The phenomenon referred to is that 
of reverse flow, in the form of a closed circulation in the maximum 
film-thickness zone of an eccentrically operating bearing. Sucha 
reverse flow would reduce the effective divergence of the oil film 
in regions Ii and III (Figs. 5 and 10 of the paper), and conver- 
gence would effectively start well before region IV, so that a 
complete oil film might well be maintained, since the oil cir- 
culating in this dead space would be at a low pressure and, there- 
fore, under no great compulsion to leak out sideways. Ad- 
mittedly the lubricant sources present in the test bearings de- 
scribed may modify the incidence of this effect, and such a 
point, as well as other questions raised by the authors’ stimulating 
discussion of bearing flow characteristics, could best be answered 
by visual examination of the oil film in transparent journal bear- 
ings. 

The scatter in Figs. 16, 17, and 18 of the paper is rather dis- 
- appointing, and it would be interesting to see more data on the 
; effect of variation of supply pressure on oil flow than is included 


‘ Mee hanieal Engineering Research Laboratory, 
Division, Thorntonhall, Glasgow, Scotland. 

*“A Contribution to the Hydrodynamics of Lubrication,” by G. 
H. Wannier, Quarterly of Applied Mathematics, vol. 8, 1950, p. 1. 


Lubrication 


OIL FLOW, KEY FACTOR IN SLEEVE-BEARING PERFORMANCE 


865 


here, in order to apply Mr. McKee’s more direct method of de- 
ducing the load or rotational component of oil flow by extrapola- 
tion to zero supply pressure as outlined in his current paper.* 


Mayo D. Hersey.’ A symposium on heat conditions in bear- 
ings was held at the Annual Meeting of 1941." Although de- 
voted primarily to self-contained bearings without forced lubrica- 
tion, it was recommended that further research be conducted to 
bring out the effect of oil flow on temperature rise and load ca- 
pacity. The present paper may be considered a fulfillment of 
those hopes. 

It is interesting to compare Fig. 12 of the paper with the cor- 
responding values for the uninterrupted sleeve bearing, as given 
by Equation [18] of an early paper by the writer,* from which, in 
the present notation, j was found inversely proportional to the 
square root of 1 minus n*. Fig. 12 gives lower values, for ex- 
ample, 20 per cent less at an eccentricity ratio of 0.60, and 28 per 
cent less at 0.80. 

One of the most useful contributions made in this paper is 
the concept of the bearing as a “mixer,” with the tentative es- 
tablishment of the outlet oil temperature as an indication 
of the effective film temperature. This finding is in accord with 
the assumption underlying the writer's equations for thermal 
equilibrium of high-speed bearings with controlled rates of oil 
flow—see Equations [12] and [13] of reference.’ Applying 
Petroff’s law to the function F, (Z), Newton's law of cooling to 
F, (1) and the equilateral hyperbola to the viscosity-temperature 
function F, (7) leads to an approximate solution in the form 


T 
= a 
a at 


Here T (unlike the authors’ notation) denotes. the elevation 
of the film temperature above the ambient or room temperature, 
while a and are defined as follows: 


[42] 


Cole + Qq (Ts — T1) 
2(Qq + Co) 


+ Z,ByN*) 
Qq + Co 


In these two expressions Bo, Co, NV, Q, 7», and Zo have the same 
meaning as in Chapter V of a book by the writer."'| Thus, Bo 
denotes the quotient of power loss divided by ZN* using Petroff's 
law; Co is the over-all constant in Newton's law of cooling; NV 
the speed in revolutions per unit time (not restricted to rpm); 


* “Oil Flow in Plain Journal Bearings,” by 8. A. McKee, presented 


at the Annual Meeting, Atlantic City, N. J., Nov. 25-30, 
Tus AN Soctety or MecHanicat ENGINEERS. 

8S. Naval Engineering Experiment Station, Annapolis, Md 
a. ASME. Statements herein are personal expressions of the 
writer, not to be construed as official or reflecting the views of the 
Ne av y Department. 

“Heat Conditions in Bearings,"’ symposium of papers by M. D. 
Hersey, J. T. Burwell, Jr., and G. B. Karelits, including discussion; 
reprinted from Trans. ASME, vol. 64, 1942, pp. 445-455. 

* “Laws of Lubrication of Horizontal Journal Bearings,” by M. D. 
Hersey, Journal of the Washington Academy of Sciences, vol. 4, 1914, 
pp. 542-552 (correction required on p. 543, section 2, where “former” 
and “‘latter’’ should be interchanged in referring to practice of General 
Electric Company). 

* “Basic Principles of Labrication,” 
of “Diesel Lubricating Oils and 
ASME, 
read 8). 

“Theory of Lubrication,” by M. D. Hersey, John Wiley & 
Sons, Inc., New York, N. Y., 1936; Spanish translation, containing 
new references, published by El Ateneo, Buenos Aires, 1947. 


1951, of 


by M. D. Hersey, pp. 19-42 
Basic Principles of Lubrication,” 
1949 (correction required in first line, p. 42, where 16 should 
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Q the rate of oil flow through the bearing in volume units per 
unit time; 7, the elevation of the room jtemperature above to, 
which in turn denotes the “apparent solidifying temperature” 


of the oil; and Zp» the viscosity at room temperature. The 
assumed viscosity relation may be written 

ad 

const T.Zo 145) 


and can be represented by a curve for Z against ¢ or 7, having a 
vertical asymptote at ¢ = t or T’ = —T7'. In addition, 7, de- 
notes the elevation of the oil inlet temperature above the room 
temperature, while q is the heat capacity of the oil per unit 
volume, or product of specific heat by density, expressed in 
mechanical units. This property is proportional to the authors’ 
C, and identical with A in Chapter V,"' previously mentioned. 
Since the two-constant hyperbola, Equation [45], is limited to 
a short temperature range, a three-constant parabola may be 
preferred; namely 
Z=Z, 


— T,) + T — [46] 


Here Z, denotes the inlet viscosity, while c; and cz are empirical 
The equilibrium temperature rise is still given by 
Equation [42] herewith, but with’ new expressions for a and b 


Co + Qq + + 


constants, 


[47] 
T, + 


After calculating the equilibrium temperature from Equa- 
tion [42], the power loss and load capacity may be found by 
methods. When Q = 0, Equations [42], [43], 
and [44] reduce to the forms previously given for the self-con- 
tained bearing Equations [23], [24], and [25] in the writer’s 
early paper,’ for example 

The original simultaneous equations may be solved more 
accurately by the graphical intersection method when Fj, F;, 
and F, are available in graphical form, as noted in a previous 
publication." That procedure is similar to the “operating line” 
used by the authors. The limitations of 
simplified analytical solutions are partly compensated, however, 
by the qualitative insight they offer, and which can so easily be 
gained by varying the constants. 


conventional 


method present 


{ It is to be hoped that the methods of investigation described | 


by the authors also can be applied to thrust bearings. 


Joux Younc." The authors are to be congratulated for 
demonstrating an approach to the calculation from first prin- 
ciples of oil flow in a sleeve bearing. Although the difficulty 


'* Mechanical Engineer, Engines and Lubrication Section, Na- 
tional Bureau of Standards, Washington, D.C. 
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they encountered in obtaining good experimental correlation 
shows that the problem is not yet completely solved, nevertheless 
a contribution of value has been made. 

In calculations of this type, generally one is required to make 
certain simplifying assumptions—viscosity and temperature 
distribution, accurate geometry of the bearing, and so on—which 
affect the accuracy of the final result. While it is agreed that all 
factors which might influence the oil flow should be considered, 
those that affeet the flow to an extent less than the percentage 
error already introduced by the initial assumptions should not 
require much attention. It is interesting, therefore to notice the 
importance attached by the authors to the flow in the chamfer, 
and the writer would like to ask if the authors could give some 
idea of the size of the chamfers, in the bearings which were 
tested, and the probable chamfer flow as a percentageof the total 
flow. 


AvutrHors’ CLOSURE 


The authors are indebted to Mr. Cole for reminding the reader 
of the closed circulation which may occur in the maximum film- 
thickness zone, as a part of the discussion of oil flow. In initial 
studies the method of extrapolating oil flow as a function of feed 
pressure to zero feed pressure was employed, but as understanding 
increased, the more general method outlined in the paper was pre- 
ferred because (a) it did not require a careful series of runs with 
no change other than feed pressure, and (b) methods of calculat- 
ing both flow components were desired. Choosing to test bear- 
ings as they are normally produced rather than bearings made to 
extreme precision in the laboratory undoubtedly accounts to 
some degree for the lamentable scatter in Figs. 16 to 18, but the 
reader should also remember that several distinct bearings of 
widely varying clearance are plotted in each case and that the 
dimensionless flow coefficient q is obtained as the result of a series 
of calculations. 

Mr. Hersey’s discussion is appreciated. However, in view of 
the great simplicity of the graphical operating-line approach to 
the problem of calculating the outlet oil temperature, the ana- 
lytical solution employing one of the many viscosity functions was 
not used. The operating-line method has proved valuable for 
the insight it provides into the factors affecting bearing perform- 
ance. Solutions by this method using alignment charts have 
proved very convenient and it is hoped to publish some of them 
soon, 

In answer to Mr. Young, the ealeulated chamfer flows are 
given in column 13, headed 4Q., of Tables 3 to 9. The chamfer 
flows range from 2 to 75 per cent of the total oil flow, the larger 


percentages obtaining at low speeds and with the larger chamfers. 
The nominal chamfer dimension was a = 6 = '/ in., but since 


Each cham- 
fer on each test: bearing was measured individually, in order to 
obtain the average coefficients for column 13. 


they were made by hand seraping some were larger 
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On the Solution of the Reynolds Equation — 


for Slider-Bearing Lubrication—I 
ibricatior 


By A. CHARNES! ano E. SAIBEL,? PITTSBURGH, PA. 


An exact solution is developed for the Reynolds equation 
in the hydrodynamical theory of slider-bearing lubrication 
with side leakage for film thickness varying exponentially. 
This solution is in the form of a rapidly convergent series 
from which calculations for the pressure distribution, 
total bearing load, and center of pressure may be made 
rapidly for all values of the parameter concerned. The 
results are in close agreement with those which have been 
obtained for the plane slider bearing by cumbersome 
methods, and it is proposed not only to use the present 
solution for the plane case, but also to show the design 
possibilities for a much wider variety of shapes by using 
various portions of exponential curves. 


INTRODUCTION 


ing is to start from the Reynolds (1)* equation 


( , 2 eu 
= 0 
or \u Or ov \ oy Or 


T HE usual method of solving the problem of the slider bear- 


where 


= pressure 
= thickness of the oil film 
= coefficient of viscosity fi 

’ = velocity of the slider (assumed to be i in the z-direct tion ) 
= co-ordinates in plane of slider 


Assuming u to be a constant, it has been taken for granted that 
the simplest solution would be obtained if the thickness of the 
oil film h is assumed to be linear. In other words, it was thought 
that results would be most easily obtained if the bearing were sup- 
posed to be plane. 

Such an assumption leads to the so-called Michell (2) solution 
which as is well known is extremely difficult to apply to practical 
problems. In fact, it is so intractable that numerous approxi- 
mate methods have been devised to obtain numerical! results. 
Most of these are also quite useless for general solutions of any 
ratio of length to width of slider or for any ratio of entrance to 
exit clearances, so that the problem has remained up to now in an 
unsatisfactory form. 

It is the object of the present paper to give an exact solution 
of the Reynolds equation for a particular class of sliders for which 
of Mathematics, Carnegie 
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the calculations are quite simple in all cases, This solution ap- 
proximates to a high degree of accuracy that of Michell for the 
plane flat slider and may be used as an approximation to that case. 


Tueory 


As in Michell’s case, it will be assumed that y is constant. 
Reynolds equation may be written in the form 


o*p Op oh Op oh Oh 
+ 3h? + = 
(= id ve) or or 


Oy Oy 
Assuming 


where a and b are known constants determined from the shape of 
the slider, the equation becomes 
 O*p op 


t 
+ + 3b 
or? Oy? or a 
and the customary boundary conditions are p = 0 on the edges of 
the slider. The solution of Equation [4] may be obtained readily 
by assuming that 


y) = P(x, y) + f(z)... (5) 


where f(x) is the particular integral and P(z, y) is the comple- 
mentary function. Substituting Equation [5] into Equation [4] 
leads to 


oP 
— 3 — + + 3b 


ox? oy? or dz* 


oP b 
+ — 
a 


df 
— 
dz 


and if f(z) is chosen so as to satisfy the equation 


then 
oP oP 
or? oy? 


The boundary conditions p = 0 on the edges of the slider become 
P +f = 0 on the edges of the slider. We shall obtain two con- 
stants on solving Equation [7] which we shall choose so that P 
is as simple as possible on the slider edges. The best we can do 
is to make f(z) = Oatz = Oandz = B. ThenO = p = P + 
f= P,atz =Oandz=B. Ony = +L/2,.0=p=P+f 
means P = —f there. 


SoLuTiIon oF Equations 


The solution of Equation [7] is obtained as follows: 
Multiply Equation [7] through by e”* and there results 


e™ (x) + 3be™ (a (1) = 


é. 
\ 
| 
6] 
LEG 
a 
‘ 
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Setting P = 0 for z = 0 yields C = 0, and, because of symmetry 
d b iny,F =0. Thus 


This leads to 


P= Ge 2 sin mz cosh ky.......... 


6uU’ ; where G is a constant. 
f(r) = + However, P = 0 when z = B, or 
a 
36 
0=Ge 2 sin mB cosh ky 


This is possible for a nontrivial solution where 


° + he {12} 


f(z) = — 
mB =nr,n = 1,2 


Using the boundary conditions f(z) = Oat z = Oandz = B we Thus 


find 1 
k 9b? 
1— 
n being aninteger. Thegeneralsolutiontakestheform 


: OB = : 
k, = Sul —k = Sul - 9b? 
a*h 1 P(z, G,e “ sin B z cosh + 


e y . .(22} 


The problem is thus reduced to finding the solution of . aa 
The G will now be determined from the boundary condition 
oP 4 + 3b of P = —f(z) along y = +L/2. Thus 
a ox oy or Sul’ 
under the boundary conditions “a he = 


P=Oatz=Oandz=B we nmr nn? 
and P + f(z) = Oalong y = +L/2 where f(z) is given by Equa- may B 


tion [12]. A solution by separation of variables is obtained in 


the customary manner by assuming 


B cosh Bt + 1 2 


This leads to 


and 

+ 30X' + eX = 0 
Multiplyi th side of Equati i i 
where k is a constant to be determined. The solutions of these ti [23] end 
er ‘ tively grating from x = o x = B eliminates all of the G,, except_G, i -7 
equations are respec . and enables us to solve for G, : 


Y = E cosh ky + F sinh ky 


“B bz 
3pU 
and 
| ath 


3oz 


Xue ? (C cos mz + D sin mz)....... . 
mr? 
} G,, cosh ( + 
4 


Qh? 


m= k? 
4 | nr? = ght \ “* 
sin B sin B dr = G,, cosh = + 
Therefore the solution consists of terms of the type Lola 4 ” B ‘ 


since the integral of these sines is 0 ifm #nandis B/2ifm=n. 
P (C cosmz + D sin mx) (E cosh ky + F sinh ky) The result is 


2 
B cosh 


—11]}.[24] 


+ = 
Bt 


i 
86S 
or ao 
Thus 
2 hue 2 | (= ) dz 
where 2 So 
LB 
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The final solution is 


sin B cosh 4 a 


where G, is given by Equation [24] and f(z) is given by Equa- 
tions and [13]. 


) y + .{25) 


@ 


_ 
p= > Ge 


n=1 


Bt 


PeRFORMANCE CHARACTERISTICS 


It is now of interest to calculate the performance character- 
istics of the slider bearing. The characteristics treated in the 
present paper are the total load, center of pressure, the coefficient 
of friction, and the oil flow. 

Total Load. The total load on the slider W is found from a 
straightforward calculation as follows: 

Making the customary assumption, namely, that the slope of 
the slider is small and that consequently the vertical component 
of the pressure against the slider is equal to the pressure itself, we 
have 


where p is given by Equation [25]. The result is 


CALCULATIONS 


As an example of the use of the method and as a check on the 
accuracy of the approximation to the plane slider, we shall caleu- 
late the pressure at the center of a square slider having a ratio of 
film thickness at entrance to exit of 2, that is, hi/ho = 2, see Fig. 
1. Then fromh = we have 


Bb = loge 2 = 0.693 


= 0.619 228 
he? 


UATION FOR SLIDER-BEARING LUBRICATION 


For convenience we introduce the following notation 


Setting r = B/2 and y = 0, we see that only the odd terms n’ = 

1, 3, 5, and so forth, enter. Furthermore, it is evident that the 

series in Equation [25] converges very rapidly and that two terms 

are sufficient to yield three-figure accuracy. 
We find 


= —0.233 


[27] 


4-2 


—0.25 


= 2.325; = 0.784 
= —1.441; 8; = —0.530 
t = —0.680; 4 = 


Also forn = 1 


all the above to be multiplied by (uUB) /(Ae?). 


9b? L 


t: 
= 2.70 


p= 


This may be compared with Michell’s value of 0.02218 (64UB)/ 

(he), or with that found by Christopherson (4), using relaxation 

methods, 0.02217 (6uUB)/(ho?), a difference of about 7 per cent. 
Applying Equation [27] to the preceding case, we obtain 


6uUB? 


W = 0.0113 he 


as compared with 


6uUB 


W = 0.01153“ 


(Christopherson ) 


6 

W = 0.01149 (Michell) 

the difference being of the order of 2 percent. 


a’ 
4” B 
W = J 
4 
and 
! Y U = oe ee and forn = 3, it is » 32.0. From these values we obtain 
é 
s = | 
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Cenren or Pressure 


As in the calculation for the total load, it is assumed that the 
slope of the slider is everywhere small and that, consequently, the 
force acting on each element may be considered vertical. 

Calling the co-ordinates of the center of pressure (2, 0), we have 


"B 
rp ds dy 
/ 0 L/2 
Ww 


where W is the total load as caleulated by Equation [27]. 
Using the expression for p as given by E quation [25] we find, for 
a typical term of the first part, namely 


[28 | 


2 Ob? 


+ 


2G 
rpdA = | sinh 
) 9b? B 


Bt 4 


sib 


9b? L 
3b 
- B 3b 
| (—l)*nwe ? B 
| 9b? n*r? 6 ‘ 


4 + B 4 Bt 


This we shall designate by C,, 
The second part due to f(z) in Equation [25] yields 


[e-%8 (3bB 4 
Qh? 


+ 1) — 1] 


1) 1] + 
2 


and this will be designated by D. Thus 


CoerFiciENT OF FricTION 
The coefficient of friction, f = F/W where F is the total friction 
force on the slider and W is the total normal force, is easily calcu- 
lated. Since we have obtained W previously, see Equation 
{27}, the « c _ ulation for F will be sufficient. This is given by 


[32] 


s, being the shearing stress component in the z-direction. 
Substituting Equation [33] into Equation [32] and using 
Equation [25], the integration is easily effected, the result being 
3ak,L 
— 1) 


_ 6B 1 
E (—1) | sion 2 


The value of k, is given as before in Equation [13}. 
In the case of the infinite slider (no side leakage), this reduces 


to 


3ak,L 


—1).. 
ab 


[35] 
Ou. 

In this final section, in order to complete the calculations needed 
for design, we compute the flow into the bearing Q and the side 
leakage Q,. Finally the flow out of the bearing along the outlet 
edge may be found ‘rom Q, = Q— Q,. 

Again the usefulness of the method developed is apparent 
since all of the foregoing are readily obtained and appear as rap- 
idly convergent expressions which may easily be used for practical 
calculations. 

It is known (7) that 


hop Uh 
~L/2 or 2 


p = P(z,y) + f(z) 


OF g=B 


Since 
then 
oP 


df 


From Equation [22] 


_ 3oB 
2 G, cosh y 


n= 1 


oP 
Or 


and from Equation [12] 


df 


— 3bkie-*8 


substituting these expressions into Equation [36] and integrating 
with respect to y we obtain for the total lubricant inflow at the 
leading edge 


3LaU 


L 
>), sinh + 
B 4 


[37] 


To compute the side leakage Q, it is known that (7) 


B 
0 12u y=L/2 


Since Op/dy = dP/dy only one term . aters into the calculation. 
From Equation [22] 


oP 
dy | y=L/2 


9b? 
4 


= 
870 
> 
4 
> 
4, 
f | 
‘ 
1—e-* 
3bB 
ate 2 
co 
where (38) 
on h 2 or 
n=1 
‘ . h L Ob? 
Sl 
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Substituting this in Equation [38] and integrating with respect 
to x, we obtain for Q, 

= 


int + 9b? 
sinh 
The outflow at the trailing edge of the bearing is simply @ — Q,. 
Loap ror INrinrrecy Wipe SLIDER 


The quantity W,, the total load for the infinitely wide slider, 
has been calculated in the literature and is widely used both as an 
approximation for the slider of finite width and for comparison 
with the known solutions of finite-width sliders, 

All quantities being independent of y, the basic differential 
Equation |1] now reduces to 


[44] 


This may easily be solved for the plane slider where h = ¢ + dz, ¢ 
and d being constants (5). However, we shall continue to assume 
that A varies as before, namely 


h = [45] 


The first integral of Equation [44] leads to 


a dr 


and using Equation [45}, this becomes 


d k,’ 
P = + e~ 
dr a’ 


Integrating again, we obtain 


3uU 
p=— + + ke 
where no essential generality is lost by renaming the group of 
constants involving k, by the single letter k. Since p = 0 when 
z =0; andp = Owhenzs = B 


ath 
3uU 


Len + 


+ ki + ky 


Solving, we find, as in Equations [13] 


1 
a> 1—e-*8 
3uU — 


ath 


k= 


he | 

Note that this pressure, as given by Equation [48], is precisely 

the f(z) part of the pressure in the general case of the finite slider, 

Equation [25]. In fact, the result could have been obtained 

from Equation [25] by stating that p was to be independent of y. 
It is interesting to compare some results using the exact solu- 


SOLUTION, REYNOLDS EQU 


TABLE 1 
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tion for the flat slider of infinite width with that of the exponential 
slider also of infinite width: 


if 


= = 001333 


hear 
for the exponential slider, and 


= 0.0132 


for the flat slider. 


Similarly, for 


Exponential slider, W = 0.01266 


Flat slider, = 0.0123 
he? 
Comparison or Resutts Previousty Ostainep By OTHER 
AvutTuors Trost or Present Parer 


In a recent paper Boegli (6) developed an approximate method 
for solving the finite slider. Essentially his method is to make 
a one-dimensional problem out of the original one by solving 
along the line for which the pressure is maximum in the case of the 
infinite slider. He applies this approximation to both flat sliders 
and sliders of the type h = hea’, the latter being equivalent to an 
exponential slider discussed in the foregoing, and for which we 
have given the exact solution. Table 1 shows a comparison of the 
results of the exact solution of Michell, Boegli’s approximation, 
and the results of the authors’ analysis. Note that as the slider 
approaches a long narrow one in the direction of motion, Boegli's 
results get worse. Results obtained here maintain a small 
error. 


COMPARISON OF MICHELL'S, 


AND 
AUTHORS’ TEST RESULTS 


BOEGLI', 


hentrance 


Michell 
A 


exact 
0.434 


‘exit 


0.00270 


* Obtained from the integration of Equation [48]. 


It is also of interest to compare the calculations for the center 
of pressure. For a square slider with 


Rentrance 


hexit 


namely, case 2 of Table 1, Boegli finds 2 = 0.392B as against 
& = 0.374B calculated by Michell from the exact solution for the 
flat slider. Using the authors’ Equation [34], there results 
& = 0.3858. 

In an earlier paper Muskat, Morgan, and Meres (7) calculated 
several basic quantities from the exact equation for a finite flat 
slider by a method somewhat different from that used by Michell. 
We proceed now to check some of those calculations against our 
exact solution for the exponential slider in order to show that the 
results are in good agreement. Consequently it is possible 
through the use of the formulas derived in the paper to obtain 
very good approximations to the basic quantities for any ratio of 
width to length of slider as well as any ratio of hexis to Reatrance’ 


|__| 2 4 
a 
| ll — 
~ 
|_| 
Case 


comp. MU SKAT, MORGAN AnD MERES’ 


TABLE 2 
LTS WITH THOSE OF ‘THE AUTHOR 


S/m? 
present work 


S/m? 
Muskat, et al. 


Data OF MUSKAT ET a. 


2 


We check first their (he/mB) versus (S/m*) curve, where m is 
the slope of the flat slider, the film thickness being given by h = 
mz; also S = ul’L/W in the notation of this paper. These re- 
sults are given in Table 2 and shown graphically in Fig. 2. 

As a final check, consider the f/m versus S/m? curve, where f is 
the coefficient of friction, the other symbols having the significance 
pointed out before. The results are shown in Table 3 and are 
plotted in Fig. 3. 


CONCLUSION 


It may now readily be seen that the Reynolds equation may be 
solved easily for both finite and infinite sliders, that is, with and 
without side leakage, for a slider of exponential shape. Further- 
more, all the quantities usually desired such as total load, center 
of pressure, coefficient of friction, oil flow, and so forth, may be 
found. The proposed solution is exact for the exponential slider 
and may be used with a high degree of accuracy of approximation 
for the flat slider, 

Furthermore, because of the ranges in shapes possible by the 
use of different portions of exponential curves, the design possi- 
bilities of various modifications in slider shapes may be calcu- 
lated readily from the foregoing solution. 
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Discussion 


H. J. Henry.‘ Unfortunately, the mathematician only too 
often ignores the applicability of his solution to a practical prob- 
lem by the average designer. His solution may be too involved 
and difficult for the designer. The Michell solution of the Reyn- 
olds equation in the hydrodynamical theory of slider-bearing 
lubrication is an example. 

Obviously the authors’ solution is exact only for the exponential 
slider, but by using their solution, performance characteristics 
of the slider bearing are in surprisingly close agreement with the 
exact solution for other shapes, particularly the flat slider. 
The simplification will make their method useful to the 
designer. 

The authors’ comment on the use of this solution to a class 
of slider bearings in which the velocity is not constant but a func- 
tion of r would be greatly appreciated. 


AvutTHuors’ CLOSURE 


The authors wish to thank Dr. Henry for his interesting com- 
ments. In particular, the question he brings up regarding the 
solution for nonconstant velocity of the slider is one which needs 
careful attention. 

If the velocity varies with the time, extra terms appear in the 
continuity equation and in the Navier-Stokes equations. If the 
density is assumed constant, the extra term drops out of the 


‘ Director of Engineering, Chicago Pneumatic Tool Company, 
Franklin, Pa. Mem. ASME. 
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former. In the latter equations the additional terms may be im- [1] in the paper, with U a function of time. In this case the 
portant or may not be depending on the relative magnitudes of — usual method of separation of variables is applicable. 
the terms involved. If both types of terms can be neglected, If the extra terms cannot be dropped the solution must be 
that is, density changes are unimportant and acceleration terms handled differently. It is the intention of the authors to examine 
are small, we arrive again at the Reynolds equation, Equation _ the latter case in the near future. 
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cants Upon Timken OK and Psi Values 


The Timken lubricant tester is often used in the labora- 
tory in establishing Timken OK loads and psi values at 
OK loads for lubricants of the extreme-pressure type, 
particularly for those used as gear lubricants. The 
present investigation was conducted to determine the 
magnitude of hydrodynamic-lubrication effects associated 
with viscosity in determining OK loads. The effect of 
rubbing speeds was also studied. 


HE Timken bearing lubricant tester is one of many labo- 

ratory devices employed for the evaluation of lubricants 

ind bearing materials. In this country the Timken 
machine is often used in establishing Timken OK loads and the 
psi values at the OK loads for lubricants of the extreme-pressure 
type, particularly those intended for application as gear lubri- 
eants. The Timken OK load is the maximum load which can be 
applied without inducing failure of the lubricant. The psi value 
at the OK load (the load in pounds divided by the failed area in 
square inches) reflects the wear occurring at this load. In this 
connection, Timken OK and psi values are often quoted for a wide 
variety of lubricants without reference to variations in the viscos- 
ities of such lubricants, the magnitude of the OK and psi values 
supposedly indicating the EP properties of the lubricant. 

When evaluating lubricants of the extreme-pressure type, it is 
necessary to consider the manner in which viscosity may affect 
the extent of metal-to-metal contact. For this reason it is im- 
portant to know whether operation of the Timken machine is af- 
fected by the hydrodynamic effects of viscosity. The rate of 
relative motion of the test bearing surfaces also would be involved 
in any effects of viscosity. 

It would be misleading to compare the effectiveness of an ex- 
treme-pressure agent when added to an oil of high viscosity with 
that of another extreme-pressure agent when added to an oil of 
considerably lower viscosity if, as seems likely, the viscosity varia- 
ble may affect or dominate the role played by the extreme-pres- 
sure agent. This situation has been clearly recognized in dis- 
cussions by H. Blok and 8S. A. McKee.? 

The only conditions under which the hydrodynamic effects as- 
sociated with viscosity are neutralized in the apparatus under 
discussion are those when one rubbing surface removes the oil to 
the same extent that the other rubbing surface supplies the oil. 
Such a condition would be present, for example, when two identi- 
eal cylinders were revolving in the same direction (both rotating 
clockwise, or countercloc wise) at equal revolutions per minute. 


? Aluminum Research Laboratories, 
ica. 

? “Gear Wear as Related to Viscosity of Oil,” by H. Blok and S. A. 
McKee, in “Mechanical Wear,” edited by J. T. Burwell, Jr.. ASM. 
Cleveland, Ohio, 1950, chapter 11, pp. 199-227. 

Contributed by the Lubrication Research Committee and presented 
at the Annual Meeting, Atlantic City, N. J.. November 25-30, 
1951, of THe American Society of Mecnanicat 

Nore: Statements and opinions advanced in papers are to be un- 
derstood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 20, 
1951. Paper No. 51-—-A-35. 
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Attempts to produce experimental test conditions of this type 
have been made only relatively recently.** 

For the foregoing reasons, a preliminary investigation was made 
in these laboratories with the objective of determining the magni- 
tude of hydrodynamic lubrication effects associated with viscos- 
ity in the determination of Timken OK loads. This investiga- 
tion was carried out with a series of mineral oils of widely different 
viscosities, and containing no added oiliness, extreme pressure, or 
other compounds of a polar or chemically active nature. The ef- 
fect of rubbing speeds was also investigated. 

As will be noted, it was found that the Timken machine is sen- 
sitive in substantial degree to variations in viscosity. By suitable 
manipulation of the rubbing speeds and of the viscosity values of 
the oils under test, OK-load values, representing the full range (0 
to 100 Ib), of the machine were obtained. 


EXPERIMENTAL WorK 


Apparatus. The Timken machine consists essentially of a 
means for rotating a hardened steel ring against a hardened and 
ground steel test block under various conditions of pressure and 
rubbing speed. The test block is mounted rigidly on a loading- 
lever arrangement with the flat side of the block perpendicular to 
the vertical diameter of the ring. The load lever is pivoted on a 
knife-edge mounted on a lower friction lever. The latter is in 
turn mounted on a knife-edge and provided with a stop at the 
unloaded end. Both levers are provided with weight hangers 
for application of loads. The oil is applied to the test pieces, 
collected, and recycled through the oil reservoir. 

Test Oils. The 17 straight mineral oils employed are described 
hy the data presented in Table 1 and represent a range in vis- 


TABLE 1 rarrec AL PROPERTIES OF OILS E MPLoY ED IN 


ETERMINATION OF TIMKEN DA 
Specific Refractive 
gravity in 
210 F Vi 60° /60° nj” 
3 0. 8804 1 4804 
23 


uty 
SSU /100 F 


0 9295 


9423 


Se 


9540 


cosity of from 59.6 55U/100 F to a viscosity of 17,500 88U/100 F 
Procedure. The procedure for determination of OK loads cor- 
responded to the standard Timken OK-load procedure outlined 


* “Laboratory Wear Tests With Automotive Gear Lubricants,”’ by 
8S. A. McKee, J. F. Swindells, H. 8. White, and W. Mountjoy, Jour- 
nal of Research, U. 8. National Bureau of Standards (RP 1955), vol. 
42, February, 1949, pp. 125-130. 

**The Incremental Friction Coefficient—a Nonhydrodynamic 
Component of Boundary Lubrication,” by J. T. Burwell, Jr., and 
C.D. Strang, Journal of Applied Physics, vol. 20, 1949, pp. 79-89. 
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q | 
j 
x 
| 
> 
10 
110 
Now 0 9308 1.5177 
29 0 9434 1 5188 
4680 100 0. 1 4988 
6080 154 5 1 5212 
6220 218 76 1 5209 
8500-9000 254 
(Approx) 
17500 359 62 — 1.5320 
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by the Timken Roller Bearing Company, Canton, Ohio, in its 
instruction manual, with the single exception that the oils were 
not heated to 100 F prior to starting the determinations. 

The loads used in the runs were applied uniformly by a me- 
chanical load applicator. A stop watch was started at the instant 
the load was applied to the load lever. Unless it became evident 
that a score, Fig. 5, was occurring, as indicated by the character- 
istic sound produced, excessive “smoking” of the oil, or uneven 
marking on the rapidly rotating test cup, the run was continued 
for a total time of 10 min. The motor was then stopped, the oil] 
cock closed, the load-lever weight removed, and the test block 
removed and marked with a stylus to identify the wear area. 

Another unused test cup was then installed, the test block 
placed in the holder so as to present a fresh unused area, and the 
machine reassembled as before. The procedure just outlined 
was repeated after completion of each run. Additional load- 
lever weights in 2-lb increments were applied after each run, until 
score was encountered. 

After a lever load was obtained which resulted in a score, at 
any time during the 10-min test run as previously described, and as 
confirmed by visual inspection at the end of the run, the investi- 
gation was continued as follows to determine the exact OK load: 

Additional test runs were made in 1-Ib lower, then higher, in- 
crements, until duplicate loads were obtained at a lever load 
such that an additional 1-lb load would produce two consecutive 
scores or scores in two out of three runs. The highest load thus 
determined was taken as the OK load for the oil under test. 
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For example, in arriving at an OK load of 10 Ib for oil no. 4 + 6 
(Table 1), the lever-load weights and results were as follows: 


2ibOK 
4 lb OK 
6 lb OK 
8 lb OK 
10 lb OK 
12 lb Score 
{11 Ib Score 
ll lb Score 
OK load—10 Ib 


After the OK load was determined for an oil, the machine was 
disassembled, thoroughly cleaned with naphtha and prepared for 
the next series of runs. 

The sear areas for each OK-load run were determined by exam- 
ination of the sear width under a Bausch and Lomb micro- 
scope using X40 magnification. The microscope used was a ster- 
eoscopic, wide-field, binocular type equipped with a micrometer 
disk mounted within one of the wide-field eye pieces; it had a 
range of magnification of 7 to 40 diam. The scar on the test 
block was first marked off at five equidistant points along the 
side, and the widths measured at these five points averaged. 
This figure was converted to inches and multiplied by the scar 
length of '/: in., giving the area A for each scar. 


The pressure P between the test block and tést cup was cal- 
culated from the formula 

P = 1(W+C)—2/(B+R) 
wage 
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where W is the OK load-lever weight, (B + 2) the total friction- 
lever weight, and C the load-lever constant (1.74 for the machine 
used ). 

Pounds per square inch (psi) values were calculated by dividing 
the load P by the sea, area A. 

Test Data. Two groups of experiments were conducted. 
The first group involved determination of the Timken OK-load 
values and corresponding psi values for the 16 oils listed in Table 
1. In this group of experiments the standard 800-rpm spindle 
speed of the machine was utilized. The results obtained are 
summarized graphically in Figs. 1 and 2 which are believed to be 
self-explanatory. 

The second group of tests was similar to the first group, differ- 
ing only in that two additional test-spindle speeds were used, 
these being, respectively, 400 rpm and 1200 rpm. These data 
are summarized in Figs. 3 and 4. re 

It is evident from the data presented that variations in OK- 
load values representing the full range (0 to 100 Ib) of the Timken 
machine can be obtained by manipulation of the variables of 
viscosity and of rubbing speeds, and in the absence of oiliness 
or extreme-pressure agents. This clearly demonstrates the 
degree to which hydrodynamic effects may be present when 
employing the Timken apparatus in the evaluation of the lubricat- 
ing characteristics of oils. 

In instances where OK values are of interest as a possible 
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TIMKEN FAILURE LOAD SCARS 
SEIZURE 


measure of the lubricating values of oils as constituted, hydro- 
dynamic effects may be of secondary concern, or even may be 
desirable since they also would be present in most practical 
applications. However, when the apparatus is to be used as a 
research tool to achieve basic understanding of the funvtioning of 
extreme-pressure-lubricant additives, then it is apparent that 
adequate consideration must be given to the presence of the 
hydrodynamic effects when using the Timken apparatus. In this 
connection it would also be of interest to determine whether the 
observed hydrodynamic effects are of concern in the presence 
of various types of oiliness and extreme-pressure-lubricant addi- 
tives. 

This investigation indicates that hydrodynamic effects must 
be considered if Timken test data are to be applied correctly. 
It would also be of interest to consider whether other lubricant- 
testing apparatus such as the Shell “Four-Ball,"” SAE machine, 
and others are sensitive to similar hydrodynamic effects. 


Discussion 


H. A. Erickson.’ Through testing and development of a num- 
ber of lubricant testing machines such as the Almen, SAE, Falex, 
and Four Ball, in addition to the Timken tester described in the 
paper, much has been learned with respect to the effects and 


* Chief Engineer, D. A. Stuart Oil Company, Limited, Chicago, 
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behavior of extreme-pressure additives and lubricants. This is 
true in both the automotive and cutting-fluids fields where mate- 
rials with antiweld and lubricity ability are used to impart cer- 
tain desirable characteristics. 

Our experience, using the machines mentioned, indicates that 
viscosity of the lubricant does affect the test results in the same 
manner as on the Timken machine reported in this paper, and 
any tests which are run must be compared on a like viscosity basis. 

Curves A, B, C, and D in Fig. 6 of this discussion show test 
results of oils all blended to the same viscosity (140 at 210 F 
SSU), A, being a straight mineral oil; B, a balanced blend con- 
taining both antiweld and lubricity; C, an oil with only a lubricity 
agent; and D, one with only an antiweld agent. Lubricant E isa 
straight mineral oil having a viscosity of 42 SSU at 210 F or 100 
SSU at 100 F. 

It can be seen from these curves also that speed likewise is a 
factor in the load-carrying ability of the test oiis and must be 
considered in the application of a lubricant for a specific purpose 

The curves in Fig. 7 show the results of test values as affected 
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by the surface finish of the test members used on the machine. 
To make comparisons from time to time, it is well to check this 
variable when new test parts are received. 

We feel this paper is a contribution to the field of lubrication, 
and the authors by their previous papers and good work in this 
and other societies require no further introduction 


AvutHors’ CLosURE 


We are appreciative of the additional data provided by Mr. 
Erickson tending to confirm rather broadly the results reported 
by us. We assume that Mr. Erickson’s data in Fig. 6 represent a 
summary of results for more than one type of lubricant testing 
machine. We have investigated in a preliminary manner the ef- 
fects of varying viscosities of straight mineral oils upon Shell Four 
Ball EP values and have found these to be substantially independ- 
ent of viscosity. We certainly agree that Mr. Erickson’s point 
with reference to comparison of lubricants upon an equivalent 
viscosity basis is well taken. Clearly, additional work in this 
field is indicated and needed. - 
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‘Wet Compression 


The problem of wet compression in an axial-flow com- 
pressor was studied considering heat and mass transfer. 
The basic relation between the rate of compression, size of 
water particles, and over-all pressure ratio was obtained. 
The design criterion of an axial-flow compressor for wet 
compression was outlined. The possibility of introducing 
wet compression in a supersonic compressor was investi- 
gated as a two-phase Riemann shock problem. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A = flow area, sq ft 
Cp = drag coefficient 

d = diameter of particle, microns 

D = diffusion coefficient, sq ft per sec 
Ib of water per |b of air 
enthalpy, Btu per Ib 
latent heat of evaporation, Btu per Ib 
mechanical equivalent of heat, 778.16 ft-lb ‘Beu 
over-all pressure ratio 
thermal] conductivity, Btu/ft see deg R 
chord length, ft 
working length of compressor, ft 
molecular weight 
mass, Ib 
adiabatic exponent 
pressure, psia 
pressure ratio before and after shock 
density ratio before and after shock 
relative velocity, fps 
universal gas constant, 1.98587 Btu/Ib mole deg R 
Reynolds number 
radius of curvature of main stream, ft 
mean radius of cascade ring, ft 
entropy of evaporation, Btu/Ib deg R 3 
temperature, deg R 
time, sec 
axial velocity, fps 
specific volume, cu ft per lb 
work of wet-compression, Btu pe. Ib of air 
work of compression of dry air, Btu per ib 
Ib of steam and water per Ib of air 5 
co-ordinates as indicated 
axial co-ordinate, ft 
dimensionless axial co-ordinate as defined sate vies 
absolute velocity, fps 
blade angles as indicated J “ 
stagger angle of blades 
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1 Instructor of Thermodynamics, Princeton University. 
ASME. 

Contributed by the Gas Turbine Power Division and presented 
at the Annual Meeting, Atlantic City, N. J., November 25-30, 1951, 
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Compressor 
a? By SHAO-LEE SOO,' PRINCETON. N. J. 


— mal efficiency and performance of gas-turbine units (1, 2).* 
also has been suggested that a simple, efficient gas-turbine cycle 


- tends to give theoretical results which are over-optimistic. 


in an Axial-Flow 


« 


6 = angle as indicated 


f 
0 


adiabatic efficiency of compressor, per cent 
wet-compression efficiency, per cent 
equivalent adiabatic efficiency, per cent 
logarithmic rate of compression, sec ~! 


viscosity, lb-mass /sec ft 
= surface tension 
Prime for quantities of liquid phase 
Bar (—) for vector quantities <* 

inlet conditions 

final conditions 
air 
at surface of particleefdiameterd Lan wala 


i = ideal 
INTRODUCTION 


qT deg R 


Subscripts: 
0 = 


1 
2 
a 
d 
f 
i 


The ‘“‘wet-compression” process, in which compression is made 
on a mixture of finely divided liquid water suspended in the air, 
was proposed originally by Kleinschmidt for improving the ther- 


It 


of high pressure ratio can be carried out with wet compression, 
and in this cycle no regenerator or intercooler is necessary. This 
process not only has been considered as useful in marine propul- 
sion, but also for turbojet thrust augmentation (3, 4). 

In previous studies the ideal condition of continuous satu- 


ration of air-steam mixture during compression has been assumed. 
_ The assumption implies that either the mixture of air and water 
is very slowly compressed, such that equilibrium is maintained 


throughout the steps, or the diffusion rate between air and steam 
is infinitely large. However, considering the fact that each bulk 
of air is pushed through an axial-flow compressor in the order of 
0.01 sec, with finite diffusion rate, the foregoing assumption 
It is 
the purpose of this study to correlate various factors, such as 
particle size, design of compressor, and so forth, to obtain a better 
approximation to actual conditions, and to organize a theoretical 
basis for design and test. 


Benavion oF Water-ParticLes IN AN IpEAL CoMPRESSOR 


In order to simplify the problem, we first assume as our appara- 
tus an ideal compressor specified as follows: 


1 The compressor has an infinite number of stages with equal 
stage pressure ratio giving a finite over-all pressure ratio K. 

2 The flow area can be adjusted to give prescribed axial ve- 
locity. 

3 The adiabatic efficiency of this compressor is 100 per cent. 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper 
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4 There is an even distribution of air-water mixture across 
each cross section, normal to the axis. 

5 The capacity of the compressor is | |b of air per sec, to 
which w |b of water is introduced. 

From specification 1 in the foregoing, the pressure variation 
along the axial co-ordinate can be taken as exponential, or 


p = pk"... 


The energy relation tor a frictionless, adiabatic process can be 
expressed as 


Assuming that both the molecular concentration and temperature 
distribution in the neighborhood of the water particle change 
jumpwise from that of the liquid phase to that of the gaseous 
phase, Equation [2] can be expressed in terms of the components 
of the mixture as 


r dfth, h,’ + hy,') 


R{M, 

M,\M, 

Assuming that the water particles are relatively far apart com- 
pared with the diameter of the particles, and expressing the inter- 
mediate diameter and number of particles in terms of initial par- 


ticle size and amount of liquid, the result obtained by Fuchs for 
evaporation rate can be expressed as (5) 


2.504 10 7 7 
- 


ks piw—f) 1+ 
(0.62188 + w— f) 2p 


pw —f =| 
pVTL T’ (0.62188 + w —f) 


Poa’ 
1 
[ 2p ] 


(ref. 6) 


dg, + wdg, 


+w d (In p) 


and 
Pua’ = p,’ exp (0,09798(1251.5 — 


In the foregoing the diffusion rate is represented as aerate 


1 
D = 2.740 K 10-7 —— ft®/see (ref. 7) 


the thermal conductivity of the gaseous medium is approximated 


by 


Ke = 8.10 X 10°°7 Btu/‘t see deg R 


and the surface tension of water is approximated by 
= 6.8933 X 10°%1251.5 — T) lb per ft 


between 500 R and 700 R. oe 
To simplify the solution, the following quantities are intro- 
duced 


which has the dimension of sec™' and is called the logarithmic 
rate of compression, and 


+5 


ASME 


(6) 


which is called the dimensionless axial co-ordinate. Substituting 
the relations represented by Equations [1], [5], and [6] into 
Equations |3] and [4], the latter can be simplified to 
—h,’ +hy,')| = 


1 
dg, + w¥¢,) — d [f(h, 


j2188 »— f) dZ. 


df 2.564 108 


(0.62188 + u 

Therefore we have altogether two independent equations; ¢, A, 
and p, are functions of T or 7’, and can be found in standard 
steam and gas tables (8, 9). Optimum gas-turbine-cycle effi- 
ciency requires y = 0 at p = poK, while the work of compression 
isa minimum. The problem is, therefore, variational in nature. 
In other words, we have the following boundary conditions for 
Equations [7] and [8] 


Final: = 0 


fi=hfo 
T, = To 

= 0 
and 


Initial: 


Z,f, w) = Wain... 


if w gives 
f>o0 
f=0 


Accurate calculations of the particle temperature in the gase- 
ous mixture is difficult since the thermal conductivity of gaseous 
mixtures does not follow the ordinary law of mixture. The ef- 
fect of higher concentration at the surface of a particle does not 
become substantial until the particle size is reduced to or below 
the mean free path between gaseous molecules. By dropping 
these two considerations together with the correction for finite 


atZ<InK 
atZ =InKk 


pare ©. vi apor pressure in the last bracket of Equation [8], which, in a 


— sense, cancels the effect of nonuniformity in the temperatures of 


the two phases at the same Z, the equations ean be simplified to 


(0.62188 + w — f) dZ 


R 
+ we) — 


+ ——— dn p.) — d(s,,f) = 90... 


18.016 {10} 


into which the Clapeyron relation has been introduced; 


dj 5,128 X 105 


Pe (0.62188 + w —f) 
Solutions obtained by step-by-step integration of Equations [10] 
and [11] are found to be good approximations (close within 5 per 
cent in the range of this study) of those from Equations [7] and 
{8}. 
Equation {11} shows that for a given K, results of wet com- 
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pression will be the same for the same value of {d,*. The limit- 
ing cases of this problem are as follows: 

(a) {d? = 0, orf = O, ie., the mixture is very slowly com- 
pressed, Solutions obtained in this manner coincide with the re- 
sults given in reference (4). 

(b) = org = ie., the mixture is very quickly com- 
pressed. It means compression of dry air as a limiting case of 
wet compression; the rate of compression is far greater than the 
rate of evaporation, 

A numerical example of the complete solution of the problem 
for various (dy? values is presented in Fig. 1; the dotted lines indi- 
cate where the numerical integration method fails and are ob- 
tained by interpolation. 

As a basis of comparison, the term “‘wet-compression efficiency”’ 
isintroduced. It is defined as 


Wy 


The diagrams of terminal temperatures, water requirements, and 
efficiencies of wet compression versus (do? for various pressure 


ratios A, given in Figs. 2, 3, and 4 for the initial conditions indi- _ 
cated, show relations between the results of wet compression and 


dy, and K. 


Benavion or Warer In AN ActuAL Comyre<sor 


The motion of a water particle in a given velocity field of the 
gaseous medium, neglecting the effect of gravitation and for small! 
relative velocity as compared to the velocity of the main stream, 
can be represented by the following vector equation 


dq 


™ 


T-p DiacramM or Soivutions ror Various {de® 
(T) = 540 R, po = 14.696 psia, K = 4. 


Dry air and liquid water at inlet ) 


In the co-ordinate system shown in Fig. 5, representing the con- 
dition at the mean radius of the cascade ring, the paths of the 
main stream through a blade row can be assumed as composed of 


parallel circular arcs of radius ry, and 


1 1 


and { 


while 


between 6 = Oand @ = 8—a. It is also assumed that the state 
of the gaseous medium is constant for the domain under considera- 
tion and that the evaporation of the water particles does not 
change its diameter appreciably. Expressing Equation [13] in 
terms of its components in the co-ordinate system shown in Fig. 
5, we have 


2 
_ tan (8 — 6) see (8 — 0) + Fg, = 0... [17] 


Mtr (8 8) +Fq, =0 


and for Az < r, 
u? 
— tan? (8 —0)+Fq, =0... 


Since 
= z = rolsin 8 — sin (8 — 8)} 
a =u—V,... 
the z-component of the motion can be expressed in terms 6 as 


y d6 


di 
~~ tan (8 — 6) sec? (8 — 6) — 
r 


ag 
+ ry tan(8 


sec (8 — 6) = 0 
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which can be integrated numerically subjecting to the following 
initial conditions 
dé ) u 
= 
dt Te 


between 6 = O and 6 = 8 — a@; the value of q in the expression 
of F is the resultant of its components. We get 


t=0, 6=0, and ( 


t = ¢(0) [23] 
The time interval in which the particle lags behind the main 
stream in passing through this blade row is given by 


To 
t=t(8 — a) (sin 8 — sin a)......... 

which is a simple indication of the relative velocity between the 
water particles and the gaseous medium. The tangential dis- 
placement of the particle from the main stream can be obtained 


from 
“> (t) dt (25 


which indicates that a certain amount of the water particles will 
be caught by the blades. The radial displacement of the particle 
ean be obtained from 


a) 
qAt) dt 


which indicates the amount of water particles to be thrown away 
to the compressor casing. The relative velocity, q, is the velocity 
with which a water particle hits the blade, if it does so; and, 
therefore, can be taken as an indication of erosion of the blade 
It also affects the rate of mass transfer, which will be studied 
later. 

The magnitude of the relative motion between the particles 
and the gaseous medium can be seen in the numerical example 
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Fie. 6 
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turning cage = 

a = 18 deg, sti rangle = y = 42 deg, chord length = le = 1.575 in., 

mean radius of cascade ring = rr = 1.2 ft, axial velocity = u = 300 ips, T = 
540 R, p = 14.696 psia.d 
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presented in Figs. 6,7, and 8 It can be seen that for the case 
presented in the example, in passing through the blade row spec- 
ified, the water particles of 20 microns diam move toward the 
blade for a distance of about */in. This means that all particles 
entering within */\¢ in. peripherally from the leading edge of the 
blade will be caught by the blade and cease to exist in spherical 
form thereafter. For a blade pitch of 1'/, in., 12 per cent of the 
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Decay or Revative Vevocrry Between Water Particles 


anv Gaseous Mepium Srraicut Flow 


(d = 20 microns, initial relative velocity 650 fps, T = 


540 R, p 14.696 


psia.) 


particles probably will be caught in passing through this row and 
will be transferred to the compressor casing subsequently by 
centrifugal force of rotation. It also can be seen that radial dis- 
placement of water particles is minor compared to tangential 
displacement. However, this component of velocity is carried 
over to the next stage, while the other two components decay 
almost immediately at the inflection of the direction of the main 
stream when passing to the next blade row. This can be seen 
from the rapidity of decay of relative velocity between the two 
phases in a straight branch of the main stream as shown in Fig 
9. The magnitude of relative motion is damped out as the par- 
ticles pass to high-pressure stages with reduced diameter. 

Other than reducing the size of water particles, the magnitude 
of relative motion can be reduced by redesigning the machine, 
according to one or a combination of the following: 


1 By reducing the axial velocity or number of rpm of the ma- 
chine. 

2 By reducing the turning angle of the cascade airfoil. 

3 By using larger chord length of the blade. 


The reasons for recommending these measures can be seen in 
the foregoing mathematical analysis. In designing a compressor 
for wet compression, the method of analysis introduced in the 
paper can be used as a check in selecting the stagger angle, the 
turning angle, and the chord length. 

The effect of relative motion on the rate of evaporation can be 
seen in the numerical example presented in Fig. 10, which is ob- 
tained from Reynolds analogy applied to mass transfer. From 
the Reynolds number of relative motion, as shown in Figs. 6 and 
8, this effect can be seen. However, if we adjust the rate of com- 
pression and the initial size of the water particles to maintain the 
condition of continuous saturation (or 100 per cent wet-compres- 
sion efficiency in the preceding section) the increase of mass trans- 
fer due to relative motion is negligible. 

The characteristics of a compressor designed for given pressure 
rise and legnettioende rate of compression when operated wih vari- 


ous initial particle sizes can be seen in Fig. 11 in which the term 
“equivalent adiabatic efficiency” is defined as 


We, Wy 

For high pressure ratio, an equivalent adiabatic efficiency greater 
than 1 is possible. 

The greatest difficulty encountered when using an ordinary 
axial-flow compressor for wet compression is the stalling of cas- 
cade airfoils at last stages owing to greatly reduced axial velocity. 
There also will be an increase in blade Reynolds number and an 
increase in tip Mach number. The first effect is the greatest 
handicap because the loss due to flow disturbance tends to elimi- 
nate all the gains due to wet compression. 

The usefulness of a supersonic compressor with wet compression 
can be seen in the diagram, Fig. 12, of normal shock conditions 
of a two-phase medium as compared to the Hugoniot curve of 
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dry 2 air ( 13) and the isentropic curve of dry air. The curve of the 
two-phase medium was plotted from the “modified Rankine- 
Hugoniot relation’ represented approximately by the following 
equation 


= (Q— P) — 


The discontinuity of velocities of the liquid phase is shown in 
Fig. 9. 
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Discussion 


1 Since all the results of wet-compression vary as {d,", high 
¢ can be compensated for by using small d, to get favorable re- 
_ sults of wet compression. Low pressure ratios also require lower 
do? to maintain high efficiency of wet compression. For K > 12, 
ideal wet compression can be achieved practically for {d)* < 
2000; for fd)? < 1000, ideal wet compression can always be taken 
as actual. 

2 The approximate ranges of { values in practice are 

60-100 for land and marine-type compressors 


200-300 for aircraft-type compressors 
600 for supersonic compressors 


- To maintain a minimum of 70 per cent wet-compression effi- 


ciency, referring to Fig. 4, the upper limits of {d)? values for vari- 
_ ous pressure ratios are as given in Table | 


TABLE 1 
(microns* sec ™') 


Since { is of the order of 100 sec~'!, the maximum particle size 
permissible if any obvious thermodynamic gain is to be expected 


_ is about 20 microns diam; lower for higher { and lower K. This 
agrees with the requirements of limiting the amount of relative 


_ motion between the two phases. 


8 Since economical production of a partial size below 5 mi- 
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Fic. 11 CHaRactTertstics or Wet Compressors Destonep ror 
Given Pressure Rise anp Locarrramtc Rate or Compression, 
To Be Operatep With Various Particie Sizes (do) 

(& = 62.0, K = 4, 9 = 85 percent, Ty = 540 R, p = 14.696 psia.) 


_erons diam is difficult, the compromise is to design compressors of 


comparatively low rpm, smaller turning angle, wider blade, and 


large r rotor radius. These requirements mean preference to a 
Fe latively large machine for a given capacity. However, as 
shown in Fig. 11, the gain in equivalent adiabatic efficiency made 
a 70 per cent wet-compression efficiency is already enormous as 


oe ompared to compression of dry air. The supersonic compressor 


is characterized by small axial working length and high axial 
velocity, yet if it is designed for high pressure ratio, say, 20, the 
gain through this process is stil] indubitable. 

4 Inthe example of Figs. 6,7, and 8 conditions at the inlet of an 
axial-flow compressor are approximated, At this point the tem- 
perature and pressure of the gaseous medium are the lowest that 
exist in the compression process, hence both the density and the 
viscosity of the gaseous medium are low. The amount of relative 
motion will be damped out as a particle moves toward the high- 
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pressure end of the compressor. Considering the fact that one 
can control the size of water particles and the smallness of turn- 
ing angle in an axial-flow compressor and comparing the state 
and viscosity of the gaseous medium which occur at the inlet of a 
compressor to that in the condenser end of a steam turbine, there 
will be little or no erosion of the blades of a compressor when wet 
compression is carried out 
5 Water is not the only liquid that can be used for wet com- 
pression, yet it is the most effective because of having the high- 
est latent heat among the liquids (water, alcohol, benzene, n- 
octane, ete.) that can be used. Since the change in flow volume 
when other volatile fluid is used will not be as severe as in the case 
of water, less or no difficulty due to changes in flow character- 
istics will be encountered when another fluid is used instead of 
water. On the other hand, less thermodynamical gain is also 
The use of wet compression in this case gives saving in 
both the work of compression and the latent heat of evaporation of 
fuel in the combustion chamber. 


certain. 


CONCLUSIONS 


From the foregoing analysis, the following conclusions are ob- 
tained: 


1 Wet compression is more efficient at high pressure ratios 
than at low pressure ratios when other conditions (inlet condi- 
tions, particle size do, and logarithmic rate of compression, ¢) are 
similar. For (do? < 1000 microns sec ', ideal wet compression 
actually can be achieved. 

2 Efficient wet compression requires water particles of size 
below 20 microns diam. There is little or no danger of erosion 
of blades with particles of this order of magnitude. 

3 Efficient wet compression requires a relatively slow rota- 
tional speed and a low axial velocity and, therefore, a relatively 
large machine for a given capacity. With proper design, 100 per 
cent wet-compression efficiency actually can be obtained. 

4 Efficient wet compression requires a compressor specially de- 
signed for such a purpose. Ordinary compressors designed for 
dry air do not work well when this process is adapted. However, 
tolerable dry compression can be carried out in a compressor de- 
signed for wet compression. 

5 The wet-compression cycle, using a volatile fuel, is advan- 
tageous for aircraft propulsion. In this case the 
statement is not important. 


previous 
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Discussion 


A. A. Harer.* The author is to be commended on some origi- 
nal compressor design work in a pioneering field. The writer 
concurs that wet compression will require new compressor-design 
concepts and, therefore, the approach taken by this treatise is of 
especial interest. 

The Navy initially studied the possibility of using wet com- 
pression in gas-turbine engines in 1942, as reported by Commo- 
Kleinschmidt.‘ Therefore it has followed with 
developments relating to this subject. 


dore interest 

There are two main advantages which have been associated 
with wet compression; that is, an increase in full-load efficiency 
and reduction in size per unit power output of the gas-turbine 
plant.6 Several recent tests and studies indicate that the ex- 
pected increase in plant efficiency has been less than expected, 
and in at least the case of aircraft application may result in a de- 
crease in over-all efficiency.*? Inasmuch as wet compression is 
used to provide thrust augmentation for short intervals in air- 
craft applications, the decrease in efficiency is unimportant, The 
author indicates several possible methods of improving the effi- 
If the 
Fig. 11 of the 
paper can be attained in practice, a very important contribution 
will be made to the gas-turbine field, 

It would be well to mention several mechanical complications 
which may result from wet compression and which must be con- 
sidered by the designer. Many gas-turbine engines today use 
air bled from the compressor for bearing sealing and/or cooling. 
It is unlikely that this would be feasible with wet compression 
owing to the danger of contaminating the lube oil with water 
Further, a control is needed which would inject the proper 
amount of liquid to produce saturation of the air at the com- 
pressor exit. Such a control would have to sense ambient-air 
temperature, relative humidity, pressure ratio, and compressor 
speed to provide for the proper water-injection rate, and might 
be a complex mechanism indeed. 


ciency of compressors to be used for wet compression. 
adiabatic compressor efficiencies indicated in 
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Were continuous injection of water to be contemplated, con- TABLE 2 ANALYSIS OF TAP WATER USED IN TESTS = 


would have to be given to the purity of the water.* 60 
4g neering Experiment Station at Annapolis in 1949, on the 3500-hp Total solids (approx.), ppm... . 0.6.6. .5000e 130 
_ Allis-Chalmers gas-turbine engine. Ordinary potable or tap 
_ Water was used in this test. A subsequent analysis of the tap TABLE 3 ANALYSIS OF COMPRESSOR-BLADE DEPOSITS = 
- water indicated that it contained impurities listed in Table 2 of Convex Bide of Blade Feb cana 2 - 
this discussion. The total of 130 ppm of solid matter is quite Sodium quiphate.. 56 
_ typical of what may be found in the average tap water. Ton Canes 
Figs. 13 through 17 of this discussion indicate the serious 53 
nature of the deposits which formed on the compressor blades. 13 


_ These views were taken after a total of 15 hr of wet-compression To 
running at an injection rate of from 0.038 to 0.053 Ibof water per The remainder of the deposit consisted of organic material and 
Ib of air. It was impossible to draw any conclusions regarding water. The iron-oxide deposit resulted from corrosion of the 

plant efficiency improvement from the data taken during these compressor parts. This test certainly would confirm that dis- 
tests because of the rapid build-up of deposits on the compressor tilled water is necessary for any extended wet-compression 
blades, with the resultant reduction in compressor efficiency. operation. 

The analysis of the compressor-blade deposits is listed in Table It might be of interest to examine the possibilities of wet com- 


3 herewith. pression as applied to gas-turbine engines for Naval service. In 
the lower power ratings, that is below 1000, the gas-turbine 


*“An Introduction to the Gas Turbine,” by D. G. Shepherd, D. 
Van Nostrand Company, Inc., New York, N. Y.. 1949. engine is used where a light, compact, simple engine is desired. 
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Therefore, there is in general no requirement for wet compression 
in this power range. Where much higher horsepower is needed, 
as in main propulsion, it certainly would be desirable to incor- 
porate in the gas-turbine engine any device which will reduce the 
specific fuel consumption and/or result in a higher power out- 
put for a given size plant. It is, of course, necessary to consider 
both the size and complexity of any such device. 

Probably the most serious disavantage of wet compression for 
Naval use is the need to use distilled water, as previously pointed 
iount of water necessary to 


out 


117 Hiexn-Pressure St apes Reveatine Distrinution 
or Deposits oN Concave Sipe or 


produce saturation of the air at the compressor exit is 0.048 Ib of 
water per lb of air at 50 F. Taken at the Bureau of Ships stand- 
ard ambient-air temperature of 80 F, this would be about 0.052 
lb of water per Ib of air. This is somewhat higher than the 
amount shown in Fig. 11(6), of the paper, but as NACA tests have 
indicated that practice requires a somewhat higher proportion of 
water than their theoretical figure, the NACA theoretical figure 
has been used in the following comparisons*: If we compare the 
amount of water required for wet compression in a typical gas- 
turbine plant with the make-up feedwater used in a standard Navy 
steam plant, the wet compression comes out second best by some 
margin. The make-up feedwater required by one class of Naval 
vessel averages about 0.049 gal per hp hr. Under similar con- 
ditions, a simple gas-turbine engine using wet compression would 
require about 0.326 gal per hp hr of injected water. This would 
indicate that wet compression requires roughly 6 times as much 
water as this particular steam plant. This number can hardly 
be termed a general ratio. 

It can be seen that if we were to consider the amount of water 
required for wet compression for a gas-turbine plant of 5000 hp, 
operating continuously at full power, it would run into the very 
large figure of 39,000 gal per day for even this modest size plant. 
This would require the addition of 20 to 40 tons of distilling plant 
to the evaporator capacity of the vessel, depending upon whether 
steam or vapor compression were used. If a destroyer of 60,000 
shp were powered solely by gas-turbine engines using wet 
compression, it can be seen that the size and weight of the 
distilling plant required for wet compression would be staggering, 
if it were desired to operate the vessel at full power for long periods. 
Commodore Kleinschmidt has mentioned‘ that it might be pos- 
sible to combine a vapor-compression distilling plant with the gas- 
turbine plant. This is certainly possible, and could be very 


desirable from a thermodynamic standpoint, but it would result — al 
in an increased back pressure on the engine with consequent power a 


loss and higher specific fuel consumption, in so far as the gas-— 


turbine engine is concerned. It also should be remembered that 
to utilize wet compression to the maximum, it would be necessary 
to have the temperature of the injected water at least as low as the 
ambient-air temperature. This would require either large storage 
tanks or some type of refrigeration or cooling system to lower the 
temperature of the water as it left the distilling plant. 


The Navy has one substance always available which it is desira- Me 


ble to exploit. This is of course an ocean full of salt water. Its 
consistent availability introduces a formidable competitor to wet 
compression in the form of intercooling. 


As engine length always — 


tends to be critical in Naval applications, it may be desirable to | 


carry out the compression process in several separate compressors 
or stages in large units anyway, so that intercooling is made very 
attractive. In fact, in a study of wet compression made by 
Chambadal,’ it was indicated that wet compression appears 
to have no advantages over use of intercoolers in the gas-turbine 
cycle. 

There is one application of wet compression in Naval vessels 
which could be very advantageous, however. This is in an appli- 
cation similar to that which is made in aircraft, that is, power 
augmentation for short periods. As indicated by Captain 
Simpson and Commander Sawyer, '*the upper 80 per cent of the in- 
stalled horsepower of a destroyer is used for less than 4 per cent of 
the operating life of the vessel. Even more surprising, the upper 
60 per cent of the installed horsepower is used for less than 0.3 per 
cent. If a destroyer of 60,000 hp were powered by a combined 
steam and gas-turbineplant so that half of the power came from the 


gas-turbine engines, it would be feasible to obtain short bursts of | 


power in excess of the 60,000 hp by means of wet compression. 
Assuming the same capacity of feed and potable water tanks as 
now installed, it would be possible to operate in excess of 3 hr at 
maximum power using wet compression. Therefore, this 
application of wet compression would be both feasible and de- 
sirable. 

Another similar advantageous application of wet compression 
would be in high-speed craft powered by gas-turbine engines or 
a combination of Diesel and gas turbine, or gasoline and gas-tur- 
bine engines. The British MTB 5559, formerly the MGB 2009, 
which went into operation in 1947, is typical of this type of vessel 
and plant." In such craft as PT boats or air-sea rescue boats, 
it would be extremely desirable to obtain short bursts of very high 
speed. Gas-turbine engines with wet compression could well 
perform this task 

AuTHor’s CLOSURE 


Lieutenant Hafer’s discussion should be considered as an inte- 
gral part of this paper in bringing out many practical aspects of a 
wet-compression gas-turbine power plant. 

The results of recent tests, apart from uncontrolled water 
particle size, can be attributed to two aspects: 

1 Concerning the compressor itself: The incorrect flow rela- 
tion was produced by reduced flow volume at the last stages of 
the axial-flow compressor. Specifically, when a dry-compressor 
of pressure ratio as low as 4 is operated with wet compression, 


*“The Gas Turbine Cycle With Water Injection Into the Com- 
pressor,” by P. Chambadal, Chaleur et Industrie, vol. 30, no. 292, 
November, 1949, reprinted in The Engineer's Digest, vol. 11, no. 3. 
March, 1950. 

"The Prospects of Gas Turbines in Naval Applications,’ by 
Capt. R. T. Simpson, USN and Commander W. T. Sawyer, USN 
ASME Paper 50—S-8, presented at the Annual Meeting, New York, 
N. Y., November 26-December 1, 1950, of Tae American Soctety 
or Mecuantcat ENGINEERS. 


“Gas Turbine Propelled MGB 2009," The Engineer, September 
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25 the angle of attack at the last row of cascade airfoils is increased 


_ by the amount as indicated in Fig. 18,depending on the efficiency 
of wet compression expressed in terms of particle sizes. As most 


: a airfoils stall at an angle of attack greater than 20 deg, severe flow 


_ disturbance will be created. For similar compressor data at the 


a last stage, the blade Reynolds number is increased by 67 per cent 
and the tip Mach number increased by 14 per cent for 100 per 
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Fic. 18 Ancte or Artack at THe Last Row or 
Cascape Arrror. or 4 Compressor Sreciriep as Fie, 11 


cent efficient wet compression. Therefore an ordinary dry com- 
pressor can hardly be adapted for wet compression. However, a 
wet compressor can be operated dry (in case of failure of the 
water supply) with acceptable efficiency, as the losses due to re- 
duced angle of attack and reduced Mach number are less severe. 
Any excessive reduction in Reynolds number should be carefully 
studied in designing a wet compressor which may have to operate 
dry. 

2 Concerning the cycle as a whole: The operating pressure 
was too far below the optimum pressure ratio for the given tur- 
bine-inlet temperature. Fig. 19 shows the optimum-pressure 
ratios at various turbine-inlet temperatures of both dry and 
wet-compression cycles. At low-pressure ratios around 5, the wet- 
compression cycle is inferior to the dry cycle for the same turbine- 
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In Fig. 11(b) the increase in water requirement due to the fact 
that the compressor adiabatic efficiency is 85 per cent rather than 
100 per cent has been taken into account. 

It will be sufficient if the control of water-injection rate simply 
follows the operating pressure ratio (or fuel rate) for sea level or 


tem 
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CYCLE EFFICIENCY - % 


Fic.20 Errect or Compressor Errictency on Cycie Errictency 
or Wet-Compression Gas-Tursine 


(Compressor data as in Fig. 11, turbine-inlet temperature 1200 F 
no regeneration.) 


fixed level operation. At the same ambient temperature, the 
variation due to a change in relative humidity from 0 to 100 per 
cent is only 5 per cent for a pressure ratio of 4, and 0.5 per cent for 
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(85 per cent machine efficiencies turbi 


inlet temperatures are indicated on curves.) 


inlet temperature. Fig. 20 shows that, for low-pressure ratios, 
any possible advantage due to wet compression depends on the 
compressor efficiency. Moreover, for the range of efficiencies of 
contemporary axial-flow compressors, liquid water carried into 
the combustion chamber due to an excessive amount of injected 
water always causes a loss in cycle haw. 


a pressure ratio of 8. The variation in water requirement is neg- 
ligible for ordinary ranges of temperature variation at sea level. 

The necessity for using distilled water in carrying out wet 
compression is, of course, understood. If mechanical distills are 
used for producing distilled water at the rate of 20.4 Btu per Ib,* 
Sa power demand is less than '/; per cent of the net output. 
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Installation of an evaporator at the turbine exhaust is also ad- improved by incorporating wet compression and intercooling. 

vantageous. The intercooling also reduces the water requirement of the wet 
It is admitted that an ordinary gas-turbine unit with effective compression. 

intereooling and regeneration does “Operating Experiences With Stationary Gas Turbines,” by 

similar order to that of a wet-compression cycle’* not counting — p,,,) . Sidler, Mechanical Engineering, vol. 74, May, 1952, pp. 381 

the space requirement. However, the gas-turbine cycle can be 485 
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